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1. NUCLEAR WELDING —- APPLICATION FOR 
AN LMFBR 

G. M. GOODWIN and P. PATRIARCA 
Oak Ridge National Laboratory 

Oak Ridge, Tennessee 

Many studies have predicted that the Liquid Metal Fast 
Breeder Reactor (LMFBR) will serve as a vital segment of our 
electrical energy system late in this century. This reactor concept 
has design requirements and service conditions that demand ex- 
tremely high reliability. Fabrication of an LMFBR system is dis- 
cussed, with emphasis on areas where joining innovations have 
been introduced. Each major component of the system, including 
reactor vessel, intermediate heat exchanger, steam generator, 
and sodium-containment piping, is treated separately. Develop- 
ment of special filler metals to avoid the low elevated tempera- 
ture creep ductility obtained with conventional austenitic stain- 
less steel weldments is reported. Bore-side welding of steam 
generator tube-to-tubesheet joints with and without filler metal is 
desirable to improve inspectability and eliminate the crevice in- 
herent with face-side weld design, thus minimizing corrosion 
problems. Automated welding methods for sodium-containment 
piping are summarized; they minimize and control distortion and 
ensure welds of high integrity. Selection of materials for the 
various components is discussed for plants presently under con- 
struction, and materials predictions are made for future con- 
cepts. 

INTRODUCTION 

The production and utilization of energy in the United States are 
topics of high current interest.1-3 Figure 1 traces the sources and con- 
sumption of energy in the United States2 for the period from 1850 to 
1990. Total energy consumed has risen steadily (with the exception of a 
period during the Great Depression), and trends indicate accelerated in- 
creases in demand. The contribution of nuclear power at the present 
time is only approximately 5% of the total energy consumed (Figure 1). 
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Figure 1. United States energy sources and consumption. 

The projected electrical generating capacity in the United States has 
been forecast3 for the years 1970-2020; total generating capacity is pro- 
jected to increase tenfold during that period (Figure 2). The contribution 
of fossil-fueled plants could eventually decrease because of supply limi- 
tations of oil and natural gas and the many alternate uses for coal. Nu- 
clear power can fill the large and ever-increasing gap between total de- 
mand and available supply of conventional (nonnuclear) power. The 
light-water reactors (LWR) will satisfy much of the near-term demand 
curve until limited available fuel supplies are exhausted. Being 
"burners" of nuclear fuel, LWRs cannot proliferate endlessly because 
of the fixed supply of natural fuel. Breeder reactors, on the other hand, 
can circumvent the problem. By transmutation of naturally abundant fer- 
tile isotopes to fissile isotopes which can be used as fuel, the breeder 
reactors can create more fuel than they consume, and supply fuel to 
satisfy projected power needs for several thousand years.1-5 The High- 
Temperature Gas-Cooled Reactor (HTGR) is a "high-gain converter" 
which produces nearly as much fuel as it consumes. It therefore can 
supply significant amounts of energy as great as the breeder reactors can 
in the long term. 

The projections shown in Figure 2 do not include possible techno- 
logical breakthroughs that might make alternate energy sources, such as 
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Figure 2. Projected generating capacity for the years 1970-2020. 

nuclear fusion or solar energy, feasible. Although these sources are de- 
sirable, the uncertainties involved prohibit planning on their availabili- 
ty. 

THE LIQUID METAL FAST BREEDER REACTOR (LMFBR) 

The components of an LMFBR system are shown schematically in 
Figure 3. Flowing liquid sodium is heated by the fuel in the reactor ves- 
sel and flows through primary-system piping to intermediate heat ex- 
changers (IHX), where heat is transferred to sodium in the secondary 
system and is finally pumped back to the reactor vessel. The IHX iso- 
lates the radioactive primary sodium from the secondary sodium, facili- 
tating routine maintenance of the secondary systems. In the secondary 
system, heated sodium from the IHX(s) is pumped to the steam genera- 
tors) and returns to the IHX(s). The steam produced runs a convention- 
al turbine generator. 

LMFBR demonstration plants worldwide are compared in Figure 4. 
At the present time, the U.S.'s Clinch River Breeder Reactor Plant 
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Figure 3. The Liquid Metal Cooled Fast Breeder Reactor. 

UK French Germany Russia Japan US 
PFR PHENIX SNR BN-350 MONJU CRBRP 

Thermal output, MWr 600 563 720 1000 714 975 

Electrical output, MWe 270 250 300 350° 300 380 

Reactor 

Sodium outlet temp, °F 1044 1050 1000 932 1005 995 

Sodium inlet temp,  °F 752 750 700 572 734 730 

Steam Generator 

Sodium inlet temp, °F 990 1022 977 842 959 936 

Sodium outlet temp,  °F 650 662 644 455 608 651 

Feedwater inlet temp,  °F 550 475 545 316 400 450 

Superheat steam temp,  °F 955 955 950 815 905 900 

Superheat steam pressure,  psig 2300 2400 2400 735 1940 1450 

Number of loops 3 3 3 6b 3 3 

Number of units or modules 9' 108d 18' 24' 9» 9h 

"Equivalent - 200 MW(e) desalting, 150 MW(e) power. 
bOne loop on standby. 
'Three evaporators,  three superheaters,  three reheaters - one each per loop. 
dThirty-six evaporators,  36 superheaters,  36 reheaters - 12 each per loop. 
"Nine evaporators,   nine superheaters - three each per loop. 
'Twelve evaporators,   12 superheaters,  two each per loop. 
'Three evaporators,  three superheaters,  three reheaters - one each per loop. 
h5ix evaporators,  three superheaters - two evaporators and one superheater per loop. 

8-26-74 

Figure 4. Comparison of demonstration plants worldwide. 
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(CRBRP) is in the design stage6 and will be preceded by the Fast Flux 
Test Facility (FFTF), a materials testing reactor which does not produce 
steam. The discussions below are primarily aimed at the CRBRP, al- 
though many of the observations and conclusions apply equally to the 
FFTF and other worldwide demonstration projects. 

The primary material of construction for the sodium pressure 
boundaries is austenitic stainless steel, with ferritic steel used in the 
steam generator and steam piping. 

AUSTENITIC STAINLESS STEEL WELDING 

Despite the wide usage of austenitic stainless steels in chemical pro- 
cessing and petrochemical systems, few data are available on the high- 
temperature behavior of stainless steel weld deposits. Creep and cyclic 
loadings (fatigue and creep-fatigue) data are keys to predicting the ser- 
vice behavior of welds. These loading conditions will force materials to 
strain, and good ductility — the ability to deform without fracturing — 
is a property of key importance. The limited creep-ductility data avail- 
able show a high degree of scatter; many creep failures involve strains 
on the order of 1% total elongation.7-8 As a result of the low creep-duc- 
tility problem, an extensive stainless steel welding study is in progress at 
the Oak Ridge National Laboratory (ORNL), involving characterization 
of ferrite morphology, effects of electrode coatings, and effects of slight 
compositional differences on properties. 

Ferrite Morphology 

In order to avoid the occurrence of hot cracking (Assuring) in aus- 
tenitic stainless steel weldments, it is common practice to assure that the 
weld deposit contains a small amount of S-ferrite. The relative amount of 
ferrite in the austenite matrix depends upon the composition of the weld 
deposit.8,9 Also, the morphology and distribution of the ferrite phase 
vary with welding process and welding conditions within a given 
process.10 

The microstructure present in several different types of austenitic 
stainless steel weldments has been carefully characterized to determine 
whether at least part of the observed property variations can be attribut- 
ed to microstructural differences.10 The difference in chemical composi- 
tion of the filler metals used for four typical welds cause the overall 
mean ferrite content to vary from 3.1 to 8.2 ferrite number (FN) as mea- 
sured by the quantitative television microscope (QTM). These results 
could not be predicted accurately from the existing Schaeffler, McKay, 
or similar diagrams. 
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Further investigation revealed substantial variations in ferrite con- 
tent from weld to weld produced under identical conditions, from loca- 
tion to location along the center line of a particular weld, and from point 
to point within a particular transverse weld cross section, as shown in 
Figure 5. 

Also, the distribution and morphology of the ferrite present varied 
substantially in each of the mentioned locations. The ferrite was always 
located at dendritic or cellular dendritic substructure boundaries, form- 
ing a more or less continuous network. 

Mechanical properties tests indicated that the ferrite plays a major 
role in the fracture process at elevated temperatures. The fracture path 
almost exclusively followed the location of austenite-ferrite boundaries 
in the as-deposited weld metal, and the fracture surface reproduced the 
solidification substructure in detail. 

Effects of Type of Electrode Coating 

Traditionally, shielded metal-arc electrode coatings are first evalu- 
ated on such practical grounds as ease of deposition, bead contour, arc 

FUSION LINE 

Figure 5. Variation in ferrite distribution in one cross section of a 
gas metal-arc weld sample. Etchant: KOH, K3Fe(CN)6. 
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Figure 6.  Elongation vs. time for experimental stainless steel de- 
posits at 1200°F (649°C) and 18,000 psi (124 MPa). 

stability, deposition efficiency, and ease of slag removal. Satisfactory 
bend and tensile properties of the weld are also mandatory. The collec- 
tion of long-time creep data was not of major concern in the past be- 
cause the applications have not required such data. The influence of par- 
ticular flux coverings on the creep-rupture properties had received 
minimal attention. For this reason, ORNL obtained creep data at 1200°F 
(649°C) on the type 308 stainless steel weld metal deposited with the 
three most common types of E308-covered electrodes,11 having the 
"lime," "lime-titania," and "titania" type of coverings. These are gen- 
eral classes of stainless steel electrode coating formulas that are well 
known and accepted throughout the welding industry. Each manufactur- 
er has his own proprietary formulations, but the lime-type covering gen- 
erally contains more calcium carbonate (limestone) and calcium fluoride 
(fluorspar) than the titania-type covering, and the titania-type covering 
contains more titanium dioxide (titania). The lime-titania covering is a 
compromise between the others. 

Typical creep behavior for weld deposits made with each type of 
coated electrode is summarized in Figure 6. The weld metal deposited 
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from lime electrodes generally had the shortest rupture times and the 
greatest total elongation at each stress level. The deposits from lime-ti- 
tania and titania-covered electrodes behaved nearly identically, ruptur- 
ing with low ductility in long-term tests. The minimum creep rate and 
the tertiary creep behavior of the deposits from lime-covered electrodes 
differ markedly from those from the other types. The lime deposit has 
little steady-state or secondary creep strain, while the other electrode 
deposits remain in second-stage creep for relatively long periods of time, 
but have less third-stage creep. The total elongations of all three depos- 
its tend to approach zero for rupture times of the order of 1000 hr. 

Slight Compositional Variations 

Previous work on compositional effects on stainless steel welds has 
usually been concerned with the influence of such elements as S, C, P, 
and Si on hot-cracking tendency, tensile strength, tensile ductility, and 
impact behavior. In a separate study at ORNL,12 we determined the 
effects of various amounts of these same elements on the 1200°F (649°C) 
creep-rupture properties of type E308 weld deposits. Boron was also 
included in the experiments because it has been reported13 to improve 
the creep resistance of various ferrous alloys. A series of experimental 
electrode batches was made by an industrial electrode manufacturer 
from the same heat of type 308 stainless steel core wire, but with several 
slightly different covering formulations to produce variations of deposit 
content of the elements mentioned above. In all cases, the coverings 
were of a typical lime-titania formulation because of its ac/dc, all-posi- 
tion characteristics. The adjusted deposit composition of each experi- 
mental batch of electrodes met the AWS A5.4-69 specification. 

The creep behaviors of these welds were all similar at high stresses 
at 1200°F (649°C). Differences in creep behavior of the various deposits 
were apparent at low stress and the resulting longer rupture times. Table 
1 shows the results of the creep tests run at 1200°F (649°C) under the 
relatively low 20,000 psi (138 MPa) static stress. The deposit with the 
highest carbon content proved to be much stronger than the standard 
deposit under these conditions. Lowering the carbon content below the 
standard did not appear to have any significant effect on the rupture life 
of the deposit, but it did increase rupture ductility. Adding boron to the 
type E308 deposit significantly improved both the rupture life and the 
rupture ductility. Lowering the amount of silicon in the type E308 de- 
posit markedly increased the ductility but decreased the rupture life. 
There seems to be very little effect of sulfur content variations. 

At a lower stress level of 18,000 psi (124 MPa) it became apparent 
that additions of phosphorus and boron significantly strengthen the weld 
deposit and resistance to creep embrittlement. 
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Table 1. Effect of Compositional Variables on the Creep Properties 
of Shielded Metal-Arc E308 Stainless Steel Welds 
at 1200°F (649°C) and 20,000 psi (138 MPa) 

Rupture Time Total Elongation 
Compositional Variables (hr) (%) 

Standard lime-titania covering* 363 2.0 
Carbon, % 

Low, 0.035 346 4.0 
High, 0.074 1334 1.75 

Silicon, % 
Low, 0.29 127 15.7 
High, 0.73 651 1.3 

Phosphorus, % 
Medium, 0.023 166 9.6 
High, 0.034 1329 4.35 

Sulfur, % 
Low, 0.006 333 2.6 
High, 0.027 292 4.05 

Boron, % 
Medium, 0.004 1167 7.5 
High, 0.006 1159 7.8 

*0.044% C, 0.47% Si, 0.012% P, 0.016% S, 0.001% B. 

Behavior of Optimized Electrode 

An optimized E308 stainless steel electrode that produced deposits 
containing 0.007% B, 0.06% Ti, and 0.04% P was produced by an indus- 
trial manufacturer. It has been designated type 308 CRE stainless steel 
for the controlled residual elements it contains. We conducted an exten- 
sive mechanical properites and metallographic investigation of welds de- 
posited in 2 3/8-in.-thick (60 mm) type 304 stainless steel plate with a 
double U-groove joint preparation.14 The test specimens were taken 
from different locations within the weld and were categorized according 
to distance from the nearest plate surface regardless of the side of the 
midplane from which they came. They are designated LI for surface 
specimens, L2 for one-third thickness specimens, and L3 for midplane 
specimens. 

The superior elevated temperature ductility of the type 308 CRE 
stainless steel composition is evident in Figure 7. All the total strain data 
for CRE weld metal are contained in a scatter band when plotted against 
rupture time; comparable scatter bands are given for standard commer- 
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Figure 7. Ductility in creep-rupture tests of type 308 stainless steel 
welds. 

cial weld metal and earlier developmental welds in the ORNL program. 
The lowest observed total creep strain for a CRE all-weld-metal speci- 
mens is 13%. Internal cracks did not develop at interphase boundaries. 

The microstructure varied systematically through the thickness of 
the weld. In the initial passes at the center of the weld dislocation densi- 
ties are highest, dislocation loops form, cell structures form, and M23C6 

carbide precipitates on austenite-ferrite interfaces as a result of nu- 
merous thermal and mechanical cycles experienced during multipass 
welding. The carbide precipitate density, loop density, and dislocation 
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density decrease gradually toward the surfaces of the weld where less 
thermal and mechanical cycling occurs. Near the surface few dislocation 
loops and no precipiate are present, and the dislocation density is about 
a factor of 2.8 lower than near the center of the weld. The dislocations 
near the surface are generally straight, with only a hint of crude cell 
structure. 

The systematic variations in creep properties at small and large 
strains and in tensile properties are at least partly attributable to these 
microstructural variations. Weld metal from initial passes tends to be 
stronger than that from the final passes. 

AUSTENITIC STAINLESS STEEL COMPONENTS 

The primary material of construction for the sodium containment of 
today's LMFBR, as mentioned earlier, is austenitic stainless steel. Thus, 
the metallurgical considerations discussed above for welds are relevant 
to the fabrication of the reactor vessel, intermediate heat exchangers, 
pumps, and primary and secondary sodium piping. 

Reactor Vessel 

A schematic of the CRBRP reactor vessel is shown in Figure 8. It is 
roughly 55 ft tall and 20 ft in diameter (17 x 6 m) and is constructed of 
type 304 stainless steel plate, nominally 2 3/8 in. (60 mm) thick. Sodium, 
flowing at a rate of 41.5 x 106 lb/hr (5230 kg/sec) enters the reactor at 
730°F (388°C), passes through the core, and leaves the reactor at 995°F 
(535°C). The reactor vessel for the FFTF is nominally the same size and 
operates at essentially the same temperatures. It was fabricated by a 
commercial manufacturer (Combustion Engineering, Inc., Chattanooga 
Div., Chattanooga, Tennessee) using type 308 CRE coated electrodes 
for all structural welds. A view of one of the shell courses under con- 
struction is shown in Figure 9. 

Intermediate Heat Exchangers 

A schematic of one of the three intermediate heat exchangers for 
the CRBRP is shown in Figure 10. It is roughly 48 ft tall and 9 ft in 
diameter (15 x 2.7 m). It is a counterflow shell-and-tube design with the 
primary sodium on the shell side. Again, the FFTF uses a similar design. 
Figure 11 shows an IHX for FFTF under construction at a commercial 
manufacturer's plant.15 
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Figure 8. Schematic of CRBRP reactor vessel. 
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Figure 9. Fabrication of a shell course of the FFTF vessel. Com- 
bustion Engineering print. 
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Figure 10. Schematic of CRBRP intermediate heat exchanger. 
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Figure 11. Fabrication of an IHX for FFTF. 
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A distinctive feature in U.S. designs of both IHXs and steam gener- 
ators for LMFBR service is the "bore-side" tube-to-tubesheet weld. 
Figure 12 shows the bore-side weld compared with the conventional 
face-side weld. The bore-side weld is desirable to avoid the presence of 
the crevice between the outside of the tube and the tubesheet, and to 
provide a joint that is amenable to radiographic inspection. It is, howev- 
er, a costly and difficult weld to produce, since the welding head must be 
inserted inside the bore of the tube, through a tubesheet that is over 6 in. 
thick for FFTF, and that will have similar thickness for CRBRP. De- 
pending upon the type of welding equipment used and the size and wall 
thickness of the tubing for CRBRP, filler metal may be added to the weld 
joint at additional cost and with some procedural complication. Inert gas 
shielding is used on the outside of the tube to protect the root of the 
weld from oxidation. Radiographic inspection to nuclear core require- 
ments is performed by inserting the radiation source, either a radioiso- 
tope "pill" or an X-ray tube of the pencil-anode type, into the bore of 
the tube and exposing film placed around the weld joint outside the tube. 

FACE SIDE BORE SIDE 

FILLET WELD WELD METAL 
OVERLAY 

TUBESHEET 
(FORGING) 

TUBE 

TUBESHEET 
(FORGING) 

FUSION/ ^ 
WELD 

^WELD 
METAL 

OVERLAY 

TUBE 

ADVANTAGES 

SIMPLE 
STATE OF THE ART 

DISADVANTAGES 
LIMITED INSPECTABILITY 
CREVICE 

ADVANTAGES 
INSPECTABLE 
CREVICE FREE 

DISADVANTAGES 
COSTLY 
FABRICATION AND  NOT 

TECHNIQUES 
NEED OPTIMIZING 

Figure 12. Tube-to-tubesheet welds for LMFBR intermediate heat 
exchangers and steam generators. 
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Pumps 

A schematic of one of the six pumps (three primary and three sec- 
ondary) for CRBRP is shown in Figure 13. It is approximately 57 ft tall 
and 12 ft in diameter (17 x 3.7 m). It is a free-surface centrifugal unit 
driven by a 500 hp (373 KW) variable speed motor, capable of 33,700 
gpm (2.13 m3/sec). Figure 14 shows one of the FFTF pumps under con- 
struction at a commercial manufacturer's plant.15 

Sodium Piping 

A schematic plan view of the heat transport system arrangement for 
CRBRP is shown in Figure 15. The primary and secondary hot-leg piping 
is 36 in. (0.91 m) in diameter, while the primary and secondary cold-leg 
piping is 28 in. (0.71 m) in diameter. Large expansion loops are included 
in the design to accommodate thermal expansion. Sodium piping for the 
FFTF is somewhat smaller; 28 in. in diameter for the hot legs, and 16 in. 
(0.41 m) in diameter for the cold legs. 

The sodium piping for an LMFBR provides a challenging design 
situation. The wall thickness of the piping is in fact determined by a 
compromise between two contradictory considerations. Loading from 
the internal pressure, gravity, and particularly thermal expansion, calls 
for increased wall thickness, while the thermal excursions due to rapid 
changes in coolant temperature during normal start-ups and shutdowns, 
as well as off-normal conditions, makes a thin wall desirable. Thus, the 
wall thickness of all primary sodium piping for FFTF is a modest 3/8 in. 
(9.5 mm) (see Figure 16). 

The use of large-diameter, thin-walled pipe demands that the pipe 
welds be of high integrity. Further, diametral shrinkage must be min- 
imized in these welds to avoid the stress concentrations that result from 
geometric discontinuities. Both these considerations may be resolved in 
part by the use of automated orbital pipe welding. The reproducibility 
and process control that can be achieved with an automated process 
cannot be matched by manual techniques.1617 Further, by careful selec- 
tion of welding process variables (heat input, number of passes, etc.), 
diametral shrinkage can be reduced to acceptable levels.18,19 

Another factor that must be considered is the present and future 
availability of skilled construction welders to accommodate the increas- 
ing demand for their services. A potentially serious shortage is predict- 
ed,20 but automated welding, if applied on a large scale, can achieve 
higher productivity than comparable manual techniques.17 

Figure 16 shows a portion of the primary piping for FFTF under 
construction at a commercial manufacturer's plant (Combustion Engi- 
neering, Inc., Chattanooga Div., Chattanooga, Tennessee). 
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Figure 13. Schematic of CRBRP primary sodium pump. 
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Figure 14. Fabrication of a primary sodium pump for FFTF. 
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Figure  15. Schematic of CRBRP heat transport system arrange- 
ment. 
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Figure 16. Fabrication of a portion of the primary sodium piping for 
FFTF. Combustion Engineering print. 

FERRITIC STEEL WELDING 

Whereas types 304 and 316 stainless steels can be welded without 
preheat or postweld heat treatment, ferritic steels cannot. The added 
requirements for process control and fabrication complications are not 
trivial in fabricating components for nuclear service. 

However, the relative susceptibility of the austenitic stainless steels 
to corrosive attack in water containing chlorides and/or caustic limits 
the use of these materials in steam-generation systems. They can be 
used in dry steam (e.g., superheaters) if precautions are taken to avoid 
carryover from the supersaturated ("wet") portions of the system. The 
conservative approach is to use ferritic steels for the entire steam sys- 
tem. Such an approach is planned for the CRBRP. 

Steam Generators 

A schematic of one of the nine steam generators (six evaporators 
and three superheaters) for CRBRP is shown in Figure 17. Each unit is 
approximately 65 ft in length and 4 ft in diameter (20 x 1.2 m) and each 
is constructed entirely of 2 1/4 CR-1 Mo steel. Since the FFTF has no 
steam generators, the design will be verified by model and full-scale tests 
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Figure 17. Schematic of CRBRP steam generator. 
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before CRBRP operations commence.  Each unit has 757 tubes and 
therefore 1514 bore-side tube-to-tubesheet welds. 

The desirability of bore-side welds is perhaps most vividly illustrat- 
ed by the experience with the Alco/BLH steam generator.21 This unit 
was performance tested at the Liquid Metal Engineering Center,22 and 
subsequently destructively examined at the Oak Ridge National Labora- 
tory.21 It was of bimetallic construction, using type 316 stainless steel 
for all sodium-exposed surfaces and Inconel alloy 600 for all 
steam/water-exposed surfaces. Faulty tube-to-tubesheet welds, howev- 
er, allowed sodium-water contact, and caustic stress-corrosion cracking 
progressed from the tube-to-tubesheet crevice throughout the 6-in.-thick 
(0.15 m) tubesheet, finally linking with the outer surface of the unit (Fig- 
ure 18). 

I 

Figure 18. Section of Alco/BLH steam generator tubesheet. 

The use of austenitic steels in the sodium system and ferritic steels 
in the steam system necessitates transition joints between these two ma- 
terials, usually near the inlet and outlet of the steam generators. Al- 
though such joints have been used for many years,23 the factors that 
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control their performance are poorly defined. Typically, the filler metal 
used has a thermal coefficient of expansion intermediate to the joined 
austenitic (high) and ferritic (low) steels. Thermal cycling can lead to 
low-ductility failure near the fusion line in the ferritic steel.24 

MATERIALS CONSIDERATIONS 

Throughout the above discussion, the materials of construction for 
both FFTF and CRBRP were identified without justification for their 
selection. Clearly, the process of materials selection is a complex one, 
and many different factors must be considered.25,26 

Austenitic stainless steels have several significant advantages over 
other materials for use in the sodium systems of an LMFBR; high-tem- 
perature design ASME Code rules are established, a large mechanical 
properties data base exists, product forms are readily available, strength 
is adequate, and corrosion and mass-transfer resistance is suitable. 
However, there are persistent problems with the use of unstabilized aus- 
tenitic steels, which have been known and endured for years, particular- 
ly the material's susceptibility to stress-corrosion cracking and inter- 
granular attack. 

The use of 2 1/4 CR-1 Mo ferritic steel for steam generators imposes 
a limitation on the maximum steam temperature that can be used. This 
limitation is due to the decrease in strength of that material at tempera- 
tures above 850°F (454°C). Such considerations indicate that the materi- 
als selection process will be continually reviewed, and that as service 
experience is gained in the demonstration plants, and as alloy develop- 
ment continues, alternate materials may show advantages that would 
lead to their use in future LMFBR plants. 

The energy demands of the United States are projected to increase. 
Nuclear power, in the form of the LMFBR, will likely be called upon to 
fill the gap between demand and supply. 

The LMFBR is a sodium-cooled reactor system, which can produce 
electrical power and breed, assuring the capability for energy production 
to meet projected needs. 

A typical system consists of a reactor vessel, intermediate heat ex- 
changers), pump(s), sodium piping, and steam generator(s). The United 
States' effort centers around the FFTF, a non-steam-producing test re- 
actor and the CRBRP, a large-scale demonstration reactor. The primary 
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material of construction for the sodium containment is austenitic stain- 
less steel, with ferritic steel used in the steam system. 

Conventional austenitic stainless steel weldments must be carefully 
analyzed when used in critical applications at elevated temperatures be- 
cause generally they have low ductility in creep-rupture tests. The ferrite 
level is influenced by composition and varies with welding process, from 
weld to weld produced by a given process, and from location to location 
within a given weld. The low-ductility fracture path almost exclusively 
follows the austenite-ferrite boundaries. 

Shielded metal-arc electrode coatings strongly influence the creep- 
rupture properties of austenitic stainless steel weldments. Lime-covered 
electrodes produced welds that were weaker but more ductile than either 
lime-titania or titania-covered electrode welds. Variations in the 
amounts of S, C, P, Si, and B affected the creep-rupture properties of 
austenitic stainless steel welds. An optimized electrode composition, 
designated "CRE" (for Controlled Residual Elements), was developed; 
it produced deposits containing 0.007% B, 0.06% Ti, and 0.04% P. Com- 
pared with standard commercial weld metal, the CRE material exhibits 
equivalent strength and superior creep-rupture ductility. 

The fabrication of each major component for an LMFBR is de- 
scribed. Bore-side tube-to-tubesheet welds are used for both intermedi- 
ate heat exchangers for FFTF and steam generators for CRBRP. Au- 
tomated welding is highly desirable for critical sodium piping welds. 

Austenitic-ferritic transition joints are required in current systems, 
and the factors that control their performance are poorly defined. 

The selection of materials for a given component will be continually 
reviewed, and alternate materials may eventually show advantages that 
would lead to their use in future LMFBR plants. 
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2. DYNAMICS OF WELD CRACKING 

E. F. NIPPES 
Rensselaer Polytechnic Institute 

Troy, New York 

A plea is made for the recognition of three new zones in a 
weldment. Evidence is presented to show that the weld metal con- 
sists of two distinct zones - a composite zone and an unmixed 
zone. In addition, metallographic evidence is given to substan- 
tiate both the presence and the importance of a region adjacent 
to the fusion boundary within which partial melting occurs. 

Two new testing procedures are described - one for hot- 
cracking sensitivity and the second for cold-cracking sensitivity. 

At the conference, high-speed motion pictures were shown of 
hot cracking and time-lapse motion pictures were presented of 
cold cracking. 

INTRODUCTION 

Cracking-type defects in weldments may be classified in many 
ways. If one considers the temperature of formation of cracks, they may 
be categorized as either hot or cold cracks. 

Cold cracks in steel weldments may form during cooling immediate- 
ly after welding or may occur after protracted periods of time after weld- 
ing. Cold cracking, or hydrogen-induced cracking, in steel weldments 
occurs when all of the following are present: 

1. a crack-sensitive microstructure, such as martensite; 
2. a diffusible hydrogen content which exceeds a critical value; 

and 
3. stresses which exceed a critical level. 
Hot cracks in weldments occur at temperatures above the effective 

solidus of the weld deposit and the adjacent heat-affected base metal. 
The effective solidus temperature of an alloy is usually much lower than 
its equilibrium solidus temperature because of microsegregation, which 
is almost always present, even in the base metal. 

Cold and hot cracking may occur in both the weld deposit and the 
adjacent base metal and the cracks may be oriented longitudinally 
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and/or transversely with respect to the welding direction. Because these 
cracking defects are intimately associated with the weld deposit and the 
adjacent base metal, these regions have been subjected to careful me- 
tallographic examination at RPI. 

SUGGESTED REVISIONS IN TERMINOLOGY 

The junction of the weld deposit and the base metal has been gener- 
ally viewed simply as a two-dimensional surface of demarcation between 
completely melted weld metal and completely solid base metal. The 
various zones of a fusion weld have been defined by the American Weld- 
ing Society1 as follows: 

Bond Line: The junction of the weld metal and the base metal. 
Weld Metal: That portion of a weld which has been melted during 

welding. 
Fusion Zone: The area of base metal melted as determined on the 

cross section of a weld. 
Heat-Affected Zone: That portion of the base metal which has not 

been melted, but whose mechanical properties or microstructure have 
been altered by the heat of welding. 

Base Metal: The metal to be welded. 
These definitions were found to be inadequate when the fusion 

boundary of heterogeneous welds were examined metallographically. 
For example, when filler metal is added during welding, the completely 
melted weld metal is not a single homogeneous region but actually con- 
sists of two distinct regions with a diffusion gradient between them. 

Composite Zone 

The bulk of the weld metal consists of a mixture of filler metal with 
base metal and has a composition intermediate between the two. This 
zone, which has a characteristic microsegregation pattern, has been 
termed the "composite zone." 

Unmixed Zone 

The other region, which is located between the composite zone and 
the bond line, is an easily masked narrow band consisting essentially of 
melted and solidified base metal. This region, which has also a charac- 
teristic microsegregation pattern, has a nominal composition equivalent 
to the base metal. Because the material in this zone experiences no mix- 
ing with the filler metal, the term "unmixed zone" has been proposed. 
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The equivalence between the unmixed zone in a heterogeneous 
weld and the overall weld metal in an autogeneous weld (in which no 
filler metal is added) is significant in cases where the primary purpose of 
adding a filler metal is to avoid some problem associated with an au- 
togeneous weld metal. No matter how well the composition in the com- 
posite zone is modified, the problem can still persist in the narrow un- 
mixed zone where the composition remains essentially that of the base 
metal. As an example, in austenitic stainless weldments, filler metals 
with a balanced composition may reduce the microcracking tendency of 
the composite zone. If, however, the base metal is sensitive to microfis- 
suring, cracking might occur in the unmixed zone, which would have the 
same composition as the base metal. 

Partially Melted Zone 

There is a need for revision of the term presently being used to 
indicate the heat-affected zone, in that partial melting occurs in that por- 
tion of the base metal adjacent to the bond line. This region, which has 
been termed the "partially melted zone," encompasses that portion of 
the heat-affected base metal which has undergone any amount of lo- 
calized melting. Within this region, the extent of melting is 100% at the 
bond line, where the peak temperature of the thermal cycle is the liqui- 
dus, and 0% at the edge of the heat-affected zone where the peak tem- 
perature of the thermal cycle is the effective solidus. 

Conventional metallography does not reveal the unmixed zone or 
the partially melted zone. In heterogeneous welds, because the compos- 
ite zone has a different composition than the base metal (and the un- 
mixed zone), etchants attack them differently. As a result, a sharp line 
of demarcation generally appears at the junction between the composite 
and unmixed zones. This demarcation line has been mistakenly iden- 
tified in the past as the bond line. Thus, welding defects which actually 
occurred in the unmixed or partially melted zones, were thought to have 
occurred in the heat-affected zone. 

Figure 1 shows the striking difference between the appearance of a 
location along the fusion boundary, as revealed by a special solute-sensi- 
tive etchant (Figure 1A) and the identical location, as revealed by a con- 
ventional etchant (Figure IB). In Figure 1A the special etchant has 
stained the iron-rich, solute-lean areas darker than the solute-rich re- 
gions. In Figure 1A, the dark-etching material at the top is the composite 
zone. The light-etching unmixed zone, which is in the middle of the pho- 
tomicrograph, has a cellular dendritic structure. The partially melted 
zone, located below the unmixed zone, exhibits localized melting which 
may be identified as light-etching grain boundaries and scattered light- 
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Figure 1. Fusion-boundary region in an HY-80 weldment made 
with E-11018M. A. Solution-sensitive etch, 250X. B. Same area shown 
in A, 2% nital etch, 250X. Reduced 31%. 

etching dots. The true heat-affected zone is located at the bottom of the 
photomicrograph below the reference mark, RM, a microhardness in- 
dentation. 

Figure IB shows the identical area after repolishing and etching 
with 2% nital. Because this etchant attacks the unmixed, the partially 
melted, and the true heat-affected zones in a similar fashion, the appar- 
ent bond line corresponds to the edge of the composite zone. Note the 
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position of the reference mark, RM, which is actually located at the 
boundary between the partially melted zone and the true heat-affected 
zone. 

The microstructure of the fusion boundary of a gas metal arc weld 
made in HY-130, etched with a solute-sensitive etchant, is shown in Fig- 
ure 2. The crack, which has propagated along the light-etching, solute- 
rich, grain boundaries in the partially melted region, is a hydrogen-in- 
duced cold crack. Because the base metal and filler metal compositions 
were similar, the identification of the narrow unmixed zone is more diffi- 
cult in this case. 
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Figure 2. Fusion-boundary region of a gas metal arc weld in HY- 
130 steel containing underbead crack, solute-sensitive etch, 250X. Re- 
duced 35%. 

There are possibilities of interactions between inclusions and the 
matrix which can increase the extent of the partially melted zone. The 
interaction between two MnS inclusions and the HY-80 matrix, as 
etched with a solute-sensitive etchant, is shown in Figure 3 at 1000X. 
The two elliptically shaped areas, which experienced liquation and re- 
solidification during welding, were formed by the mechanism of constitu- 
tional liquidation.2 The dark grey material in the center of each of these 
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two regions is the remainder of the MnS inclusions which dissolved dur- 
ing the constitutional liquidation. 
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Figure 3. Constitutional liquidation of MnS in HY-80 weldment, 
solute-sensitive etch, 1000X. Reduced 47%. 

REQUISITES FOR WELD CRACKING TESTS 

A recent survey of the literature3 reports that over 30 different weld 
cracking tests have been developed. The ideal cracking test, according 
to this report, should have: 

1. Ability to show direct correlation with actual fabrication and ser- 
vice behavior. 

2. Reproducibility, with freedom from human error. 
3. Sensitivity to small changes in variables. 
4. Ability to show the effects of individual welding variables. 
5. Economical preparation. 
6. Applicability to all welding processes. 

At RPI a hot-cracking test and a cold-cracking test have been developed; 
these tests, which meet the majority of these criteria, will now be dis- 
cussed. 

HOT CRACKING TEST — THE VARESTRAINT TEST 

The VARESTRAINT test, which has been described in detail4-5 uti- 
lizes a small laboratory-scale specimen supported as a cantilever beam 
as shown in Figure 4. A weld is deposited on the specimen using any 
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Figure 4. Schematic of VARESTRAINT test. 

combination of process, joint geometry, and welding parameter of inter- 
est. As the arc passes the point marked A in Figure 4, a massive, pneu- 
matically actuated loading yoke bends the specimen downward sudden- 
ly to conform to the radius of curvature of the top surface of the 
removable die block. By substituting a die block with the appropriate 
radius of curvature, any desired augmented strain can be applied to the 
outer fibers of the test specimens. The augmented strain in the outer 

fibers of a test specimen is equal approximately to  -~D~, where / equals 

the specimen thickness, and R equals the radius of curvature of the die 
block. 

Since the magnitude of the augmented strain is independent of the 
welding parameters, the effect of welding process, welding composition, 
and other parameters influencing the microstructural features of the 
weldment can be isolated from the mechanical effect of the externally 
imposed restraint. 

Hot cracking is usually located at the trailing edge and alongside of 
what was the instantaneous position of the weld puddle at the instant of 
application of augmented strain, as shown schematically in Figure 5. The 
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Figure 5. Hot cracks in a VARESTRAINT test specimen. 

cracks invariably follow solute-enriched grain and subgrain boundaries 
both in the weld metal and in the partially melted zone of the base metal, 
as is evident in Figure 6, a photomicrograph of an 18% Ni managing steel 
VARESTRAINT test specimen. 

After testing, the length of each hot crack detected on the as-welded 
surface is measured at 60X. The total crack length plotted as a function 
of augmented strain provides a quantitative description of hot-cracking 
propensity. 

Typical VARESTRAINT results are presented in Figure 7 for sever- 
al materials. In addition to the total crack length, the maximum aug- 
mented strain sustained without causing cracking, called the threshold 
strain, can be used as an index of hot-cracking sensitivity. Although not 
shown in Figure 7, the maximum crack length observed in a specimen 
can be also used as an index. 

The results of the VARESTRAINT tests have correlated well with 
fabricational experience. The test has proved sensitive to small changes 
in test variables for a variety of welding processes, and the repro- 
ducibility is normally ± 10%. The cost for evaluating the hot-cracking 
sensitivity of a heat of material is nominal. The test procedure has at- 
tracted considerable industrial usage. One manufacturer of nickel-base 
alloys subjects all heats to this test; another determines the hot-cracking 
sensitivity of nickel-base alloys by subjecting slabs from ingots to the 
test procedure. 

Because the location of the weld pool, and therefore the location of 
the hot cracks, at the instant of loading can be programmed, high-speed 
cinematography of the nucleation and growth of hot cracks is made pos- 
sible. 
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Figure 6. Location of hot cracks in a typical VARESTRAINT test 
in 18-Ni maraging steel, modified Wasau's etch,. 15X for central portion, 
50X for montage. Reduced 36%. 

THE CONSTANT-STRAIN COLD-CRACKING TEST 

A direct-observation technique, originally proposed by Granjon6 

and modified at RPI,79 allows direct microscopic observation of the ini- 
tiation and propagation of hydrogen-induced cracks, as well as the evo- 
lution of hydrogen. The test, which imposes an augmented strain on a 
tranverse cross section of a small, bead-on-plate steel weldment, has 
been invaluable in studying the mechanism of cold cracking. 

Test specimens, 2 x 1/2 x 1/2 in. were cut from 2 in. HY-80 plate 
in the manner shown in Figure 8. Orientation of the banding was trans- 
verse to the welding surface, and the location of the weld beads cor- 
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Figure 7. Total crack length vs. augmented strain for several mate- 
rials. 

responded to the mid-thickness of the as-received plate. The 2 x 1/2 in. 
surfaces were ground parallel and prepolished through 600-grit alundum 
paper. With the prepolished surfaces in contact, pairs of specimens were 
welded as shown in Figure 9. E11018M electrodes, 3/16 in. diameter, 
were deposited by means of an automatic stick feeder, using 165A, 22V, 
and 7.5 in./min. travel speed to provide an energy input of 29,000 
joules/in. 

The amount of diffusible hydrogen present in the weldments was 
controlled by intentionally contaminating the electrode coatings with 
water and then baking at selected temperatures to partially redry them. 
The diffusible hydrogen content was determined by the BWRA method10 

and reported as cc/100 gm of weld metal. 
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Figure 8. Schematic showing method of obtaining constant-strain 
cold-cracking test specimens from 2-in. Hy-80 plate. 

EII0I8M 
ELECTRODE 

WELDING 
DIRECTION 

Figure 9. Schematic showing method of welding constant-strain 
cold-cracking test specimens. 

Immediately after welding, the composite weldment was quenched 
in ice water and then transferred into a bath of dry ice and alcohol 
(-96°F) to minimize the loss of diffusible hydrogen. Each specimen to 
be tested was fractured from the composite weldment and then prepared 
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by standard metallographic techniques to allow direct observation of the 
cracking process under a microscope. During this preparation, the speci- 
men was cooled frequently in the dry ice-alcohol bath to minimize hy- 
drogen loss. 

Figure 10 presents two versions of the test apparatus. The first ver- 
sion, shown in Figure 10A, incorporated a four-point loading system to 
produce a constant bending moment on the outer fibers of a transverse 
section of the weld bead. Figure 11 shows an overall view of the cold- 
cracking test apparatus showing a 35-mm camera mounted on the micro- 
scope. 

CONSTANT   STRESS    CRACKING 
TEST 

CONSTANT   STRAIN    CRACKING 
TEST 

MICROSCOPE 
"OBJECTIVE 

A B 

Figure 10. Schematic of constant-strain cold-cracking test fixtures. 
A. 4-point bending version. B. Radiused die block version. 

With the four-point loading technique, it was noted that: 
1. A critical value of hydrogen content was necessary for micro- 

crack nucleation. 
2. The critical value of hydrogen content was inversely proportional 

to the elastic stress imposed on the outer fibers of the specimen. 
3. The critical value of hydrogen content at a given stress level de- 

pended on the steel. 
4. Microcracks could be nucleated but failed to grow with stress up 

to the yield strength. 
5. No microcracks were observed at any level of stress up to the 

yield strength in the absence of hydrogen. 
6. In hydrogen-charged specimens which were notched and loaded 

to cause plastic flow, microcrack growth occurred intermittently for 
more than 24 hours. 
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7. Elongated MnS inclusions, particularly those that had experi- 
enced constitutional liquidation, served as nucleation sites for micro- 
cracks. 

During these preliminary tests, it was discovered that when a thin 
layer of microscope immersion oil was placed on the specimen surface, 
hydrogen evolution could be observed microscopically to occur from the 
walls of the cracks. 

The rate of the evolution of hydrogen bubbles from microscopic 
cracks was measured during the cracking test; these results are sum- 
marized in Figure 12. The rate of the evolution of hydrogen bubbles is 
shown as a function of loading time. Note that the rate of evolution 
increased as applied stress was increased. The rate appeared to increase 
with time to a maximum characteristic of the particular stress and then 
decrease with continued exposure to the load. 

«K 
^%k. 

spa   |"«MasB <-*»!•>■.■■«* 

Figure 11. Overall view of constant-strain cold-cracking test appa- 
ratus, showing 35-mm still camera in position on microscope. 
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Figure 12. Rate of evolution of hydrogen bubbles vs. loading time, 
diffusible hydrogen 32 cc/100 g. 

It appears that increasing the applied stress causes an increase in 
the rate of diffusion of hydrogen toward the triaxially stressed region 
ahead of the crack tip. This implies that the diffusion of hydrogen is 
stress induced. 

To examine the stress-induced diffusion of hydrogen further, inter- 
rupted loading tests were performed. Figure 13 shows the results of this 
study. The test data shown were obtained by counting the number of 
bubbles evolved during three periods of loading and two intervals of two 
minutes during which the load was removed. Inspection of Figure 13 
reveals that the bubble evolution stopped completely immediately after 
unloading, and that upon reloading there was an incubation period be- 
fore the initial rate of hydrogen evolution was restored. This incubation 
time can be explained as the time required to develop a critical concen- 
tration of hydrogen by stress-induced diffusion at the crack tip. 



DYNAMICS OF WELD CRACKING 45 

ED FOR 2 MIN.I 

 c 

40 "   COUNTING  STARTED 

- J                 1 UNLOA: 

- 
7J        30 

5„ 20 ^ 

G
E

N
   

   
B 

T
O

T
A

L
 

o
   

 5
 

,    1                      1 1 1 1 1 
(CONTINUED   BELOW] 

1                     1 
^ V  7                    8 9 10 II 12 13                  14 

> t- 

1 1 

I <    70 

oi    60 

£§  50 "UNLOADED FOR 2 MIN. 

EVOLUTION 
STOPPED 

m 
5        40 

z       30 

1 1            1 1 1 1 1 
16 17 13 

LOADING   TIME,  MIN. 

20 

Figure 13. Result of interrupted loading test, applied stress 80,000 
psi, diffusible hydrogen 32 cc/100 g. 

Because the four-point loading technique was limited to elastic 
strains, the radiused die block testing method shown in Figure 10B was 
adopted. In this method, the specimen is forced to conform to a die 
block with a 20 in. radius of curvature. The strain in the outer fibers of 

the specimen is approximately equal to ^-, where t is the specimen 

thickness and R is the radius of curvature of the die block. 
Time-lapse motion pictures were taken at 2 frames/sec to document 

the principal features of crack propagation, such as: the nucleation of 
microcracks, the development of yielding ahead of the propagating 
cracks, and the evolution of hydrogen bubbles from cracks. The films 
demonstrate that the V-shaped zone of localized yielding ahead of the 
propagating crack is more extensive as the level of diffusible hydrogen is 
increased. 

The films also show that the sites of evolution of hydrogen bubbles 
are usually not located at the tip of a propagating crack, but rather are 
located some distance behind the crack tip. 

Figure 14 shows selected frames from such a motion picture, taken 
of an HY-80 specimen containing 32 cc of diffusible hydrogen/100 g of 
weld metal (29 ppmH2) and strained 0.5%. The elapsed time after loading 
is indicated below each photomicrograph. Note that considerable an elas- 
tic deformation occurs in advance of the crack tip, as evidenced by the 
progressive roughening of the polished surface. Microcracks may be 
seen nucleating at inclusions in advance of the crack tip; crack growth 
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Figure 14. Selected frames from a time-lapse motion picture of 
growth of hydrogen-induced cracking over a period of 19 hours in HY- 
80. Diffusible hydrogen 32 cc/100 g. 0.5% augmented strain. As- 
polished, 60X. Fig. 14 reduced 21%. Fig. 14 (cont'd.) reduced 15%. 
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Figure 14. (Continued) 
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occurs from these microcracks and from the tip of the main crack until 
link-up occurs. This process then repeats as new microcracks form in 
advance of the main crack tip. 

Figure 15 shows the total number of microcracks observed as a 
function of the diffusible hydrogen content for four lots of HY-80 steel 
from the same heat but with differing amounts of rare earths. Item 1, the 
control plate which contained no rare earths, experienced microcracking 
with hydrogen levels less than 5 cc/100 g (4.5 ppmH2) and showed 
macrocracking with hydrogen contents 24 cc/100 g (22 ppmtfo) or 
greater. On the other hand, Item 3, which contained 1 3/4 lb/ton of rare 
earths and exhibited the best resistance of the group to hydrogen-in- 
duced cracking, showed no microcracks with hydrogen contents less 
than 8 cc/100 g (7 ppmH2). 
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Figure  15. Number of cracks vs.  diffusible hydrogen   content, 
showing effect of rare-earth additions on cold-cracking sensitivity. 

From experiments to date, the following conclusions have been 
drawn: 

1. For a given stress level, a critical level of diffusible hydrogen 
exists; below this level, cold cracking does not occur. 

2. Cold cracks may nucleate, but will fail to grow unless the max- 
imum stress exceeds the yield strength. 
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3. When both yield-strength stresses and the hydrogen level exceed 
a critical value, anelastic dislocation motion occurs for an extended 
period of time. 

4. In the absence of diffusible hydrogen, no anelastic dislocation 
motion is observed. 

5. An interaction between the diffusible hydrogen and the disloca- 
tions exists; apparently dislocation motion facilitates hydrogen transpor- 
tation to the vicinity of the crack tip. 

6. Preferred sites for the nucleation of cold cracks exist: solute- 
enriched grain and subgrain boundaries in the unmixed zone, and consti- 
tutionally liquated sulfide inclusions in the partial melted zone. 

MOTION PICTURE DEMONSTRATING THE VARESTRABMT 
HOT-CRACKING TEST AND THE CONSTANT-STRAIN 

COLD-CRACKING TEST 

High-speed motion pictures, taken at 500 frames/sec, were shown 
of the nucleation and growth of hot cracks in VARESTRAINT speci- 
mens of a nickel-base alloy. The cracking was completed within 12 
frames on the film; thus this action which originally took place in 1/40 of 
a sec appeared on the screen in 3/4 sec. The initial magnification on the 
16 mm film was approximately 30X. The test was conducted using a gas 
tungsten arc bead weld made with 12V, 180A, 4 in./min, and an aug- 
mented strain of 1%. 

The second portion of the film (time-lapse photographs taken at 2 
frames/sec) illustrated the growth of hydrogen-induced cold cracks in 
HY-80 weldments. The initial sequence showed hydrogen bubbles evolv- 
ing from microcracks which formed at MnS inclusions. The hydrogen 
evolution was intermittent and occurred from the walls of the cracks 
some distance behind the crack tip. 

Crack growth was intermittent and hydrogen evolution occurred 
during the crack-arrest periods. Hydrogen evolution was also visible at 
certain grain boundaries in the partially melted zone. Crack propagation 
was accompanied by plastic deformation which distorted the polished 
surface near the crack. The shape of the inclusions influenced the plastic 
flow pattern and the crack growth rate. 

Evidence was presented to show that the fused metal in a hetero- 
geneous weld consists of two distinct zones: a composite zone and an 
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unmixed zone. In addition, metallographic evidence was given to sub- 
stantiate the presence and importance of a region adjacent to the fusion 
boundary in which partial melting occurs. 

Two new testing procedures were described: one for hot-cracking 
sensitivity, and the second for cold-cracking sensitivity. Typical results 
of these test procedures were presented. 

High-speed motion pictures were shown of hot cracking, and time- 
lapse motion pictures were presented of cold cracking. 
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3. EXPLOSIVE WELDING AND 
ING — OVERVIEW OF THE PROCESS 
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Louisville, Colorado 

Explosive welding is a viable and rapidly growing manufac- 
turing technology. It has established itself as an important and 
basic process which is generating a wide variety of critical pro- 
duction parts. The technology is not dependent on either large 
pools of skilled labor or massive amounts of capital equipment; it 
has an outstanding safety record. 

Products manufactured by explosive welding include key 
components for chemical process plants, oil refineries, heat ex- 
changers, large-diameter pipeline joining, cryogenic systems, 
ship construction, etc. 

More than fifty U.S. patents have been issued since E. F. 
Industries' fundamental first-in-time patent, "Explosive Weld- 
ing," which issued in March, 1962. Most of these patents are 
owned by either E. F. Industries, Inc., of Louisville, Colorado, or 
by E. I. du Pont of Wilmington, Delaware. As a result of patent 
litigation between the two companies, EFI has licensed du Pont 
under its patents and du Pont has cross licensed EFI under its 
patents. 

The science of explosive welding is highly developed; literally 
millions of dollars have been spent by private industry and the 
government to develop this technology. Although explosive weld- 
ing was invented in 1958, large commercial growth has just start- 
ed in the past few years and is increasing very rapidly. 

INTRODUCTION 

Explosive welding (DYNAWELD"") and explosive cladding (DYN- 
ACLAD"*) is used by E. F. Industries, Inc., on a commercial scale to 
manufacture a wide variety of metallurgically bonded similar and dissim- 
ilar metals for many basic industries including: 

51 
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Refineries 
Chemical Processing Plants 
Power Generation (fossil fuel and nuclear powered) 
Cryogenics 
Shipbuilding 
Pipelines (oil and gas) 
Electronics 
General Industrial-Machinery 
Heat Exchangers 
Aerospace and Aircraft (commercial and military) 
Desalinization Plants 
The basic process and resulting products were first invented in 1958, 

and the resulting first U.S. patent (titled "Explosive Welding") was is- 
sued in 1962. This original pioneer patent, which is owned by E. F. 
Industries, Inc., is the first of more than 50 U.S. patents which have 
been issued. The process is not an art, but rather a precise science. 
Appropriate products resulting from the process are technically superior 
to those produced by competitive processes such as fusion welding or 
roll cladding. In many cases unique combinations, such as titanium to 
steel, have resulted in new products for which no competitive process 
currently exists. 

In many modern industries, three metal systems commonly occur 
(often in the same system). These include: 

1. Steel (and steel alloys) 
2. Titanium (and titanium alloys) 
3. Aluminum (and aluminum alloys). 

No two of these three systems can be welded together by conventional 
techniques. Yet any combination can be explosively welded together in 
either flat or cylindrical configurations. 

At the present time, explosive welding and cladding is a rapidly 
growing multimillion-dollar annual business which is also being practiced 
commercially in several foreign countries. 

BACKGROUND 

Explosive welding was invented in early 1958 by Mr. Vasil Philip- 
chuk (now deceased) and Mr. Franklin LeRoy Bois. While Philipchuk 
and Bois were doing some explosive forming work they observed in- 
stances of welding between the explosively formed product and the steel 
die or tool. They investigated this phenomenon and determined that 
parts of the explosively formed product were welded to the steel die 
with a substantially continuous metallurgical bond. By April 1, 1958, the 
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inventors retained a member of the Metallurgy Department of M.I.T. as 
a consultant to analyze samples of welds obtained by explosive tech- 
niques. Very shortly thereafter, relatively sophisticated combinations of 
metal (such as aluminum to Inconel and titanium to steel) were being 
explosively welded and clad, and relatively sophisticated products and 
applications were being articulated, such as flat plate cladding, welding 
liners inside pipes and cylinders, explosively welding tubes and pipes to 
headers or tubesheets, etc. 

E. F. Industries, Inc. acquired several operations (including their 
respective patents) involved in explosive welding and cladding. These 
included: Explosive Fabricators, Inc. Division of Tyco Laboratories; 
Explosive Metalworking Operations, Martin Marietta Corporation, 
Denver Division; and Explosive Welding Operation, Hexcel. In addi- 
tion, Martin Marietta Corporation received a seven-year multimillion- 
dollar ARPA research and development contract in explosive metal- 
working in which they issued a subcontract to Denver University's 
Denver Research Institute. The last phases of this program were run 
while Martin Marietta's Explosive Metalworking Operation was part of 
EFI. E. F. Industries, Inc., has more than 21 corporate years in the field 
of explosive welding and cladding, and this extensive experience is en- 
abling the technology and applications of explosive welding and cladding 
to be developed at an increasing rate. 

Figure 1 is a pictorial schematic of the DYNACLAD"" explosion 
cladding process. This figure illustrates the same principles which are 
involved in explosive welding (e.g., pipelines). The main features of this 
process are: 

1. A specific standoff between the cladder metal and the backer 
metal. 

2. Progressive detonation of the explosive over the metal to be ex- 
plosively clad or welded. 

3. A specific bend angle by the cladder metal as it is forced to weld 
to the backer metal. 

4. The formation of a jet within the included angle between the 
cladder metal and the backer metal. This jet actually causes the surface 
metal between the cladder and backer to behave as a fluid — these sur- 
faces are scoured clean by the jet. 

5. A characteristic (and visible) wavy pattern at the weld interface 
caused by the swirling jet as it freezes. 

The cladder and backer metal are truly metallurgically joined. In 
many cases the strength of the weld is greater than the weaker of the 
two metals explosively welded together. 

The list of metals which can be explosively welded is almost limit- 
less. "Incompatible" systems such as titanium to steel, aluminum to 
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Figure 1. Explosion cladding process. 

steel, and aluminum to titanium have been successfully explosion clad 
and welded on a commercial scale. Table 1 is a partial listing of metals 
which have been explosively clad. Many other combinations, including 
multiple clads of more than two different metals, are feasible and have 
been produced. 

Competitive processes to explosive welding or cladding are shown 
in Table 2. 

Certain metal systems are metallurgically incompatible to fusion 
welding, roll cladding, or diffusion bonding. In these cases, explosive 
welding and cladding offer a viable manufacturing alternative. In other 
cases where weld overlaying or roll cladding are feasible, large section 
sizes might indicate the explosive welding process to be either more cost 
effective, or to yield a metallurgically superior material. 

Table 3 is a partial listing of products which have been manufac- 
tured using the DYNAWELD"* or DYNACLAD(ffl process. 

PROCESS 

Figure 2 is an engineering schematic of the explosion welding and 
cladding process. The schematic focuses at the collision point and shows 
the Collision Angle B, which is determined by the standoff distance, the 
explosive used (amount and detonation velocity), and the thickness and 
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Table 1. Partial Listing of Metals Which Have Been Explosion Welded 

Steels to 

Aluminum to 

Titanium to 

Stainless Steels 
Aluminum 
Titanium 
Monels 
Copper-Nickels 
Brasses 
Bronzes 
Silver 

Steels 
Stainless Steels 
Copper 
Copper Alloys 

Steels 
Stainless Steels 
Aluminum 
Copper 

Copper 
Nickel 
Columbium 
Tantalum 
Hastelloys 
Stellites 
Magnesium 
Gold 

Titanium 
Nickels 
Silver 
Magnesium 

Copper Alloys 
Nickel Alloys 
Tantalum 
Columbium 

Table 2. Competitive Processes to Explosive Welding and Cladding 

Fusion Welding (including weld overlaying) 
Roll Cladding 
Diffusion Bonding 

Table 3. Partial Listing of Explosion Welded and Clad Products 

DYN ACLAD""  Tube Sheets (for heat exchangers) 

DYNACLAD""   Plates (for pressure vessels and tanks) 
DYNACLAD""   Bi-metal Tubing (for chemical plants, heat exchanger tubing, 

desalinization plants, etc.) 

DYNACLAD""  Nozzles (for high-pressure vessel attachments) 
DYNACLAD""   Cu clad Al, and Al clad Steel Strip (for electrical transition 

joints) 
DYNACLAD""   Al  clad  Steel  Plate  and  Strip  (for  structural  transitions — 

marine, automotive, etc.) 
DYNABOND"" Tubular Transition Joints (to join dissimilar metal tubes and 

pipes) 

DYNAWELD"" Explosion Welded Pipelines 
DYNAWELD"" Overlays (for erosion/corrosion resistant surfaces; for building 

up worn surfaces) 
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Note: 

Vd      =   detonation velocity, 

V        =   plate velocity. 

Base  Platt 

Figure 2. Engineering schematic of explosion welding process 

strength of the cladding plate. The schematic also illustrates a few imagi- 
nary flow lines in the cladding plate and in the base or backer plate. The 
flow lines nearest respective inside surfaces of the cladder and backer 
are incorporated in the jet at the collision point and turn into the jet. As 
the detonation front and the collision point advance, the swirling action 
of the jet freezes and the wavy pattern which is characteristic of the 
explosion welding and cladding process is formed. If too much energy 
(excessive amounts of explosive) is coupled with a large standoff, suffi- 
cient heat is generated in the jet to actually melt the interfacial surface 
of the cladder and/or the backer. This manifests itself as a melt condi- 
tion, either discontinuous pockets or continuous layers, at the inter- 
face. 

In situations where an undesirable compound can be formed (for 
example titanium/steel where a brittle iron-titanium intermetallic com- 
pound will result if melting is permitted at the interface), the explosion 
welding parameters are adjusted so that no melting occurs. Photomicro- 
graphs will then show a clean wavy interface free of melt pockets or 
zones, and tensile shear tests at the interface will confirm high strengths 
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in excess of ASTM code requirements. For critical applications, EFI 
will run shear tests on each clad plate to verify bond-strength integrity. 

Figure 3 is a photomicrograph (original magnification @ 100X) of 
titanium (SB-265-II) explosion welded to steel (SA-516-70). 

Figure 3. Photomicrograph (100X) of titanium (SB-265-II) explo- 
sion welded to steel (SA-516-70). 

Figure 4 is a photomicrograph (100X) of copper-nickel (80-20) explo- 
sion welded to steel (SA-516-70). 

Figure 5 is a photomicrograph (100X) of stainless steel (type 304L) 
explosion welded to carbon steel (SA-516-70). 

::#' 

Figure 4. Photomicrograph (100X) of copper-nickel (80-20) explo- 
sion welded to steel (SA-516-70). 
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Figure 5. Photomicrograph (100X) of stainless steei (Type 304L) 
explosion welded to carbon steel (SA-516-70). 

The character of the waves (including amplitude and frequency) is 
controlled by such variables as the detonation velocity of the explosive, 
the standoff distance, the collision angle, the thickness of the cladder, 
and other properties of the cladder and the backer. In a given system 
(e.g., a given thickness of metal A explosion welded to metal B), the 
character of the wave is reproducibly controlled by the appropriate man- 
ufacturing procedure. Literally thousands of explosion clad and welded 
products have been manufactured; once the manufacturing procedure 
has been established, the scrap rate is generally less than 1%. 

Ultrasonic testing has been developed to the point where it is a fine 
nondestructive testing technique which permits 100% inspection of a 
clad surface. In certain cases X-ray has been used to show the frequency 
of the waves. In cases where the explosion welded product is machined 
across an interface (e.g., the O.D. of a DYNACLAD"" tubesheet) dye 
penetrant inspection is an outstanding tool. 

The following series of photographs illustrates a typical sequence 
for explosion cladding bimetal tubesheets at E. F. Industries, Inc. 

Figure 6 is a truckload of carbon-steel backer plate arriving at EFI. 
Figure 7 shows each plate is inspected dimensionally and is metal 

stamped with the appropriate identification. Mill certifications are re- 
viewed. In certain cases EFI may reultrasonic the steel backer plates 
prior to explosion welding. 

Figure 8 shows a plate having one surface sand blasted to remove 
mill scale and other surface contaminants. 

Figure 9 shows a steel backer plate being surface conditioned with 
disc grinders. Typically the surfaces to be clad are conditioned to the 
range of RMS 125. 
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Figure 6. Steel backer plate ar- 
riving at EFI. 

Figure   7. Incoming   plates 
being inspected and identified. 

Figure 8. Sandblasting of plate 
surface to remove mill scale and 
other contaminants. 

Figure 9. Backer plates being 
surface conditioned to approxi- 
mately 125 rms. 

Figure 10 is a cladder plate being surface conditioned with a disc 
grinder. 

Figure 11 is a stack of steel backer plates whose surfaces are ready 
for explosion cladding. 

Figure 12 is the surface of a 10-inch-thick aluminum slab which has 
been prepared to have a 1/4-inch-thick copper plate explosion welded to 
it. 

Figure 13 shows the prepared interfacial surfaces of a cladder and a 
backer which are about to be assembled for explosive cladding. 

Figure 14 shows the cladder resting on the backer, and separated 
from the backer by the appropriate standoff distance using small alumi- 
num blocks (which have been machined to the correct height) as spacers 
(these can be seen at the corners). The production technicians are taping 
the edges to keep the interface space clean during transportation to the 
field and during field setup. 

Figure 15 shows a plate being loaded onto a trailer for transporta- 
tion to one of EFI's explosion welding sites. 
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Figure 10. Gladder plates 
being surface conditioned to ap- 
proximately 125 rms. 

Figure  11. Prepared backer 
plates ready for assembly. 

te^i^ 

Figure 12. Ten-in.-thick alumi- 
num backer (to be clad with 1/4-in.- 
thick copper). 

Figure 13. Gladder and backer 
ready for assembly. 

life 

Figure 14. Gladder and backer 
showing standoffs. 

Figure 15. Loading of assem- 
bled plates onto trailer. 
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Figure 16 shows a trailer of assembled plates leaving for the field. 
Figure 17 shows a plate being lifted from the trailer. It will be placed 

on the ground and the explosive will be added. 
Figure 18 shows the explosive powder being placed on top of the 

cladder. The explosives are premixed and weighed for each plate. As a 
double check, the side rails are cut to a calculated height such that the 
proper amount of explosive will just fill the space inside the side rails. 

Figure 19 shows a final assembly ready for shooting. The initiator is 
buried in the middle of one edge. 

Figure 20 is a photograph of the shot taken from a distance. 
Figure 21 shows how the force of the explosive has driven the now 

explosively welded bimetal plate into the ground. 
Figure 22 is a photograph of the thin copper explosively welded to 

the 10-inch-thick aluminum slab, just after the explosion welding event. 
Figure 23 shows an explosion clad plate being lifted to the trailer for 

return to the EFI plant. 
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Figure  16. Trailer load of as- 
semblies leaves for shooting site. 

Figure  17. Unloading of as- 
sembly at shooting sight. 

Figure  18. Explosive powder 
mix being placed on top of cladder. 

Figure   19. Final   assembly 
ready for shooting. 
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shot. 
Figure 20. Explosive cladding Figure 21. Explosion-clad plate 

after detonation. 

Figure 22. Explosion-clad cop- 
per on  10-in.-thick aluminum. 
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Figure 23. DYNACLAD"" 
plate being lifted onto trailer for re- 
turn to EF1. 

Figure 24 shows the copper clad thick aluminum after the explosion 
welded plates have been cleaned. 

Figure 25 shows a circular bimetal tubesheet being cut from the ex- 
plosion clad plate. 

Figure 26 is a close-up of EFI's new powder torch. This cutting 
torch is a new Japanese invention which overcomes the problems of 
earlier powder torches, and is actually superior to a plasma torch in 
most respects. The kerf is about 3/8-inch wide and is truly vertical (not 
curved). Carbide precipitation is only about 0.002 to 0.003 inches, and 
the cut surface of the steel is readily machinable. 

Figure 27 is a photograph of a batch of explosively clad tubesheet 
circles ready for shipment of EFI. 

Figure 28 is a photograph of two sections of large-diameter steel 
pipe which has been explosively welded together using a collar which 
slips over both sections of pipe which are to be joined. 

Figure 29 shows a long piece of test pipe with explosion welds join- 
ing the individual sections. 



Figure 24. Copper 1/4 in. thick 
clad to 10-in.-thick aluminum 
plates. 

Figure 25. Bimetal tube sheet 
being cut from DYNACLAD"" 
plate. 
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Figure   26. Special   powder 
torch for cutting tube sheets. 

Figure 27. Explosion-clad tube 
sheets ready for shipment from 
EF1. 

Figure 30 shows a section of explosion clad bimetal pipe. The inside 
of the pipe is copper base alloy, and the outside of the pipe is steel. The 
two metals are metallurgically bonded over the entire interfacial area. 

Figure 31 shows a slice from the as-explosively clad bimetal pipe, as 
well as a room-temperature twist test which proves the quality of the 
bond. This pipe has been tube reduced and cold drawn to a reduction of 
approximately 45:1. The resulting tubing is approximately 0.75 inches 
O.D by 0.040-inch wall thickness. Each 10-foot-long explosion clad pipe 
will yield approximately 400 feet of perfectly clad bimetal tubing. 

Figure 32 shows a columbium alloy cover sheet which was explo- 
sively welded to each of the columbium alloy ribs which were machined 



64 J.A. in, J. D. Mote, L. E. Jensen 

into solid columbium backer. The application for this fin-tube construc- 
tion is a very high-temperature heat exchanger. 

Figure 33 is a photograph of six H-14 steel billets (each approxi- 
mately 3 inches in diameter x 18 inches long) and each has had a 5/8- 
inch-thick copper sleeve explosion welded to its O.D. From these explo- 
sion clad composites an injector nozzle (for molten zinc) was machined. 
The injector nozzles needed a method of rapid heat transfer to maintain 
proper temperature control of the machined injector and the metallurgi- 
cal^ bonded thick copper layer provided that. 

Figure 34 shows a group of DYNABOND"" tubular transition joints 
which were machined from explosively welded 5083 aluminum to 304L 
stainless steel, with a 0.030-inch interlayer of silver. These transition 
joints are used typically in cryogenic systems piping where an all welded 
system is desired. The aluminum end of the DYNABOND"" joint can be 
conventionally welded to the aluminum piping, and the stainless steel 
end of the joint can be conventionally welded to the stainless piping or 
structure. Other DYNABOND"" tubular transition joints include tita- 
nium directly to aluminum, and titanium to steel. 

Figure 35 is a photograph of a titanium-faced steel blind flange. The 
titanium was explosion welded to the steel to provide a complete met- 
allurgical bond to maximize the heat transfer characteristics of the 
flange (in addition to the obvious corrosion protection provided by the 
titanium face). 

Figure 36 shows a high-pressure carbon steel nozzle which has had 
the inside surface explosion clad overlaid with 1/4 inch of stainless steel. 
In certain sizes, explosion clad overlaying of stainless steel is less ex- 
pensive and yields a superior product compared to weld overlaying. 
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Figure 28. Explosion-welded 
steel pipe (text section). 

Figure 29.  Explosion-welded 
steel pipe (long section). 
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Figure 30. Explosion-clad bi- 
metal tubing (pipe). 

Figure 31. DYNACLAD"" bi- 
metal pipe and twist specimen. 

Figure 32. Columbium-alloy 
cover sheet explosively welded to 
columbium alloy ribs. 

Figure 33. DYNACLAD"" 5/8- 
in.-thick copper sleeves clad to 3- 
in.-diameter H-13 steel billets. 

»US 

Figure 34. DYNACLAD"" 
5083 aluminum to 304L stainless 
steel transition joints. 

Figure 35. DYNACLAD" 
nium-faced steel blind flange. 

tita- 

Figure 36. Carbon steel nozzle 
with 1/4-in. stainless steel DYNA- 
CLAD"" to inside diameter. 
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SUMMARY 

Explosion welding and explosion cladding is a basic viable manufac- 
turing technology which lends some new dimensions to the design engi- 
neers. Certain compositions or geometries which do not lend themselves 
to fusion welding or roll cladding can be explosion welded or clad. In 
other cases, where the systems are metallurgically compatible, explosion 
welding or cladding may offer a more cost-effective alternative. 
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Joining of ceramics to other materials, particularly metals, is impor- 
tant for a wide variety of applications. Ceramics typically constitute crit- 
ical components that must be structurally integrated with various sys- 
tems predominantly, if not exclusively, of metallic construction. 
Ceramic-ceramic joining is also important for three general reasons, list- 
ed in approximate order of importance. First, both physical and econom- 
ical limitations of producing ceramics limits the size of components that 
can be made; hence, construction of larger ceramic objects requires join- 
ing of smaller components. Second, some ceramic bodies — particularly 
those having the best properties, e.g., those made by hot pressing — 
can only be made in relatively simple shapes, so fabrication of more 
complex shapes requires either extensive machining or joining. Third, 
some applications may require more than one type of ceramic material 
to be joined together to make an integral component, therefore necessi- 
tating the joining of ceramics of different compositions. Joining of ce- 
ramics to other materials, particularly metals, or to ceramics of other 
composition, is commonly motivated by technological needs, while join- 
ing of ceramics to make larger or more complex shapes may frequently 
be forced by economic considerations in addition to or instead of tech- 
nological considerations. 

There are three basic types of joining techniques: (1) mechanical 
joining through the use of mechanical interlocking or use of mechanical 
forces, e.g., gravitational forces on the structure or from mechanical 
fasteners; (2) direct joining by welding, either by fusion or solid state 
processes in complete analogy with welding of metals; or (3) joining with 
other organic or inorganic materials, e.g., adhesives, mortars, or ce- 
ments, or brazing using either ceramic or metallic components, or both, 
in the braze. It is impossible to survey comprehensively all of these 
techniques and address all their major developments and trends. Howev- 
er, within the limits of the author's knowledge and his contacts in the 
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field, these techniques are surveyed with emphasis weighted by their 
importance, newness, and resultant joining capability. Substantial use 
has been made of previous surveys,1"5 which, except for the shorter 
survey of Kutzer,1 typically cover brazing primarily. Joining techniques 
will be covered in three sections: (1) adhesive, cement, mechanical, and 
related joining; (2) brazing; and (3) welding. Thus, in general, the sec- 
tions are organized in the order of increasing temperature capability of 
the joining method. The basic concepts and limitations of each of the 
various joining techniques will be illustrated along with a number of ex- 
amples, particularly those emphasizing recent applications or develop- 
ments. 

ADHESIVE, CEMENT, MECHANICAL, AND RELATED JOINING 

Adhesive and Related Joioing 

Joining of ceramics with sealants, elastomers, or adhesives, i.e., 
with organic-based materials, is one of the simplest and most widely 
used methods of joining ceramics not only to organic materials such as 
plastics but also to metals and other ceramics. Besides the general low 
cost, speed, and ease of this technique, it also has two important me- 
chanical advantages. First it distributes the load, thereby minimizing 
stress concentrations, which can be serious for ceramic materials. Sec- 
ond, because of the low elastic moduli of organic materials, large strains 
can be accommodated without significant development of stress in the 
ceramic, e.g., from thermal expansion differences, transient stresses, 
etc., although in extreme conditions ceramic failure can occur, e.g., in 
using epoxies cured at elevated temperatures.6 On the other hand, the 
strengths of adhesive, and especially sealants and elastomers, are very 
limited. The maximum strengths of adhesive bonds which are commonly 
an order of magnitude or more higher than for sealants and elastomers, 
are typically of the order of 5000 psi, and often are much less. The lim- 
ited strengths, even of many adhesive joints, can limit their use. Howev- 
er, the primary and most pervasive limitation is that of temperature 
since these organic materials rapidly soften, weaken, and grossly de- 
grade at temperatures from less than 100°C to at most a few hundred 
degrees centigrade, e.g., see Weckesser.6 To push beyond the limits of 
epoxies (~200°C), newer adhesives based on polyimides, polyarysul- 
fones, polyphenylquinoxalines, or polytriazines will be needed, but 
upper temperatures are expected to be ~300°C or less. 

Joining of ceramics to other components through the use of sealants 
or elastomeric materials often represent the lowest level of technology, 
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i.e., the least demanding applications in terms of physical parameters, 
such as strength, temperature, etc. Windows are an important example 
of this type of application where many house windows are held in place 
primarily or exclusively through the use of sealant materials, and au- 
tomobile windshields are installed in a rubber molding which connects 
the windshield to the auto frame and forms a weather seal. These tech- 
niques have been extended to much more demanding applications by use 
of higher temperature sealants and elastomers, e.g., silicone-based mate- 
rials and/or insulation of the attachment area (Figures 1, 2). The extreme 
application is the attachment of the Space Shuttle windows having di- 
mensions to over 3 ft and weights to over 60 lbs for some panes (Figure 
2). A large-scale application of elastomer joining is of A1203 water pump 
seals, mostly for cars, as many as 15,000,000 annually. 
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Figure 1. Schematic of attachment methods for forward-facing 
windows on jet aircraft. A and B represent the existing commercial jet 
aircraft forward-facing window designs and C a supersonic transport 
window design. Note that in all cases, the outermost layer is either 
tempered or chemically strengthened glass to prevent rain-erosion prob- 
lems. Additional glass layers may or may not be used further down in 
the laminate stack. All dimensions are in inches, and most unshaded or 
undesignated components are metal, typically aluminum for commercial 
jets. Note that bus bars are for window heating for defrosting. (Informa- 
tion courtesy K. Wiedekamp, The Boeing Co.) 
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Figure 2. Space Shuttle window mounting. This schematic illus- 
trates the design of the Space Shuttle windows which are quite large, 
having one dimension in excess of 3 feet and some of the panes weigh- 
ing over 60 lbs. Note the extension of the Si02 felt insulation out over 
the attachment area of the outermost window to limit the temperature 
to the attachment. Note also that the crew compartment is a separate 
structure which floats inside of the main shuttle structure, attached to 
the latter only through flexible couplings. (Information courtesy N. Peil, 
NASA Headquarters.) 

Because of its important advantages, adhesive joining of ceramics is 
used in a number of applications in which the components are used at or 
near room temperature. These range from the wide-scale consumer and 
industrial usage for products such as sandpaper and adhesively bonded 
abrasive wheels, to joining ferrite heads for smaller volume production 
of magnetic tape equipment. Examples of adhesive joining of larger 
parts, more demanding or newer applications are shown in Figures 1, 
3-5. Almost all forward facing windows on jet aircraft (commercial jets) 
require glass outer layers to avoid rain erosion. The typical solution is to 
laminate glass to a larger plastic body which provides support for the 
window. In this case, a separate adhesive is not necessarily used. The 
glass is often directly bonded to the plastic by the laminating process, 
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(Figure 1) and the plastic is mechanically fastened to the aircraft  Many 
irdomes and windows are bonded in metal holders with epoxy   as are 
some radomes (Figure 3). Other radomes are often attached by a section 
of glass-reinforced plastic bonded directly to either the interior or exteri- 
or of the radome. While the fiber glass may be joined to the remainder of 
the structure m a variety of ways (see Weckesser«), mechanical joining 
by threading of the fiber glass so that it can be screwed onto a mating 
metal component (Figure 3) is a common approach. Joining of piezoelec- 
tric ceramic components to themselves or to insulating ceramic is typi- 
cally done by adhesive (Figure 4). Finally, Figure 5 illustrates the use of 
adhesive joining of metal and ceramic components in current research 
studying the development of ceramic sliding bearings. A new, demand- 
ing, and extensive application is the development of Space Shuttle exter- 
nal ceramic (low density, 9 lb/ft», Si02) insulation. Tiles 6 in. square are 
bonded to a thin «0.1 in.) layer of a material similar to nylon felt for 
vibration isolation (since the Si02 has a tensile strength of only about 16 
psi)  and this in turn to the metal skin with a silicone rubber adhesive 
Thicknesses of the (rigidized fiber) Si02 insulation vary from about 0 5 
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Figure 3. Attachment of ceramic radomes. A shows a radome 
which is attached by a threaded fiberglass ring bonded to the inside of 
the dome near the base, and B illustrates a smaller type of radome ad- 
hesively bonded to a metal attachment cylinder (arrow 1) Arrow 2 
points out the end of the bond joint between the overlapping ceramic 
radome and the attachment metal cylinder. 
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in to 3 in to withstand increasing surface temperatures, which vary up 
to 1100°C on the outside insulation surface. Each shuttle requires over 
5000 ft2, i.e., about 0.1 acres of such insulation. 
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Figure 4. Adhesive bonding of sonar elements. A represents a fair- 
ly typical structure of an element of a sonar system in which several 
piezoelectric ceramic rings are bonded to one another, these in turn to 
an insulator, and then to a metal tail mass and a metal radiating head^ 
Note also that a bolt through the center of the system is commonly used 
to apply a compressive load to the ceramic elements, which in part adds 
some mechanical attachment to the system. B illustrates the adhesive, 
typically epoxy, bonding of piezoelectric hollow hemispheres to make a 
hydrophone. Arrows indicate the bond joint of the completed left-hand 
element. Note also that while the wires are soldered to the electroded 
surfaces, they are also adhesively bonded to the surfaces to protect the 
soldered joints. On the right is shown a fractured element indicating 
much but not all, of the failure that occurs along the bond joint. 
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Figure 4. (Continued) 

Cement and Mortar Joining 

Joining of ceramics with cements or mortars is typically easy, effi- 
cient, and economical. As with adhesive joining, strength and tempera- 
ture are often important limitations. Strengths often are substantially 
less than those obtained with adhesive joining, while the temperature 
capability of cements and mortars are typically greater than those of 
adhesives. Thermal expansion mismatch between the cement or mortar 
and the parts being constructed can be an important temperature limita- 
tion. The next level of temperature limitation arises from possible de- 
composition of the cement or mortar, e.g., of lime-based mortars. A 
third level of limitation results from chemical interaction between the 
cement or mortar and the ceramic or other components. Substantial in- 
formation on the types, compositions, principles, and applications can 
be obtained from commercial suppliers' literature and Wygants'7 review. 
An outline of some applications is given below. 

Mortar joining of bricks and other ceramic or ceramic-related con- 
struction materials is probably by far the highest volume usage of this 
type of joining. Since loads are predominantly of a compressive nature, 
the low tensile strengths of such joints are not a particular critical factor. 
While there can be substantial strength developed as a result of chemical 
bonding between the mortar or cement and the components involved, 
this need not be the case. For example, ceramic insulators which may be 
used in tension (as guy insulators on communication towers) have ut- 
lized cement joints wherein the necessary tensile strength is obtained 
primarily from mechanical interlocking as illustrated in Figure 6. 

By far the most extensive high-temperature application of cements 
is for joining refractory bricks in furnaces. Silica, fireclay (typically 
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Figure 5. Adhesive bonding of experimental ceramic bearings. 
Such bearings are being developed for possible use in hydrofoil flap- 
control linkage and also for helicopter link usage. Item 1 is the ceramic 
outer race, which was originally a monolithic A1203 body having holes 
for the solid lubricant. More recent investigations have gone to ceramic 
coated metals for this outer race. Items 2 are the two metal caps into 
which the three outer race segments are bonded. Item 3 is the ball 
which originally was aluminum oxide, and now is hot-pressed Si3N4. 
Items 4 are the two metal inner rings that are bonded to the central ball 
to protect it (its edges) and provide easier and more reliable attachment 
to the metal shaft. Items 5 are examples of the completed bearings. 
Epoxy adhesive is used to bond the ceramics to the stainless steel metal 
components. (Photo courtesy J. Van Wycke, Boeing Company, Seattle, 
Washington, who is conducting this development under Naval Air Sys- 
tems Command sponsorship.) 
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Figure 6. Schematic of joining of a metal attachment cap to a ce- 
ramic insulator. Note that the cement need not form a chemical bond to 
the insulator in order to provide the necessary joining, since either a 
rough ceramic surface or a tapering of the ceramic surface is used so 
that the cement provides bonding due to shear strength from friction 
interlocking, or compression in the joint. 

about 60% A1203), and high A1203 (typically > 80% A1203) bricks are 
commonly mortared together, while basic (i.e., magnesia and magnesia 
chrome) bricks are less commonly cemented. The cements used with the 
above refractories usually have the same general composition of the 
bricks they join. Mortared joints between refractories are much thinner 
than those used for building bricks (1/16 to 1/8 in. versus about 1/2 in. 
for the latter) are typically sought, e.g., by dipping bricks in cement 
slurries, or by grouting. During curing, these cements generally bond or 
sinter to the refractory, and therefore to some extent represent either 
diffusion or fusion brazing with ceramics, or solid-state welding as dis- 
cussed respectively in later sections. 

Used on a far more limited scale are the technical cements such as 
Sauereisen and Astrocerams,8 cements familiar in the laboratory for 
thermocouple and furnace cementing. The development of new cements 
is not particularly active, but some research and development continues, 
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e.g., on systems that can bond either grain or bulk bodies.940 New de- 
velopments tend to be in specialized areas, such as a recently announced 
zirconia-alumina cement for glass tank refractories.11 

Mechanical Joining 

Mechanical joining is basically very simple and efficient, and in 
principle should be capable of both high temperature and high strength. 
However, the typical lack of ductility in ceramics until quite high tem- 
peratures are reached severely limits the temperature range over which 
the method is applicable because of the resultant severe stress concen- 
trations which can cause ready, catastrophic failure in the ceramic. Such 
failure also severely limits the tensile stresses that can typically be sus- 
tained by mechanical joints. In mechanical joining applications involving 
tensile loads, grommets or shims of suitable soft materials — usually Of 
soft metals such as lead or copper — may be used to minimize stress 
concentrations, but flow of such materials limits stresses that can be 
supported. Some information on mechanical joining is also given by 
Kutzer.1 

Despite the above limitations, there are a variety of applications for 
mechanical joining of ceramics, usually where tensile stresses can be 
kept low. Thus, for example, large numbers of a wide variety of ceramic 
insultators, terminals, etc., are mechanically mounted by metal clamps, 
screws, etc. A particularly large-scale example of such low-stress me- 
chanical joining of ceramics is that of furnace refractories using mechan- 
ical interlocking or metal brackets, e.g., for furnace roofs (Figure 7). 
Since threads can often be formed in ceramic bodies, this is sometimes 
used as a joining technique (some ferrite adjustment slugs are threaded 
so they can be screwed in or out for magnetic adjustment). Threading 
can sometimes be supplemented by other means, especially adhesive 
joining (two parts screwed together may have adhesive on their mating 
surfaces, and possibly on the threads). Some radomes may also involve 
mechanical joining (Figure 3). Some windows also partly involve me- 
chanical joining, i.e., the sealant or elastomer in contact with the pane is 
mechanically clamped (Figures 1, 2). Substantial tensile loads can be 
carried if the tensile stresses are kept low — some guy insulators for 
antennas etc., attached to guy cables by shackles and pins may carry 
considerable load, but usually at limited stresses, such as a few hundred 
to a few thousand psi in the ceramic. Also, with careful design substan- 
tial temperatures can be accommodated for some systems, such as the 
nose cap and leading edges (Figure 8) of the Space Shuttle. 

Some older and a number of newer applications of mechanical at- 
tachments involve close tolerances. The use of ceramics in spark plugs 
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Figure 7. Mechanical attachment of refractory furnace bricks. A 
illustrates the metal hangers that are commonly used to suspend refrac- 
tory bricks to form the ceiling of a furnace. B represents techniques 
commonly used to join two different layers of bricks, e.g. in the wall of 
a furnace and Figure C and D illustrate the use of either a metal C or a 
ceramic D attachment of bricks to metal wall brackets. (Photos cour- 
tesy General Refractories Company, Baltimore, Maryland.) 

for cars, aircraft, etc., is a long-standing and important example. Press, 
and especially shrink, fitting are old but growing methods that often de- 
mand even closer tolerances. Thus, for example, soft Cu or Au plated 
Fe alloy rings have been shrunk onto ceramics, e.g., for microwave or 
optical window mounting.4 More recently, many A1203 water pump seals 
machined to 0.002 in. tolerances are pressed into Kovar, Invar, or stain- 
less steel bands, so the resultant compressive stresses allow the A1203 to 
withstand more severe thermal stress (Figure 9B). An extension of this 
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now under commercial evaluation is to press the A1203 seal into a cap- 
shaped piece of metal instead of a band so the encapsulated A1203 can be 
attached to the shaft via the metal cap by standard metal-joining tech- 
niques (Figure 9C). More demanding is the press fitting of ceramics, 
such as of Zr02 nozzles for metal extrusions dies, and A1203 liners for 
pumps for corrosive or abrasive fluids, (the latter often requires A1203 

tolerances of 0.0005 in.). 
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Figure 8. Mechanical attachment of carbon-carbon composite 
Space Shuttle leading edges. A is a photo of the Space Shuttle returning 
for landing with the carbon-carbon nose cape and leading edge sections 
(44 per wing) indicated. (Photo courtesy N. Peil, NASA Headquarters.) 
B is a sketch of a carbon-carbon leading edge section and half of its 
mechanical mounting. Note the carbon-carbon T shaped strip overlap- 
ping the joint on the left-hand edge and attached to the main leading 
edge segment by the mechanical mounting device. The mechanical 
mounting serves two purposes: (1) suitably easy removal for replace- 
ment, and (2) standoff from the Al skin and structure to allow enough 
temperature drop. To accomplish the temperature transition from about 
650°C on the carbon-carbon to about 175°C on the aluminum, the metal 
attachment members on the carbon-carbon are super alloys, and Ti on 
the Al structure. 

The American Welding Society defines soldering as those processes 
carried out below 800°F (~425°C) and processes carried out above this 
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temperature as brazing. The latter are also sometimes referred to as 
silver soldering or hard soldering. Based on this definition, most ceramic 
joining processes are by brazing instead of soldering, but the latter term 
is often used for sealing with glasses, even if done at over 425°C. How- 
ever, soldering with either metals or glasses is generally accomplished in 
a fashion similar to those described below for brazing. Further, a 
number of the brazing processes described can be used to apply a metal 
layer to the ceramic (referred to as metallizing), with metal soldering or 
brazing subsequently used to join the metallized ceramic and another 
metal component. Thus, while the following discussion concentrates on 
brazing, many of the techniques are applicable to soldering. 

8 

sz 

Figure 9. A1203 water pump seals. A, B, and C are photographs of 
each side of three different types of A1203 water pump seals for au- 
tomobiles. A and B represent present practice wherein the A1203 body, 
Item 2, is attached to the shaft via a rubber or elastomeric material, 
Item 1. In B, the A1203 (Item 2) is pressed into an outer metal band 
(Item 3) to provide compressive stresses to give greater thermal shock 
resistance. C shows a new form of the seal now under commercial eval- 
uation wherein the A1203 is pressed into a metal cap, Item 3, to provide 
both compressive stresses for better thermal shock resistance and 
direct metal attachment to the shaft. (Samples courtesy J. Abar, Crane 
Packing Company, Morton Grove, Illinois.) 
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There are basically two types of ceramic brazing: those using me- 
tallic materials and those using ceramic materials. Metal brazing will be 
discussed first, and ceramic brazing will be discussed at the end of this 
section. There are basically three metal-brazing methods that are not 
necessarily fundamentally different processes in terms of mechanisms of 
bonding but are differentiated by practice. The three techniques can gen- 
erally be referred to as noble-metal brazing, active metal brazing, and 
refractory metal brazing. For greater details on brazing with metals, the 
reader is referred to articles by Clarke et cd2 Reed,4 Hitch and Bube, 
and especially Pattee et al.s A British symposium12 on ceramics for elec- 
tronic tubes also provides useful information. It should be noted that 
metal brazing of ceramics is one of the most common methods of joining 
ceramics, especially for high-technology applications, e.g., for vacuum 
and electronic applications. The basic advantage is that a variety of ma- 
terials can be joined together by relatively simple procedures involving 
generally available facilities to produce vacuum-tight joints, that have 
modest to quite substantial strengths and resistance to various chemical 
environments. The main limitations are in finding braze compositions 
that meet increasingly severe demands for a wider variety of materials. 
This field is fairly mature, but a reasonable, though not extensive 
amount of research and development continues, with much of it focused 
on further understanding of the processes and applying them to a wider 
range of materials and environments. 

Noble-Metal Brazing 

Noble-metal brazes are most commonly based on silver or platinum 
and their alloys with other noble metals, and frequently include base 
metals such as Cu or Ni. In the past, such brazing was done by raising 
such alloys to their melting point normally in air. There is growing evi- 
dence that under such oxidizing conditions, some noble-metal oxides 
may be formed, and certainly some formation of base-metal oxides prob- 
ably occurs which could react with the ceramic. However, if such oxides 
are formed, they may be more important in aiding wetting than in actual 
bond formation. 

Formation of noble-metal oxides and resultant wetting of ceramics 
is indicated by Bruin et al.13 They reported brazing of several oxides — 
MgO, A1203, Zr02, U02, BeO, ferrite, and Si02 — or glasses as well as 
graphite to themselves or various combinations with one another using 
Pt, Pd, Au, or Ag with little or no pressure. Temperatures of 800-1100°C 
(below the melting point of the metal) were often maintained for several 
hours While Pt migration into pores of graphite did occur, as expected, 
no bulk reaction of any of the noble metals and the ceramics occurred. 
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However, they report that a surface reaction did occur with the oxides, 
leading to a liquid phase well below the melting point of the metal. This 
liquid phase, which was observed at the interface of metal grids (Pt) in 
contact with oxide (MgO) particles in an electron microscope (hence in 
vacuum), wet the oxide. Copley and Riner14 have also recently shown 
evidence of noble-metal oxide formation in wetting oxide materials. 

Bruin et al. report that the above noble-metal seals could be vacu- 
um tight. While absolute joint strengths were not given, a relative test 
indicated that strengths 50-100% of those achieved by epoxy bonding 
were achieved. Testing of noble-metal brazes often resulted in failure in 
the ceramic; though this can in part result from boundary stresses, it 
generally indicates a reasonable to good level of strength. The strengths 
with noble metals were equal to or greater than strengths obtained using 
other (transition) metals (discussed below). These authors specifically 
noted that the best brazes were obtained below the melting point of the 
metal, i.e., solid-state or diffusion brazing in contrast to earlier practice 
of melting noble-metal braze alloys. 

Klomp's15 work in which he bonded sapphire, alumina, or glass to 
one another using both noble (Pt) and several base metals (Fe, Ni, Cu, 
Al, and Pb) appears to be consistent with that of Bruin et al. Carefully 
cleaned 100 /im thick rolled foils of these metals were placed between 
hollow tubes of the various above ceramics to be joined. The parts were 
then heated to approximately 90% of the melting point of the metal, at 
which time a pressure ranging from about 4 to 1200 psi was applied. 
Subsequent examination of the bonded surfaces indicated no reaction 
between the various metals and A1203. Strengths were found to increase 
linearly with the temperature of the process and hence with the melting 
point of the metal, from approximately 3400 psi for lead to approximate- 
ly 36,000 psi for platinum. 

As noted earlier, an important thrust of metal brazing is applying 
this in new environments and to new materials, i.e., to other than the 
traditional oxides. Bruin's brazing to graphite noted above is an example 
of use of newer materials. Applications in medical electronics are exam- 
ples of new environments, e.g., a heart pacer electrical feed through 
using an 82-18 Au-Ni braze to join 316 stainless steel and A1203. Figure 
10 is an example of the size part that can be brazed by noble metal on 
other metal brazes. 

Active Metal Brazing 

Active metal brazing is most commonly based on the use of Ti, but 
may also be based on Zr, Nb, or Y, particularly for A1203, since this is 
one of the most extensively brazed materials. It seems appropriate to 
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Figure 10. Example of noble-metal brazing to ceramics. Cu flanges 
are brazed to a large (nearly 18 in. dia) A1203 cylinder using a Cu-Ag 
eutectic braze. This is illustrative of the size of components that can be 
handled by metal brazing. 

extend this definition to include metals that might be active or reactive 
with other oxides or other ceramic materials in general — transition 
metals, such as Fe, Co, and Ni for other oxides. Basically, two pro- 
cedures have been used with the traditional titanium-based active braz- 
ing process. The first, and most common, has been to incorporate the 
titanium (or Zr) into the brazing alloy to aid wetting. The second pro- 
cedure has been to coat the ceramic surface to be brazed with the active 
metal, or a compound that will decompose to produce the active metal, 
such as titanium hydride fired in vacuum. Such coating of a ceramic with 
a metal layer is referred to as metallization. Appropriate braze alloys 
will then wet the Ti metallized layer. 
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Figure 11. An example of a small brazed microwave tube consist- 
ing primarily of copper and A1203 joining formed with a titanium-based 
active metal braze. The upper photo is an actual cross section of one of 
these small tubes, having dimensions of the order of 1/2 in., and the 
bottom is a schematic indicating the different materials in the cross sec- 
tion. Note also in the bottom sketch, that the many areas in which 
cracking may occur as a result of stresses in the joint are illustrated. 
The possible cracks are shown at a much higher angle relative to the 
metal than is observed in reality for clarity of illustration. (Photos and 
sketch information courtesy of D. Viechnicki, Army Materials and Me- 
chanics Research Center, Watertown, Mass.) 
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Pattee et al.3 have also reviewed techniques of applying active 
metals using molten salts, e.g., mixtures of alkali halide to deposit the 
active metal onto ceramic surfaces for subsequent brazing with other 
alloys. Zr, Hf, and U as well as Ti have been coated on ceramics at 
temperatures as low as 600°C. Some of these processes can be carried 
out in air. For example, a thin Ti sheet previously coated with a mixture 
of alkali or alkaline earth halides is protected from oxidation by melting 
and flowing of the salts over the Ti, which is then deposited on the ce- 
ramic surface. 

An example of the use of active metal brazing is the microwave tube 
shown in Figure 11. Such electronic applications are one of the most 
important uses of metal-brazing techniques. However, care must be 
taken to select the proper alloys so very brittle intermetallic compounds, 
or compounds having significantly different thermal expansion from the 
ceramic are not formed. These, particularly the latter, can lead to joint 
stresses that result in cracking in the ceramic (Figure 1 IB). Mechanical 
testing of such joints will thus cause failure in the ceramic, which may 
be erroneously interpreted as a sign of high strength. Such cracking from 
joint stresses can apparently lead to release of gases from pores in the 
ceramic into the tube interior, which in the case of small tubes can actu- 
ally lead to failure by raising the gas level too high.16 This need not 
occur immediately, since variable stresses and stress corrosion can lead 
to crack growth and hence pore connection to the interior over a period 
of time. 

Bruin et al.13 also investigated joining of various oxides (MgO, 
A1203 and BeO and Si02) together by using various transition metals 
such as Ni, Ti, Fe, and Cu below their melting point, in conjunction with 
their noble-metal brazing discussed above. Electron-probe analysis 
clearly shows that substantial diffusion of the metal into the various ce- 
ramics occurs, typical at temperatures of 1000-1200°C. The relative 
strengths of resultant joints was indicated to be about 50% of those ob- 
tained with epoxy, i.e., about equal to or less than strengths obtained 
with noble-metal brazing as discussed above. Also, as Reed has noted in 
his survey,4 other active metals such as indium have been used to form 
vacuum-tight seals from about 200°C (soldering). More recently Heidt 
and Heimke17 have studied diffusion bonding of Al, Cu, and Ta to sap- 
phire, reporting that only the latter involves a thin layer of reaction. 

As with other metal-brazing processes, reactive metal brazing is a 
well-established field, and hence not one of great research activity. Re- 
search and development is directed toward adapting the technique to 
new environmental requirements (for devices using alkali metal gases), 
and new materials. Thus, for example, Takamori and Akanuma18 inves- 
tigated 130 metals and alloys for brazing graphite. First wetting, then a 
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Figure 12. Brazed diamond window for the Pioneer Venus space- 
craft. Diamond was selected as the IR spectrometer window to provide 
the necessary 3-20 \x wavelength transmission and withstand the condi- 
tions expected in the Venus atmosphere (temperatures to 550°C with 
pressures of 100 atmospheres containing HzSOJ. The diamond (Type 
1A oriented 5 1/2° to the {111} plane) window, 18 mm in diameter and 
2.5 mm thick, is brazed into Mallory Metal 2000 (95% tungsten) alloy 
holder using a TiH-Cu-Ag eutectic braze. The braze is coated with Au 
for chemical protection, and the W holder is mounted in stainless steel. 
The brazing was done by EIMAC Corp. San Carlos, Calif, for Hughes 
Aircraft Co., which is building the Pioneer craft for NASA under the 
Pioneer-Venus Program-NAS2-8300. A is a picture of the diamond it- 
self; B shows the front or outside view of the window and mounting 
assembly; C shows the back side of the diamond in its assembly. Note 
the heater coils to maintain the window at least 5°C above the outside 
temperature during its descent to impact on Venus' surface. (Photos 
courtesy M. Banco, Hughes Aircraft Co.) 

relative strength test were used to narrow the candidates down to 5 
showing good results: Ag-Cr, Ag-Ti, Ag-Zr, Au-Cr, and Cu-Cr. All of 
these involve a good carbide former, and analysis of systems with Si 
showed formation of SiC. Another example, involving both new materi- 
als and extreme conditions is the brazing of diamond in a W holder for 
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the Pioneer Venus vehicle19'20 (Figure 12). More recently Scott et al.21 

have investigated the effect of Cr, Ti, and V on wetting of diamond by 
copper alloys, finding wetting within the solubility limit for only Cr and 
Ti, the latter giving wetting at 1150°C at addition of more than 0.1 at. % 
Ti. Again, these are good carbide formers and thin (0.02 fim) carbide 
layers were observed. Optimum strengths were produced at lower con- 
centrations than for optimum wetting, but compromise strengths of 
about 20,000 psi were achieved. 

Also, as with noble-metal brazing, there is some trend toward solid- 
state, or diffusion brazing (below the liquidus temperature). Thus, re- 
cently, Elssner and colleagues,22-24 have bonded A1203 and hot-pressed 
Si3N4 to themselves using Nb and Zr, respectively. A thin wafer of the 
metal is placed between prepared parts to be joined and then heated in 
vacuum (10-6 torr) to temperatures of the order of 1300-1600°C. With 
some pressure (a few hundred psi) held on the parts, usually for a few 
hours, some rather impressive joint strengths (to 40,000 psi) have been 
obtained. Bernard et al.2* have also recently reported various methods 
of diffusion brazing of A1203 with Nb, obtaining strengths to 14,000 psi. 

Though some brazing is done with refractory metals, as noted 
above, they have in the past been more commonly used to coat or "me- 
tallize" a ceramic with subsequent brazing to the metallized layer, which 
may sometimes be plated (e.g., electroplated) with another metal before 
brazing. However, this important distinction will not be carried through 
the following discussion. The term brazing will be used to refer to the 
metallizing process itself. Also, since in the past almost all refractory 
metal brazing was done with either tungsten or, much more commonly, 
with Mo, only these two processes are considered in this section. This 
distinction betv/een reactive and refractory metal brazing is arbitrary, 
and is made even less distinct by the recent use of Ta and Nb noted 
above. This terminology nonetheless represents a large amount of prac- 
tice. Further, since Mo is very often used in combination with limited 
quantities of Mn (and sometimes of Ti) it is frequently referred to as the 
moly-manganese process. 

The high temperatures, 1400-1600°C, and the hydrogen atmosphere 
required for the typical application of this process are constraints on its 
utilization. However, the refractoriness of the resultant brazes, their 
high strength and good reliability make this one of the most common 
ceramic brazing techniques, especially for A1203 and BeO. Further, the 
green metallization — especially the W — can be cofired on a green ce- 
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ramie. The metal may be applied to the ceramic surface by a variety of 
processes, but most commonly it is applied as a powder by spraying or 
silkscreening or other similar processes. For such powder-applications 
processes, the fine metal (typically 200 mesh or less) is mixed with ap- 
propriate binders and solvents. The metals may also sometimes be ap- 
plied by deposition processes such as vacuum deposition, sputtering, or 
by the application of oxides or other salts which will be reduced to the 
metal by the hydrogen firing. The use of metals as oxides along with 
other metals such as Mn along with Fe (both added as oxides) can lower 
the brazing temperature, to 1000°C or less if strengths such as < 15,000 
psi are acceptable, but this can also reduce the reliability of vacuum 
tightness, which is often important to many brazing applications. Exam- 
ples of the variety of moly-manganese brazes are shown in Figure 13. 

Strengths of refractory brazes depend on the braze composition, its 
microstructure and thickness, and brazing conditions, as well as the sub- 
strate grain size and composition which may be substantially interrelat- 
ed. Moly brazing of A1203 bodies can frequently result in strengths of 
15,000-30,000 psi at the highest brazing temperatures, 1500-1600°C. 

These strengths typically decrease with increasing A1203 content: 
strengths for 94% A1203 are often 25,000-30,000 psi; 20,000^25,000 psi 
for 96% A1203; and only 15,000-20,000 for 99.6% A1203 with optimum 
processing. In addition to the increases of braze strength with decreasing 
A1203 content, strengths also frequently increase with increasing grain 
size of the A1203 body. Also, as noted above, processing at lower tem- 
peratures will typically reduce strength to the 10,000-15,000 psi level or 
below. While moly brazing is most commonly applied to A1203 it has 
been applied to some other oxides, BeO (Figure 13) and steatite, giving 
strengths of the order of 10,000 psi in the former. 

The glassy phase of A1203 has generally been recognized as an im- 
portant factor in the refractory metal brazing process, as indicated by 
the trends with A1203 content. It has generally been felt that much of the 
braze strength is due to the migration of glass into the sintering metal, 
providing strength from interlocking of the metal with part of the glass 
and the remainding glass bonded to the A1203. In fact, in some cases, 
glass powder or oxide powders that will react to form glasses are added 
to the refractory metal powder. The role of addition of Mn or, less fre- 
quently, of Ti is controversial, with some investigators feeling that as 
these metals oxidize, they react with the ceramic and lower the viscosity 
of the glassy phase. Recently Twentyman,25 based on a survey of the 
literature, has proposed a model to explain the processing parameters 
and strengths of such refractory metal brazing involving glassy phase. 
He views the metalizing and the ceramic as two joined capillary sys- 
tems, competing for the glassy phase based on the concept that pores in 
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Figure 13. A variety of shapes, sizes, and complexities of parts 
joined using moly-manganese brazing. Both BeO and A1203, the latter 
in either single-crystal form (note sapphire windows in the center fore- 
ground) or polycrystalline form are represented in this photo. (Photo 
courtesy S. Jepson, EIMAC Division of Varian Corp., San Carlos, 
Calif.) 

both the metal and the ceramic can cause glass migration due to their 
capillary action. Based on the relative capillary pressure of the glass in 
the sintering metal and the alumina, he determines three classes of braz- 
ing conditions. The first is large-grained A1203 with glassy patches larger 
than the pores in the unsintered metal. So long as there is an adequate 
supply of glass in the A1203 and the temperature is high enough to give 
good enough flow and wetting of the glass, good bonds are obtained — 
except at very high temperatures where excessive migration of the glass 
can flood and coat the surface of the metallization. The second condition 
is when the glass patches in the A1203 are approximately equal to the 
pores in the unsintered metal powder. This typically requires higher tem- 
peratures, but there is a reasonable temperature range over which the 
metal will become partially, but not fully, filled with glass to give a good 
bond. The third category is very fine-grained A1203 with glassy patches 
smaller than the pores in the unsintered metal, which provide the worst 
situation: requiring temperatures that either may not be reached by some 
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apparatus, or may be sufficiently high to cause distortion of the A1203; or 
excessive sintering of the metal powder so glass migration into the metal 
is prevented. Twentyman views the Mn or Ti effecting the process by 
altering the pore structure in the metal and by dissolving in the glass, the 
net result of which may or may not be beneficial. Twentyman and Pop- 
per27,28 report experiments that support Twentyman's model for the situ- 
ation when you have alumina bodies containing a glassy phase, or add 
glass or other ceramic components to the metal powder. While the glass 
phase plays an important role in the quality (strength of the bond ob- 
tained) and may enhance the sintering of Mo,29 it may not be necessary. 
Clark et al.30 have reported Mo metallization of BeO(99.5%), suggesting 
that direct BeO-Mo bonding occurred. 

The above brief summary of a partial survey of research shows the 
same trend as with other metal brazing, i.e., refining understanding of 
the process and extension to other materials, such as BeO, and more 
extreme conditions. Use of Mo-Mn metalized sapphire windows (brazed 
to Kovar with Cu) for a variety of applications such as cryogenic condi- 
tions19 and the Pioneer Venus space craft20 are examples of the latter. 
There are also important microcircuit applications (Figure 14). 

Brazing with Ceramics 

Ceramics can also be joined to themselves or to metals by brazing 
with ceramics instead of metals. This can often work with metals with- 
out wetting problems since the oxide coating on metals will typically 
allow them to be wetted by other oxides. Glasses are a common ceramic 
braze (or solder) material, but mixtures of glasses and crystalline phases, 
or all crystalline phases, often as eutectics, may be used. Ceramic 
brazes, which can generally be applied in and processed in the same 
fashion as metal brazes, i.e., in the solid (diffusion brazing) or fluid 
state, have similar advantages and limitations as metallic brazes. Thus, 
good environmental compatibility, often better than with metals, can be 
achieved, but this may often not equal that of the ceramic component 
itself. Because their plastic flow is often more limited, ceramic brazes 
are usually less tolerant of thermal expansion mismatches between ei- 
ther component and the braze than metallic brazes, but, on the other 
hand, may allow a better match of thermal expansion with the ceramic 
component. Although not as extensively developed, and limited some- 
what by suitable phase information, the greater range of ceramic brazing 
compositions, and their greater ceramic and environmental compatibility 
offer considerable potential for future development. 

A variety of compositions and techniques exist for brazing with 
glasses, or glass-containing compositions. These may be referred to by a 
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Figure 14. Components for a large microelectronic package. Start- 
ing from the lower left, the first two large white squares are ceramic 
substrates with metal seal rings sitting on them. Next is the substrate 
with 300 conductor lines which are plated molymanganese metalization. 
The seal ring is now brazed to the substrate insulated from the conduct- 
ing lines with a layer of A1203 and the metal sealing lid is sitting on top, 
offset from its final placement after a hybrid circuit or large semicon- 
ducting chip up to 3 in. in dia is bonded in place. The lid provides 
complete hermetic sealing. The fourth large square white object, upper 
right, is the ceramic thermal radiator. Depending upon the selection of 
A1203 or BeO for the substrate and/or radiator, such packages are de- 
signed to dissipate between 20 and 50 watts of power. Many electronic 
packages use noble metal thick filming conductors, where, for example, 
high sealing temperatures required in this package are not involved in 
the processing. 

variety of terms including brazes, solders, or adhesives.31 Reed4 has, for 
example, discussed some of the established glass brazing, noting that 
strengths in the 5,000 psi range are often obtained in joining to Kovar or 
a refractory metal such as Mo. 

A major trend in brazing or soldering with ceramics, especially 
glasses, is in the microelectronics area. The large-scale usage of fritted 
conducting ink in microelectronic circuitry in recent years can probably 
be classed as this type of joining, and hence as one of its most significant 
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applications and development. Such inks are typically mixtures of noble 
metals — Au, Pt, or alloys of these with other noble metals in powder 
form that are mixed with glass frit and organic additives to form a paste. 
Circuit patterns are formed by printing, then fired onto ceramic sub- 
strates, most commonly A1203 (Figure 14). The primary mechanism of 
bonding as shown by Hitch32 and corroborated by Becher et a/.33 is for 
the glass to form a strong bond with the alumina, with the remainder of 
the glass entrapped between the sintered metal particles, i.e., along their 
grain boundaries. Since much of the glass joins to the alumina interface, 
good adhesion of the metal to the alumina subtrate is obtained by its 
mechanical interlocking with the glass which is joined to the substrate. 
Another important and related area is the use of glasses to seal micro- 
electronic packages, usually at temperatures of less than 500°C, with the 
drive to get still lower sealing temperatures. Some of these sealing 
glasses, such as Pb, Zn borosilicate glasses, are heat treated at 450- 
500°C after sealing for crystallization to give greater strength. 

An interesting technique of solid-state brazing of glass to a metal 
semiconductor with the use of an electrical field has been reported.34-36 

A glass, such as borosilicate, or a glass ceramic part is placed in good 
physical contact (due to good surface finish) with a metal or semicon- 
ducting part, which is the positive terminal of a DC circuit. The negative 
terminal need only be placed in physical contact with the opposite side 
of the glass, e.g., the point contact of a wire for a small part, and does 
not form a strong bond to the glass. With voltages of 200-2000V for thin 
glass pieces (a fraction of a mm), heating to 300-600°C (several hundred 
degrees below the softening temperature) is reported to result in a her- 
metic seal in times from less than one minute to several, with the time 
varying inversely with temperature. Fused quartz has been reportedly 
joined to silicon at 850°C by this technique, which apparently depends 
on ionic (Na) transport. This process has apparently not yet seen any 
significant application. Whether this is due to possible thickness limita- 
tions, surface finish (2 fxm) requirements, other problems, or lack of 
awareness, is not known. However, the process would appear to be 
worthy of further investigation. 

Turning next to more refractory ceramic brazes, these may contain 
glass phase, but often will not, especially for high-temperature applica- 
tions. Thus, for example, Clark et al.2 note that a technique based on a 
eutectic of manganese pyrophosphate and MgO was in the development 
stages. In this technique the eutectic is mixed with MgO in the ratio of 
30:70 to make a sealant powder that could be pressed around metal pins, 
then fired at 1180°C for 30 minutes in air, argon, or vacuum, producing 
impermeable joints. They also noted that it might be feasible to replace 
the MgO with BeO. Klomp and Bolden37 have reported joining A1203 to 
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Figure 15. Ceramic brazing in modern high-pressure Na vapor 
lamps. A Commercial lamp. B and C Micrographs of a cross section 
through the Nb to A1203 (Lucalox®) braze. Note that the bright layer on 
the inside of the Nb cap in B is due to a thin W coating to promote 
adhesion. The braze originally was a CaO-Al203-MgO composition; 
more recently BaO has been substituted for part of the CaO and A1203. 
Note the dark grains in a glassy (gray) matrix and the layer of grains of 
reaction material at the Al203-braze interface. (Photos courtesy J. 
Burke and C. McVey, General Electric Company.) 

itself or to Kovar using Al203-MnO-Si02 or Al203-CaO-MgO-Si02 mix- 
tures (not eutectics) in the 1100-1400°C range in hydrogen. Seal 
strengths of at least 10,000 psi, and frequently 20,000-25,000 psi were 
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reported. Similar compositions are used to seal the metal (Nb) electrode 
end caps onto the A1203 envelope of modern high-intensity Na vapor 
lamps (Si02 deleted to avoid Na attack, Figure 15). This illustrates a 
switch from metals to ceramic brazes as environmental extremes in- 
crease, e.g., higher temperatures and pressures of Na vapor in this case. 
Turning again to eutectics, recently metal-nonmetal eutectic systems 
have been used to join metals to ceramics, e.g., Cu to A1203 for elec- 
tronic applications as discussed by Neugebauer and Burgess.38 Also De- 
Luca39 has patented a process of joining sapphire to sapphire with a 
eutectic mixture of A1203 and Zr02. 

Finally, there is the growing need for joining nonoxide ceramics to 
themselves or other components as their usage increases. This is an area 
in which ceramic brazes may often have even more applicability. Little 
work has been done, but isolated examples indicate promise. Thus, for 
example, Samsonov40 has briefly reviewed brazing of LaB6 to Ta using 
MoSi3 or WC, or to Mo using MoSi2 or Cr7C3 with either 1% NaF or 
CaF2 at about 2000°C. The use of MoSi2 with Mo was noted as being 
more limited because of lower stability of molybdenum silicides than 
those of Ta. 

WELDING OF CERAMICS 

Introduction 

Welding is really the oldest technique of joining a major type of 
ceramics, namely, silicate glasses. The frequent joining of two or more 
glass shapes" to one another in the practice of glass blowing, though not 
referred to as such, is really welding since it is clearly analogous with 
the welding of metals. However, the welding of ceramics in general, and 
in particular very refractory single-phased crystalline materials, is rela- 
tively new and offers considerable opportunity. Because of the potential 
and newness of their techniques, they are reviewed in greater detail in 
comparison to their application. 

Basically the requirements for welding ceramics are that the ceram- 
ics be compatible, both chemically and mechanically with one another 
and with the welding environment. The details, emphasis, and limita- 
tions of these requirements depended on the method of welding used. 
The two basic methods of welding ceramics, solid-state and fusion weld- 
ing, in complete analogy with welding of metals are reviewed below and 
more recent developments discussed. The summary is drawn primarily 
from a report by Rice,41 but some brief mention of welding can be found 
in the reviews by Pettee et al.3 and Reed.4 
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Solid-state welding is done by heating the components while they 
are held together, usually under pressure. Often an intervening layer of 
powder is sandwiched between the two parts. The powder is of the same 
composition as the two bodies being joined if they are identical, or of 
one or the other or a mixture of both if two bodies of different composi- 
tion are being joined. In the extreme, a series of thin layers of powder 
grading from one composition to the other may be used (see Kelly42). 
Bonding occurs by reaction if the materials to be welded are dissimilar 
and/or sintering, which will most commonly be due primarily to diffu- 
sion. The components must of course be able to withstand the pressures 
needed to bring about adequate bonding, as well as having suitably 
matched coefficients of thermal expansion. Besides being chemically 
compatible with each other, they must be compatible with the environ- 
ment. Thus, for example, solid-state welding of Ce02 components would 
not be practical using graphite tooling because of easy reduction of Ce02 

when heated near graphite. When dissimilar materials are being joined, 
bonding will depend on the reaction or interdiffusion of both compo- 
nents. With similar materials, it depends primarily on the sintering abili- 
ty of the materials. Thus BN and Si3N4 which are difficult to sinter, 
would be difficult to solid-state weld in their pure form. However, they 
can be solid-state welded with additives in the same fashion that they are 
hot pressed. Another basic problem that affects a few materials is the 
occurrence of phase changes that can lead to cracking and other prob- 
lems on cooling. 

A wide variety of oxide and nonoxide materials have been solid- 
state welded to themselves, one another, or other materials such as 
metals. Tables 1 and 2 list several of the materials that have been solid- 
state welded. A considerable amount of welding has involved single 
crystals on either one or both sides of the joint, most commonly A1203 or 
MgO (Figures 16, 17). Kimura43 recently appears to have significantly 
reduced if not totally eliminated the residual porosity and impurities that 
can be trapped in the joint in solid-state welding MgO crystals together 
(Figure 17). A potentially important application of solid-state welding is 
the work to join a hot-pressed Si3N4 rotor hub and a monolithic reaction 
sintered Si3N4 ring and blade body for gas turbine applications. Earlier 
work44 showed some success of hot pressing a previously hot-pressed 
rotor into the ring and blade body. Recent work45 has focused on hot 
pressing Si3N4 powder to form the rotor inside of the reaction sintered 
ring and blade. Even graphite appears to have been solid-state welded 
under pulse magnetic pressure, which apparently gave a weld of approx- 
imately 35% of the original graphite strength — a weld strength of prob- 
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Table 2. Summary of Nonoxide Solid-State Ceramic Welding1 

Materials 
Welded Type* 

Temperature 
(°C) 

Pressure 
(1000 psi) 

Time 
(min) 

LiF-LiF CtoC 840-860 0 

B4C-Si 

TaC-TaC PtoP 

(ZrC, NbC 
(Nb, Ta, 

TaQ- 
Mo, W) PtoP 1200-20001 0.7 5-60+ 

ZrC-ZrB2 

ZrN-ZrB2 

ZrC-ZrN 
PtoP 2100 4 30 

TiC-TiB2 

TiC-TiN 
TiB2-TiN 
TiC-ZrB2 

PtoP 2100 4 60 

C-C PtoP (see text) 

*C = cyrstal, P = polycrystal. 
tSee Ref. 42. 
1 See Rice41 for details. 

SOLI 
WEÜ 
MgC 
SURF 

Figure 16. Earlier solid-state welding of MgO crystals. A is a top 
view looking down through the welded crystal joint and B is a side view 
in which the high lighting accentuates scattering from the surface and in 
the weld region (Rice41). However, there is some porosity and second- 
phase material in the weld region, which results in significant etching of 
the weld similar to etching of normal polycrystalline grain boundaries. 



JOINING OF CERAMICS 99 

25/i.m 20/xm 

Figure 17. Microstructure of more recent solid-state welding of 
MgO crystals. A is an optical photo of the surface of the welded sam- 
ples with the weld indicated by the arrows. B is an etching of this sam- 
ple indicating very little preferred etching of the weld showing the high 
quality of the joint. (Photos courtesy S. Kimura, Tokyo Institute of 
Technology, Tokyo, Japan.) 

ably about 1000-3000 psi which was apparently limited by cracking. An- 
other technique of joining materials in the solid state has been reported 
by Messier and Wong, who report joining to pieces of A1203 by chemical 
vapor deposition to fill the gap between the materials. A special tech- 
nique important for microelectronic parts is bonding of green bodies, 
e.g., substrate tapes. Solvent is put on the bodies to be joined to soften 
their binders, then the bodies are pressed or rolled together. On sub- 
sequent firing, an excellent solid-state weld is formed. 

Fusion Welding 

Fusion welding of ceramics is achieved by filling the joint between 
parts with molten material obtained by melting the edges of the compo- 
nents in contact, or with melt from a filler of similar materials just as in 
welding of metals. In the fusion welding of dissimilar materials, their 
melts must also be compatible with one another. While compatibility of 
welding environment depends somewhat on the fusion techniques used, 
an overall requirement is that the materials melt. A number of ceramic 
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materials such as BN and SiC sublime without melting and, at normal 
pressures, cannot be fusion welded. Some, such as MgO, can have quite 
high vapor pressures at their melting points, making it difficult if not 
impossible to fusion weld them. Also, because of the higher tempera- 
tures involved in fusion than in solid-state welding, problems of phase 
transformations may be more serious since the higher temperature range 
may present more phase transformations than the lower temperatures at 
which solid-state welding can be conducted. Thus, for example, the 
phase transformation of BeO at approximately 2100°C probably makes 
the success of fusion welding of this material doubtful. 

Many have not felt fusion welding to be feasible (see Pattee et a/3) 
because of resultant thermal stress fracture. However, it has now been 
demonstrated that there are techniques to prevent such fracture. Supple- 
mental heating around the weld zone to reduce the thermal gradients 
from welding below the level that can cause cracking is the most com- 
mon method. For some materials and situations, a simple slower heat-up 
and post cool using the welding energy in a diffused or lower power 
mode, is suitable. While such thermal stress precautions encumber fu- 
sion welding of ceramics in comparison to welding of metals, it is still a 
very useful technique. 

Primary methods of fusion welding and their capabilities and limita- 
tions are briefly outlined as follows. The most versatile welding tech- 
nique can be referred to as optical or electromagnetic beam welding. 
This is primarily laser welding; however, arc image furnaces have been 
used. Its main advantage is that it can be used with any environment, 
and while there may be some variability of coupling between different 
materials, it can basically be used with all materials. In materials that are 
completely opaque to the wavelength or wavelengths used, the very 
shallow absorption of the laser energy may lead to some greater vapor- 
ization. However, overall, this is essentially the most versatile tech- 
nique, particularly as lasers of increased power become available. Trial 
laser welds with several oxide materials have shown promise (Table 3), 
and an arc image furnace has been used to weld "T" sections of A1203 

tubing.46 

Electron-beam welding, while typically encumbered by the need for 
a vacuum chamber, is the next most versatile technique. Many have 
assumed that this will not work for dielectrics because of charge build- 
up. This is not so. The combination of high-temperature conductivity 
and electron emission, and nearby supplemental heaters prevents such 
charge buildup. Substantial electron-beam welding of A1203 has been 
conducted (Figures 18-20, Table 3), and trials with some other oxides 
and a few carbides show considerable promise. No attempts of electron- 
beam welding involving fluorides or refractory nitrides or borides either 
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Table 3. Sample of Fusion Welding of Polycrystalline Ceramics1 

Weld Representative Weld* 
Welded Parts Method Strengths Achieved 

(1000 psi) 

A1203-A1203 Electron beam 15-30 
Al203-Ta Electron beam 5-10 
A120.,-A1,03 Laser 25 
ZrB2-ZrB2 Arc 20-60 
TaC-TaC Arc 20-30 
ZrB2 + C or SiC Arc -10 

to itself 
W-graphite Arc 3-5 
ZrB2-Mo, Nb, or Ta Arc 15-30 
ZrB2 + SiC-Mo or Ta Arc 15-30 
ZrB2-graphite Arc ~2 
Fireclay, brick Arc (with feed 0.2-1.5 

to itself material) 

'See Rice's41 survey for details. 
"These strengths generally represent only preliminary trials, and may often be limited by the quality of 
the bodies to be welded. 

to themselves or refractory metals are yet known, but several of these 
should be successful. A1203 weld strengths of 30,000 psi or more (Table 
3) can be achieved in welding fine (1-10 ^m) grain bodies. Welds of 
larger (60 /xm) grain bodies are usually highly cracked, apparently due to 
the larger resultant weld grain size (apparently not inhibited by MgO), 
and associated cracking from thermal expansion anisotropy. 

The next more versatile method of fusion welding is arc welding. 
This of course is restricted to electrically conducting materials. Howev- 
er, many dielectrics may be suitably conducting at elevated tempera- 
tures, achieved by supplemental heating and/or use of higher voltages. 
Thus, even some A1203 may be, and probably most Zr02 bodies are 
amenable to arc welding. However, thus far arc welding has been tried 
only on some carbides, borides, and refractory metals to graphite (Table 
3). For such conducting materials, arc welding is one of the most ver- 
satile techniques. 

Typical examples of experimental arc welds of carbide or boride 
materials to themselves or refractory metals are shown in Figure 21. 
While it would commonly be best to use a supplemental heating furnace 
to avoid thermal stress failure in arc welding such materials, this has 
generally not been done in prior investigations. Instead, arc powers in- 
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Figure 18. Electron-beam welding of ceramics. This is a photo- 
graph looking into the electron welding set-up for welding of A1203 

tubes, two of which are shown in the foreground. The darker region 
around the central area of the tubes is metal deposited from the ele- 
ments of the supplementary heating furnace. Note that only the central 
region of the tubes were provided with supplemental heating. Note also 
the inch scale at the right hand of the photo. 
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Figure 19. Electron-beam-welded A1203. A shows a top view of 1.5 
in.-long pieces of hot-pressed A1203 welded together, starting at the left 
and welding toward the right. Note that very shallow cracking along the 
surface of the weld is accentuated in this photo. Samples cut from such 
specimens typically had strengths of about 30,000 psi. B is the micro- 
structure of a cross section of approximately the bottom third of a weld 
of commercial 99% A1203. Note the columnar grain structure of the 
weld, which was characteristic of many welds of A1203 of other materi- 
als. This photo also shows some of the bubbles that can often be a 
problem in welding commercial ceramics, presumably due either to va- 
porization of less refractory additives or impurities or to expansion of 
gas trapped in the voids of the ceramic. 
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Figure 20. Sample cross-sectional micrograph of an electron-beam 
weld of A1203 to a metal. In this case the metal is an alloy, as indicated. 

sufficient to cause melting, and hence welding, have been used quite 
satisfactorily to pre and post heat samples to avoid excessive thermal 
stresses on the small parts (up to 1 in.) that have been welded by this 
technique. This can present problems for a hand-held torch, since the 
added heat due to the pre and post heat as well as the higher welding 
temperatures for many of the very refractory ceramics and the longer 
times that may be involved can lead to considerable difficulty in holding 
the torch. An additional problem that can be encountered particularly in 
arc welding extremely refractory materials such as TaC, which melt 
above tungsten, is that the tungsten tip may melt — which can limit 
welding and lead to contamination and other problems. This has been 
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(a) (b) 

(c) (d) 

Figure 21. Examples of arc welding of ceramic materials. A is an 
approximately 1 in.-long tungsten-graphite weld, graphite on top. B is 
an approximately 0.6 in.-long TaC-TaC weld. C is an approximately 0.6 
in.-long ZrB2-ZrB2 weld, and D is an approximately 0.5 in.-long ZrB2- 
Ta(Ta on top) weld. 

successfully solved in trials by replacing the tungsten tip with a TaC tip 
which showed no serious problems of thermal shock failure. Welding of 
refractory metals to graphite may be limited to metals having lower rates 
of carbon solubility. 
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A number of investigators have done some limited torch welding of 
various ceramic materials — usually less refractory ones. This has 
usually been done without extra supplemental heating. The flame inten- 
sity, or distance of the torch from the part, or the speed of motion has 
simply been varied to provide pre and post heating. Closure of thermal 
couple tubes and repair of furnace refractories have been typical of ap- 
plications of such torch welding. As noted above, plasma torches have 
probably also been used for some limited welding trials, either as a typi- 
cal heat source for welding or by filling joints between materials by 
flame spraying; however, specific information and details are not avail- 
able. No known use of induction headed torches or newer types of spe- 
cial electrical torches for welding is known, but these may be promising. 

SON OF JOINING METHODS ■ 
CONCLUSIONS 

SUMMARY AND 

Table 4 presents a general summary comparison of the various join- 
ing techniques. While this cannot adequately convey the full potential 
and limitations of each method, it gives the general trend. The following 
comments amplify on this. As noted earlier, the primary advantage of 
adhesive, cement, and mortar, and to some extent mechanical joining, is 
their ease, versatility, and low cost. Strength and temperature are com- 
monly important limitations of these methods. Though some mechanical 
joints and some cement joints may be able to withstand substantial tem- 
peratures, most cannot. While all of these techniques can provide seal- 
ing (e.g., vacuum sealing) under some conditions, this can often be more 
difficult with these techniques. However, the significant number of low- 
stress, low-temperature joining requirements make these — especially 
adhesive and cement joining — very important. 

Brazing techniques, particularly the active metal and the moly-man- 
ganese technique are the most widely used for more demanding applica- 
tions, e.g., in the electronics industry. They are quite versatile, and can 
readily produce vacuum tightness, good strengths, and substantial tem- 
perature capability and can often be developed to resist a variety of 
chemical environments. They are quite amenable to mass-production op- 
eration, and thus can be done quite economically. Significant successes 
of brazing with both noble and active metals below the melting point, 
i.e., diffusion bonding, indicates new opportunities. There also appears 
to be substantial further development of brazing with ceramics. 

Welding offers the ultimate in temperature capability and generally 
in strength and chemical inertness. Solid-state welding, because of its 
lower temperatures, can typically produce the greatest strengths (over 
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60,000 psi). However, obtaining vacuum tightness and, particularly, in- 
ertness, may sometimes be more difficult with this technique. It is also 
typically much slower, and would generally be more costly, and is usual- 
ly limited in the size and especially the shapes to which it can be ap- 
plied. 

Fusion welding offers a variety of techniques applicable to one or 
more classes of materials, and though somewhat incumbered in compari- 
son to metals by the common requirement for pre and post heating of a 
substantial area around the weld, offers much of the potential versatility 
that metal welding does. However, this need not be a serious impedi- 
ment in many cases since a tunnel kiln type of pre and post heat furnace 
can often be used. Thus, with the welding device at the center, the 
through-put of parts would not be affected by the pre and post heat, 
except for start-up and shutdown times, which may often be less than an 
hour total. While some fusion welding methods require a greater capital 
outlay, some — arc welding of conductive material such as carbides and 
borides or torch welding of less refractory materials — do not involve 
any large investment in equipment. Laser welding is potentially the most 
versatile, and continued industrial development of lasers is significantly 
reducing the capital investment required. Operation in any atmosphere, 
and production of a narrow weld are important advantages. Electron- 
beam welding, though typically limited by the need for vacuum and re- 
lated vaporization and operation problems and related costs, is versatile 
and provides good coupling and a narrow weld. Plasma torches, espe- 
cially some newer plasma-type torches that offer a fine beam, may be 
extremely promising for future welding of ceramics because of moderate 
cost and versatility. Thus, there is an increased array of joining tech- 
niques that can be considered for joining ceramics to themselves or 
other materials to meet a wider range and greater extremes of ceramic 
applications. Because of the versatility and advantages, welding of ce- 
ramics should see increasing application, though not yet significantly 
used. 

Ceramics play, and will continue to play, an ever increasing role in 
our technological society. This will place even greater emphasis on the 
increasing demand for more economical and more versatile joining tech- 
niques, and especially on those techniques that can produce joints capa- 
ble of greater operational ranges. There is clearly substantial growth in 
available joining technology to meet these demands. However, joining 
often is not adequately considered in design and development, in part 
because of the lack of knowledge of the different techniques, their pro- 
cedures, advantages, limitations, and development. It is hoped that this 
chapter, along with its companion chapters on joining of ceramics, will 
provide much of the needed information and hence enhance the utiliza- 
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tion of ceramics to better meet the ever increasing technological de- 
mands of our society. 
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JOINING OF TURBINE ENGINE CERAMICS 

M. U. GOODYEAR and A. EZIS 
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Dearborn, Michigan 

Techniques have been developed for bonding silicon nitride 
ceramic components for turbine engine applications. Both reac- 
tion-sintered and theoretically dense hot-pressed materials have 
been bonded. Slip-casting techniques for bonding reaction-sin- 
tered silicon nitride components suitable for stationary engine 
parts are discussed. Both the processing procedures and casting 
parameters are correlated with the bond density and bond integri- 
ty, and the results are shown both analytically and microstruc- 
turally. Various hot-press bonding techniques to join reaction-sin- 
tered and hot-pressed silicon nitride component parts suitable for 
fabricating the highly stressed turbine rotor are discussed. Re- 
sults of a bonding parameter study, including bond-strength data 
and interface micros true tu res are presented. It is concluded that 
the bond between a reaction-sintered blade ring and hot-pressed 
hub in a turbine rotor assembly can be made as strong as the 
weaker of the two parent materials. Typical silicon nitride turbine 
engine components manufactured through bonding technology 
are illustrated. 

INTRODUCTION 

Ford Motor Company has undertaken a program sponsored by the 
Advanced Research Projects Agency, to demonstrate that brittle materi- 
als can be successfully utilized in demanding high-temperature structural 
applications. The major goal of the program is to show by a practical 
demonstration that efforts in design, materials, fabrication, and testing 
can be drawn together and developed to establish the usefulness of ce- 
ramic materials for engineering applications. The gas turbine engine, uti- 
lizing uncooled ceramic components in the hot gas flow path shown in 
Figure 1, has been chosen as the vehicle for this demonstration. The use 
of ceramics in the gas turbine engine makes possible an increase in the 
turbine inlet temperature to 2500°F, which will produce significant im- 
provements in engine efficiency and specific power. 
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Figure 1. The all-ceramic flow path of Ford's vehicular turbine en- 
gine. 

The design criteria for the vehicular turbine engine under develop- 
ment at Ford requires many complex shaped ceramic components. Due 
to the complex shapes and the stringent material properties required for 
the engine environment, new fabrication techniques must be developed 
to produce engine hardware that satisfy all requirements. Silicon nitride 
(Si3N4) has been chosen as a primary candidate material because of its 
good thermal and physical properties. Theoretically dense, high-strength 
Si3N4 can be prepared by hot-pressing techniques, but complex shaped 
blade configurations cannot be readily formed. However, techniques 
have been developed to form complex shaped reaction-sintered Si-jN., 
prototype components by both injection molding and slip casting, but 
these parts, because of their lower strength, cannot be used throughout 
the engine. Therefore, fabrication of useful complex shaped ceramic tur- 
bine hardware appears promising if technology can be developed to 
bond various component parts together. 

This chapter describes joining techniques used to bond various 
Si3N4 materials for turbine engine components. Both slip-cast bonding 
and hot-press bonding techniques are described. 

Slip-cast bonding is used for joining of silicon metal components 
into desired shapes and nitriding the whole into a homogeneous reaction- 
bonded silicon nitride component. 

The hot-press bonding technique is utilized to fabricate a duodensity 
turbine rotor. This concept consists of a reaction-sintered Si3N4 blade 
ring bonded to a hot-pressed, theoretically dense Si3N4 hub section to 
produce an integral turbine rotor. 
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Introduction 

Silicon nitride can be fabricated by either reaction sintering (reac- 
tion bonding) or hot pressing. Reaction sintering produces a silicon ni- 
tride in the low- and medium-density ranges (i.e., from 1.75 to 2.90 
gm/cm3), with a much more versatile fabrication capability than the 
high-density, hot-pressed grade. Reaction-sintered silicon nitride is man- 
ufactured by compacting finely divided silicon powder into the required 
component shape utilizing fabrication techniques currently employed by 
the powder metallurgy, ceramic, and plastic industries. After compac- 
tion, the silicon is converted to silicon nitride by reacting the mass with 
nitrogen at temperatures up to 2660°F. Due to the insignificant dimen- 
sional change during the reaction, components can be made to close 
tolerances without the usual dependence on expensive corrective dia- 
mond grinding of the final product. Machining, if necessary, can be per- 
formed on a seminitrided compact prior to complete conversion to sili- 
con nitride by using ordinary machine-shop techniques with high-speed 
steel or carbide tipped tools. A further advantage is the material's ability 
to be joined by adhesive bonding, slip-cast bonding, or flame-spray 
welding in the green, or presintered condition, which upon reaction sin- 
tering produces a homogeneous joint of high integrity. 

Forming Methods 

There are many techniques available for compacting silicon 
powders into usable shapes, including isostatic pressing, flame spraying, 
injection molding, warm die molding, slip casting, extrusion, and thin- 
film forming.1-2 Forming-method selection depends on design require- 
ments such as strength, size, and shape of the component to be man- 
ufactured. Each forming process has its strong and weak points in these 
areas, and many times it is necessary to combine several forming pro- 
cesses to produce a single article. Currently, at Ford Motor Company, 
injection molding and slip casting are being emphasized as fabrication 
techniques for ceramic gas turbine engine components.3,4 

Injection Molding. Injection molding is applied in the forming of 
complex shapes of close manufacturing tolerances such as rotor blade 
rings, stators, and nose cones on a low-unit-cost, high-volume basis (see 
Figure 2). The moldable compound is formulated by adding polymeric 
materials (20-40% by volume) to the silicon, which when heated pro- 
duces a viscous material that can be forced under moderate pressures 
into a metal die cavity to form the desired part. The molded object, once 
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Figure 2. Injection-molded turbine rotor blade ring. 

solidified by cooling, is extracted from the mold and reheated under con- 
trolled conditions to remove the polymeric vehicle. Subsequent reaction 
with nitrogen converts the component to silicon nitride. Typical densi- 
ties fall into the 2.2-2.6 gm/cm3 area; however, recent developments at 
Ford Motor Company indicate that densities up to 2.75 gm/cm3 with 
bend strengths exceeding 40,000 psi may be achieved.4 

Slip Casting. Finely divided silicon is suspended in a suitable liquid 
vehicle (slip) and poured into an absorbant mold (casting) which repre- 
sents the negative of the object being formed. The mold absorbs much of 
the liquid fraction of the slip through capillary action, leaving a coherent 
casting. The casting is subsequently dried and reaction sintered to give 
the component its final properties. Figure 3 schematically describes the 
basic slip-cast process. 

There are two types of slip-casting techniques: (1) casting of solid 
parts, and (2) drain casting of hollow parts. Solid castings are made by 
continuously replacing the absorbed liquid fraction with additional slip 
until a solid article is formed. Hollow castings are made by pouring the 
excess slip out of the mold after the article has reached the desired wall 
thickness. Figure 4 shows prototype silicon nitride turbine components 
formed by solid casting, while Figure 5 shows other ceramic turbine 
parts formed by drain casting. The majority of the components shown do 
not represent as-cast hardware; machining or grinding to final dimension 
was necessary. 

The major advantage of slip casting is the ability to form shapes of 
high density with good mechanical properties using inexpensive, short 
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Figure 5. Silicon nitride turbine components formed by drain cast- 
ing. 

Figure 6. Injection-molded vanes and slip-cast shroud for the in- 
verted channel 2nd stage stator. 
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lead-time tooling. Green densities of 1.96 gm/cm3 have been achieved 
for silicon metal castings, which is equivalent to theoretically dense 
(3.18 gm/cm3) reaction-sintered silicon nitride if complete nitridation 
were possible. However, present state-of-the-art nitriding techniques 
limits fully nitrided densities to approximately 2.9 gm/cm3 (cross sec- 
tions of less than 1/8 in. thickness). 

The major disadvantages of slip casting are its lack of fabrication 
flexibility, which restricts the use of the process to components of rela- 
tive simple geometry, and its relative unsuitability for mass production 
of many of the ceramic turbine components. In addition, due to the na- 
ture of the process, control of dimensional tolerance is difficult, and ma- 
chining is usually required to produce a finished component. 

Combining Forming Techniques. Part geometry and design require- 
ments often dictate the marriage of two forming processes to produce a 
final component. For example, a second-stage stator design proposed 
earlier in Ford's program could not be injection molded into one piece 
because of the blade overlap necessary to provide adequate aerody- 
namic turning. As an alternative, an "inverted channel" stator design 
was proposed. Individual blades were injection molded and bonded to a 
channeled slip-cast outer shroud ring (Figure 6); the whole was then re- 
action sintered, producing a homogeneous silicon nitride stator (Figure 
7). Injection molding was used to fabricate the individual blade segments 

•", 

•-. ,**-.>; - .,.;/ 

Figure 7. Inverted channel 2nd stage stator. 
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because of the intrinsic capability of this process to produce complex 
shapes. However, the outer shroud, which required higher design 
strengths, was slip-cast because higher densities could be attained by the 
slip-casting process. The slip-cast Si3N4 material has a transverse 
strength of 40,000-50,000 psi, providing a considerable strength increase 
over the lower density (2.2 gm/cm3) injection molding Si3N4 (17,000- 
20,000 psi). In the fabrication process described, the bonding operation 
becomes the critical step. A homogeneous material free of voids and 
stress concentrations is required, and the bond strength must equal or 
exceed the strength of the parent material. 

Slip-Cast Bonding 

As mentioned, there are several techniques available for the bond- 
ing of silicon bodies. Flame-spray welding and adhesive bonding were 
ruled out because of limitations in bond density, part complexity, and 
service requirements. Therefore, a technique especially suitable for tur- 
bine applications was developed and is referred to as slip-cast bonding 
(SC bonding). This process is defined as follows: a low-viscosity, chemi- 
cally suspended silicon slurry is introduced into a casting volume which 
is defined by the walls of the porous presintered silicon components. 
The slurry solidifies by extraction of the vehicle through the porous sili- 
con structures by capillary action, producing a coherent mass of silicon 
within the casting volume which when nitrided results in a homogeneous 
silicon nitride body. 

The joining volume is generally small; therefore, to avoid gas en- 
trapment and premature bridging the bonding slip must have high fluidity 
or low viscosity. In addition, the slip must completely wet the surfaces 
of the structures to be joined, the density of the bond must be readily 
controllable, and the green shrinkage (i.e., shrinkage after the bonding 
material is thoroughly dried) must be low to prevent bond "pull away" 
or bond cracking. 

To understand the controlling parameters of SC bonding one must 
understand the fundamentals of metal-powder slip casting as used in the 
manufacture of hardware. These fundamentals are detailed else- 
where;5^9 however, the critical areas that must be controlled are the 
properties of the metal powder, the properties of the liquid media and 
the Theological additives. Notice should be taken of the fact that many of 
the variables are closely related and difficult to treat independently. 

Suspension Mechanisms. Basically, there are two mechanisms by 
which a stable suspension is achieved, and they are categorized as either 
physical or chemical. Physical suspensions are generally used for high 
specific gravity powders or for powders that have a preponderance of 
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large particles (>10 microns). These powders require special gelling ad- 
ditives which physically hold the particles in suspension. High-viscosity 
slips and low-density castings are generally associated with physical sus- 
pensions. Chemical suspensions are those whose rheological properties 
are largely controlled by ionic interactions between the liquid and solid 
phase. To produce a chemical suspension, the powder particles must fall 
within a size range where surface forces such as London-van der Waals, 
rather than gravity, govern their behavior.10 For most metals, a chemical 
suspension can be obtained if the bulk of the particles fall in the size 
range of 1-10 microns. In addition to size, the surface of each particle 
must be receptive to the formation of an electrical double layer. This 
may be accomplished by the selection of an appropriate vehicle (usually 
aqueous) and an appropriate deflocculating agent or agents. The electri- 
cal double layers produce repulsive forces between particles; when 
properly controlled they will prevent particle agglomeration and produce 
a stable, well-dispersed suspension. The nature of chemical suspensions 
provides for low-viscosity slurries and high-casting densities; therefore, 
for SC bonding a chemically suspended slip was required. 

A chemical suspension for silicon in this study was produced by 
using finely divided silicon metal, 0.01-0.06 wt% of an alkaline defloc- 
culant, distilled water as the polar vehicle, and electrolytes such as nitric 
acid and ammonium hydroxide. 

Powders. The as-received silicon metal was a nominal 325-mesh 
grade, which was too coarse for establishing a chemical suspension. The 
powder was comminuted by dry milling in a porcelain mill with high- 
density alumina balls. After comminution, the powders underwent an 
on-the-shelf aging process for a minimum of 14 days. This allowed the 
freshly cleaved silicon-metal surfaces to attain a pseudoequilibrium state 
by forming an oxide layer. Table 1 summarizes the chemistry of the 

Table 1. Chemical Analysis of Slip-Cast Silicon Metal 

Element Percentage 

Fe 
Al 
Ti 
Ni 
Mn 
V 
Ca 
Zn 
Si 

0.75 
0.25 
0.06 
0.04 
0.03 
0.02 
0.01 
0.01 

Balance 
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milled powder and Figure 8 represents its particle size distribution. (De- 
termined by X-ray sedimentation, Micron Data Company, Grimsby, On- 
tario, Canada.) The characterized silicon metal powder will be referred 
to as 6.0 micron powder (mean particle size by weight on the distribution 
curve shown in Figure 8). 

pH-Viscosity Relationship. The viscosity values of chemically sus- 
pended slips are very sensitive to the ionic atmosphere surrounding the 
metal powder particles. To illustrate this, a slip having a specific gravity 
of 1.71 was prepared using the following: 70.59 wt% of 6.0 micron sili- 
con powder, 29.37 wt% of distilled water, and 0.04 wt% of an alkaline 
deflocculant. The mixture was allowed to homogenize and attain chemi- 
cal equilibrium5 by rolling the slip for 20 days in a 5-gallon polyethylene 
bottle at 24 rpm. The slip was equally divided into smaller lots, the pH 
was varied using small additions of concentrated HN03 and the viscosity 
of the slip at each acid level was measured. The pH and viscosity values 
before adjustment were 10.0 and 50 centipoise, respectively. The pH 
was not increased above 10 because higher values resulted in chemical 
instability. Figure 9 summarizes the resultant pH-viscosity relationship. 
The minimum viscosity was established for pH values greater than 9.4; 
the viscosity increased as the pH was lowered from this range. The rela- 
tionship such as the one shown in Figure 9 is only characteristic of the 
subject slip. The amount and type of deflocculant, the specific gravity of 
the slip, and the silicon particle size and particle-size distribution can all 

100 10     6 
EQUIVALENT   SPHERICAL  DIAMETER , MICRONS 

Figure 8. Particle-size distribution of slip-cast 6.0 micron silicon 
metal powder. 
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Figure 9. Viscosity, green density, and green shrinkage vs. pH for 
an aqueous 6.0 micron silicon metal slip with a specific gravity of 1.71. 

alter this relationship. For example, a 5.5 micron slip5 having 0.02 wt% 
of an alkaline deflocculant, and having a specific gravity of 1.73 yields a 
pH-viscosity relationship shown in Figure 10. The pH and viscosity val- 
ues before making adjustments were 6.0 and 125 centipoise, respective- 
ly. The pH was again lowered by using small additions of HN03; howev- 
er, the pH was raised by using small additions of concentrated NH4OH. 
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Figure 10. Viscosity-pH relationship for an aqueous 5.5 micron sili- 
con metal slip with a specific gravity of 1.73. 

All viscosity measurements were made with a RVE-100 Brookfield 
viscometer using a Number 2 spindle at 50 rpm. 

A Sargent-Welch Model LS pH meter with a glass combination 
electrode was used to measure the ion concentration (pH) in all slips. 
The internal element for the glass electrode was a nonpolarizable car- 
tridge of thallium amalgam. The reference electrode utilized a similar 
internal element and incorporates a porous-platinum-plug liquid junc- 
tion. Mention should be made that very little is known about the true 
meaning and mechanisms of pH in nonaqueous solutions; however, 
ionic-concentration measurements in a metal-powder slip made with 
standard pH equipment are reproducible and are essential as a process 
control. 

üsity. Physical properties of the green casting are controlled by 
the pH-viscosity relationship discussed above. The green density of 
specimens cast from various positions on the pH-viscosity curve is also 
shown in Figure 9. This figure illustrates that the highest casting density 
was produced from slips of minimum viscosity and that the density de- 
creases as the viscosity of the slip increases. The corresponding density 
for silicon nitride can be determined by assuming that the silicon will 
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gain approximately 60% in weight during reaction sintering. The theoret- 
ical weight gain is 66.67%; however, the entire gain is not realized be- 
cause of silicon volatilization during the nitriding process. Therefore, the 
calculated maximum silicon nitride density shown in Figure 9 is 2.85 
gm/cm3; the lowest is 2.50 gm/cm3. These results demonstrate the flexi- 
bility inherent in the silicon-metal slip-casting system. Thus, a given slip- 
casting system can be chemically controlled to produce a bond joint of a 
predetermined density. 

The green densities shown in Figure 9 are only representative of the 
6.0 micron silicon metal previously characterized. By varying one or 
more of the controlling parameters, different results can be obtained. 
For example, the choice of particle size and particle-size distribution 
greatly influences the final density. The highest calculated silicon nitride 
density for the 5.5 micron silicon-metal slip represented in Figure 10 was 
2.74 gm/cm3 (corresponds to minimum viscosity) whereas the lowest 
was 2.40 gm/cm3 (corresponds to maximum viscosity). 

All green density measurements were conducted on argon heat- 
treated specimens according to the standard ASTM immersion-density 
procedures. 

Green Shrinkage. Green shrinkage is the result of complete extrac- 
tion of the liquid vehicle from the casting and can be defined as the 
dimensional change (percent) between the dry mold dimension and the 
corresponding dry part dimension. Green shrinkage is required in the 
slip-casting process because the casting, upon consolidation and during 
drying, must be released from the mold walls to facilitate extraction. 
However, in a bonding application, if release occurs, the result is bond 
"pull away" and bond cracking. Therefore, the most effective bonding 
slip would allow for little or no green shrinkage. 

Investigators have shown that green shrinkage is dependent upon 
particle size and particle size distribution.6 For example, a casting com- 
posed of too many fines may crack on drying due to excessive shrink- 
age, whereas a casting with a high coarse fraction may not have suffi- 
cient shrinkage to allow extraction from the mold. From these 
observations, bonding slips apparently should have a high coarse frac- 
tion to minimize or eliminate green shrinkage. As mentioned earlier, the 
silicon particle size also determines the mechanism for suspension. Sili- 
con-metal powders having large coarse fractions are difficult to suspend 
chemically and yield low casting densities. Therefore, the coarse frac- 
tion must be maintained within the limits as defined by a chemical sus- 
pension. These limits, together with the quantity and the type of coarse 
fractions, must be determined empirically. 

For metal slip-cast systems such as Mo and MoSi2, the green 
shrinkage is dependent upon the pH value of the slip.11,12 Maximum 



126 M. U. Goodyear and A. Ezis 

shrinkage values correspond to the maximum density values, and as the 
pH is altered from this point, the density and the green shrinkage de- 
crease. These observations have been explained on the basis of defloc- 
culation optimization and arise as a result of the powerful solvate layers 
that develop around the particles when minimum viscosity (maximum 
density) has been achieved. 

Green shrinkage values in this investigation were determined using 
two types of molds (Figure 11). The "dog bone" mold was used for 
screening all candidate slips. Castings were made and allowed to dry in 
the mold; if the casting fractured at the neck, the slip was considered 
unsuitable for bonding purposes. If no cracking was evident, the slip was 
used to cast 1" x 1" x 6" indexed bars as shown in Figure 11. All bar 
castings, once solidified, were removed from the mold and thoroughly 

Figure 11. Plaster molds used to determine green shrinkage. 
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Figure 12. Effect of slip dilution on the viscosity of an aqueous 6.0 
micron silicon metal slip (pH = 8.0) and on the resultant green-casting 
density and green shrinkage. 

dried. Linear green shrinkage was determined by measuring with an op- 
tical comparator the index length on the bar and on the mold and cal- 
culating the difference. 

To illustrate the effects of pH on green shrinkage, the 6.0 micron 
silicon-metal slip was selected. Measurements were conducted at 
various pH levels and the results are shown in Figure 9. These data 
show that the lowest linear green shrinkage corresponds to maximum 
green density or minimum viscosity. Deviation from this pH level results 
in castings with higher green shrinkage. These results are not consistent 
with the observations on the Mo and MoSi2 slips previously referenced. 
The explanation for these differences is beyond the scope of this 
chapter. 

For bonding purposes, silicon-metal slips were utilized at pH levels 
that produced minimum viscosity, maximum density and minimum green 
shrinkage. 
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Slip Dilution. As previously indicated, one of the requirements for a 
bonding slip was high fluidity or low viscosity. The most effective meth- 
od for reducing a slip's viscosity is by increasing the water-to-metal 
ratio; that is, diluting the slip with additional vehicle. Previous results 
(Figure 9) demonstrated that changes in slip viscosity, when induced 
chemically, produce corresponding changes in casting density and cast- 
ing green shrinkage. 

To determine if viscosity changes through slip dilution also affect 
casting properties, the following study was conducted: a 6.0 micron sili- 
con-metal slip containing 0.031 wt% of an alkaline deflocculant, having a 
water-to-metal ratio of 0.302, and having a specific gravity of 1.81 was 
formulated. Four additional slips with specific gravity levels of 1.78, 
1.70, 1.69, and 1.62 were prepared by diluting the original slip with dis- 
tilled water. Minimum viscosities were established by adjusting the pH 
of each slip to approximately 8.0; consequently, the resultant castings 
represent the maximum green density for each specific condition. The 
viscosity, green shrinkage, and green density were determined for all 
slips; these results are summarized in Figure 12. This figure shows that 
slip dilution substantially reduces the viscosity of the slip and has little 
effect on the green density or the green shrinkage of the casting. 

These results are significant in their application to SC bonding. By 
using slip-dilution techniques, requirements such as high fluidity and low 
casting rates can be met without sacrificing the green density or increas- 
ing the green shrinkage of the bonding material. However, care must be 
exercised to avoid over dilution, which may produce slips that are un- 
stable or result in incomplete suspension of the metal particles. 

Bonding Operation 

The importance of slip parameter control in SC bonding has been 
demonstrated. However, to assure a homogeneous bond joint, other fac- 
tors must also be considered. These include the condition or state of the 
elements that are to be bonded, the configuration of the bonding cavity 
and the technique of bond slurry introduction. 

Presintering. Early attempts to join or bond components to form a 
consolidated silicon nitride mass were conducted on green, prenitrided 
or fully nitrided segments. Results were unsatisfactory due to inade- 
quate, inhomogeneous, or unreliable bonding. Green (unfired) compo- 
nent bonding is difficult due to the fragile nature of the components. 
Bonding in the prenitrided or nitrided state is not reliable because of the 
difficulty in obtaining cohesive bond between silicon nitride and silicon 
metal grains. 
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By replacing the prenitriding operation by a heat treatment or pre- 
sintering operation, a material with machining properties comparable to 
prenitriding was obtained. Presintering is conducted by heat treating the 
silicon compact in a nonnitrogen atmosphere such as argon. Tempera- 
tures to 2000°F with holding times to 8 hours (depending upon the den- 
sity of the silicon compact) are generally used. 

As mentioned, argon heat treating imparts strength to the green 
compacts, but more importantly, it does so without a second phase for- 
mation; that is, the compact chemistry has not changed. Consequently, 
all bonding or joining operations were conducted with silicon metal 
structures that had been argon sintered. 

Bonding Cavity Design. The bonding cavity, where possible, was de- 
signed to avoid premature bridging and gas entrapment. Premature 
bridging is a condition where sections of the bond become isolated from 
the slurry reservoir during the slip-cast solidification process and pro- 
duces large pores or low-density regions in the bond joint. Premature 
bridging can be eliminated by utilizing cavity designs that control the 
casting direction. For example, V-type cavities are preferable to parallel 
wall cavities. To avoid gas entrapment, the bond joint cavity should be 
accessible for bottom fill. This allows the slurry to be introduced into the 
bottom of the cavity enabling the rising column of slip to progressively 
displace the air in the cavity. In addition, the slurry must perfectly wet 
all surfaces of the casting volume. To insure this, all argon-sintered sili- 
con components used for joining were "washed" or saturated with dis- 
tilled water just prior to the bonding operation. Another consideration 
was the casting volume size. The casting volume should be as small as 
possible to minimize the amount of bonding material that would be sub- 
jected to drying shrinkage. This is necessary when using any bonding 
slip that exhibits green shrinkage, even though the green shrinkage has 
been minimized by control of slip rheological and physical properties. 

Bond Testing and Evaluation 

All bonds were evaluated metallographically or mechanically. Me- 
chanical evaluation was conducted on argon-sintered bars of the configu- 
ration shown in Figure 13 and were manufactured to be representative of 
the silicon compacts that were to be bonded. The notch in the bar repre- 
sents the bonding cavity and was filled with a predetermined bonding 
slurry. Once the bond material solidified and dried, the bar was reaction 
sintered to form Si3N4, and flexure strength tests (four-point loading) 
were performed to evaluate the bond strength. The bonding joint was 
placed in tension by orienting the specimen with the joint plane perpen- 
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Figure 13. Bonding fracture specimen. 
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Figure 14. Tridensity turbine rotor. 
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dicular to the applied tensile stress. For the bond to be acceptable, the 
flexural strength must equal or exceed the flexural strength of the parent 
material. 

An early rotor concept13,14 (tridensity) utilized a low-density (2.2 
gm/cm3) injection molded blade ring that was joined to an intermediate- 
density (2.7 gm/cm3) slip-cast reinforcing ring and subsequently bonded 
to a hot-pressed rotor hub (Figure 14). The slip-cast reinforcing ring was 
needed because higher strengths were necessary to carry both the hot- 
pressed bonding load and the centrifugal rim loads during spin testing. 
SC bonding was used to join the blade ring to the reinforcing ring. The 
operation involved argon sintering the injection-molded blade ring and 
then machining the inner diameter to a predetermined value. The slip- 
cast reinforcing ring was machined with a 3° outside taper from an 
argon-sintered drain-cast cylinder. When mated, the components formed 
a "half-V" casting cavity that was accessible to bottom fill. After the 
bonding operation, the reinforced blade ring was reaction sintered and 
subsequently diffusion bonded to a hot-pressed silicon nitride hub. To 
evaluate the bond integrity, spin testing and metallographical analysis 
were used. Figure 15 shows the resultant SC bond achieved between the 
injection-molded blade ring and the slip-cast reinforcing ring. Although 
some density gradients in the bond region are evident, high bond integri- 
ty was demonstrated. 

HOT-PRESS BONDING 

Introduction 

The duodensity turbine rotor concept is the primary fabrication 
technique being developed at Ford Motor Company for the high-temper- 
ature turbine engine, and a sectioned view of the rotor is shown in Fig- 
ure 16. This concept utilizes the high strength of the hot-pressed Si3N4 in 
the hub region where stresses are highest but temperatures are moderate 
and, therefore, creep problems caused by the use of an MgO densifica- 
tion aid are minimized. Reaction-sintered Si3N4, which can be readily 
formed into complex airfoil shapes by injection molding, is utilized for 
the blade rings. This material does not contain the MgO densification 
additive and therefore exhibits better creep resistance at the higher en- 
gine operating temperatures. Although the reaction-sintered material is 
of lower strength, it is adequate for the turbine blades because the stress 
levels in this region are lower. 

This concept relies on the ability to bond the two Si3N4 components 
(blade ring and hub) by hot-pressing techniques into an integral turbine 
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Figure 15. Typical cross-sectional photomicrograph of a SC bond 
as found in the tridensity rotor. 150 X. 
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Figure 16. Duodensity ceramic turbine rotor concept. 
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rotor. Since the hot-press bonding of Si3N4 component parts is critical to 
the success of the duodensity turbine rotor, studies were initiated to 
evaluate the effect of fabrication parameters on the degree of bonding. 
The results of the parametric study were incorporated into the develop- 
ment of fabrication techniques to achieve complete bonding between the 
blade ring and the hub. 

Hot-Press Bonding Parametric Study 

The significant bonding parameters along with a range of values for 
each parameter are summarized in Table 2. Each of the first three pa- 
rameters — temperature, pressure, and time (at vemperature and pres- 
sure) — may be varied over a fairly wide range while still achieving 
some degree of bonding. For this investigation, several levels were se- 
lected for each parameter. The Si3N4 slip was a slurry of Si3N4 powder 
with various magnesium oxide concentrations dispersed in a lacquer ve- 
hicle. This slurry was painted on the bond surface to act as a bonding 
agent. 

Since over 700 experiments would have been required to evaluate 
all possible parametric combinations, a statistically designed study was 
initiated to minimize the number of experimental runs. A factorial ex- 
periment was made with the four parameters at two different levels as 
indicated in Table 2. Thus, only 16 experimental runs were required to 
evaluate the effect of each parameter on bond strength. 

Table 2. Bonding Study Parameters Considered Important for Bonding 
Si3N4 Component Parts With Investigated Parameters Indicated 

Bonding Study Parameters 

Temperature, °C 1550 1600 1650       1700 1750 1800 

Pressure, p.s.i. 500 1000 1500       2000 2500 3000 

4 Time, Hours 0.5 1 2 3 

Si3N4Slip,%MgO 
No 
Slip 

1 2 5 
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Initial experiments4 on bonding reaction-sintered Si^ disks to hot- 
pressed Si3N4 disks yielded bonds with strengths greater than the 
strength of the reaction-sintered Si3N4 portion. The strength of the bond 
could not be evaluated since failure always occurred in the reaction-sin- 
tered region; therefore, the use of two hot-pressed Si3N4 disks was nec- 
essary. 

Procedures. The studies involved the hot-press bonding of two theo- 
retically dense Si3N4 disks as shown in Figure 17. Bonded samples were 
prepared at each of the various processing parameters as indicated in 
Table 2. Each bonded specimen was characterized with respect to mi- 
crostructure and bond strength. 

Room temperature flexural strength measurements were made to 
evaluate the bond strength. The strength measurements were conducted 
on test bars 1/8 x 1/8 x 1 1/4 inches long in 4-point loading. The top 
span was 0.375 inches and the bottom span was 1.125 inches. The cross- 

BOND   SURFACE 

H.P. Si3N4  DISC 

3RAPH1TE 
PISTON \ 

GRAPHITE 
PISTON 

H.P. Si3N4 DISC 

GRAPHITE 
DIE BODY 

Figure 17. Hot-pressing system for bonding silicon nitride disks. 
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head speed on the Instron was 0.1 inches per minute. The test samples 
were positioned such that the point of maximum tensile stress occurred 
in the bond region. 

Results. The flexural strength values as related to the processing 
parameters, summarized in Table 3, are averages of 10 values for each 
hot-press bonding condition. A first-order interaction factorial analysis 
of the data in Table 3 is summarized in Figure 18. For the first case, 
temperature is the main factor. The effect of the remaining three fac- 
tors — pressure, time, and slip — cancel one another because all levels 
of each are present at both the upper and lower limits of temperature. 
This is also true for each remaining case where, in turn, pressure, time, 
and slip are main factors. 

The results show that temperature was the most effective factor on 
bonding. A 74% increase in bond strength (from 30.4 to 52.9 ksi) was 
achieved by increasing the temperature 150°C (from 1600 to 1750°C). 
Similarly, a 37% (35.2 to 48.1 ksi) and 23% (37.4 to 46.0 ksi) increase in 
bond strength was exhibited by pressure and time, respectively. An 11% 
decrease in bond strength from 44.0 to 39.3 ksi resulted when a 2 wt% 
MgO-Si3N4 slip was used at the bond surface. It was anticipated that 

Table 3. Summary of Flexural Strength Measurements of 
the Bond for Various Hot-Press Parameters 

Flexural Strength 
Hot-Press Temperature Pressure Time Slip ksi) 

Run (°C) (psi) (Hr.) (%MgO) Average Std. Dev. 

HP-225 1600 1000 1 None 18.5 7.31 
HP-250 1750 1000 1 None 31.9 5.91 
HP-235 1600 2500 1 None 31.8 6.83 
HP-241 1750 2500 1 None 58.0 7.97 
HP-226 1600 1000 3 None 50.8 4.66 
HP-229 1750 1000 3 None 54.4 6.76 
HP-231 1600 2500 3 None 45.8 7.54 
HP-240 1750 2500 3 None 61.0 6.21 
HP-227 1600 1000 1 2 11.5 6.32 
HP-230 1750 1000 1 2 48.7 4.22 
HP-228 1600 2500 1 2 40.4 5.98 
HP-255 1750 2500 1 2 58.4 7.50 
HP-248 1600 1000 3 2 22.7 7.74 
HP-252 1750 1000 3 2 43.4 8.12 
HP-247 1600 2500 3 2 22.7 4.18 
HP-253 1750 2500 3 2 67.6 2.17 
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slips with a MgO additive would enhance bonding and permit greater 
flexibility in the fabrication parameters without sacrificing bond integri- 
ty. However, the results indicate that the temperatures associated with 
the lower pressures were insufficient to densify the Si3N4 powder in the 
slip. 

A second-order interaction factorial analysis of the data in Table 3 is 
illustrated in Figure 19. The first two cases represent the difference in 
effect of temperature at the two levels of pressure and time, respective- 
ly, and indicate that the temperature increase has about the same effect 
on bond strength at both levels of pressure and time. The third case 
represents the difference of pressure at the two levels of time, indicating 
that higher pressures are less effective on bond strength at longer pro- 
cessing times. 

Figures 20 and 21 show typical microstructures (500 X) of the bond 
region for two hot-press bonded specimens having bond strengths of ap- 
proximately 30 and 60 ksi, respectively. As expected, the degree of po- 
rosity at the bond surface was directly related to the bond strength of the 
samples. From these results, all visible traces of porosity must be elimi- 
nated when examined metallographically at 500 X to insure bond 
strengths adequate for turbine engine applications. 

Fabrication of Duodensity Turbine Motors 

The fabrication of the integral duodensity turbine rotor involves de- 
veloping hot-press bonding assemblies that enable the transfer of pres- 
sure to the component parts, which are the reaction-sintered blade ring 
and the fully dense hot-pressed hub. 

Reaction-Sintered Blade Rings. The reaction-sintered Si3N4 blade 
ring component is produced by injection molding and a typical silicon 
metal blade ring is illustrated in Figure 2. A detailed description of the 
injection molding process is summarized in the previous section. 

Si3N4 Powder for the Hot-Pressed Hub Components. The Si3N4 hub 
component was prepared by hot pressing alpha Si3N4 powder. The sili- 
con nitride powder was manufactured by Advanced Materials Engineer- 
ing (AME) in England and is designated high alpha grade. The phase 
identification, performed by X-ray diffraction, showed the silicon nitride 
powder to be approximately 85% alpha and 15% beta. Spectrographic 
analysis showed iron, calcium, and aluminum to be the major impurities 
at the 3000-7000 ppm level. The powder particle size was reported to be 
minus 100 mesh. 

The Si3N4 powder was wet ball milled in rubber-lined mills with 
Coors AD-99 alumina oxide balls and tertiary-butyl alcohol for 168 
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Figure 20. Microstructure of bonded sample with a bond strength 
of 30,000 psi. 500 X. 

Figure 21. Microstructure of bonded sample with a bond strength 
of 60,000 psi. 500 X. 
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hours. Magnesium oxide was added to the Si3N4 powder prior to milling 
in concentrations ranging from 2 to 5 wt%. Spectrographic analysis indi- 
cated alumina contamination of approximately one percent from the 
milling operation. The particle size of the comminuted Si3N4 powder was 
approximately 1-2 microns. 

Hot-Press Bonding Fabrication Techniques. To form an integral tur- 
bine rotor, the reaction-sintered Si3N4 blade ring is bonded to the theo- 
retically dense Si3N4 hub and is accomplished by hot-pressing tech- 
niques. Figure 22 illustrates the hot-pressing facility at Ford Motor 
Company. The temperature capability of equipment is in excess of 
2000°C. The hydraulic rams are rated at 100 tons and pressure can be 
applied from both the top and bottom positions. 

Development of hot-press bonding techniques have led to the design 
of a graphite system illustrated in Figure 23. To restrain the blade ring 
during the hot-pressing operation, force is applied to the blade ring pe- 
riphery through the graphite wedge components. A compression rig was 
designed to apply pressure to the hub component independent of the 
graphite wedge assembly. The compression rig is illustrated in Figure 24. 
The large stainless steel plate transmits pressure from the top hydraulic 
ram of the press to the outside cooling ram which connects to the out- 
side graphite wedge assembly. The smaller hydraulic piston exerts pres- 
sure on the center cooling ram which transmits pressure to the hub com- 
ponent. The force to each component (the blade ring periphery and the 
hub component) can be individually monitored and controlled. 

Early experiments demonstrated that a restraint system was neces- 
sary to reinforce the blade ring, otherwise, deformation and tearing of 
the rim (as shown in Figure 25) was experienced. After evaluating sever- 
al reinforcement systems, a blade-fill technique utilizing slip-cast Si3N4 

was chosen. This system, when subjected to the high hot-pressing tem- 
peratures, prevents blade tearing because expansion mismatches have 
been eliminated between the blade-fill material and the blade ring. The 
sequence of the blade-fill preparation is shown in Figures 26, 27, and 28. 
The Si3N4 blade ring is first coated with boron nitride as shown in Figure 
26. This is necessary to prevent bonding of the blade fill to the blade 
ring, and eases the removal of the fill after hot-press bonding. The blade 
cavities are filled next with a silicon metal slip. The slip cast inserts must 
be completely independent of one another as indicated in Figure 27. The 
blade ring is again coated with boron nitride and a second application of 
slip-cast silicon metal is made to completely encase the silicon nitride 
blade ring. The entire assembly is nitrided by using a standard nitriding 
cycle to convert the silicon metal fill material to silicon nitride. The sec- 
ond fill encasement also prevents reaction of the Si3N4 blades with the 
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Figure 22. Hot-pressing facility at Ford Motor Company. 
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Figure 23. Hot-press bonding assembly for simultaneously forming 
and bonding a silicon nitride rotor hub to a blade ring. 
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Figure 24. Compression rig for applying and monitoring two inde- 
pendent pressures. 
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Figure 25. Deformation of reaction-sintered Si3N4 blade ring when 
not reinforced. 
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Figure 26. Reaction-sintered Si3N4 blade ring showing boron ni- 
tride coating. 

carbonaceous atmosphere encountered during the hot-press bonding op- 
eration. If unprotected, this reaction would degrade the blade ring by 
forming SiC. An encased blade ring with a hot-pressed Si3N4 hub is 
shown in Figure 28. Once the blade ring has been completely encased 
for reinforcement, it is assembled in the graphite system for hot-press 
bonding as shown in Figure 29. 

Early attempts at bonding the blade ring and hub involved first hot 
pressing the contoured hub to theoretical density followed by hot-press 
bonding the contoured hub and blade ring together. The inside diameter 
of the blade ring and the outside diameter of the dense Si3N4 contoured 
hub were machined to within 0.001 of an inch and fitted into the graphite 
assembly. The two component parts were hot-pressed bonded at 1750°C 
and 2500 psi for 2 hours. Although excellent bonding was produced near 
the blade centerline axis, bonding at the outer extremities of the rim was 
poor. This was a result of insufficient pressure at these extremities and 
was caused by the geometry of the contoured graphite piston in this 
region. Slight convex bowing of the blade rim was also observed due to 
the higher concentration of pressure at the blade centerline axis. Crack- 
ing of the blade ring rim was frequently observed because of misalign- 
ment problems of the blade ring and preformed hub during hot-press 
bonding. 

A substantial improvement in the hot-press bonding fabrication 
process was made by hot pressing the Si3N4 powder directly to the blade 
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Figure 27. Reaction-sintered Si3N4 blade ring with first blade-fill 
material. 

ring. The rig for this fabrication technique is illustrated in Figure 23 and, 
as shown, only the encased blade ring needs to be fitted in the graphite 
wedge assembly. A predetermined amount of processed Si3N4 powder, 
with a MgO additive, was placed in the hub cavity and hot pressed to 
theoretical density while simultaneously bonding to the Si3N4 blade ring. 
Final densification of the Si3N4 powder is indicated by the dashed out- 
line. To insure complete densification and bonding, fabrication is accom- 
plished at 1750°C and 2500 psi for 3 hours. This technique eliminates 
many misalignment problems and related blade-rim cracking problems 
previously encountered with the preformed hub. In addition, only one 
hot-pressing operation is required whereas the former technique re- 
quired two independent hot-pressing operations. After hot-press bond- 
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Figure 28. Reaction-sintered Si3N4 blade ring with second blade-fill 
material. 

ing, the second and first blade-fill materials are removed and the fabri- 
cated trubine rotor is cleaned by vapor blasting. 

A hot-press bonded duodensity turbine rotor fabricated by this tech- 
nique is shown in Figure 30. The hub portion is hot pressed to the design 
contour and surface finish; therefore, no profile machining is required. 
However, machining of the bore and curvic teeth (not shown) are neces- 
sary to facilitate connection of the ceramic turbine rotor to a metal shaft. 
The convex bowing of the blade rim previously encountered has been 
eliminated, as shown in Figure 31, when Si3N4 powder rather than a 
preformed hub is used. 

Bonding between the reaction-sintered blade ring and hot-pressed 
hub is considered excellent, as evidenced by the microstructure in Fig- 
ure 32 (500 X). Migration of the magnesium densification aid across the 
bond surface is required to produce a bond and is directly related to the 
magnesium oxide concentration in the Si3N4 powder. Magnesium migra- 
tion during hot-press bonding was substantial for the 5 wt% MgO-Si3N4 

powder compositions which caused densification and deformation of the 
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Figure 29. Hot-press bonding assembly for reaction-sintered blade 
ring and preformed hub. 
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Figure 30. Hot-press bonded, duodensity Si3N4 turbine rotor. 
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Figure 31. Sectioned hot-press bonded, duodensity Si3N4 turbine 
rotor. 

rim of the blade ring. The migration of the magnesium was reduced con- 
siderably with a 2 wt% MgO-Si3N4 powder composition. Correspond- 
ingly, both densification and deformation of the reaction-sintered rim 
were reduced without sacrificing bond quality as established by micro- 
structural examination. Although the degree of bonding appears to be 
independent of the MgO concentration in the 2-5 wt% range, close con- 
trol of the amount of the MgO additive is required to prevent the densifi- 
cation and deformation of the blade ring rim. 

Spin testing14 provides a method of evaluating ceramic turbine 
rotors to establish their maximum room temperature strength. It also 
provides a means of qualifying turbine rotors for subsequent engine test- 
ing. Hot-press bonded, duodensity, Si3N4 turbine rotors tested in the 
spin pit have exceeded 54,000 rpm before a blade failure occurred. Fail- 
ure of the turbine rotor is detected electrically and photographed to re- 
cord the failure mode. The duodensity turbine rotors tested to date are 
of a previous design, and the failure speed when corrected for the pres- 
ent design turbine rotor corresponds to an equivalent failure speed of 
approximately 70,000 rpm. This speed exceeds the maximum engine 
speed by approximately 9 percent. All spin-test failures to date have 
been related to either a blade failure or failure of the spin-test support 
spindle. Failure at the bond interface during spin testing has not been 
observed. These results coupled with the microstructural examination of 
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bonded rotors indicates an adequate bond can be achieved to meet the 
program objectives. 

Figure 32. Microstructure of bond interface between hot-pressed 
Si3N4 rotor hub and reaction-sintered Si3N4 blade ring. 500 X. 
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CONCLUSIONS 

Processing methods have been developed for bonding both reaction- 
sintered and hot-pressed Si3N4 components for turbine engine applica- 
tions. 

Slip-cast bonding can be used successfully to bond reaction-sintered 
silicon nitride units into a homogeneous component. The inverted chan- 
nel stator and the tridensity rotor are illustrative of the turbine engine 
components that have been manufactured using SC bonding. The con- 
clusions drawn from this portion of the investigation are: 

1. The controlling parameters for SC bonding are closely related to 
the fundamentals of metal-powder slip casting. These parameters include 
the properties of the metal powder, the properties of the liquid media, 
and the Theological properties of the slip. 

2. Chemical control of the silicon metal slip is used to produce a 
bond joint of a desired density. 

3. Green shrinkage, if not minimized, will produce bond "pull 
away" and bond cracking. Silicon metal castings experience minimum 
green shrinkage when slips are adjusted to pH levels that produce min- 
imum viscosity. 

4. High-fluidity slips are needed for SC bonding applications and 
can be produced by using slip dilution techniques. 

5. All joining operations are conducted only on silicon metal struc- 
tures that have been argon sintered, but are not yet nitrided. 

6. To achieve joints of high integrity, the bonding cavity must be 
designed to avoid premature bridging and gas entrapment. 

7. Slip-cast bonding, when controlled properly, is capable of pro- 
ducing high-quality joints. 

Fabrication techniques were developed which enabled a contoured 
Si3N4 hub to be simultaneously hot pressed to theoretical density and 
bonded to a reaction-sintered blade ring to form an integral, duodensity 
turbine rotor. Several conclusions of this investigation are summarized 
below: 

1. A parametric hot-press bonding study indicated temperature is 
the most effective parameter for bonding Si3N4 components together. 

2. Migration of magnesium across the bond interface is essential for 
bonding a hot-pressed hub and reaction-sintered blade ring. The quantity 
of magnesium migration is critical to prevent deformation of the blade 
ring rim and yet achieve good bonding. 

3. The development of a slip-cast Si3N4 restraint system for the 
blade ring periphery was achieved which prevented deformation and 
tearing of the blade ring rim during hot-press bonding. 
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Albany, Oregon 

A study to determine the feasibility of joining refractory hard 
metals to each other and to oxide ceramics by a vacuum hot 
press-diffusion bonding method is presented. Very satisfactory 
joins were made in the systems ZrC-ZrB2, ZrN-ZrB2, ZrC-ZrN, 
and ZrC, ZrN, ZrB2-AI2Os. Each of these join assemblies con- 
tained a mixture layer, 50 wt% each of the two end compounds. 
The mixture layer, sandwiched between each end compound, en- 
hanced bonding and smoothed out the thermal expansion gra- 
dient between the two end members. Joins of'Zr02to ZrC, ZrB2, 
and ZrN also were made, but five intermediate grading layers 
were required to prevent destructive cracking of the Zr02 por- 
tions. 

Strength and thermal shock tests showed the join areas of 
the ZrC, ZrN, ZrB2 joins to be stronger and more shock resistant 
than the parent materials. These tests were not made on the 
oxide joins because of the brittle nature of the oxide portions of 
the joined assemblies. 

Also included in the joining tests was one each of TiC-TiB2, 
TiC-TiN, TiB2-TiN, and TiC-ZrB2 joins. Each of these were well 
bonded, showing that the vacuum hot-press method can be used 
for a variety of systems. 

INTRODUCTION 

This report describes a Bureau of Mines' program to study methods 
of joining dissimilar refractory materials. The purpose of the program is 
to investigate fabrication methods and bonding mechanisms for making 
graded joints of refractory metal carbides, borides, nitrides, and oxides 
with each other and with refractory metals. This is in anticipation of the 
need for more refractory electron-tube envelopes, and for monolithic re- 
fractory shapes that would be serviceable in two different environments. 

155 
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Thus, hardware that requires a dual composition of oxidation-resistant 
materials in one portion and capacity to withstand a reducing environ- 
ment in another portion could be easily fabricated. 

The work described in this report includes joining studies on ZrC, 
ZrN, ZrB2, and Zr02 and an evaluation of the properties of these materi- 
als and the graded joints resulting from their union. 

Fabrication of graded joints was accomplished by vacuum hot 
pressing preformed cylinders of the materials together with a wafer be- 
tween which contained a 50-50 weight percent mixture of these materi- 
als. Porembka1 showed that metals and ceramics could be bonded by this 
method whereby the thermal expansion gradient between the two mate- 
rials was smoothed out at the joint by the graded composition. Zimmer2 

also describes the compositional grading process for joining dissimilar 
metals which have greatly differing thermal expansions. Diffusion bond- 
ing of carbides to refractory metals by hot pressing butt joints has been 
investigated by Burykina and Evtushenko.3 By taking advantage of dif- 
fusion-bonding effects and compositional grading, we have successfully 
fabricated satisfactory graded joints between ZrC, ZrN, and ZrB2. The 
works of Porembka and Zimmer include graded joining of dissimilar 
metals and metals to ceramics, whereas our work adds a different class 
of materials, namely, the refractory hard metals. These studies, together 
with the work of Burykina and Evtushenko on diffusion welding of re- 
fractory carbides to refractory metals, provide important insight into the 
problems of joining the major classes of high-temperature materials. 

Starting Materials 

It has been noted that the compositions and properties of most of 
the refractory hard metals vary greatly from one source to another. 
Therefore, it was felt desirable to carefully characterize the materials in 
this work. (ZrC and ZrB2 were purchased from the Hermann Starck 
Company. ZrN was purchased from Cerac, Inc. The Zr02 was prepared 
in this laboratory.) 

Analyses. Spectrographic And Gaseous Impurities. An impurity 
analysis was made to determine the metallic and gaseous impurities. Re- 
sults of the analysis are shown in Table 1. Some of the metallic impurity 
levels are shown as a range of values. 

Compound Identification. An X-ray diffraction examination made 
on ZrC and ZrB2 showed only ZrC and ZrB2 present. The primary con- 
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Table 1. Impurity Analysis of Materials, Percent 

ZrN1 ZrC2 ZrB2
3 Z1O24 

Al 0.06     0.001-0.01 
B 0.005 0.3-3 — — 
Ca 0.001 —     
Co 0.004 — 0.1-1 — 
Cr 0.03 0.01-0.1 0.03-0.3 — 
Cu 0.006 0.00003-0.0003 — — 
Fe 0.2 0.003-0.03 0.14 0.1-1 
Hf 0.03-0.3 —     
Mn 0.002 — — 0.03-0.3 
Mo 0.1 0.01-0.1 — — 
Ni 0.05 — 0.01-0.1 — 
Pb 0.001 — — — 
Si 0.02 0.001-0.01 0.003-0.03 0.1-1 
Ti 0.03 0.01-0.1 0.11 0.0003-0.003 
V 0.03 —     
W 0.02 — 0.57 — 
Y — —   1-10 
Zn 0.005 — —   
C 1.35 — 0.13 142 ppm 
0 0.82 0.58 0.85 26.2 
N — 0.89 0.11 < 10 ppm 

'Milled 2 hours in WC mill. 
2Milled 6 hours in iron mill, leached, 
billed 4 hours in WC mill. 
4As received. 

stituent for ZrN was ZrN with monoclinic Zr02 reported as a barely 
detectable trace. The only constituent found for (ZrO2)0.9 • (Y2O3)0.i was 
cubic Zr02 solid solution. 

Particle-Size Distribution. Because it was necessary to reduce the 
particle size of the commercial powders, particle-size analyses before 
and after milling were made. Thus, in subsequent grinding operations the 
particle-size distribution can be reproduced to insure similarity in all 
products. The ZrC was milled 6 hours in an iron vibratory mill, then 
leached in 4N HC1 to remove the iron contamination. 

Maximum particle size of the ZrC powder was reduced from 35 mi- 
crons to 10 microns. A reduction in maximum particle size of the ZrB2 

powder from 45 microns to 15 microns was achieved by milling for 4 
hours in a tungsten-carbide lined vibratory mill. A comparable reduction 
in particle size in the ZrN powder, from 25 to 10 microns resulted from 
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a 2-hour grind in the tungsten carbide mill. Figures 1(a), (b), (c) show 
particle-size distribution for ZrC, ZrN, and ZrB2 before and after mill- 
ing. Figure 1(d) shows particle size distribution for (ZrOJo.g * (Y2O3)0.i. 

Pycnometric Density. Densities of the as-received ZrC, ZrN, ZrB2, 
and Zr02 powders were determined on a Beckman Model 930 air com- 
parison pycnometer. Helium rather than air was used for ZrC because of 
the pyrophoric nature of finely divided ZrC. The density values for the 
powders are as follows: 

ZrC - 6.46 ± 0.02 gm/cm3 

ZrN-7.15 ±0.02 
ZrB2- 6.09 ± 0.02 
Zr02- 5.77 ± 0.02 

In this report, all density values which are expressed in percent of theo- 
retical are relative to these pycnometric densities. 

Vacuum Hot-Pressed Products 

Physical and Mechanical Properties. Density. Bulk density measure- 
ments were made on specimens of ZrC, ZrN, and ZrB2 which had been 
vacuum hot pressed at 2100°C and 4000 psi. Each specimen was careful- 
ly measured and weighed after sectioning into a cubical shape on a dia- 
mond thin-sectioning machine. The bulk density and percent of theoreti- 
cal density values are as follows: 

ZrC - 6.33 ± 0.01 gm/cm3 = 97.9 percent of theoretical 
ZrN - 6.57 ± 0.01 gm/cm3 = 91.9 percent of theoretical 
ZrB2- 6.03 ± 0.02 gm/cm3 = 99.0 percent of theoretical 
Zr02- not determined 

Thermal Expansion. One very important property influencing the 
success of any joining operation is thermal expansion. Coefficients of 
thermal expansion were therefore measured for vacuum hot-pressed 
ZrC, ZrN, ZrB2, ZrC • ZrN, ZrC • ZrB2 and ZrB2 • ZrN. (ZrC • ZrN 
represents 50 wt% ZrC + 50 wt% ZrN.) No measurements were made 
on Zr02 because of specimen fabrication difficulties. The thermal expan- 
sion measurements were made by observation of the relative displace- 
ment of the ends of the specimens as they were heated in a graphite 
resistance tube furnace. Observation and measurements of thermal ex- 
pansion were made with two tandem mounted telescopes fitted with filar 
micrometer eyepieces. 

This assembly can detect displacements as small as ± 0.00002 
inches at a focal distance of 22 inches. However, experimental reprodu- 
cibility was within ± 0.0005 inch on a 3-inch specimen. The furnace is 
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very similar to the apparatus described by Miccioli and Shaffer.4 Be- 
cause of limitations in measuring temperature with a thermocouple, the 
thermal expansion tests were done in two steps. First, from room tem- 
perature to about 800°C, the temperature was sensed with a Pt versus Pt 
10 Rh thermocouple; from 800°C up an optical pyrometer was used. Ex- 
pansion versus temperature curves are shown in Figures 2(a) through 
2(f). Data from these curves were analyzed on an IBM 1410 computer 
for best fit and the results yielded the coefficients of thermal expansion, 
shown in Table 2. 

Thermal Shock Resistance. Thermal shock tests were made on disc- 
shaped specimens of vacuum hot-pressed ZrC, ZrB2, ZrN, ZrC • ZrN, 
ZrB2 • ZrN, and ZrC • ZrB2. The specimens, 1/2-inch diameter and 1/16- 
inch thick, were sawed from hot-pressed cylinders using a diamond thin- 
sectioning machine. Each disc was alternately heated and cooled in an 
R. F. furnace until visible cracks occurred. Each of these thermal cycles 
consisted of a 20-second heat-up to 1400°C and a 20-second cool-down 
to 600°C. For determinations of relative thermal shock resistance, the 
number of thermal cycles to failure was recorded. Although the results 
were not considered to be quantitative, a definite pattern of thermal 
shock resistance was determined. ZrB2 was the most resistant to shock, 
followed in order of decreasing resistance by ZrC, ZrB2 • ZrN, ZrB2 • 
ZrC, ZrN, and ZrN • ZrC. The average number of thermal cycles to 
failure for each material is shown in Table 3. 

Table 2. Average Thermal Expansion Coefficients 

Mat erial 

ZrB2 

ZrB2 

ZrN 
ZrN 
ZrC 
ZrC 
ZrC "ZrN 
ZrC •ZrN 
ZrC °ZrB2 

ZrC •ZrBz 

ZrB2 •ZrN 
ZrB, •ZrN 

Temperature 
range, °C a, x lO-VC1 

20-911 
818-1718 
23-916 

840-1796 
23-931 

862-1770 
23-927 

734-1727 
23-949 

855-1808 
23-919 

837-1793 

7.683 : 
9.492 
8.395 
9.715 : 
7.164 
9.417 
7.504 
9.706 
7.359 
9.525 
8.006 

10.579 

0.022 
: 0.032 
: 0.017 
0.032 

: 0.052 
: 0.047 
: 0.018 
: 0.030 
: 0.024 
: 0.034 
: 0.052 
: 0.033 

'a = average coefficient of thermal expansion. 
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Table 3. Thermal Shock Data 

Average number of thermal 
Material cycles to failure 

ZrB2 109 
ZrC 102 
ZrB2 • ZrN 94 
ZrB2 • ZrC 58 
ZrN 20 
ZrN  »ZrC 10 

Strength. Modulus of rupture measurements were made on vacuum 
hot-pressed cylinders of ZrC, ZrB2, ZrN, ZrN • ZrC, ZrB2 • ZrN, and 
ZrB2 • ZrC to provide a comparison of transverse strength of the materi- 
als. A "single-point" loading jig with 0.25-inch diameter bearings and a 
1.25-inch span was used on a universal testing machine which loaded at 
a strain rate of 0.025 inch per minute. Five specimens, 1/2-inch diameter 
and 1 5/8 inches long, were tested for each composition. The strength 
values, expressed as rupture moduli, are shown in Table 4. 

Chemical Properties. Melting Point. The congruent melting tempera- 
tures of ZrC, ZrN, and ZrB2 were measured, and the liquidus tempera- 
tures were determined for the binary mixtures containing 50 wt% of each 
compound. A self-resistance furnace, which is described by Adams and 
Beall5 was used for heating the specimens, and the temperature was 
measured with an optical pyrometer. Melting was noted when an 0.050- 
inch diameter black-body hole in the specimens was observed to change 
brightness as seen through the optical pyrometer. Melting point values 
were: ZrC, 3380° ± 50°C; ZrB2, 3220° ± 50°C; and ZrN, 2980° ± 50°C. 
For comparison, Cronin6 found the melting point of ZrC to be 3532°C 
and 2982°C for ZrN. Kieffer and Kolbl7 reported the melting point of 
ZrC to be 3250°C. Schwarzkopf and Kieffer8 claim 3040° ± 50°C as the 
melting point of ZrB2. Liquidus temperatures for the binary mixtures 
were determined by noting the optical pyrometer readings at the first 
sign of liquid formation in the specimen black-body holes. Those values 
were: 

ZrC «ZrB2-2980° ± 50°C 
ZrC «ZrN -3410° ± 50°C 
ZrB2-ZrN-2660° ±50°C 

Oxidation Behavior. A study of the oxidation behavior of vacuum 
hot-pressed ZrC, ZrB2, ZrN, ZrC • ZrB2, ZrC • ZrN, and ZrB2 • ZrN in 
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Table 4. Strength of Vacuum Hot-Pressed Products 

Rupt ure modulus, 
Material psi 

ZrC 14,700 
ZrN 29,100 
ZrB 26,600 
ZrC   °ZrN 23,000 
ZrB2 • ZrN 27,600 
ZrB2 • ZrC 21,000 

air was made to provide additional information on the limitation of the 
joins formed between these materials. Isothermal weight-gain measure- 
ments were taken on cubical shaped specimens 2 mm on a side. The 
specimen weight was continuously monitored through a heating cycle in 
air by recording the output signal from a Cahn electrobalance on a strip- 
chart recorder. The weight-gain versus time curves at constant tempera- 
ture were then analyzed on the computer. Detailed analysis of the 
weight-gain curves was made for ZrC and ZrB2 to yield oxidation rate 
constants and activation energies. Such a detailed study was not contin- 
ued for ZrN and the binary mixture compositions because the weight- 
gain curves were complex; apparently a result of several interacting 
mechanisms. The oxidation rate constants and activation energies there- 
fore were not computed because the rate-controlling mechanisms were 
not determined. 

Best fit curves representing data from the computer stepwise regres- 
sion analysis of weight-gain versus time tests are shown in Figures 3(a) 
through 3(f). Activation energy curves for oxidation of ZrC and ZrB2 are 
shown in Figures 4(a) and 4(b), respectively. 

A linear oxidation rate was found for vacuum hot-pressed ZrC in air 
with an activation energy of minus 39.8 kcal/mole. The computer-an- 
alyzed data for ZrC between 656°C and 868°C can be expressed in an 
Arrhenius-type equation which describes the temperature dependence of 
oxidation rate as follows: 

\nk1 = 16.858 - 
20.03 

where kx is the linear rate constant and T is absolute temperature. Table 
5 shows the ZrC linear rate constants for each isothermal test. One test 
at slightly above 868°C was discarded because of catastrophic oxidation 
of the specimen. These ZrC specimens were 95.2% of theoretical den- 
sity. 



UNITING REFRACTORY MATERIALS 167 

20        40        60        80       100      120      140 
TIME,   minutes 

(a) 

20        40        60        80        100      120      140 
TIME,   minutes 

(b) 

Figure 3. Weight-gain plot for: (a) ZrC in air, (b) ZrB2 in air, (c) 
ZrN in air, (d) ZrN • ZrC in air, (e) ZrN • ZrB2 in air, (0 ZrC • ZrB2 in 
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Figure 3. (Continued) 
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Figure 4. Arrhenius plot for: (a) ZrC in air, (b) ZrB2 in air. 
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Table 5. Oxidation Rate Constants for ZrC from 656°C to 868°C 

Temperature, Linear rate constant, ki 
°C mg/cm2/min 

656 9.62 x 10-{) 

681 17.62 x 10~3 

739 42.38 x 1(T;! 

765 84.30 x 10-3 

798 174.70 x 10-3 
846 359.90 x 10"3 

868 519.40 x 10~3 

A parabolic oxidation rate was found for vacuum hot-pressed ZrB2 

in air, and the activation energy was determined to be minus 45.2 
kcal/mole. The Arrhenius equation describing the temperature depen- 
dence of oxidation rate for ZrB2 is: 

\nkp= 13.867-^p- 

where kp is the parabolic rate constant and T is absolute temperature. 
Parabolic rate constants for the temperature range 1217-1463°C are 
shown in Table 6. Catastrophic oxidation occurred in ZrB2 at slightly 
above 1463°C. The ZrB2 specimens had a density of 95.6% of theoreti- 
cal. 

COMPATIBILITY OF MATERIALS 

Prior to the joining tests, a series of compatibility runs were made to 
determine if any undesirable reactions would occur between the compo- 
nents of the join assemblies. Two series of tests were made; the first by 
pressureless sintering, and the second by vacuum hot pressing. 

Cold-Pressed and Vacuum-Sintered Bodies 

Cylindrical bodies containing equal parts of ZrC + ZrB2, ZrC + 
ZrN, and ZrB2 + ZrN were cold pressed in a 1/2-inch-diameter steel die 
and ram set at 20,000 psi. The powders were well mixed in a vibratory 
mill, then dampened with benzene prior to cold pressing. The benzene 
acted as a binder and was easily removed by heating just before vacuum 
sintering. Following the cold pressing, the bodies were vacuum sintered 
in an induction furnace at 2000°C for 80 minutes. Specimens for X-ray 
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Table 6. Oxidation Rate Constants for ZrB2 from 1217°C to 1463°C 

Temperature, Parabolic rate constant, kv 

°C (mg/cm2)2/min 

1217 0.235 
1281 0.474 
1318 0.678 
1345 0.723 
1385 1.192 
1463 2.083 

diffraction and metallographic examination were removed from each 
body by sectioning on a diamond thin-sectioning machine. The extent of 
compatibility of the mixtures was determined from the results of the 
X-ray diffraction and metallographic examinations. These results are 
shown in Table 7. The results of the compatibility tests indicated that no 
adverse reactions would occur at the test conditions. These results also 
indicated that higher densities were desirable in the ZrB2 • ZrN and ZrC 
•ZrN systems. Therefore, a series of bodies for compatibility tests were 
fabricated by vacuum hot pressing. 

Vacuum Hot-Pressed Bodies 

Cold-pressed cylindrical bodies, as described above for pressureless 
sintering tests, were vacuum hot pressed in a 1/2-inch-diameter graphite 
die and rams. The die and charge was heated in an induction furnace hot 
press in a 10"5 torr vacuum. These bodies were heated to 2100°C, held at 
2100°C for 30 minutes, then cooled to room temperature in 2 hours. A 
pressure of 4000 psi was applied to the bodies during the heating period, 
but was released during cool-down. Following the fabrication, the vacu- 
um hot pressed bodies were sectioned for X-ray diffraction and metallo- 
graphic examinations, and density measurements. The results of these 
examinations showed no adverse reactions which would preclude the 
use of the compound mixtures in join assemblies. 

X-Ray Diffraction and Metallographic Examinations. Fifty Percent 
ZrC + Fifty Percent ZrN. Two phases were noted by X-ray diffraction. 
The primary constituent was a ZrC-ZrN solid solution, and a minor con- 
stituent was ZrC. The ZrC ° ZrN phase was a striking maroon color. 
Two other phases were seen and were identified as ZrC and ZrN. Figure 
5 shows microstructures of the hot-pressed mixtures and photograph A 
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shows the ZrC • ZrN phase, where the rounded light-gray grains are 
ZrC. 

Fifty Percent ZrN + Fifty Percent ZrB2. Two phases were reported 
as the primary constituents, ZrN and ZrB2 in equal amounts. Part B in 
Figure 5 shows the ZrB2 phase as light gray grains. Most of the ZrB2 

grains are longer in one direction than another. The ZrN grains are the 
white phase in this photograph. Some very small dark grains were iden- 
tified as Zr02. 

Fifty Percent ZrC + Fifty Percent ZrB2. Equal amounts of ZrC and 
ZrB2 were reported as the primary constituents. The ZrC appears as a 
light gray phase and the ZrB2 as a darker gray phase in part C of Figure 
5. This mixture hot pressed to a very dense structure. It appears that 
sintering of the ZrC was enhanced by the presence of ZrB2. 

FABRICATION OF GRADED JOINTS 

The fabrication procedure for making graded joints consisted of two 
steps. The first was the prefabrication of the individual joint compo- 
nents; namely, one cylindrical body of each of the two compounds being 
joined, and a disk-shaped wafer consisting of a mixture of equal parts of 
those two compounds. The second was vacuum hot pressing the two 
cylindrical bodies with the mixture wafer between them in a three-com- 
ponent assembly. 

Prefabrication of Joint Components 

Powders for the end components of each join were dampened with 
benzene just prior to cold-pressing into 1/2-inch-diameter cylinders. The 
mixture wafers, 1/8-inch thick, were also cold pressed following a thor- 
ough mixing of the powders in a vibratory-mill. Benzene was added as a 
binder to give the bodies green strength after cold pressing. All of the 
components were cold pressed in a steel die and ram set at 20,000 psi 
pressure. 

Vacuum Hot Pressing Joint Components 

Joining of the three-component assembly was accomplished by vac- 
uum hot pressing in a graphite die and ram. Each component was load- 
ed, one on top of the other, into the 1/2-inch-diameter die and then the 
whole unit was inserted into the hot-press furnace. A cut-away graphite 
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Figure 5. Microstructures of hot-pressed mixtures. 500X. 

die containing the three components is shown in Figure 6. Each joined 
body was hot pressed in vacuum at 4000 psi for 30 minutes at 2100°C. 
Heating and cooling rates were approximately 20°C/minute. The finished 
body length was 1 1/2 inches. 
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Figure 6. Upper, cut-away view of loaded graphite hot-press die; 
lower, joined body. 

A series of joined bodies in the ZrC, ZrB2, and ZrN systems were 
fabricated for strength tests, thermal shock tests, and for metallographic 
examination. 

Strength 

Qualitative strength tests were made on joined bodies in each of the 
three systems studied. The modulus of rupture testing method described 
earlier was used; however, because of the inhomogeneous nature of the 
three component bodies, the stress distributions were complex and led 
to widely scattered strength values. However, these tests were useful in 
demonstrating that the joins were sound, because most of the failures 
were in the parent materials, rather than at the join interfaces. 

A series of qualitative thermal shock tests were made on joined 
bodies of each of the three systems containing ZrC, ZrB2, and ZrN. 
These tests were performed to show which portion or component of the 
join assembly was the most susceptible to thermal shock damage. 

Each specimen was heated very rapidly to 1500°C in the 
self-resistance "melting-point" furnace which was described earlier. 
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Then the power was shut off and the specimen allowed to cool rapidly. 
The rapid heating and cooling cycles were repeated until the specimen 
fractured. It was then noted which portion was damaged. 

Results. In the ZrB2-ZrC system, the carbide end fractured first. 
Neither the boride nor the graded zone failed. The nitride portion of the 
ZrB2-ZrN system was the first to fail, and again, the boride and the grad- 
ed zone survived. Zirconium carbide was the first to fail in the ZrC-ZrN 
system, and none of the other portions failed. 

Microstructure Examination 

Metallography specimens of the graded join bodies were prepared 
by making longitudinal slices through the specimens on a diamond thin- 
sectioning machine, thus exposing the cross section through the join. 
The specimens were then mounted in bakelite and polished by normal 
techniques. A microstructure study was then made. 

ZrC-ZrN System. The join interface between ZrC and the ZrC • ZrN 
mixture layer is shown in Figure 7, part A. This join is well bonded as 
indicated by the wide diffusion zone produced by solution of ZrC by the 
ZrC • ZrN phase. It appears that a very smooth compositional gradient 
exists at the join. ZrC is the light gray phase at the left of the photo- 
graph, and the darker gray phase to the right is ZrC • ZrN solid solution. 
The large white angular grains are undissolved ZrN. 

Figure 7, part B, shows the ZrC • ZrN-ZrN join interface. The gray 
matrix on the left is the ZrC • ZrN solid solution and the white material 
is ZrN. It can be seen that some porosity has been formed at the inter- 
face, possibly from partial decomposition of the ZrN. The extent of dif- 
fusion appears to be small across the interface. 

ZrN-ZrB2 System. Figure 7, part C, shows the ZrN-ZrN • ZrB2 join 
interface. On the left is the ZrN portion and the ZrN • ZrB2 two-phase 
region is on the right. Diffusion across the interface appears to be fairly 
extensive. 

The two-phase region to the left in Figure 7, part D, is the ZrN • 
ZrB2 portion and the white grains on the right are ZrB2. A dark gray 
material in the ZrB2 area was identified as Zr02. Black, round areas are 
voids. It is interesting to note that the voids in ZrB2 have assumed a 
spherical shape, and are all nearly the same size. There appears to be 
good diffusion across the interface. 

ZrC-ZrB2 System. The join interface between ZrB2 and ZrB2 • ZrC 
is shown in Figure 7, part E. The light colored grains appearing on the 
left side of the field are ZrB2 and the mixture layer is on the right. In the 
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Figure 7. Join interfaces. 250X. 

ZrB2 • ZrC portion, the light colored phase is ZrC and ZrB2 is the gray 
matrix. The extent of diffusion across this interface appears to be small. 

Figure 7, part F, shows the ZrB2 • ZrC-ZrC join interface. The ZrB2 

• ZrC area is on the left of the figure, and the very large grains on the 
right are ZrC. Visual inspection shows a small amount of diffusion 
across this interface. The original grain size of the ZrC was less than 10 
microns, but it can be seen in the figure that a tenfold increase in grain 
size has occurred. The grain-size distribution can be seen in Figure 8. 
The fine-grained material at the upper left-hand corner of this photo- 
graph is ZrB2 • ZrC. Grain-size decreases from about 100 microns at the 
join interface to the original 10 microns about 500 microns away from 
the interface. It is also noted that there are very few voids in the ZrC 
phase near the join interface. It is possible that the grain growth was 
accelerated by small amounts of boron which diffused across the join 
into the ZrC. This hypothesis is supported by the fact that the structure 
of the ZrC in the ZrC • ZrB2 composition was nearly void-free, as noted 
in Figure 5c. 
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Figure 8. ZrC-ZrB2 • ZrC interface, showing extent of ZrC grain 
growth. 40 X. 

OTHER SYSTEMS 

Several series of joining tests were made to demonstrate that the 
hot-press joining method would be useful in systems other than zirco- 
nium, and in systems containing an oxide as one component of the 
joined couple. Successful joins were obtained in systems of TiC, TiN, 
and TiB2, and in systems of A1203 with ZrC, ZrN, and ZrB2. All of these 
join specimens were sectioned and visually examined and evaluated. 

Titanium Compounds 

One each of the following joins were made: TiC-TiN, TiN-TiB2, 
TiC-TiB2, and TiC-ZrB2. These joins were made by hot pressing the 
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Figure 9. Titanium compound joins: left, TiC-TiB2; center, TiC- 
TiN; upper center, TiB2-TiN; right, TiC-ZrB2. 

component parts, including a 50-50 mixture wafer between the two end 
portions, at 2100°C and 4000 psi for one hour in a graphite die and ram. 
An argon atmosphere was used. Bonding in each case was excellent; 
however, the titanium compounds were found to be more prone to 
cracking than were the zirconium compounds, as can be seen in Figure 
9. It is interesting to note that no grain growth was noted at the TiC 
interface with either TiB2 or ZrB2, as was seen in the ZrC-ZrB2 sys- 
tem. 

Joins to Oxides 

Of special interest from an electronic application standpoint is the 
type of join which mates an electrical conductor to an electrical insula- 
tor. The hot-press fabrication method was used to successfully join ZrC, 
ZrB2, and ZrN (all electrical conductors) to A1203 and Zr02. 

Alumina. Bodies of alumina were hot-press joined to ZrN, ZrC, and 
ZrB2 with a 50-50 mixture layer between ends. Each joined body was hot 
pressed at 1750°C and 3000 psi in a graphite die for one hour. An argon 
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Figure 10. Joins to alumina: left, ZrC-Al20:!; center, ZrB2-Al203; 
right, ZrN-Al203. 

Figure 11. Joins to zirconia; left, ZrC-Zr02; center, ZrB2-Zr02; 
right, ZrN-Zr02. 
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atmosphere was used. Very strong bonding of the components resulted, 
and visual examination of sectioned samples showed no evidence of ad- 
verse reactions between the compounds. The alumina joins are shown in 
Figure 10, where the alumina end of the assemblies is toward the top of 
the picture. 

Zirconia. Hot-press joining of ZrC, ZrN, and ZrB2 to Zr02 (yttria- 
stabilized) was accomplished, but with much more difficulty than in any 
of the other systems. The major problem was thermal shock damage to 
the Zr02 component of the joins. Sandwich-type joins were made which 
contained one, three, and five intermediate mixture layers between the 
ends. Extreme cracking destroyed all specimens containing one and 
three mixture layers, but most of the specimens containing five layers 
survived. These join bodies were hot pressed in graphite at 1800°C for 
one hour in argon. Figure 11 shows a specimen of ZrC joined to Zr02, 
ZrB2 to Zr02, and ZrN to Zr02. The Zr02 sections are toward the top of 
the picture. Composition of the intermediate layers had the proportions 
85-15, 75-25, 50-50, 25-75, and 15-85. 

CONCLUSIONS 

The results of this research indicate that diffusion bonding of refrac- 
tory hard metals is a promising method for joining dissimilar materials. 
Fabrication of graded joins by vacuum hot pressing a mixture layer be- 
tween two end materials proved to be very satisfactory for the joining of 
nitrides, carbides, and diborides of zirconium and titanium. Joint evalua- 
tion showed the joins to be as strong or stronger than the end materials. 
Also, sound joins of ZrC, ZrN, and ZrB2 were made to alumina and 
zirconia. Microstructure examinations showed bonding to be promoted 
by mechanical interlocking of phases and by diffusion of one component 
into another. 

Experience gained in this work indicates that multicomponent re- 
fractory hard metal and/or refractory oxide hardware can be fabricated 
as a monolithic body without the use of low-melting brazes or solders, or 
mechanical fastening devices. 
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The direct bonding of metals to ceramics is possible utilizing 
a gas-metal eutectic. The mechanism of direct bonding of copper 
foil to ceramics in a slightly oxidizing atmosphere is presented. It 
involves the formation of eutectic melt between copper and ox- 
ygen at a temperature slightly below the melting point of copper, 
which serves to bring the foil into intimate contact with the sub- 
strate. Metals to which this technique is applicable include Cu, 
Fe, Ni, Co, Ag, Cr, Mo, and Al. A brief review of other metal-ce- 
ramic bonding techniques is given for comparison. 

The process for fabricating direct bonded copper structures 
is given, and properties of the bond are discussed. The use of the 
direct bonding process in a number of electronic applications 
such as hybrid packages and power device heat sinks is indicat- 
ed. 

Strong bonding of metals to ceramics generally does not take place 
unless an intermediary layer is present, or forms due to diffusion or re- 
action. The adhesion of the metal to this intermediary is better than to 
the ceramic directly. However, an intermediary layer is undesirable in 
many applications. This is true, for instance, where high heat conduc- 
tivity is required. The presence of an intermediary layer generally re- 
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duces heat conductivity, especially if the layer is nonmetallic. Further, 
in high-frequency applications, where the current flows in a thin skin at 
the metal-ceramic boundary, intermediary layers are undesirable be- 
cause they are generally more resistive than the metal to be bonded. 
Finally, intermediary layers are often less corrosion resistant and lead to 
premature failure. 

Unfortunately, strong direct metal to ceramic bonds are not com- 
mon, either because the bond is inherently weak, or because of the diffi- 
culty of bringing the metal into intimate contact with the ceramic. In this 
chapter, a new method of direct bonding of metals to ceramics will be 
given. For a better perspective, a short summary of the mechanisms of 
presently used metal-ceramic bonding techniques is given below. 

BONDING MECHANISMS INVOLVING INTERMEDIARY LAYERS 

Some of the more pertinent literature in this area has been reviewed 
by C. I. Helgesson,1 and a short review was recently given by Loasby et 
al.2 Commonly used intermediary layers are glass layers, where the 
glass is intentionally added or is originally present in the ceramic itself, 
or polycrystalline semiconducting compounds formed by the reaction 
between the metal or metal oxide and the ceramic itself. 

Glassy Intermediary Layers 

Glassy phases are usually present in the grain boundaries of impure 
(<99.8%) ceramics. Thus, A1203 or BeO ceramics usually contain glassy 
mixtures of MgO, Si02, and CaO concentrated in the grain boundaries. 
When a metallizing mixture is applied to such a ceramic, and the temper- 
ature is raised to sintering temperatures, the glass from the ceramic pen- 
etrates into the (porous) metal layer and locks it to the ceramic after 
cooling by mechanical forces. 

More commonly, glass is intentionally added to the metallizing mix- 
ture to form the intermediate layer. This is particularly true if the ceram- 
ic is pure. For example, to take advantage of the high thermal conduc- 
tivity of BeO ceramic, glass must be kept out of the grain boundaries. 
Therefore, the common metallizing mixtures, such as Mo-Mn, when 
used on beryllia, contain up to 20% Si02. Thus the composition of a 
typical mixture is 71.5% Mo, 10.7% Mn, and 17.8% Si02, fired on BeO 
at 1300°C. The manganese diffuses into the glass. 

Another commonly practiced method of bonding through an inter- 
mediary glass phase involves glass frit additions to the finely divided 
metal in the metallizing mixture. Thus, the majority of the so-called 
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"thick film" conductor pastes contain a glass frit, generally chosen for 
low melting point and thermal expansion match, in addition to dispersed 
metal (normally noble metals) in an organic carrier. The glass frit melts 
and reacts with the ceramic (usually A1203), and it also forms a network 
within the metal conductor. Thus, the bond between the metal and the 
ceramic is due to mechanical locking by the reacted glass. It should be 
noted that the bond strength of glass frit compositions is best on alu- 
mina; for beryllia, cracking of the glass and spalling is generally ob- 
served. 

Polycrystalline Intermediary Layers 

Such layers are usually compounds formed between the metallizing 
mixture and the ceramic. In one method, the metal oxide is applied to 
the ceramic, and sintered with the ceramic to form a mixed oxide com- 
pound. For instance, such a compound is formed between copper oxide 
and alumina, possible CuA102, when they are sintered together at 
1150°C in air. Subsequent reduction gives an adherent metal layer bond- 
ed on the mixed oxide phase. This method is also applicable to cobalt, 
nickel, iron, and silver. 

The widely used moly-manganese process also falls into this catego- 
ry. In this process, a mixture of molybdenum and manganese oxide is 
fired on alumina (not beryllia) at 1400°C in an atmosphere of wet hy- 
drogen. The hydrogen reduces the molybdenum oxide to the metal, but 
not the manganese oxide, which reacts with the alumina to form the 
intermediate layer compound MnO ° A1203. The molybdenum, which is 
unable to diffuse deeply into pure A1203, will diffuse readily into the 
manganese aluminate spinel. This leads to good adhesion of the Mo 
layer. When Mo03 alone is used, some penetration of alumina by Mo03 

occurs, especially in hydrogen atmospheres at high humidities. A com- 
pound between Mo and A1203, perhaps Al2 (MoOJ;,,3,4 is formed to pro- 
vide the intermediary bonding layer. 

Direct bonding here implies the absence of a readily identifiable in- 
termediate phase between the metal and the ceramic. It does not ex- 
clude, however, the presence of a transition layer one or two mono- 
layers thick, such as oxygen bridges between the metal and ceramic. 

A method of direct bonding which does not depend on any kind of 
intimate bond between metal and ceramic is that involving mechanical 
locking or keying. 
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In this process the metal is screened on the ceramic in the form of 
an organometallic paste. The paste decomposes on heating in air, with 
the result that metal particles are now locked in pores in the ceramic 
surface to give a mechanical bond. Films of noble metals, such as plati- 
num, are typically applied in this way. However, poor adhesion is ob- 
tained in the mechanical locking process. Clearly, in order to get good 
adhesion by direct bonding it is required that: 

1. The metal must be brought into intimate contact with the ceramic 
over the entire area on an atom to atom basis. 

2. The metal must form a strong bond with the ceramic, be it by 
van der Waal's or chemical bonding, without extensive reaction or diffu- 
sion of the two phases into each other. 

To get intimate contact between metal and a ceramic surface, the 
metal could be brought into the liquid state by melting. The liquid will 
replicate the ceramic surface where it wets it, and if a strong bond is 
formed, good adhesion is obtained after cool-down. For instance, when 
copper is melted in hydrogen on an alumina substrate, a molten droplet 
is formed with a melting angle of approximately 120°, which after cool- 
down to room temperature adheres strongly to the ceramic. The problem 
with simply melting the metal, of course, is that one or more droplets are 
formed, and the metal member to be bonded entirely loses its shape. 
This can be avoided by the gas-metal eutectic method. 

HECT B' BY THE GAS-METAL EUTECTIC METHOD 

The basic idea here is to form a liquid skin around the metallic 
member to be bonded. The liquid must wet both the metallic member 
and the ceramic, and form a strong bond after cool-down. The melting 
point of this liquid should be near the melting point of the metal member 
itself, say within 50°C, so that the metal member becomes soft and pliant 
and conforms easily to the shape of the substrate surface. Further, the 
predominant constituent of this liquid should be the same element as 
makes up the metallic member, and any additional constituent should be 
present in only small amounts or be easily removable after bonding. The 
thickness of the molten skin must be kept small in comparison to the 
thickness of the member to be bonded. 

Ideal for use as the skin material are eutectics formed by the flow 
gas in a bonding system with the metal member itself. Such a eutectic 
exists, for instance, between copper and oxygen, at 0.39 wt% oxygen.5 

The melting point of this eutectic is 1065°C, as compared to 1083°C for 
pure copper. Thus, if the oxidizing conditions in the flow gas are chosen 
properly, one may have the molten copper-oxygen eutectic mixture and 
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solid copper (containing a small amount of dissolved oxygen) coexist 
together, in the temperature interval 1065° < T < 1083°C. It is this cop- 
per-oxygen eutectic skin which is in effect used as a glue to bond the 
solid copper member to the ceramic, without the Cu member losing its 
shape. Thus, in order to bond copper foil to ceramic, the process is as 
follows: 

The Cu foil is laid on top of the ceramic in a furnace containing a 
flow gas atmosphere consisting primarily of an inert gas, such as argon 
or nitrogen, with a small addition of oxygen, typically of the order of a 
few hundredths of a percent. Copper initially reacts during the heat-up 
period with the oxygen in the flow gas. A small amount of oxygen dis- 
solves in the copper, but most of it reacts to form Cu20 around the foil. 
When 1065°C or above is reached, a liquid phase of or near the eutectic 
composition forms a skin around the copper. The thickness of this mol- 
ten skin depends on the 02 partial pressure and the oxidation time. If the 
partial 02 pressure in the flow gas is less than 1.5 ° 1Q~6 atm (the equilib- 
rium partial pressure over Cu20 at 1065°C), Cu20 will not form and the 
eutectic phase also will not form. The formation of a molten layer be- 
tween the Cu foil and the substrate serves to bring the copper in intimate 
contact with the ceramic, by wetting it over the entire interface. Once in 
intimate contact with the ceramic, copper forms a strong bond with it. 
The temperature must remain below 1083°C, the melting point of copper, 
since otherwise the foil loses its structural integrity and liquid drops are 
formed. Similarly, if the partial pressure of oxygen is too high, all copper 
present is converted into eutectic melt. Thus, an intermediate 02 partial 
pressure is required where both phases are present simultaneously. On 
cool-down below 1065°C, the eutectic segregates into Cu and Cu20. Evi- 
dence of this is shown in Figure 1, which is a micrograph through a 
section of bonded copper foil, and indicates the presence of a second 
phase. This oxide phase may now be reduced in hydrogen at low tem- 
perature, without loss of adhesion. The bonding process is schematically 
illustrated in Figure 2. 

Copper has been bonded successfully by the gas-metal eutectic 
methods on alumina, beryllia, silica, various other spinels, other metals, 
and to itself. It does not bond, however, to boron nitride or carbon. The 
bond strength to oxygen-containing ceramics can be in excess of 20,000 
psi. Removal of the copper by etching in nitric acid or ferric chloride 
solution leave no copper residue. Since the copper itself does not melt 
during bonding, precut or stamped foils of copper of the desired shapes 
can be bonded. In addition, holes previously cut into ceramic substrates 
can be covered hermetically, and the copper can overhang the ceramic. 
Bonds between copper and other metals, and between two copper 
members, can also be made by this method. A photograph of various 
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Figure 1. Micrograph of section through direct copper bond to alu- 
mina, showing the precipitated Cu20 from the eutectic. 
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Figure   2. Eutectic   phase   diagram   and   schematic  of bonding 
process. 
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direct bonded copper structures prepared in this laboratory are shown in 
Figure 3. 

PROPERTIES OF DIRECT BONDED COPPER STRUCTURES 

Some properties of direct bonded copper on ceramic structures are 
listed in Table 1. 

APPLICATION OF DIRECT BONDED COPPER IN HYBRID 

The use of directly bonded Cu foil to ceramics for the construction 
of hybrid packages offers advantages because: 

1. Foils from 1 to 250 mils or more in thickness can be bonded on 
A1203, BeO, or metal without the use of an intermediary layer and with- 
out losing the structural integrity of the foil. 

2. Several layers of Cu foil and ceramic can be bonded in one single 
firing step. This allows fabrication of conductor crossovers and intercon- 

Figure 3. Direct bonded copper structures. 
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Table 1. Some Properties of Direct Bonded Copper 
on Ceramic Structures 

Electrical conductivity is at least within 5% of pure copper, in the as-bonded 
condition. 

The hardness of the copper in the as-bonded condition is much higher than after 
hydrogen reduction, because of dispersion hardening due to precipitated Cu20 
from the eutectic. 

The Cu-ceramic bond strength routinely exceeds 20,000 psi. 
In spite of the expansion coefficient difference, repeated thermal cycling from 

77°K to 600°K does not cause mechanical failure. 
Brazing, soft and hard soldering, resistance and electron-beam welding are pos- 

sible to the bonded copper without causing bond failure. 
Holes in the ceramic can be sealed hermetically by direct bonded copper. 

nections among various conductor layers; the inclusion of a Cu back- 
plate for heat sinking; and external package leads in one single step. 

3. Since the Cu-ceramic bond does not require an intermediate in- 
terfacial layer, better heat sinking is possible. 

4. Thick film conductor screening and firing steps can be entirely 
eliminated. 

5. The Cu-ceramic bond is exceptionally strong. 
6. Fabrication costs are considerably below conventional methods 

because of process simplicity and lower materials cost. 
Figure 4 illustrates the use and versatility of the copper-foil bonding 

process in fabricating electronic packages, including heat sinking, con- 
ductor crossovers and interconnections, and top to bottom straps. Cop- 
per foil and ceramic pieces are previously cut to the desired dimensions 
and are appropriately located on the ceramic substrate before the fur- 
nace pass for one-step bonding. Alternatively, the pattern can be etched 
after bonding. This latter technique is particularly suitable for fine and 
complex geometries. 

Figure 5 gives a sequence of steps to fabricate a hermetic ceramic 
package. Pieces of copper and ceramic are cut to the appropriate size 
and are bonded directly to give a lead frame, conductor pattern, pellet 
bonding pad, conductor crossover, and heat sink. The window frame for 
lid attachment is fired on by means of a glass ceramic frit at 500 < T < 
700°C. Pellet bonding and lid attachment complete the package. 

When the direct bonded copper foil covers a hole previously cut 
into the ceramic, a hermetic seal is formed. This allows for the mounting 
of pins or tabs from the backside by soldering, welding, or plating on 
copper. Figure 6 illustrates a sequence of steps to fabricate a package in 
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Figure 4. Using direct bonded copper in constructing electronic 
packages. 

this manner. After direct bonding of a copper foil to a predrilled ceramic 
substrate, the conductor pattern and window frame are photoetched. 
After nickel plating, the pins are mounted and the pellet is attached. Lid 
attachment completes the hermetic package. Figure 7 is a photograph of 
a hybrid circuit fabricated by this process. 

APPLICATION TO OTHER METAL-CERAMIC SYSTEMS 

For the direct bonding of metal by the gas-metal eutectic method, 
the following prerequisites must be fulfilled: 

(a) a eutectic must exist between the metal and the flow gas; 
(b) the percentage of the gas component in the eutectic must be low 

and/or easily removable after bonding; 
(c) the eutectic temperature must be at least 10 degrees or so below 

the melting point of the metal to give a realistic temperature range for 
bonding; 

(d) the metal must be pliant at the bonding temperature so that it 
conforms to the substrate shape. 
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Figure 7. Example of hybrid circuit fabricated by process illustrat- 
ed in Figure 6. 
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Inspection of phase diagrams of metals with the more common 
gases reveals a number of possibilities. In particular, oxygen, sulfur, and 
phosphorus form eutectics with several metals. These are listed in Table 
2, in addition to the eutectic temperature, the melting point of the metal, 
and the percentage of the gas component in the eutectic. 

The flow gas would contain small amounts of oxygen, hydrogen di- 
sulfide, phosphine, or silane, as appropriate. However, in some cases a 
constituent of the flow gas such as silicon may not be easily removable, 
and the bond in such a case could not, strictly speaking, be called 
"direct." 

Table 2. Metal-Gas Eutectics for Direct Bonding 

Eutectic Temp. Weight % Melting Point 
Eutectic °C Nonmeta! of Metal 

Copper-oxygen 1065 0.39 1083 
Iron-oxygen 1523 0.16 1535 
Nickel-oxygen 1438 0.24 1452 
Cobalt-oxygen 1451 0.23 1480 
Copper-sulfur 1067 0.77 1083 
Silver-sulfur 906 1.8 960 
Chromium-sulfur 1550 2.2 1615 
Sil ver-phosphorous 878 1.0 960 
Nickel-phosphorous 714 11.0 1452 
Copper-phosphorous 714 8.4 1083 
Molybdenum-silicon 2070 5.5 2625 
Aluminium-silicon 577 11.7 660 

3. 
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Adhesive bonded components have been utilized successfully in 
many high-performance applications in aerospace and ground vehicle 
structures for many years. Each year millions of pounds of adhesives are 
utilized in the transportation industries in bonding hood and deck lid 
components and in fabricating bonded clutch and brake facings. Aircraft 
manufacturers utilized adhesives for many bonding applications includ- 
ing control surfaces, fuselage bulkheads, and wing panel and skin stif- 
feners, flooring, and, of course, in the fabrication of helicopter rotor 
blades. 

Adhesive bonding has proved to be more economical, lighter in 
weight, and better performing in many applications when compared to 
other forms of mechanical fastening such as bolting or riveting. It pro- 
vides cost and weight savings over riveting, increased fatigue life and 
improved corrosion resistance. 

Until comparatively recent times, however, adhesives have rarely 
been found in primary structural load-carrying applications. There are 
many reasons for the existence of this situation. Some of these reasons 
are as follows: high apparent variability in bond strength; lack of struc- 
tural redundancy; lack of rational joint design and analysis procedures; 
sensitivity of joint strength to test-method geometry; lack of confidence 
in existing nondestructive inspection techniques; and last, but not least, 
variability in performance under service environment. 

The pressure to continue to expand the applications of adhesive 
bonding into primary structural applications is derived from the potential 
cost and weight savings that can be achieved. Bonding is an efficient 
process from the standpoint of structural efficiency and cost. 

201 
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Highly loaded airframe structural members can and have been effi- 
ciently joined using adhesive bonding. Careful selection of structural de- 
sign concept and the utilization of optimized materials and processes are 
necessary to obtain the maximum efficiency of adhesive bonding. 

The interdependence of the many steps that go into the develop- 
ment of a bonded component — design, analysis, materials and process 
selection, fabrication and inspection — will demand competent execu- 
tion in each phase to insure that maximum durability and reliability be 
achieved. 

METAL SURFACE PREPARATIONS 

One of the most critical steps in the process selection is the selec- 
tion of the prebond surface preparation for the metallic adherend in- 
volved. In this discussion we shall concentrate on aluminum alloys be- 
cause over 95% percent of the bonding in our (USAF) aircraft involves 
these materials. 

There are several aspects that must be considered in the selection of 
a surface preparation for aluminum alloys. It is highly desirable that the 
surface preparation impart high wettability (of the adhesive being con- 
sidered) to the alloy. The surface preparation should possess high cohe- 
sive strength to prevent failure along weak boundary layers. In addition, 
any surface preparation intended for use in structural adhesive bonding 
applications must possess extreme stability to chemical and physical 
change under exposure to aggressive environments such as combined 
heat, humidity and stress. 

Since the two most serious structural maintenance problems in- 
volved in Air Force aircraft are fatigue and corrosion of metallic ele- 
ments, our selected surface preparation must also possess inherent resis- 
tance to corrosion or its corrosion resistance must be somehow 
enhanced, prior to the bonding step. 

One of the most serious problems that had to be solved was that, in 
the past, we had no really discriminating test for use in the evaluation of 
the adequacy of our surface preparation. This was amply demonstrated 
by the fact that our service experience has been varied. In some aircraft 
systems bonded structure has provided excellent service performance, 
while others have experienced disbond and bond-line corrosion. Tradi- 
tional test methods, such as lap shear and peel, used to evaluate adhe- 
sive bonding systems could not discriminate between good and poor sur- 
face preparations. 

Extensive work performed in the failure analysis of bonded compo- 
nents has revealed that service delaminations are the result of combined 
low stress, moisture and heat working on an unstable metal oxide layer. 
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Moisture has been shown to enter the bond-line by diffusion through the 
adhesive as well as along the scrim cloth and adherend adhesive inter- 
faces. This work has enabled us to determine that the prebond metal 
surface preparation is the single most critical aspect affecting adhesive 
bond durability. 

Work by Ripling and Mostovoy in the development of the wedge- 
opening crack-growth test for adhesives, modified and adopted by re- 
searchers at Boeing, has resulted in a test that can quickly discriminate 
between desirable and undesirable adherend surface preparations. Expe- 
rience has shown that the wedge opening beam test can, in less than an 
hour, reveal unsuitable metal surface preparations. A reasonable corre- 
lation has been made between service experience and the wedge-opening 
test utilizing specimens cut from components removed from service. 

In addition to the specific chemical treatment utilized in the prebond 
treatment of the adherend, surface characteristics such as the amount of 
surface contamination, surface roughness, and the physical history of 
the surface, i.e., shot peened, machined, ground or chemical etched all 
will play an important role in determining the optimized procedures that 
will be selected. 

Since all of our service failures of adhesive bonded components 
have involved adhesive failure of one kind or another; that is, within the 
oxide layer on the aluminum alloy or between the oxide layer and the 
base alloy metal, we are convinced that these few hundred angstroms of 
the bond (polymer, oxide layer, metal) are critical to the strength and 
durability of the adhesive bonded joint. It has been shown that even in 
the highest quality of bonded joints, if the metal surface preparation uti- 
lized is not hydrolytically stable, the interface is very sensitive to mois- 
ture attack. It is also known that certain forms of the oxide film on the 
metal surface can be very prone to water attack. Considering that the 
stability of the oxide layer on the aluminum is one of the weakest links 
in the chain, investigations have concentrated on the identification and 
characterization of the oxide layers produced by the various treat- 
ments. 

The first factor to consider is that there are four common, naturally 
occurring forms of aluminum oxide that can be formed. These are: 

Bayerite (/3A1203• 3H20) 
Boehmite (aAl203 • H20) 
Diaspore (/3A1203 • H20) 
Corundum (aAl203) 

It has been determined that of these oxides, boehmite (aAl203 • 
H20) had the stability and the cohesive and adhesive properties neces- 
sary to act as a wettable surface layer for adhesive bonding of aluminum 
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alloys. Boehmite forms in hot acid treatments and in acid electrolytic 
anodization processes. 

Since bayerite (/3A1203 ° H20) is the predominant, naturally occur- 
ing oxide and since we find it is not the strongest material to bond to, it 
must be removed prior to any step involving prebond surface treatment. 
Therefore, subsequent to the initial cleaning process that removes any 
scale, dirt, grease, grime, or other contamination, it is required that the 
aluminum alloy be deoxidized; that is, we dissolve off the unwanted 
oxide prior to forming the specific oxide desired for bonding. 

The old standby FPL or sulfuric acid sodium dichromate etch has 
been utilized to produce the boehmite (aAl203 • H20) with varying de- 
grees of success for many years. Certain production problems have been 
encountered in obtaining reproducible bonding with the FPL etch. First, 
it is a complex chemical solution requiring strict chemical control be- 
cause it is sensitive to the levels of the many variables involved and the 
bath is easily contaminated. Good and poor surface preparations are 
separated by a hairline in using this process. The FPL etch produces a 
thin coating or layer of boehmite (10CM00Ä), which in itself possesses 
poor stability to moisture or other, corrosive attack, primarily because 
moisture has easy access to the base metal under the thin oxide layer. 
However, in conjunction with optimized FPL procedures and corrosion- 
inhibiting primers, very strong and durable bonded joints can be pre- 
pared. Optimized FPL etch procedures involve very hot etch baths 
(180°F and up), control of the dissolved aluminum and copper in the 
bath, and immediate rinse upon removal from the etch bath. It has been 
found that the FPL etch treatment followed by a seal in a boiling water 
solution of sodium dichromate produces a much thicker oxide layer that 
demonstrates significant resistance to moisture attack. It has also recent- 
ly been found that the FPL bath can easily be poisoned by small 
amounts of various chlorides and other contaminants. Anodization tech- 
niques, as previously mentioned, also strongly favor the boehmite for- 
mation. We have had experience with several different processes. 

Sulfuric acid anodizing provides perhaps the best form of corrosion 
protection for aluminum and is also very receptive to many epoxy adhe- 
sives. In the development of the adhesive bonding system for the C-5 
this process was investigated extensively. A serious weakness was dis- 
closed which prevented its use in the bond lines of this aircraft. The 
problem involved a separation of the anodic oxide layer from the base 
metal during adhesive peel testing at low temperatures. It is understood 
that recent work by some researchers has shed some light on this prob- 
lem, and its solution may not be too far away. 

Chromic acid anodizing has been utilized as a prebond surface prep- 
aration treatment for aluminum alloys for many years. This surface 
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treatment method was investigated extensively by Lockheed-Georgia 
Company on the C-5 program and was selected for use on all production 
bonding on the C-5 aircraft. Service performance of bonded structure on 
the C-5 to date has been very good. The chromic acid anodize does not 
provide the inherent corrosion or salt spray resistance provided by the 
sulfuric acid process. However, in combination with a corrosion inhibit- 
ing primer, outstanding corrosion resistance is obtained. There are many 
versions of the chromic acid anodize process; some use a chromate rinse 
and others a water rinse. Good results have been achieved with these 
procedures. 

Phosphoric acid anodizing is a process recently developed by the 
Boeing Company under the direction of the late Dr. B. Bethune. The 
inherent simplicity of this process and the demonstrated durability and 
reproducibility of adhesive bonds formed using this procedure make it a 
natural for future production considerations. Bonds prepared using this 
process consistently outperform all other known methods of surface 
preparation in tests involving combined heat, humidity, and stress. 

Data presented by Dr. Bethune at a recent SAMPE symposia and 
data generated by the AFML confirm that phosphoric acid anodizing is 
perhaps the best prebond surface treatment for aluminum alloys devel- 
oped to date. Oxide layers produced by anodization are in general 
thicker (2000-4000Ä) and more uniform than those provided by the FPL 
etch. However, the most significant factor associated with the phospho- 
ric acid-oxide films is their outstanding resistance to hydration by water. 
This resistance to hydration precludes the weakening of the oxide and 
the resulting delamination of the bonded structure under stress. The 
phosphoric acid anodize layer itself again, as in the chromic process, 
does not provide maximum corrosion protection and, therefore, must be 
combined with a corrosion-inhibiting primer for optimum results. Our 
work has shown that the anodizing treatments as compared to FPL etch 
provide enhanced environmental durability, but do not change the initial 
unexposed mechanical properties of the bonded specimens. Likewise, 
initial unexposed climbing drum peel values do not change. The other 
strong advantage we see for the anodizing processes is their relative sim- 
plicity compared to FPL etch, very low scatter and very good repro- 
ducibility in the bonded joint test data. 

CONCLUSIONS 

From our failure analysis work we have concluded that service 
bond delaminations are the result of combined low stress, heat, and 
moisture working on an unstable metal oxide surface preparation. 
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Serious bond-line corrosion is a secondary effect to interfacial fail- 
ure and occurs after disbond. 

The surface preparation of aluminum prior to bonding is the single 
most critical aspect affecting bond durability. Anodizing surface prepa- 
rations (specifically, chromic and phosphoric) in conjunction with corro- 
sion-inhibiting primers provide superior environmental durability com- 
pared to FPL etch. 

Anodizing surface preparations (specifically, phosphoric acid ano- 
dize) are suited to production applications due to their inherent simplici- 
ty, relative insensitivity to operating variables and parameters and low 
cost. 

SUMMARY 

Recent work in the area of prebond surface preparations for alumi- 
num alloys and specifically, work designed to reveal exactly what the 
chemical nature and stability of the surfaces produced has produced ex- 
tensive improvements in the state of the art of adhesive bonding. In 
addition, the development of test techniques that duplicate our service 
failures have led to an understanding of our past service problems. We 
now understand better the characteristics required in good surface prep- 
aration for the prebond treatment of aluminum alloys. 

Anodizing surface preparations in combination with corrosion inhib- 
iting primers have produced, in the laboratory, bonded specimens with 
greatly reduced scatter and variability in properties data as well as great- 
ly increased resistance to environmental degradation and corrosion. As a 
result of these advances in the state of the art, the USAF is expending 
considerable effort to develop, design, and test aircraft structure utiliz- 
ing adhesive bonding in primary structural applications. 
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An understanding of the nature of a polymer-ceramic inter- 
face necessitates a thorough understanding of the surfaces of 
these materials. Surface characteristics are discussed in terms of 
surface chemistry and physical methods for studying the surface. 
The effects of environmental conditions and surface treatments 
upon wetting and adhesion, silane coupling agents, and models 
of their methods of coupling are reviewed. Although a combina- 
tion of these models seem to describe the bonding in a thermoset 
composite fairly well, the theories do not well describe the behav- 
ior of thermoplastic systems. The need for silanes with the ability 
to entangle with as well as bond to the polymer is suggested. 
These would be analogs to the new titanium-based coupling 
agents, which are also reviewed. 

INTRODUCTION 

Areas of technology involving polymer-ceramic interfaces have 
been ones of intense activity in recent years. These areas are typified by 
the use of glass fibers in epoxy- or polyester-matrix composite materials, 
but also include areas such as the use of polymeric adhesives to bond 
ceramics and broad field of polymers filled with particulate ceramics. 
Perhaps more important than past activity in the field is the substantial 
growth which seems to be destined for materials based on polymers and 
ceramics used in combination. If this destiny is to be fulfilled, it will be 
important to achieve improved understanding of the chemistry and 
structure of polymer-ceramic interfaces and of the interactions which are 
critical to their behavior. 

The present chapter will be concerned with the salient features of 
polymer-ceramic interfaces and with the modifications which can be 
made to improve adhesion and provide composite materials with im- 
proved engineering properties. The general nature of surfaces and their 
importance in the joining of materials has been reviewed in other 
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chapters of this book, and need not be repeated here. It seems appro- 
priate, however, to begin with a few specific comments on the surface 
characteristics of polymers and ceramics. 

This area has been one of renewed interest in recent years because 
of the development of new techniques which, particularly when used in 
combination, offer the promise of providing important new insight into 
surfaces and surface phenomena. These techniques include ESCA and 
Auger spectroscopy, ion microprobe mass spectrometry, fast Fourier 
transform spectroscopy, and scanning electron microscopy. 

From results obtained on polymers and ceramics, one principal fact 
seems to have emerged— viz., that the surfaces of these materials 
usually differ both in chemistry and structure from the bulk. Such dif- 
ferences render hazardous any attempt to discuss surface-related phe- 
nomena in terms of the bulk characteristics of the materials. Lacking 
detailed characterization of the surfaces, however, resort must often be 
made to such rough approaches. 

Two examples will suffice to illustrate the differences between sur- 
face and bulk characteristics and the importance of these differences to 
scientific understanding and technological applications. The first is pro- 
vided by electron microscope observations of heterogeneities — termed 
nodules — in a number of nominally glassy polymers (see References 1 
and 2 for summary and discussion). These nodular structures, observed 
on a scale of 30-200 Ä in volume fractions approaching 50%, were in- 
terpreted as regions of locally high order in the materials. The existence 
of these structures seemed inconsistent with the model of random (Gaus- 
sian) coils as the morphology of bulk amorphous polymers; and their 
observation led to the suggestion of alternative structural models — with 
important implications for the rheological and mechanical properties of 
the materials. 

The results3,4 of small-angle neutron scattering studies of several 
polymers in which nodules were reported indicate, however, radii of gy- 
ration of the molecules in bulk polymers which are within experimental 
error identical to those of the same polymers in 6 solvents (where the 
molecular configuration is generally agreed to be that of a random coil). 
Further, small-angle X-ray scattering (SAXS) studies5,6 of a number of 
these polymers have indicated levels of inhomogeneity in the materials 
which are little more than those corresponding to thermal density fluctu- 
ations frozen in at the glass transition. Such fluctuations are expected for 
all materials; and the SAXS studies have therefore been taken as indicat- 
ing random, amorphous structures. 

The electron microscope observations were, however, made by 
competent investigators; and the question must be asked: if the nodular 
structures are not representative of the bulk material, what do they rep- 
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resent? The tentative answer, advanced previously in several papers,5'7 

is that the nodules represent surface features of the polymers. These 
features, and the structural inhomogeneity which they indicate, may well 
be significant to many surface-sensitive properties of the materials; and 
their characterization may provide a notable area of investigation in the 
coming years. 

The second example is provided by the chemistries of oxide glasses 
exposed to various environments, and in particular by the chemistry of 
soda-lime-silicate glass exposed to an S02-S03 atmosphere. Such expo- 
sure has been known for many years to produce glasses with improved 
chemical durability. The standard explanation for this behavior8 appeals 
to the depletion of sodium ions from the surface regions. The depletion 
was associated with the formation of sodium-sulfur-oxygen complexes, 
whose vaporization leads to the indicated depletion of alkali ions. On 
this basis, a gradient in sodium ion content with distance into the sample 
from the surface would be expected. 

Such a gradient in sodium ion concentration has been observed in 
recent ESCA studies9 in which successive layers of material were re- 
moved by bombardment with rare gas ions. Not expected, however, was 
the marked depletion of calcium ions from the surface region which was 
also observed. The origin of this depletion has not been explained in 
satisfactory detail, but may well involve the formation and vaporization 
of calcium-sulfur-oxygen complexes or even sodium-calicum-sulfur-ox- 
ygen complexes. In any case, it seems clear that the notable increase in 
chemical durability produced by the sulfur treatment is associated with 
the marked depletion of sodium and calcium in the near-surface region. 

The general subject of chemical differences, and structural dif- 
ferences as well, between the bulk and surface regions of polymers and 
ceramics could readily occupy our entire chapter. For reasons of space, 
however, we shall simply note that such differences constitute a compli- 
cating factor which should be kept in mind, and that the interpretation of 
many results may require modification as new information becomes 
available on the surface chemistry and structure of the materials inves- 
tigated. 

INTERFACES AND ADHESION 

Perhaps the most salient features of polymer-ceramic interfaces are 
the nature of the adhesive bonds formed between such disparate materi- 
als, and the dependence of such bonds on chemistry, preparation tech- 
niques, and environmental factors. In many uses of composite structures 
formed from these materials — e.g., in automobile windshields — the 
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desideratum is not the greatest achievable strength of the adhesive bond, 
but rather a controlled degree of adhesion. The ability to provide adhe- 
sive bonds of desired strength, like that to provide bonds of the highest 
possible strength, depends ultimately upon the understanding and con- 
trol of the chemistry and structure of polymer-ceramic interfaces. As 
shall be seen from the discussion to follow, our understanding in this 
area leaves much to be desired; and the area should be a fruitful one for 
research over the coming decade. 

A number of factors have been suggested as important in the devel- 
opment of good adhesive bonds. Among these, wetting of the adherend 
by the adhesive has received perhaps the widest attention. Such a wet- 
ting is often discussed in terms of the critical surface tension, yc, in- 
troduced by Zisman and his co-workers.10 This factor is usually defined 
by the relation: 

Cos 0 = 1 + b(yc - yd (1) 

where 0 is the contact angle of the liquid (adhesive) on the adherend 
surface and yL is the surface energy of the liquid-vapor interface. 

The critical surface tension of a given surface is then evaluated by 
determining the contact angle made by various liquids (of known yL) 
brought in contact with the surface, and plotting cos 0 vs. yL. Such a plot 
for a variety of liquids on polytetrafluorethylene at 20°C is shown in 
Figure 1. From the data shown there, a yc value of 18.5 ergs cm-2 is 

?0     22     24     26     28 
SURFACE TENSION AT 20°C (DYNES/fcM) 

Figure 1. Critical surface tension of polytetrafluorethylene deter- 
mined by contact angles of a series of n-alkanes.10 
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inferred. The work of adhesion can be related to yc and yL, and on the 
basis of equation (1) displays a maximum at 

JL + T7C (2) 

The work of adhesion at this maximum increases with increasing yc. 
For complete wetting, the adhesive must have a surface tension 

lower than the critical surface tension of the adherend. Although the 
surfaces of most glasses and crystalline ceramics have high critical sur- 
face energies (in the range of hundreds of ergs cm-2), they tend to be 
hydrophilic and adsorb one or more layers of water. For smooth, clean 
surfaces of aluminum, iron and silica (both of which are surface oxides) 
as well as Si02, the equilibrium thickness of surface water approaches 20 
molecular layers at ambient temperatures and humidities.11 

In the treatment of the wetting of high energy surfaces such as these 
and other oxide ceramics, specific attention must be directed to changes 
in the surface energy of the solid upon exposure to the environment. In 
terms of the simple model discussed above, the development of hydrated 
surface layers lowers the yc and decreases the ability of the adhesive to 
wet the surface — and it has been shown that a layer of water only one 
molecule thick has a very strong effect upon wetting. 

Water is adsorbed on the surface of oxides such as Si02, Fe03, and 
A1203 in the form of hydroxyl groups (R-OH) and as molecular water 
bonded to the surface hydroxyls. The chemical characteristics of the 
hydrated surfaces are quite different for different oxides, depending sig- 
nificantly upon the acid-base character of the surface and hence upon 
the ionic-covalent character of the metal-oxygen bond. For a given ma- 
terial, however, the surface behavior may be dominated by the chemis- 
try and perfection of the surface sites. 

The interaction between ceramic oxides and organic adhesives has 
been discussed by Bolger and Michaels12 in terms of the ionic character 
of the hydrated oxide surface and the organic functionality of the adhe- 
sive. The ionic nature of the oxide surface was described by its isoelec- 
tric point (IEP), i.e., the pH of the aqueous solution in which the surface 
exhibits no net charge. The IEP is highest for metals of low valence such 
as the alkaline earths and lowest for metals of high valence such as Si, 
W, and Ti. For the case of nonpolar adhesives, this analysis predicts 
that both hydrogen bonding and ionic bonding would be negligible and 
dispersion forces should be predominant. It also predicts that certain 
organic functional groups such as carboxylic acids and amines should 
form bonds to the oxide surfaces (both high-IEP and low-IEP) which are 
relatively insensitive to water. The analysis also describes the role of 
standard etching treatments with oxidizing agents in terms of their ef- 
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fects on the surface characteristics of the oxides, including a decrease in 
the IEP of the surfaces. 

It has been noted by several authors that the surface chemistries of 
multicomponent oxide glasses differ significantly from those of the sin- 
gle-component oxides; and these differences significantly affect the ad- 
sorption and wetting behavior. For example, powders of multicompon- 
ent oxide glasses adsorb much more water than an Si02 powder of 
similar surface area.13 The adsorbed layers on such glasses are generally 
quite alkaline; this indicates an exchange of alkali and alkaline earth ions 
for protons from the water, which can place the surface of the glass in 
tension. Adams et at.14 showed that the glass surface could be put under 
compression, thereby strengthening the glass fiber and the composite, by 
exchange of surface Na+ with larger cations such as K+ or Ba+2. 

Adsorbed water is capable of surface diffusion. Mould and South- 
wick15 and Charles and Hillig16 showed that oxide glasses are weaker in 
a wet environment than in a dry environment at temperatures above 
about 75°K, and proposed that water at the tip of the crack hydrates 
cations which then hydrolyze siloxane bonds and thereby propagate the 
cracks. 

The roughness of the solid surface is an important parameter which 
affects the wetting behavior. Thermodynamically, the effect may be de- 
scribed in terms of the ratio, r, of the true surface area to the surface 
area of a smooth surface. In these terms, the contact angle 0r of a liquid 
on a surface of roughness r can be related to that on a smooth surface 
as: 

cos dr = r cos 0 (3) 

It is apparent from this relation that spreading (wetting) is promoted by 
roughening the surface. Such roughening can readily be effected for ce- 
ramics in plate form, but is not easy to accomplish for fiber geometries. 

Surface Condition and Surface Treatment 

Johannson17 showed the effects of cleaning on the contact angles of 
water with an E-glass (a lime-alumino-borosilicate glass) surface. The 
contact angles of water upon an E-glass surface with no prior treatment 
are between 45° and 60°. Heat cleaning reduces this angle to 16°, allow- 
ing better wetting and formation of a better bond. Cleaning with acid 
produces a surface that is completely wet (0 = 0°); but upon aging over- 
night the contact angle increases to about 16°. This likely reflects the 
adsorption of water. 

The adhesion between oxides and polymers is usually found to have 
low stability in wet environments. The vulnerability of the ceramic- 
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polymer interface to water attack results from flaws near the interface 
created by incomplete wetting that can become migration paths for ad- 
sorbed water to the interface. Such water will hydrolyze interfacial 
metal-oxygen bonds and cause adhesive failure. A range of finishes on 
the glass have been tried to improve wet strength of glass-resin compos- 
ites. Originally, it was expected that these finishes would provide a 
water-resistant barrier at the interface. Finishes containing chromium, 
zirconium and nickel complexes, silanes, and titanium halides have all 
been explored in some detail. Of these, the chrome complexes such as 
Volan and the silanes have proved the most generally useful. 

Volan can be represented as a chromium chloride coordinated with 
methacrylic acid (Figure 2), and is useful with polyester-glass and 
epoxy-glass composites. The reaction of Volan with a glass surface is 
thought to take place between the chromium on the Volan and the sur- 
face SiOH on the glass. It is thought to react with the resin through its 
unsaturation which enters into copolymerization with the resin. 

The titanium halides have been found to decrease the strength of 
glass fibers to which they are applied, while the nickel and zirconium 
complexes generally represent poorer adhesion promoters than the chro- 
mium complex. In contrast, the silanes can significantly increase the wet 
strength of polymer-ceramic bonds, and can also significantly increase 
the bond strength in a dry environment. 

For purposes of comparison, silane-coated glass surface has a con- 
tact angle with water of about 20°; after heat treatment at 125°C, this 
increases to about 70°. Heat treatment at this temperature causes the 
silane coating to cross link; hence the small contact angle of the as-coat- 
ed silane is likely due to water soaking into the open silane structure. 
Presumably resin can also soak into an as-deposited silane coating. The 
chemical structure of this and other silanes can be represented as X3 - 

VOLAN 

Figure 2. Volan. 
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5;(CH2)„ - Y where X is a hydrolizable group, n varies from 0 to 3, and 
Y is an organofunctional group that is capable of bonding to the resin. 

In general the silanes seem to decrease the yc's of glass surfaces, 
such that the silane-treated surface will not readily be wet by the adhe- 
sive or resin coating. It has been shown, however, that some silanes 
known to be effective as coupling agents — such as vinyl trimethoxy 
silane and y (methacryloxy)-propyltrimefhoxy silane (yc = 25 and 28 
ergs cm-2, respectively) produce low-energy surfaces, while some si- 
lanes that are ineffective as coupling agents, such as bromophenyl tri- 
methoxy silane, produce relatively high-energy surfaces (yc = 43.5 ergs 
cm~2). 

The critical surface tensions of silane-coated surfaces can be rea- 
sonably well related to the polarity of the organofunctional group on the 
silane, i.e., the Y group,,as well as to the solubility parameter of this 
group. Hence, the chemical structure of the organofunctional group not 
only influences bonding to the resin, but also determines how well the 
resin will wet the silane-coated ceramic material. Similarly, if one is in- 
terested in bonding a ceramic to a resin through a nonpolar organic 
group which would produce a small yc if the silane were applied directly 
to the ceramic, it may be advantageous to blend the silane into the resin 
where it would not strongly affect the wetting of the ceramic by the 
resin. 

It might be expected that if a freshly prepared ceramic surface could 
be coated with a layer of resin before it had a chance to adsorb a layer of 
water or any other impurity, a high-strength bond would be formed be- 
cause the ceramic would have a high-energy surface. To explore this 
hypothesis, A. O. Smith Corp.18 formed a clean glass surface by cleav- 
ing a glass in the liquid resin. The strength of the bond was found, how- 
ever, to be poor and similar in quality to bonds with chemically cleaned 
or water-contaminated surfaces or surfaces without silane coupling 
agents. This result suggests that one or more of the contaminants ad- 
sorbed upon the glass surface upon exposure to the atmosphere enters 
into the bonding and is necessary for a strong bond. If this is so, it seems 
likely that adsorbed water is the important "contaminant" for bonding. 

By starting the resin cure in a vacuum and releasing the vacuum 
when the resin is fluid, complete wetting can be obtained even if the 
calculated contact angle is greater than 0°. The vacuum technique is ef- 
fective by decreasing the pressure of the voids at the interface, so that 
when atmospheric pressure is restored to a fluid resin, the volume of the 
air bubbles is reduced by a factor inversely proportional to the vacuum 
achieved. 

The driving force for the displacement of air from the interface is 
the decrease in surface area resulting when the air coalesces into spheri- 
cal bubbles. The opposing force is the work of displacement for the air. 
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In addition to thermodynamic considerations, the displacement of air 
from the interface is also affected by the viscosity of the resin. If the 
resin does not become fluid at the temperature of the cure, the air cannot 
be displaced even if 6 = 0. 

Silanes do inhibit the wetting of a surface, although it has been 
shown19 that after primary bonding considerations are provided for, the 
surface with a silane coating that is better wetted by the resin will form a 
stronger and more permanent bond. 

In a study of air entrapment in adhesive films, Bascom20 reports 
that as an adhesive joint is cured with heat, the air coalesces into 
bubbles at the surface which are then displaced into the liquid adhesive. 
If the contact angle is greater than 0°, however, the air will not be dis- 
placed from the interface. Air at the interface is detrimental to bond life 
because it serves as a stress concentrator and leads to crack initiation. 

A clean glass surface in contact with an uncured layer of adhesive 
normally exhibits a transluscent or transparent interface; but after curing 
the interface often becomes opaque. This is due to cracks and crazes at 
the interface, which are usually associated with thermal stresses devel- 
oping upon cooling because of the differences in thermal expansion be- 
tween the resin and the glass. When a good coupling agent such as an 
appropriate silane is used, the interfacial region is translucent in appear- 
ance. The silane must therefore provide some relief for the thermal 
stresses. It should be noted, however, that a certain amount of interface 
debonding is beneficial in absorbing energy when the composite would 
fracture in a brittle manner without such debonding. 

The presence of some water at the interface is necessary for the 
silane to be effective. Specifically, unless there is sufficient water pres- 
ent to hydrolyze silane-alkoxy groups, the silane is completely ineffec- 
tive as a coupling agent. Erickson21 deposited silane from two organic- 
based (nonaqueous) solvents, a freon-based solvent and xylene, both of 
which he dried before use. He then exposed dried glass fibers to varying 
degrees of humidity, coated them with chloro-silanes from dilute solu- 
tion and measured the strength of the composite formed. From both sol- 
vents, the coverage of silane corresponds to approximately one mon- 
olayer in thickness. 

It was found that at relative humidities of 50% and below the com- 
posite strength is significantly less than at higher humidities. Unless all 
three alkoxy groups on the silane need to be hydrolyzed and moved to 
the glass surface, it is not clear why such a small decrease in the water 
content on the surface should so drastically affect the composite 
strength. 

Plueddemann et al.22 made two series of fumarate-based silanes. 
The first series had an allyl fumarate capable of reacting with the resin, 
with the number of alkoxy groups on the silane varying from one to 
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three. The second series employed a group of dialkyl fumarate-based 
silanes. Their results, shown in Figure 3, indicate that silane molecules 
with more alkoxy groups and with the ability to form more than one 
bond to the glass surface provide better coupling, provided there is no 
interference from the brittleness or inflexibility of the silane. 

Surface Chemistry and Silane Coupling Agents 

Although organo-silanes have been used successfully as glass-resin 
coupling agents for the past 15 years, there is no satisfactory general 
explanation for their method of coupling. A number of suggestions have 
been offered, which if combined seem to account for the most of the 
observed phenomena. 

The marked effect of these coupling agents on adhesion suggests 
that understanding the nature of silane coupling may provide improved 
understanding of the mechanism of adhesion in general. A satisfactory 
model for the action of the silane must be capable of describing several 
characteristics of the interface, including: 

1. The surface chemistry. If the coupling agent bonds chemically to 
the glass and resin, the coupling agent must have functional groups capa- 
ble of reacting with functional groups on the glass and the resin. These 
reactions must be describable by a satisfactory theory. 

2. Morphology of the polymer at the surface. An acceptable theory 
must predict the structural differences which are seen or inferred be- 
tween bulk polymer and interfacial regions. 

3. Differential shrinkage at the interface. The theory must also de- 
scribe the development and relaxation of the stresses which arise on 
cooling from the temperature of cure and are associated with differences 
in the coefficients of thermal expansion between resin and glass. 

4. The action of water. Perhaps the most difficult task for the 
theory of coupling agent adhesion is the prediction of the role of water, 
both in forming and destroying the bond. 

The model with the strongest support is the chemical bonding 
theory. This theory states that a successful coupling agent is one that 
has the ability to bond chemically to the glass surface through covalent 
siloxane bonds. In addition, the silane must have a functional group ca- 
pable of reacting chemically with the resin (if such bonding occurs, the 
coupling agent becomes part of the resin). 

If the silane is not capable of chemical reaction with the resin, the 
strength of the resulting bond is about half that which results if such 
bonding were possible. The partial increase in strength which is ob- 
served with silanes which bond only to the glass or ceramic may be due 
to a physical adsorption or entanglement of the silane in the resin, and 



POLYMER-CERAMIC INTERFACES 217 

°^C^0R Flexural Strength 

SI-(CH2)3-C = C-CH = CH2 DRY(psi) WET(_p_si_)_ 

ocHfcH^CHj      0*<k0R •••••■ 91,500 90,800 

CH3OSi(CH3)2(CH2)3 Allyl fumarate 

O,C.OR 

i 
Si-(CH2)3-C = C-(CH2)3 — Si 

/I\ i /i\ ••••••  81,500 66,300 
OCH3 CH3 CH3 o#<XOR     CH3 Ch3 °CH3 

[CH30Si(CH3)2(CH2)3]2 Fumarate  3J2J  

0%cxOR 
I 

SMCH2)3 - C = C - CH = CH2 

CH31XH>CH3       J^   96,700 90,700 
0#   X0R 

(CH30)2SiCH3(CH2)3 Allyl fumarate 

J^ ^OR 
C 

I 
Si-(CH2)3-C = C-(CH2)3 — Si 

OCH3OCH3CH3 „*CX„D   CH3 OCH3 OCH3 """   82,300 79,900 
U UK 

[(CH30)2SiCH3 (CH2)3]2 Fumarate 

O^OR 

I 
Si-(CH2),-C =C-CH = CH2 

/ l\ I 
OCH3OCH3OCH3        0*C,0R 

(CH30)3Si(CH2)3 Allyl fumarate 

o^OR 
i 

Si-(CH2)3-C=C-(CH2)3 — Si 

OCH3 OCH3 OCH3       Q* CXQR OCH3 OCH3 OCH3 

[(CH30)3Si(CH2)3]2 Fumarate 

82,100 70,100 

87,900 79,200 

Figure 3. Flexural strengths of a series of fumarate-based silanes.22 
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should decrease after a period of time as physically adsorbed silane dif- 
fuses away from the interface. Such a bond would be less stable toward 
water attack than a bond formed with a reactive silane. 

Studies of glass-coupling agent-resin interfaces using laser Raman 
spectroscopy23"25 suggest that chemical bonding does occur at such in- 
terfaces. Fibers of both E-glass and Si02 were immersed in a 2-3% solu- 
tion of vinyltriethoxysilane [(CH3 CH2-0)3 - Si-CH = CH2] and dried. 
By comparing the Raman spectra of the treated fibers with spectra of 
both the silane and the polysiloxane, it was found that the silane poly- 
merized as it absorbs on the glass. 

In assessing these results, it should be noted that the silanes are 
usually applied from aqueous solutions at a pH of about 4. Under these 
conditions, hydrolysis to silane triols is very rapid but polymerization is 
slow. Precipitation occurs after a few hours, at a point where about 1/3 
of the silanol is still in monomeric form and the remaining 2/3 consists of 
dimers, trimers, and tetramers. 

For the silane-sized E-glass and the silane-sized Si02, an absorption 
band appears at about 1085 cm-1. This band is not present in the Raman 
spectra of the polysilane, the uncoated glass or the silica, and has been 
related to Si-0 bonding at the glass-silane interface. 

If a sample of poly vinyl siloxane is allowed to react with chlorine, 
the 1600 cm-1 absorption of the C = C unstaturation disappears com- 
pletely, indicating essentially complete reaction of the vinyl group. If, 
however, the coated glass is reacted with chlorine, the C = C vibration 
decreases in magnitude. This indicates that a portion of the vinyl groups 
are not available for reaction, presumably because the polymeric nature 
of the silane coating shields some of the vinyl groups from reaction. 

After the glass fibers were coated with silane, methyl methacrylate 
was polymerized onto the surface. From the ratio of siloxane vinyl 
groups to Si-0 groups one should be able to estimate the fraction of 
unsaturated siloxane that has reacted with the methyl methacrylate. This 
should depend upon the fraction of surface chemically bound to the resin 
but is also a function of a number of mers in the siloxane polymer. Such 
estimates were developed by the authors of the laser Raman study; but 
the results are subject to considerable uncertainty. It should also be 
noted here that commercially produced fiber glass is normally coated 
with a finish that contains a majority of binder and lubricant and only 
enough silane to form a one monolayer coverage. 

A second model for the role of silane coupling agents is known as 
the restrained boundary-layer theory. According to this model, in order 
to transfer stress uniformly, the boundary layer between the high-modu- 
lus reinforcement and the low-modulus resin should have a modulus in- 
termediate between the two. Although the silane coating itself may be 
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only several monolayers thick, the polymer adsorbed on the coating is 
packed more tightly about the reinforcing filler than in the bulk polymer. 
The spatial orientation of polymer molecules has been suggested26 to 
extend as much as 1500 Ä into the polymer from filler particles of Ti02 

in an epoxy resin. 
In other work, silane coupling agents have been used to orient liquid 

crystals27. The two silanes employed were (see Figure 4) N-Dimethyl-N- 
octadecyl-3-aminopropyltrimethoxysilyl chloride (DMOAP) and N- 
Methyl-3-aminopropyltrimethoxyl silane (MAP). Linear liquid crystals 
were observed to orient perpendicular to DMOAP coated surfaces but 
parallel to MAP coated surfaces. Helical liquid crystals, however, orient 
parallel to a DMOAP surface and perpendicular to a MAP surface. It has 
also been shown28 that the crystalline morphology in the regions adja- 

(a)  N,N-dimethyl-N-octadecyl-3-aminopropyltrimethoxysilyl 

chloride  (DMOAP) 

CIRH I8n37 

Ci~   + N — (CH2>3 Si (OCH3)3 

CH, Chh 

;b) N-methyl-3-aminopropyltrimethoxysilane  (MAP) 

H3C-N- (CH2)3 Si (0CH3)3 

-(CH2)3 

^^7^^7^7>^^^^- SUBSTRATE 

Figure 4. Orientation of two liquid crystals on a substrate.27 
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cent to siiane-treated glass fibers in Nylon 6 is markedly different from 
that in the bulk polymer. 

While the concept of distinct boundary layers is thus supported by 
experimental data, the specific restrained boundary-layer model cannot 
satisfactorily account for the different thermal stresses which are pro- 
duced upon cooling in the resin and the glass or other reinforcing filler. 

Another model of some merit is the so-called deformable layer 
theory. According to this model, the differential stresses which arise on 
cooling are taken up by the polysiloxane. The siloxane polymer seldom 
extends, however, more than 10 to 20 monomer units, which would be 
too thin a layer to absorb these stresses. This difficulty is somewhat 
mitigated by considerations such as the following: When an amine cured 
epoxy is placed in contact with a silane, the silane can preferentially 
absorb amine, thereby creating a thicker stress-absorbing interface layer 
with a gradation in properties. 

The reversible hydrolyzable bond model combines the principles of 
the chemical bonding theory with the ability of deformable layers to ac- 
commodate thermal stresses and the rigid interface of the restrained 
layer theory. According to this model, once the silane is hydrolyzed into 
a silanol it is able to compete with the water molecules at the surface 
because it has a very strong ability to hydrogen bond. The silanol can 
either bond directly to the metal or silicon at the surface through an 
oxane bond or it can bond through an intermediate water molecule by a 
hydrogen bond (see Figure 5). Both of these are reversible reactions. If 
both the glass and the resin have rigid surfaces, a bond may break, but 
the reactive groups from the broken bond will have no place to go. 
Hence either the original bond may reform, or if the sample is under 
stress a new bond may be formed with an adjacent group. This process 
would serve as a method of relaxation for the stresses introduced upon 
cooling the composite. The model can also explain the ability of silanes 
to form strong bonds to metal oxides even though these bonds are 
known to have poor hydrolytic stability. 

OH OH 
I        /H\ _     J. 

R-Si-0        OM R-Si-O-M 
I        xOx I 
OH OH 

Hydrogen       Oxane 
bond        bond 

Figure 5. Two models for silane bonding on a metal or glass sur- 
face.22 
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The bonding of an epoxy resin through a hydroxyl group to a hy- 
drophilic surface can be explained by the same mechanism. The equilib- 
rium for bond retention is less favorable here than for a silanol; but if the 
concentration of the hydroxyl groups at the surface is sufficiently large, 
a water-resistant bond can be formed. Ester and amide groups can also 
hydrogen bond; but equilibrium conditions are not favorable for bond- 
ing. Hydrocarbons and nonpolar resins in general can bond to a hydro- 
philic surface only by weak dispersion forces and cannot compete with 
water for a specific surface site. Therefore one would expect a silane to 
improve adhesion to a nonpolar resin to a larger extent than to a polar 
resin. 

This seems to explain the results of Vanderbilt,29 who measured the 
wet and dry flexural strengths of polymers bonded to heat-cleaned and 
silane-treated glass. He found no improvement in the dry strength and a 
small improvement in the wet strength of the epoxy composite with si- 
lane treatment. In contrast, silane treatment of a polyester composite 
produced a substantial increase in the dry strength and a large increase 
in the wet strength. After silane treatment, the dry and wet strengths of 
all the composites are nearly 80,000 psi, implying that the bond strength 
is not affected by water when the silane is present and is not dependent 
upon the resin. Hence it is likely that breakage of the glass-silane bond is 
the limiting factor in the measurements of composite strength. 

If bonding takes place to a polymer surface that is not rigid, it is 
more difficult to form a hydrolytically stable bond. According to the re- 
versible hydrolyzable bond theory, if small areas of the polymer can pull 
away from the interface as their surface bonds are hydrolyzed, the bond 
on a macroscopic level will fail. This hydrolyzed polymer surface will 
have retracted from the glass and will not be available for bonds to re- 
form. In order to bond to a flexible material, it must be possible to make 
the surface rigid. This is sometimes done by putting a rigid primer on the 
surface of the polymer. A method that is more convenient involves using 
excess silane which will diffuse into the polymer and possibly serve to 
cross link or orient the polymer surface. Peroxide or other cross-linking 
agents can also be used. 

The basic concept of the reversible hydrolyzable bond model is that 
the interface is characterized by dynamic bonding. In the presence of 
water, the bonds are in equilibrium with respect to breaking and reform- 
ing. The silanes are not the only materials which can form hydrolytically 
stable bonds, but other materials do not form hydrogen bonds that are as 
strong and the equilibrium favors water in the other cases. It is thus a 
question of the degree, not the type of bonding which is involved. 

To investigate the physical nature of the adsorbed siloxane film, 
Schrader et al.30 carried out experiments in which -y-aminopropyl trieth- 
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oxy silane [(NH2-CH2-CH2-Si(0-CH2-CH3)3] was deposited from 
aqueous solution on Pyrex and E-glass surfaces. Attempts were made to 
extract the APS from the surface, and the amount of silane remaining on 
the glass surfaces was monitored by radioactively tagging the gamma 
carbon. From the variation of silane remaining on the surface with time 
of extraction, three distinct types of APS adsorbed on the surface were 
inferred. The first was physically adsorbed and was not removed by 
washing the surface with benzene; it was, however, hydrolyzed and re- 
mained by cold water. This fraction comprised about 98% (about 270 
monolayers) of the adsorbed silane. The second fraction (about 10 mon- 
olayers) was removed by boiling the sample for 3-4 hours in water. Elec- 
tron microscopy after a short period of boiling revealed islands of silane 
present on the surface, which may be associated with hydroscopic sites 
on the surface of the glass. The remaining APS (about 1 monolayer) is 
not removed by boiling water. It seems very likely that this final fraction 
is so tightly bound either because it is cross linked within itself or be- 
cause it is multiply bound to the glass surface. The latter explanation 
seems more plausible. 

To determine the location of bond failure, glass surfaces were coat- 
ed with APS and an epoxy interlayer as an adhesive.30'31 The sample 
was then pulled in a wet environment until failure occurred and the loca- 
tion of the failure was monitored. A nearly equivalent amount of ra- 
dioactivity was seen on both fracture surfaces, and it was concluded that 
the APS is adsorbed as dimers, with both the amine of the other half 
dimer bound to the resin. The failure was then suggested to occur at the 
siloxane linkage between the dimer halfs. This suggestion is not, howev- 
er, well established. Why, for example, should dimers be more stable 
than monomers or trimmers? And why should the processes of adsorp- 
tion and fracture occur with such regularity? 

Schrader et al. also prepared samples in which the amount of APS 
on the surface was varied by depositing it slowly from organic solvents. 
The joint life was found to decrease slowly with decreasing APS on the 
surface until the chemically adsorbed fraction (=s 10 monolayers) is 
reached, beyond which a fast linear decrease in bond life with decreas- 
ing APS is observed (Figure 6). 

It seems, however, that there are two differently bonded types of 
silane; and the plot of joint life versus initial APS on the surface can be 
better approximated by two intersecting straight lines. The two lines in- 
tersect at about 3 monomers per 100 Ä, which is the value calculated for 
one monolayer coverage. After one monolayer is exceeded, the joint life 
increases slowly with increasing APS on the surface. A dimer may then 
have been chosen as having the best joint life because this was the larg- 
est amount deposited in the study. After boiling water extraction, 
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Figure 6. Bond life as a function of silane remaining after extrac- 
tion and amount of silane deposited from dilute solution.30 

Schrader et al. found about half a monolayer (about 0.25 nanomoles- 
crrr2) of APS remaining on the surface that could not be removed by the 
boiling water. 

In a study of boiling water extraction of 3 (methacryloxy) propyl- 
trimethoxy silane from E-glass surfaces, Johannson17 finds that the 
amount remaining after extraction is independent of the amount initially 
deposited and equal to 0.5 mmole per 100 m2, corresponding to a single 
monolayer coverage. These results provide insight into the manner of 
deposition of APS on the surface. Silane molecules in the layer closest 
to the surface have more than one of their alkoxy groups hydrolyzed and 
are multiply bonded to the glass. The amine group also has an attraction 
for the glass, and since there are hydroscopic groups on the glass surface 
and its isoelectric point varies from point to point, some areas of the 
surface will preferentially attract the amine end of the silane and the 
silane will be deposited "upside down." The silanol ends of these mole- 
cules cannot bond to the resin. 

When the bond is pulled apart, the silanes attached to the glass 
through the amine stay on the glass as the silanes bonded to the glass by 
siloxane bonds fail by pitting the glass surface. Failure thus occurs cohe- 
sively within the glass. The chunks of silane and glass freed from the 
glass surface remain bound to the resin by fewer than one third the 
number of bonds that were once made to the glass. Schrader et al. find 
one tenth of the initial radioactivity remaining on the resin surface. 
When the fraction of APS remaining on the resin is plotted versus the 
amount initially applied to the glass, a fairly steady value of 7% APS is 
noted. Exceptionally high values are observed when a monolayer or 
double layer of silane is initially applied to the surface (Figure 7). Data 
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Figure 7. -y-Aminopropyltriethoxy silane remaining on epoxy sur- 
face after bond failure. 

are not available to determine whether a three-deep layer of APS would 
also produce better bonding to the resin. It seems, however, that integral 
layers of coupling agents produce better bonding to the resin; and this 
should be explored further, taking into account the diffusion of silane 
into the resin when it is present in excess. Possibly this is happening 
with the thicker layers, with the diffused silane serving to increase bond 
life by stiffening the resin near the interface. Fillers can exert a catalytic 
influence, either positive or negative, on the curing of resins. For polyes- 
ter, epoxy, and urethane systems, fillers generally lower the cure ex- 
otherm of the resin. It has been shown that fillers which allow high ex- 
otherms produce composites with the best mechanical properties. 

Silane finishes on A-glass, E-glass, and silica have been shown32 to 
restore and in some cases increase the cure exotherm above its value for 
the unfilled resin. It seems that the silane restores reactivity, but it is not 
necessary that the silane react with the resin to be effective. 

Turning to particulate fillers, Ranney et al.33 show that the modulus 
of an elastomer blend is increased by about 78% by APS when clay, talc, 
or Si02 are used as fillers, by about 52% when Ti02 or CaC03 are used, 
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and by about 30% when no filler is employed. In the last case, the APS 
likely enters into the resin cure; when the fillers are used, the different 
improvements may be due to the fact that the APS can adsorb on the 
surface with either the amine or the siloxane group oriented towards the 
resin. The group oriented toward the resin will naturally affect its cure. 
The influence of filler chemistry on orientation of the silanes remains, 
however, to be satisfactorily elucidated. 

Another source of the different effects of different fillers in the pres- 
ence of silanes may be the following: in the case of Si02 and other sili- 
cate fillers (which produce a 78% improvement in modulus), the silane 
bonds chemically to the filler; while in the case of Ti02, CaC03 and 
nonsilicate fillers (that produce a 52% improvement), the silane does not 
bond to the filler but creates a type of interlocking cage around the par- 
ticles. 

The surface treatments and cleaning solutions applied to glass sur- 
faces prior to bonding will affect the concentrations of the individual 
cations found on the surface; and the bulk composition will normally be 
quite different from the surface composition. Wong34 used Auger spec- 
troscopy to monitor differences between surface and bulk as a function 
of various acid leaching treatments. He finds that leaching increases the 
surface available for bonding; but it could also help adhesion by chang- 
ing the isoelectric point of the surface (IEPS). The silanes have IEPS's 
of about three and are effective with materials that have an IEPS be- 
tween two and nine, but are poor coupling agents with surfaces that are 
alkaline. This approach should be applied to the aminotrialkoxysilanes 
to determine whether by making the filler surface more acidic one could 
cause more of the coupling agent to be deposited "right side up." 

The reaction between the silane coupling agent and the resin can 
take several different forms. If the silane* has a vinyl organofunctional 
group, the reaction will tend to be copolymerization and will depend 
upon the relative reactivities of the vinyl group on the silane and the 
unsaturatedgroups in the resin. For example, the double bond of the 
methacryloxy group is 40 times as reactive as a vinyl double bond. 
Therefore the bonding of a methacryloxy silane to a resin with unsatu- 
rated groups will be much better than the corresponding reaction with a 
vinyl silane. Silanes that have groups such as mercaptosilanes can act as 
chain transfer agents and thereby bond into the resin. Other silanes with 
epoxy functionalities can initiate polymerization in the resin. 

Since many of the silanes must compete with resin groups to bond, 
Ranney and Pagano35 believe that the extent of reaction of the silane 
vinyl group can be influenced by varying the level of peroxide curing 
agent. Looking at the modulus of an ethylene propylene diene polymer 
as a function of silane concentration, one sees that the modulus in- 
creases but levels out by about 1% silane with 3% peroxide present. 
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Increasing the peroxide concentration to 5% increases the modulus as 
expected; but more importantly, the modulus is just beginning to level 
out at 2% silane coupling agent (Figure 8). 

Hence, at lower levels of curing agent, the resin is not able to take 
advantage of increased amounts of silane. Increasing the peroxide allows 
higher levels of silane to be effective, presumably by entering into the 
cross linking and thereby increasing the bonding. This increase will not 
continue indefinitely; and it would be interesting to determine the physi- 
cal basis of the leveling-off of the modulus as a function of silane con- 
centration. What, for example, are the characteristics of the silane cov- 
erage when additional peroxide is no longer effective? Can the 
resin-silane bond be any stronger than if one full monolayer equivalent 
of silane has reacted with the resin? 

A new group of silanes has been introduced which may be useful for 
studying the relationship between curing agent and coupling agent. 
These are the silyl peroxides,36,37 and have the general formula, AV 
Si(OOY)4^v. They are unique as silanes since they need not be hydro- 
lyzed to be effective. These silanes still need some reactive functional 
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Figure 8. Composite modulus vs. silane and peroxide concentra- 
tions indicating more effective use of silane at higher peroxide levels.35 
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group to bond to the resin, but bonding to the glass or to another silane 
molecule is by temperature-induced decomposition of the peroxy group. 
The silyl peroxy group is much more thermally stable than the corre- 
sponding carbon peroxy (trimethylbutylperoxy) silane. 

An interesting matter that remains unexplained and even uncertain 
is that bonding seems to follow different rules depending upon the size 
of the interface. For example, Trivisono38 found that the addition of 
film-forming resins to silane compositions improve adhesion to the sur- 
face of glass blocks but not to glass fibers. 

Swanson and Price39-40 studied a number of silanes applied as inte- 
gral blend additives in polyurethane adhesives. They find that the peel 
strength to aluminum as a function of aging time at a fixed temperature 
and humidity decreases from an initial value, then increases and finally 
levels off. The initial bond strength is attributed to chemical bonds be- 
tween the oxide layer on the aluminum substrate and isocyanate groups 
that have not yet reacted with the curing agent. This initial bond strength 
is therefore greater when there is an excess of isocyanate. As water 
diffuses into and through the urethane, it has several effects. First it 
serves to hydrolyze the silane so it can bond to the substrate. Water also 
hydrolyzes the isocyanate-oxide bonds at the interface causing interfa- 
cial failure. After the silane molecules have been hydrolyzed, the bond 
strength increases as the hydrolyzed coupling agent orients itself toward 
the oxide surface and forms covalent bonds. 

In this work, the silane was mixed with the isocyanate prepolymer 
and allowed to age at elevated temperatures prior to curing. In some 
cases, the viscosity increased beyond the range where the prepolymer 
was useful. Primary amino and mercapto functional silanes were react- 
ing toward the isocyanate and yet did not have an adverse effect on the 
viscosity. With these silanes, the bond strength increased dramatically 
upon aging. Aging allows the the coupling agent to react without having 
to compete with curing agent for isocyanate. It is also possible that in 
the absence of aging, a hydroxyl functionality on the curing agent will 
react with the alkoxy group on the silane, making the silane too bulky to 
diffuse through the urethane. 

As the ratio of prepolymer to curing agent is varied, one will see a 
variation in the amount of free isocyanate and in the initial bond strength 
at low temperatures (150°F). At higher temperatures the isocyanate will 
be cross linked as biuret linkages, and at even higher temperatures as 
allophanate linkages, lowering the bond strength. At any temperature, 
increased amounts of curing agent will promote formation of moisture- 
stable bonds to the oxide surface through OH groups on the curing 
agent. Hence for the silane to be most effective, it must be allowed time 
to remove its bulky alkoxy groups by hydrolysis but not enough time or 
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the right pH to allow silane polymerization which would also prevent 
migration to the interface. 

This study indicates a few of the complications that arise in the 
reaction processes when a coupling agent is involved. Most studies on 
other polymer systems do not allow for these complications, and focus 
primarily on mechanical strength. It seems likely that future work will 
explain some of the mysteries associated with the use of silane coupling 
agents in terms of such unexpected chemistry. 

When silane coupling agents are used, they are either put directly 
onto the filler, usually from dilute solution, or blended with the polymer 
resin. In both cases, diffusion is important. In the integral blend method, 
the silane must get to the surface to be effective; and in the direct appli- 
cation method, the amount of silane that migrates from the interface and 
the distance it travels will affect the bond and the properties of the com- 
posite. 

Of the bonds formed by coupling agents discussed above, the silanol 
bond has been seen to provide the greatest stability in wet environ- 
ments. If the bond to a glass or ceramic filler must stand up to other 
chemical environments, however, some other type of coupling agent 
may be preferred. The effectiveness of silanes as ceramic-polymer cou- 
pling agents is a matter of degree, not the type of bond. Other chemicals 
with hydroxyl groups can form the same type of bond to a ceramic sur- 
face; but the silanol bond competes favorably against hydroxyl bonds for 
surface sites. 

The silane coupling agents developed for thermosetting resins have 
also been shown to be effective in many cases with thermoplastics. With 
the thermoset, it is widely agreed that the alkoxy groups on the silane 
are removed, the inorganic reinforcement reacts with the remaining hy- 
droxyl, and the organofunctional group reacts with the thermoset 
(thereby producing a specificity for a particular silane). This latter reac- 
tion does not necessarily apply to thermoplastics, which are polymerized 
prior to reinforcement. 

In bonding to a thermoplastic, a silane with a functional group capa- 
ble of entanglement with the polymer would usually be desired. A reac- 
tive group on the silane is unnecessary, since well-polymerized thermo- 
plastic would have few or no reactive groups (residual unsaturation) with 
which the silane can react. 

When examined in more detail, however, thermoplastics can be di- 
vided into two groups in discussing their reactivity with coupling agents. 
These are termed reactive and nonreactive thermoplastics. The reactive 
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thermoplastics are polymers which contain chemical functional groups 
capable of reacting with the functional group as the coupling agent. 
These thermoplastics include polymers such as polyamides, polycarbon- 
ates and nylon, whose reactive functionality is found in the backbone of 
the chain, and polymers such as polymethyl methacrylate and poly vinyl 
chloride, whose reactive functionality is found in a pendant group. In all 
cases, the reactive functionality consists of polar species rather than re- 
sidual unsaturation. Hence these polymers are expected to show im- 
provements in properties through the use of presently available silanes 
that can approach — but should not equal — the improvements obtain- 
able with thermosetting polymers, where the organofunctional group of 
the silane can be polymerized into the matrix resin. 

The nonreactive thermoplastics include polymers such as polyethy- 
lene, polypropylene, and polystyrene. Such hydrocarbon polymers are 
not capable of reacting with a silane functional group. For these 
polymers, entanglement interactions should be required for effective 
bonding with silanes; but the bonding obtained in these cases should be 
less effective than that obtainable with reactive thermoplastics. 

As an example of the effects which have been observed, consider 
general purpose polystyrene, which has a flexural strength of about 9500 
psi. When reinforced with heat-cleaned fiberglass (E-glass) cloth, the 
flexural strength is increased to about 24,000 psi.42'43 The addition of 
almost any silane increases the strength to some extent. If A-174, the 
methacryl silane is used, the flexural strength is doubled to about 48,000 
psi. In contrast, use of /3-carboxyethyltriethoxy silane (which is equiva- 
lent to A-174 but lacks unsaturation) results in composites having flex- 
ural strengths of only about 23,000 psi.42 An explanation for these obser- 
vations remains to be provided, since according to the previous 
argument, polystyrene is a nonreactive polymer and should not be sensi- 
tive to a particular functional group. 

As a second example, consider the case of nylon. The flexural 
strength of this polymer is doubled by reinforcement with fiberglass, and 
can be doubled again by use of a silane.42,43 With nylon, many silanes 
give very good improvements in properties with fiberglass. Comparing 
the effectiveness of A-1100 (y aminopropyltriethoxy silane) and Y-2967 
[bis(beta-hydroxymethyl) gamma aminopropyltriethoxy silane], it is 
found that the Y-2967 provides better strengths in wet environments. 
This should be expected since the Y-2967 silane has both the amino 
functionality of A-l 100 and also a hydroxyl reactive group which should 
be effective in bonding with nylon. This hydroxyl group can compete 
with water in wet environments. 

As a further example, consider the case of polycarbonate.43 In gen- 
eral, the behavior of this polymer with silane coupling agents is that 
which would be expected for nonreactive thermoplastics. Some im- 
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provement in flexural strength is noted when A-1100 and epoxy-func- 
tional silanes are used with fiberglass; but the observed improvements 
are only about 10-20%. For this material, a significantly greater im- 
provement in properties might be obtained by using a silane which is 
capable of entanglement. 

Polyvinyl chloride43 shows significant improvements in dry flexural 
strength (from 23,000 to 36,200 psi) when A-1100 silane is used with 
fiberglass. In this case, the amine is very likely coupling to the unsatura- 
tion produced by dehydrochlorination of the PVC at molding tempera- 
tures. 

Polypropylene43 — also a supposedly nonreactive thermoplastic — 
shows a significant increase in flexural strength when silanes are used 
with fiberglass (from 13,000 to 22,000 psi with A-1100, and from 13,000 
to 20,000 psi with A-174). While these represent significant improve- 
ments in strength, they are appreciably smaller than the improvements 
which can be obtained with thermosetting polymers. If a peroxide is 
added to the polypropylene, however, greater improvements in strength 
can be obtained — to the range of 32,000 psi in the case of A-174 silane, 
for example. 

The improvements in strength seen upon the addition of dicumyl 
peroxide to polypropylene are significant (60%), particularly when com- 
pared with the improvements of 10-20% seen by Ranney and Pagano35 

in an ethylene propylene-diene rubber. The 60% improvement in 
strength upon addition of peroxide to polypropylene implies that there 
must be some peroxide-initiated bonding between the silane and the 
polymer. Since polypropylene should not have significant amounts of 
residual monomer or unsaturation, the free radicals produced may be 
bonding to the chain ends of the polymer. Since other factors may be 
operative, this suggestion must be regarded as highly tentative. While 
the observed effect is a large one, it may be associated with constituents 
present in small concentrations. For this reason, as well as the potential 
for optimization and other applications, the area seems to be deserving 
of further investigation. 

Relatively little attention has been directed toward the development 
of a silane coupling agent for which entanglement plays an important 
role in the performance. Of the available silanes, the most attractive for 
purposes of entanglement appears to be a triethoxyoctyl silane. The re- 
sults obtained with this silane have not, however, been particularly en- 
couraging. It seems, therefore, that the presence of a reactive group in 
addition to the long chain is required for effective coupling. 

Taken in toto, the above results indicate that there are groups in 
many thermoplastics which are capable of reacting in a specific manner 
with organofunctional groups in silanes. The observed behavior is, how- 
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ever, not well correlated with the simple grouping into reactive and 
nonreactive thermoplastics. The mechanism of bonding in many of these 
cases remains to be elucidated satisfactorily; and more detailed studies 
of the relevant chemistries seem clearly indicated. In some cases, it ap- 
pears that entanglement can play an important role in increasing the me- 
chanical properties; and this approach also merits further attention. 

More generally, it should be noted that the number of reactive 
groups in thermoplastic polymers — particularly those designated as 
nonreactive — is considerably smaller than the number in familar ther- 
mosetting resins. In this light, it should not be surprising that the in- 
creases in strength observed when silanes (or even silanes and perox- 
ides) are used with thermoplastics are usually smaller than those found 
with thermosets. It is also not surprising that the effects of silane treat- 
ment are not applicable to all thermoplastics. Indeed, it is surprising that 
some of the silane-filler-thermoplastic combinations achieve as good 
properties as are observed. 

A new family of coupling agents has become available which have 
organofunctional groups capable of both entanglement and reaction with 
the thermoplastic. Rather than being silicon based, however, these cou- 
pling agents are based on titanium. They are known as titanate coupling 
agents.44 

The titanates usually have three organofunctional groups and one 
alkoxy group — in contrast to the silanes which have three alkoxy 
groups and one organofunctional group. With only a single alkoxy 
group, the titanates cannot polymerize, nor can they form a cross-linked 
layer on the ceramic surface. When attempting to couple between a ce- 
ramic and a thermoplastic, the principal difficulty lies in achieving a 
bond to the plastic rather than to the ceramic; hence it seems sensible to 
formulate a coupling agent directed to this objective (as done with the 
titanates). Some of the titanates also have incorporated a pyrophosphato 
group, which provides a mechanism for absorbing moisture on the filler 
surface and converting part of the pyrophosphato to an alcohol. This 
mechanism leads to improved composite wet properties. Some of the 
titanates also incorporate a transesterification mechanism which can be 
controlled so that the viscosity of the resulting composite can be fairly 
well chosen. This results in both mixing of filler into the composite sys- 
tem and allows high filler loadings to be achieved. With 40% by weight 
of inorganic filler in polypropylene, the impact strength is improved by a 
factor of 7.5 over unfilled polypropylene and by a factor of 5 over 40% 
filled polymer without the coupling agent. The flexural modulus and the 
tensile strength are, however, decreased upon addition of the coupling 
agent. In filled polystyrene, the titanates are used to improve melt flow, 
allowing composites with higher loadings of filler to be injection molded. 
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Adding titanate to high-density polyethylene improves melt flow and me- 
chanical properties and allows useful properties to be obtained with 
loadings of calcium carbonate as large as 75%. 

CONCLUDING COMMENTS 

The discussion of the present chapter has been concerned with 
bonding between ceramics — particularly glasses — and polymers. At- 
tention has been focused upon the factors which influence adhesion be- 
tween these materials, and upon the effects of various additives — par- 
ticularly the organosilanes — on bonding and composite properties. 

The field has been one of intense activity during the past two de- 
cades, and this activity has led to significant improvements in technolo- 
gy. Marked variability is, however, noted in many of the results; and 
understanding has lagged far behind technological advance. The phe- 
nomena of concern are complex; and their satisfactory elucidation seems 
to require a combined approach based on chemistry, mechanics, and 
materials engineering. 

Fortunately, the past few years have seen dramatic advances in in- 
strumentation for characterizing surfaces. These advances lead to the 
authors' confidence that a Conference on Joining held in 1985 will be 
marked by vastly improved understanding of polymer-ceramic materials, 
and a greatly expanded role in our society of materials based on 
polymers and ceramics used in combination. 
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Polymer-polymer bonding is reviewed by emphasizing joint 
strength relative to adhesive selection, adherend surface prepara- 
tion, and the development of cohesive adhesive strength within 
the bond line. The adhesive /adherend systems discussed range 
from thermoplastics and elastomers to thermosets. Only by care- 
ful adherend surface preparation with adhesive selection, appli- 
cation, and cure can high-performance bonds be developed. 

The bonding of polymers with polymeric adhesives form the begin- 
ning of modern adhesive technology. Although ancient uses of polymer 
bonding are known, such as the sealing of documents with molten wax, 
the First World War opened up adhesive technology through bonding 
doped fabric to wooden airframe structures with animal glue.1 Since that 
time, polymer-polymer bonding has mushroomed due to the develop- 
ment of synthetic polymers resulting in lightweight, smooth surface high- 
strength joints. The current types of adhesives include chemically reac- 
tive types such as polyimides, epoxies, phenolics, polyesters, and 
polyurethanes; evaporation or diffusion types such as solvent-based 
elastomers, vinyl resins, and acrylics; and hot-melt types such as poly- 
amides, ethylene vinyl and ethyl acrylates, and ethylene acrylic acid 
salts (ionomers). These adhesives are used to bond together polymeric 
adherends including wood, paper, fabrics, cork, leather, rubber, com- 
posites, and plastic sheets. This broad spectrum of adhesives and ad- 
herends gives some idea of the extensive use made of polymer-polymer 
bonding in current-day products such as high-speed aircraft using struc- 
tural thermoset adhesives (composite to composite bonding) or cereal 
box-top sealing using hot melts (cardboard to cardboard). Generally, 
joint design, adhesive selection, adherend preparation, and cohesive ad- 
hesive strength development are the required steps to produce a reliable 
polymer-polymer bond. 
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DISCUSSION 

General 

Initial design considerations for adhesive material joining should in- 
clude physical and chemical adhesive and adherend characteristics plus 
the operational environment that the joints will see in use. Maximum 
bond integrity will be realized when everything in the bonding process is 
monitored, particularly factors pertaining to the adherend surfaces. Sev- 
eral features to be considered for high-strength joints are: 

1. Adherend surface condition — porosity, cleanliness, "wetta- 
bility" (free energy of surface higher than interfacial energy). 

2. Physical and mechanical properties of adherends and cured adhe- 
sive — e.g., shear strength and thermal coefficient of expansion. 

3. Rheologjcal and physical properties of adhesive — e.g., viscosi- 
ty and film thickness. 

4. Compatibility of adhesive with adherends. 
5. Methods of applying and curing adhesive including volatile by- 

product removal. 
Adherend surfaces require conditioning before strong bond attain- 

ment. Most solid surfaces are microscopically rough and contain ad- 
sorbed moisture, gases, and other substances. A strong tenacious bond 
requires the displacement of these adsorbed materials. Also, surface po- 
rosity is encountered in adherends such as wood, paper, fabrics, and 
rubber. Adhesive selection and application has to take these factors into 
account. 

Five separate components form the bonded joint: first adherend and 
interface, adhesive film, second interface, and adherend. Recently the 
concept of interface has been replaced by interphase,2 where no drastic 
change from one material to another exists. Adhesive bonding is advan- 
tageous for joining porous materials, nonmetallics, and dissimilar sub- 
stances. For porous adherends, the adhesive must be formulated to pre- 
vent excessive absorption into the adherend and so prevent starved glue 
lines. Porosity can be advantageous however, since volatiles during cure 
can escape into the adherent without void or blister formation. Non- 
porous materials, such as plastic sheet and molded polyester glass fiber, 
require the selection of an adhesive of similar composition. Fillers are 
often needed to form an escape path for volatiles and to control bond- 
line thicknesses. In bonding dissimilar substrates, the different thermal 
expansion coefficients for all materials has to be considered. For porous 
materials, the surfaces generally require sealing and sometimes chemical 
activation through priming, the adhesive being chemically compatible 
with both primers. Nonporous materials are normally bonded by using 
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adhesives containing "mixed polarities." For example, rubber and phe- 
nolic adherends may be bonded with rubber-base adhesives containing 
isocyanates. 

Joint Design and Adhesive Selection 

Joint design aims at obtaining maximum strength for a respective 
area. Joint design selection may also be determined by limitations in 
production facilities, costs, or the desired final appearance of the part. 
The strength of an adhesive joint is determined primarily by the mechan- 
ical properties of the materials involved, residual internal stresses, de- 
gree of true interfacial contact, and the geometry of the joint. Elimina- 
tion of stress concentrations concerns the design engineer since such 
stresses reduce the strength and useful life of the joint. Localized 
stresses are not always apparent, and may occur as a result of differen- 
tial thermal expansion of the adhesive and adherends or from the shrink- 
age of the adhesive during the cure cycle. Expansion problems may be 
overcome by using a filled adhesive, since filler addition can lower the 
thermal expansion coefficient.3 Volatiles trapped in the adhesive may 
also set up internal stresses, particularly at the interface. Internal 
stresses decrease as the thickness of the adhesive layer decreases, and 
the tendency to trap volatiles in the adhesive layer is reduced. Entrap- 
ment of air at the interface occurs if the adhesive has high viscosity, 
little flow during cure, or poor substrate wetting. 

An adhesively bonded joint can be loaded in compression, tension, 
shear, cleavage, or peel (Figure 1). When loaded in pure compression, a 
joint is less likely to fail than when loaded in any other fashion, but such 
joints are limited in application. Structural adhesives are strong in shear 
and weak in cleavage and peel. Loading a joint in pure tension is gener- 
ally impractical because, under high stress, the applied forces can be- 
come misaligned resulting in generation of the relatively weak cleavage 
and peel forces. The usual practice in designing adhesive joints is to 
minimize the peel and/or compression for maximum strength and apply- 
ing a thin, uniform adhesive layer over the largest practical bond area 
(Figure 2). 

The most popular theory of adhesion only considers the equilibrium 
thermodynamics situation of wetting and adsorption. Kinetic effects and 
methods of measuring adhesion are ignored. Adhesion is considered sim- 
ilar to the adsorption of gases onto the adherend (Figure 3) provided the 
surface tension thermodynamics of wetting are satisfied. This approach 
resulted in the Bondability Index4 for elastomers: the higher the index, 
the higher the bond strength, i.e., polar groups bond to polar groups 
better than polar groups bond to nonpolar groups, etc. Figure 4 shows 
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the index for a polar adherend. However, more recently, the method of 
testing appears more important to bond strength.5-6,7 Peeling (180°) 
styrene butadiene (SBR) elastomeric adhesives from Mylar adherends 
was found rate dependent (Figure 5). Extrapolation of the data to zero 
rate gave the thermodynamic work of adhesion which was orders of 
magnitude lower than for the work of adhesion at higher rates of peel. 
This characteristic applied also to shear and tension testing.6-7 Peel test- 
ing, over a wide range of peel rate, showed that the adhesive's behavior 
towards peel strength was modulus dependent relative to its glass transi- 
tion temperature since the adhesive obeyed the Williams Landel Ferry 
relationship, i.e., approximately, rate a 1/Temperature °K. Thus, al- 
though an adhesive has high static bond strength, its behavior under 
dynamic loading may be entirely different due to its apparently high dy- 
namic modulus. Figure 6 shows this effect on a nylon fabric tested with 
an isocyanate tire cord adhesive. Static peel testing gave a high bond 
strength of over 100 lb/in. width. However, the bond failed during a 
flexing test (ASTM D430 Method B) after only a few hundred cycles at 5 
cycles/second due to the high stiffness of the adhesive and fabric under 
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Figure 4. Bonding elastomer to polar adherends. 

these conditions. Others8 have also found that thermodynamic wetta- 
bility is insignificant in determining interfacial bond strengths in fiber- 
epoxy composites. 

Testing is another problem area. Single lap shear testing is common 
for structural adhesives due to its low cost and simplicity of manufacture 
and testing. However the loads are situated at the end of the joint and 
contain more than just shear stresses (Figure 7). To overcome this prob- 
lem, torsional shear testing can give pure shear data9 but is expensive. 
Other cheaper methods that reduce the peel stresses are grooved 
(notched) double and stepped lap joints. The latter, though, produces a 
thick joint.10 

Several basic requirements should be considered when selecting an 
adhesive. The type of material to be bonded is important— whether the 
adherends are wood, paper, fabric, leather, plastic, or elastomer. Next, 
physical properties of the adherends such as size, flexibility, porosity, 
and heat distortion temperature should be considered. If final assembly 
is structural, the strength of the adherend itself is important. Assembly 
steps, such as surface preparation, adhesive application, and curing or 
setting methods, should be reviewed with the performance require- 
ments. Service conditions must be considered. Is the bond under tensile, 
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Figure 6. Demattia flex test result — isocyanate rubber-based ad- 
hesive-bonded nylon fabric. 
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Figure 7. Simple stresses in single lap joint. 

shear, peel, or cleavage loading? Whether the type of loading is continu- 
ous or intermittent should also be considered. Identification of environ- 
ments such as heat, cold water, humidity, chemicals, oil, or solvents in 
many special applications is fundamental in the selection of adhesives. 
Finally, cost considerations reflect adhesive and process choice. The 
cost of the adhesive itself per unit is usually minor compared with the 
cost of the process. 

Joint strength is the measure of performance. The specification 
should cover the requirements under environmental conditions. Any 
evaluation program should include the temperature range, moisture con- 
ditions, and any other condition related to the performance of the assem- 
bly. Epoxy, epoxy phenolic, vinyl phenolic, nitrile phenolic, and neo- 
prene phenolic adhesives are usually chosen for structural bonding 
where high strength over a wide range of temperature is required. In 
both the heat reactive or catalyst-cured adhesives, strengths from 2000 
to 5000 psi are possible. The choice of the resin or elastomeric part of 
the material is dependent on the elasticity required in service. 

For structurally bonding composites, the heat-up rate is important 
since it determines the gel time and temperature for both the adhesive 
and adherend matrix. Ideally, the adhesive should gel at a higher tem- 
perature than the matrix so that adhesive flow can be realized over the 



set adherend matrix. Thus, for bonding a boron-epoxy laminate to an- 
other laminate both in the prepreg state with a 3°F/min. heating rate in 
an autoclave at 50 psi, the gel point for the epoxy matrix was 290°F, and 
300°F for the epoxy adhesive. The determination of the desired gel 
points for the total system was complicated further by the apparent tem- 
perature dependence of the energy of activation (AE) of cure for dicyan- 
diamide epoxies (Figure 8). Autoclave cure for this system should take 
place in the higher AE range of matrix cure (above 250°F) to enable the 
adhesive to flow during and after adherend solidification. 

Evaporation or diffusion adhesives achieve their strength by drying 
or crystallizing. The loss of the solvent or water carrier leaves a dry 
film. The strength of the film is controlled by the ratios of elastomer, 
resin, plasticizer, and pigment. Evaporation-type adhesives can be com- 
pounded to be used with any substrate. Since these compounds are not 
usually chemically reactive or cured, high constant loading may cause 
cold flow; their use is therefore limited to low load assemblies. Higher 
resin compounds give less cold flow but tend to be brittle. Evaporation 
adhesives also show a higher degree of variation over a wide tempera- 
ture range. Usually the maximum strength for these types of adhesives 
will be about 800-1000 psi at 80°F. 
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Figure 8. Gel/cure time versus temperature for three batches of an 
epoxy resin used in boron/epoxy prepreg tape. 



Rubber adherends can be compounded for greater adhesion promo- 
tion by (a) keeping blooming additives to a minimum, (b) using silica and 
channel black rather than thermal or furnace blacks, (c) using naphthen- 
ic oils at less than 25 phr for processing and compensating with extra 
black loadings, and (d) reblending the stock directly before the bonding 
operation. Elastomer to tire cord bonding uses adhesives such as resor- 
cinol formaldehyde containing lattices with isocyanate or aminimide ad- 
hesion promoters.11 For high-temperature performance, room-tempera- 
ture curing (RTV) poly-siloxanes are used as the elastomeric adhesive. 
Phenol laminates are bonded with an RTV to polycarbonate to produce 
canopy and windshield edge attachments.12 The RTV had a double lap 
shear strength of 475 psi and a flatwise tensile strength of 350 psi, both at 
280°F. 

Hot-melt adhesives (cooling type) are replacing solvent-based adhe- 
sives in many nonstructural applications. The strength of the hot-melt 
adhesive is determined by the strength of the compounded polymers and 
resins. These are normally thermoplastic-based compounds with 100 
percent solids and good cohesive strength. Application requires more 
specialized equipment than the evaporation type of adhesive (Figure 9), 
but hot melts offer the advantages of having no solvent and a very fast 
set. Recently polyamide hot melts have given some structural signifi- 
cance to this fast growing field of adhesives.13 The tensile bond strength 
of one such polyamide bonded to an elastomer gave 650 psi, which is 
equivalent to most RTV and rubber cement systems that have primed 
adherend surfaces. The common hot melts consist of ethylene vinyl ace- 
tate copolymer compounded with polyterpene tackifiers, waxes and an- 
tioxidants. Their tensile bond strength with elastomers is in the order of 
200-400 psi. 

Film type adhesives can be either thermoplastic or thermosetting. In 
either case, heat and pressure are normally used for the application. A 
few of the thermoplastic films may be used with solvent activation. The 
thermosetting films are used for high-strength bonds over a wide temper- 
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Figure 9. Setup for hot-melt adhesive dispensing. 
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ature range. The bond strength from the thermoplastic film again is relat- 
ed to the tensile strength of the polymer. The softening range and melt- 
ing point will dictate its application area. From an engineering 
standpoint, these are the simplest adhesives to apply. 

Pressure-sensitive adhesives are not used in a permanent bond, 
especially where higher loading strengths are required. Their relatively 
low strength and high tack make them valuable where the substrate can 
be bonded, easily removed, and rebonded. Pressure-sensitive adhesives 
are ordinarily applied to one of the substrate materials from a solution or 
a hot melt. When substrates with large dimensional variations are bond- 
ed, a sealing tape extruded on a carrier may simplify the operation. Once 
the adhesive is chosen, the surface of the adherends have to be treated 
before a tenacious bond can be prepared. 

Surface Preparation of Adherends 

Once an adhesive which is physically and chemically compatible 
with the adherends has been selected, the adherends usually require sur- 
face preparation prior to bonding. This ensures a clean surface capable 
of thermodynamic and chemical reaction with the adhesive. For polymer 
adherends, the process includes the following steps: solvent cleaning, 
physical abrasion or chemical etch, solvent cleaning, priming or immedi- 
ate bonding. Vapor degreasing is preferred over solvent-soaked cloth 
cleaning. The latter, although commonly used, is fraught with danger. 
Cheesecloth and many commercial solvents such as trichloroethylene 
contain oily residues (Figure 10) which are left behind on the adherend 
after cleaning. Contaminated solvent cleaning results in premature adhe- 
sive failure as shown in Figure 11 for nylon bonded to rubber. 

In all abrasive methods, a hard sharp material is brought into con- 
tact with the adherend surface and causes part of it to ground out, ex- 
posing clean material. For composites, hand sanding and glass shot grit 
blasting are commonly used to create the bonding surface. Although 
abrasion increases the bonding area, too much can lead to fissures and 
cracks in the adherend. High peaks and valleys on the adherend surface 
give rise to poor adhesive wet-out. This will result in not only bonding 
over a smaller surface area but also in gas and solvent penetration into 
the joint interface resulting in poor environmental resistance.3 Contami- 
nation of composites also exists between the fiber and matrix. Boron 
fibers may contain traces of nitrogen, carbon, oxygen (oxide), sulfur, 
and iron, the latter elements also being epoxy matrix contaminants.14 

The importance of the fiber surface on epoxy matrix adhesion is demon- 
strated in Figure 12.15 An increase in the fiber direction length of surface 
"crystallites" on graphite fibers decreases the number of reactive sites 
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for adhesion and hence the interlaminar shear strength of the total cured 
composite. 

Chemical etching is usual for difficult-to-bond adherends such as 
polyethylene, polypropylene, and polytetrafluroethylene (TFE). The sur- 
face fluorine atoms of TFE are removed by treatment with metallic sodi- 
um and liquid ammonia. The excess etching solution is removed from 
the TFE with a butanol and water rinse. Acetals are equally difficult to 
bond and require concentrated sulfuric or hydrochloric acid immersion 
followed by air drying to achieve optimum bond strength. In order to 
improve the surface wetting and mechanical strength for adhesion pro- 
motion of nonpolar plastics and elastomers, photochemical degradation 
techniques have been developed16 using surface sensitizers such as ben- 
zophenone. Irradiation from uncooled mercury lamps causes the sensi- 
tizer to vaporize and attack the adherend surface by free radical hy- 
drogen elimination, e.g., for polypropylene: 

H C R H Benzophenone (<fr co <ft) 
To 

OH 
->H3C-R° + $  C  4> 

This may result in disproportionation and hydroperoxide formation.16 

H3C     H       H       H        H3C H       H 
i          I \ 

C - C -   C    - C *   C = CH2 

III - 
H     CH3     H 

H3C CH CH2 

Disproportionation 

R° + O, 

Hydroperoxide Formation 

R'H 
R -O. » R 0,H + R' 

After solvent cleaning and abrading or etching, the polymeric ad- 
herends may be primed with a polymer that is flexible and has high adhe- 
sion to both adhesive and adherend. Its prime function is to lower inter- 
nal stresses across the interface by absorbing expansion or impact 
stresses.17 Also, it forms a barrier to environmental gas or solvent inter- 
face attack. Acrylate automotive sealers use a silane primer when bond- 
ed to glass fiber-reinforced polyester laminates.3 These primers are often 
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Figure  10. Infrared spectrum of trichloroethylene residue from 
nylon fabric clean. 

called coupling agents due to their chemical reactivity towards both 
primer and adherend. This is illustrated below. 

(RO)3 Si - X + 3H20 = (HO) 3 Si - X + 3ROH 

OH 
_L_ 

OH 

Adherend 
(e.g.,epoxy) 

HO 

X 
I 

■ Si- 

O 

/ 
X 

o- T 
o 

+ 3H20 

Adherend 

The X function is usually an adhesive reactant group (such as^,CH = 
CH2 which is sensitive to polyester adhesive cure). 

Coupling agents then may be multifunctional for primary thermoset 
and thermoplastic mixed systems. An example is Dow Coming's 
XZ85069 silane in which the X chain is multifunctional containing halo- 
gen, vinyl, and amine groups. 
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Figure 11. Nylon fabric — adhesively failed peel joint due to fabric 
contamination. 
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Figure 13. Relationship between primer hydrolysis (determined by 
infrared spectroscopy) and bond strength. 

Adhesive Application and Bonding 

Having obtained clean or primed adherend surfaces, the next step is 
to apply the adhesive to the adherends and bond the whole system to- 
gether forming a joint. Methods for applying adhesives are numerous, 
ranging from manual brushing, rolling, pasting, and dipping operations to 
machine rolling, coating, and spraying. A relatively new method for ap- 
plying adhesive to wood, plastic, leather, and paper surfaces is flow or 
curtain coating (Figure 14). Basically, a pump delivers liquid adhesive to 
a reservior which has a slit at its base from which adhesive is delivered 
onto the adherend passing underneath on a conveyor belt. 

Thermoplastic hot-melt adhesives are applied with the equipment in 
contact with the adherend (extrusion or wheel applicator) or by spraying 
as in the packaging industry. Figure 9 illustrated the concept. Adhesive 
application for polymeric structural adherends usually consists of apply- 
ing adhesive-coated cloth onto the adherends followed by autoclave cur- 
ing of the adhesive and often the composite itself. The cure (adhesive 
cross linking) takes place under elevated temperature and pressure. 
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Table 1. One-Coat Adhesive versus Primer with Adhesive 
(Two Coats) for Neoprene-Bonded Nylon Cord 

Type Cure Cycle 

180° Peel 
Strength, 

lb/in. 

Failure 
Mode, % 
Adhesive 

10% Adhesive Pickup 
One-Coat System 

21% Pickup 
Two-Coat System 

30min.at320°F 

30min.at320°F 

55 

90 

70% 

30% 

Bond strength develops as the adhesive solidifies. This is why, for exam- 
ple, the pressure-sensitive types do not achieve high strengths because 
they are used well above their glass transition temperatures. In the case 
of fabric bonding, high pressure during cure can be detrimental to bond 
strength. During 800 psi, a low-viscosity adhesive, that gave excellent 
wet-out on the fabric, resulted in half the peel strength of the fabric 
coated with a poor-wetting, high-viscosity adhesive (paste). The reason 
was simply that under the high pressure the low-viscosity adhesive 
flowed away from the bonding surface into the fabric. More of the paste 
adhesive remained on the bonding surface at this pressure. 

Many adhesives, such as epoxies or polysiloxanes, cure at room 
temperature through the use of organometallic catalysts. In this case, 
roller pressure, to ensure adhesive adherend contact, is all that is re- 
quired for joint strength development. This method is often used for 
bonding cured polymeric adherends where post cure of them during ad- 
hesive bonding would cause their degradation. However, for rubber and 
composite bonding, cocure of both adhesive and adherend is desired. 
For elastomeric bonding, satisfactory bonding requires mold pressures 
of about 200 psi during the curing cycle. Molds should be well fitting 
while allowing adequate venting. The design should be such that the 
spew and bond lines do not coincide since, if this does occur, pressure at 
the bond edge may be inadequate for good bonding. If multicavity molds 
are used, simple jigs should be designed for loading the coated ad- 
herends. If the latter are loaded into the hot mold by hand, the first ones 
may be overheaded and cross linking may commence, thus resulting in 
RC (rubber/cement) failure. Similarly the molds should be placed in the 
press as soon as possible after loading. Again it must be emphasized that 
for successful bonding, it is essential that the elastomer compound 
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Figure 15. Boron/polyimide prepreg-cure cycle-use of infrared 
spectroscopy for studying cure mechanisms. (Solvent outgassing oc- 
curred simultaneously with final cross-linked polymer formation.) 
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should be completely free from precure at the time the elastomer- 
cement interface is formed. In general, best bonds are produced when 
the cure is slightly longer than the technical optimum. 

Cocuring of boron and graphite epoxy composite laminates with a 
structural epoxy adhesive led to a problem of outgassing resulting in low 
bond strengths.19 Outgassing was caused by absorbed water, carbon 
dioxide from decomposing resin, and ammonia from the curing agent 
which was common to both adhesive and matrix. Placing a low-tempera- 
ture step in the cure cycle eliminated the problem. The problem of out- 
gassing is especially pertinent in cocuring boron-polyimide laminates 
since the polyimide adherend contains ethanol and N-methyl pyrrolidone 
solvents, with water being formed during imidization. This problem may 
again be minimized by developing stepwise cures during bonding20 

which minimize bond-line void formation (Figure 15). 
Assuming adhesive selection, adherend surface preparation, and 

bonding has been correct, joint strength will depend largely on the cohe- 
sive strength of the adhesive that has been developed during its solidifi- 
cation (cure). Poor cohesive adhesive strength may be caused by under- 
cure or catalyst poisoning and are discussed in the next section. These 
are problems relatively rare in bonding to metals. They are prevalent in 
polymer-polymer bonding because of the complex chemical nature of 
the adherend. 

Cohesive Strength of the Adhesive Relative to Polymeric Adherends 

Catalyst cure retardation is a common feature of poor adhesive co- 
hesive strength. Catalytic cure is a feature of room-temperature curing 
adhesives. For example, a 3M Company XA 3549 epoxy polyurethane 
adhesive was used to room-temperature bond an acrylonitrile butadiene 
styrene (ABS) overflow to a melamine lavoratory. The two-component 
adhesive consisted of an isocyanate curing agent and a linear epoxy 
polyurethane. On combination of the components a two-hour set-up time 
resulted, which was too long for production requirements. The addition 
of small temperature-dependent amounts of tributyl tin dilaurate shor- 
tened the work life (gel) to the production-desired 15 minutes (Figure 
16). 

Inhibition of organometallic catalysis in the RTV cure of adhesives 
causes incomplete cure and is illustrated by the following examples. 
Polyester adhesives, cobalt naphthenate catalyzed with a hydroperoxide 
and styrene curing system were used to room-temperature bond glass 
fiber polyester (FRP) reinforced ribs to FRP integral tub/shower units. 
Upon converting the whole system to fire retardancy by A1203 • 3H20 
and dimethyl methyl methyl phosphonate addition to the polyester, cure 
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Figure 16. Effect of temperature upon catalyst addition to the ad- 
hesive for a 15-minute work life. 
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retardation was experienced in the adhesive and adherends causing a 
low-strength product. 

Dimethyl methyl phosphonate (DMMP) retards the room-tempera- 
ture cure of FRP system as shown in Figure 17 for gel time. Figure 
17 also shows that the DMMP aids the spraying operation by acting as a 
viscosity depressant. There are several possible reasons for DMMP re- 
tarding the gel time and cure of the polyester. One possibility is for the 
DMMP to tautomerize to a phosphite21 followed by reaction with the 
hydroperoxide catalyst, methyl ethyl ketone peroxide (MEKP). 

H3CO      OCH3    H3CO      OCH, 

\/   '      \/ 
P = P + ROOH -+ (H3Q3 PO + ROH 

H3C O OCH3 

Another would be for the DMMP to react with a carbonyl group 
from the catalyst or the polyester itself.22 

(H3CO)2 

\ /°- 
C = CH2 + (H,CO)2 P •'      - 

/ V 
However, unpublished visible spectroscopy work by the writer and pre- 
vious organometallic catalytic polymerization studies23 indicated that 
cure retardation by the DMMP was caused by chelation of the cobalt 
from the 6% cobalt naphthenate promoter solution to the phosphonate. 
Thus the active cobalt concentration for free radical promotion was de- 
pleted with the consequence of cure retardation. 

O O 
I Co2+ |^Co2+ 

0                                               TJ 
1      _       \                             1 
P - CH2 +    C = 0 = (H3CO)2 P 
+                X                              | 

-CH2 
| 

(unlikely — not stabilized)       0 -C — 
1 

(H3CO)2P- Ch3  > (H3CO)2P- CHj 

To solve the problem therefore, an extra addition of 0.2% by weight of 
the 6% cobalt naphthenate solution was made to the FRP formulation 
giving a 15-minute gel time with a 60-minute "cure." The minimum 
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amount of cobalt naphthenate required to do this was determined by 
differential scanning calorimetry. 

Adherends can also cause poor adhesive cohesive strength via 
catalytic poisoning of the curing system. In this case, a cured epichloro- 
hydrin ethylene oxide (ECO) elastomeric boot was being bonded to a 
FRP radome to give the radome rain-erosion protection. The adhesive 
chosen for high-temperature resistance was the General Electric RTV 
630 polysiloxane system. Infrared spectroscopy and photoelectron spec- 
troscopy (ESCA) showed that the rubber adherend contained the ECO 
curing agent on the surface of the rubber.24 This material reduced the 
cure in the adhesive by chelating with the adhesive's platinum catalyst.25 

Oxidation of the ECO surface removed most of the ECO excess curing 
agent and enabled the adhesive to cure, thus increasing the bond 
strength between the adhesive and the ECO adherend (Figure 18). Un- 
dercure also happens with incorrect molding conditions. In bonding 
boron-epoxy composites with an epoxy adhesive, below specification 
lap shear bond strength was shown to be due to incomplete consumption 
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Figure 18. Correlation between peel strength and the cure of the 
adhesive. 
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of the adhesive's dicyandiamide curing agent (Figure 19). Increasing the 
post-cure temperature eliminated the problem. Low cohesive strength in 
the adhesive may also be due to the molecular weight distribution in the 
as-received state of the prepreg tape.26 For example, the presence of 
higher molecular weight species in a structural epoxy adhesive appeared 
to improve single lap shear strength. Figure 20 shows the molecular- 
weight species for one batch of the adhesive as determined by gel-per- 
meation chromatography. Five batches were analyzed this way; bonded, 
cured, and tested in lap shear at 420°F. Figure 21 shows the results. The 
higher the low to high molecular weight ratios the lower the bond 
strength. The opposite effect is seen with boron-polyimide composites 
(Figure 22), the higher initial imidization, the lower the matrix-fiber 
bond strength. This indicates two competing mechanisms for developing 
bond strength. The polyimide matrix bond strength increased with better 
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wet-out due to the lower degree of initial imidization. However the ini- 
tial high molecular weight species of the epoxy tended to reduce wet-out 
but increased its cohesive strength for a given cure since the more ad- 
vanced the initial cure, the higher the bond strength. 

Gent and Petrich5 showed that adhesive undercure explained dif- 
ference in stress-strain behavior in 180° peel testing of rubbery adhe- 
sives bonded to Mylar. If the adherend is flexible and elements of the 
adhesive treated as independent entities, 

P    = h f'fde J o J 

where 

P 
f 
e 
h 

and 

= peel force 
= tensile stresses in adhesive layer elements 
= fractional extension of stretched adhesive element 
= adhesive layer thickness 

fm = maximum stress attained. 
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For an undercured adhesive, the adhesive will fail cohesively below 
the adhesive bond stress limit due to its yielding capability (Figure 23). 
A cured adhesive would exceed the maximum stress limit and fail adhe- 
sively. This phenomenon is apparent in certain structural adhesives.26 

At room temperature they fail adhesively, but at 420°F above their glass 
transition region, they fail cohesively at a lower stress level under a 
higher strain (Figure 24). 
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[VE FRACTURE OF EPOXY AND 
vSTOMER EPOXY RESINS 

W. D. BASCOM 
Naval Research Laboratory 

Washington, D.C. 

The fracture behavior of a diglycidyl ether bisphenol A 
(DGEBA) epo.xy resin modified with a carboxy-terminated buta- 
diene acrylonitrile (CTBN) has been studied in both mode-l 
(cleavage) and combined mode-l and -II (cleavage and shear) 
stress conditions. The CTBN reacts with the DGEBA monomer to 
form a dispersed phase of 2-5 /x elastomeric particles. The pres- 
ence of these particles results in increases in mode-l fracture en- 
ergy of almost 40 X over the unmodified epoxy. Considered from 
a continuum point of view, the role of the elastomer particle is to 
enlarge the size of the crack-tip deformation zone. 

Studies of the mode-l adhesive fracture of the CTBN-epoxy 
resins revealed a very strong bond-thickness effect. Adhesive 
toughness was found to be a maximum when the bond thickness 
was about the same size as the crack-tip deformation zone, i.e., 
^■20 mils. A study of the effect of temperature on mode-l adhe- 
sive fracture gave further evidence of the involvement of the de- 
formation zone in the bond-thickness effect. 

The CTBN-epoxy resin exhibited an anomalous behavior in 
combined-mode adhesive fracture tests in that the combined- 
mode toughness was nearly a factor of 10 lower than the corre- 
sponding mode-l toughness. This result has important implica- 
tions to the use of fracture criteria for adhesive joint design since 
it had been previously thought that mode-l fracture testing would 
be sufficient as this is usually the lowest energy mode for most 
polymers and metals. The results of this study show that this is 
clearly not the case for adhesive fracture; and consequently, 
combined-mode testing is required. 

The successful use of adhesive bonding to fasten load-bearing struc- 
tures in aerospace vehicles has encouraged design engineers to consider 
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structural adhesives for automobile and rail car construction and even 
for advanced ships such as the hydrofoils and surface-effect vehicles. 
The advantages of adhesive bonding over conventional mechanical fas- 
teners are lower fabrication costs, smoother skin surfaces, better fatigue 
resistance, and reduced weight. In addition, adhesive bonding is manda- 
tory in joining composite materials, which cannot tolerate the high stress 
concentrations encountered with mechanical fasteners. These advan- 
tages are especially important in aircraft design and easily outweigh the 
deficiencies of adhesive bonding, namely, low resistance to peeling 
forces and, in the case of metal bonds, poor moisture resistance. How- 
ever, these trade-offs are not realistic for automobile and advanced ship 
construction so that the future use of adhesives in these technologies 
will depend on improving peel strength and most especially moisture 
resistance. Peel resistance is essentially a problem in the fracture tough- 
ness of adhesive resins, which is the general topic of this report. 

The base resins from which essentially all structural adhesives are 
formulated are the thermosetting polymers; i.e., epoxies, polyesters, 
phenolics, etc. These materials offer the required tensile strength to 
bond load-bearing structures. Equally important, the monomers and oli- 
gomers are liquids or semisolids that can be easily applied to adherend 
surfaces. However, the thermosets are relatively brittle materials having 
fracture toughnesses 2-3 orders of magnitude less than that of the metals 
and composites they are called upon to bond. Consequently, all structur- 
al adhesives are highly formulated resins; generally complex mixtures of 
the base resin with elastomers, plasticizers, and inorganic particulate fill- 
ers. Indeed, structural adhesive formulation is very much an art that is 
rarely revealed even in the patent literature. 

Despite the complexity (and secrecy) of adhesive formulations they 
have a common morphological feature; a discontinuous elastomeric 
phase dispersed in a matrix of the thermoset resin.1 In this configuration 
the elastomer imparts a high toughness without a serious loss in the ten- 
sile strength and modulus of the matrix resin. Morphologically, these 
adhesives are closely related to the high-impact polystyrenes and other 
resins having a low modulus phase dispersed in a high modulus matrix. 
In fact, there are several similarities in the fracture behavior of all these 
multiphase resins, as was demonstrated by McGarray and coworkers 2S> 

in their studies of polyester and epoxy polymers modified with carboxy- 
terminated butadiene-acrylonitrile (CTBN) elastomers. 

About 20 years ago the Navy recognized that in order to design 
adhesive-bonded structures there was a need to develop reliability cri- 
teria for adhesive joints. The peel and lap shear tests normally used to 
characterize adhesive strength are too dependent on specimen geometry 
to be useful for design purposes. Instead, it was judged that fracture 
toughness is the appropriate criterion for adhesive failure for essentially 
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two reasons: first, that the adhesive resins are generally brittle materials 
that fail by crack initiation and propagation rather than by flow and 
yielding; second, even if the adhesive resin does exhibit yielding, it does 
so within the confines of a thin (^0.025 cm) bond line which is small 
compared to the overall joint dimensions so that the joint fails in a linear 
elastic, brittle, fashion. The accomplishments of this Navy-sponsored 
program have been described in the publications of Mostovoy, Ripling, 
Corten, Patrick, and Bersch4~14 and include the methodology they de- 
veloped for adhesive fracture testing and data for epoxy resins and 
various commercial structural adhesives. Recently, in work at the Naval 
Research Laboratory, these techniques of Mostovoy et al. were em- 
ployed in a study of adhesive fracture behavior using CTBN-modified 
epoxy resins as model structural adhesives in an effort to get at the mi- 
cromechanics of failure.15-18 The results of that study are reviewed 
here. 

FRACTURE ENERGY AND FRACTURE DESIGN CRITERIA 

A few comments are in order about the concept of fracture energy 
and its use in engineering design. The depth of the discussion is neces- 
sarily limited and the reader is referred to the voluminous literature on 
these subjects for more detailed treatment.19"21 Modern fracture me- 
chanics began with the Griffith criteria for fracture based on equating the 
strain-energy content with the energy to create new surface area at the 
instant of crack propagation. Thus, for a tensile-loaded, edge-notched 
bar, 

V      1TCI 

where ac is the stress at crack initiation, a is the notch depth, and y is 
the surface fracture energy. Except for exceedingly brittle materials, the 
experimentally determined values of y are orders of magnitude greater 
than can be accounted for by just the rupture of chemical bonds at a 
crack tip. Actually, crack initiation involves a number of energy-con- 
suming processes within the immediate vicinity of the crack tip, includ- 
ing viscoelastic and plastic deformation. Irwin21 demonstrated that the 
Griffith equation is formally correct if the surface energy term, y, rede- 
fined by Irwin as the strain energy release rate, <3 c, is taken to include 
all the crack tip, energy dissipative processes so that, 

where <3 c is an index of fracture toughness and in the ideal, brittle limit, 
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^ c = 2y. The deformation processes are limited to a small volume at the 
crack tip and the dimensions of this region, e.g., the volume radius (rc), 
are also critical conditions for the onset of fracture. Analytical relation- 
ships exist between «c and these dimensions, but their explicit forms 
depend upon the model assumed for failure and yielding in the deforma- 
tion zone, e.g., for elastic-plastic failure, 

»r Ö77   CTy   Ey (3) 

where cry and sy are the yield stress and strain, respectively. 
Neither CSC nor rc are true material constants. In general, they are 

time and temperature dependent; especially for polymers. Additionally, 
they are dependent on material thickness such that in passing from the 
plane-strain conditions (uniform triaxial stresses) at the crack tip at large 
thicknesses to plane-stress conditions in thin sections the overall change 
in fracture toughness is given by: 

« (plane strain) 
_ «(pla 

(1   -  V*) 

where v is Poisson's ratio. 
The fracture energy of isotropic solids is a function of the stress 

state so that it is necessary to define a strain-energy release rate for each 
of the three principal modes of failure (Figure 1); opening mode <g lc, 
in-plane shear <3llc, and torsional shear <& mc. 

The quantity most often used to predict failure by unstable crack 
growth is the stress-intensity factor, K; a measure of the stress in the 
vicinity of a crack tip. For an isotropic material, the general expression 
fovK is 

K = aP Vä (4) 

where P is the applied load, a the flaw size, and a is a function deter- 
mined by the stress conditions and the geometry of the structure. The 

Model Modeln       ModeHI 
Figure 1. Principal fracture modes. 
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exact form of a must be determined by a stress analysis of the structure. 
The strain-energy release rate is related to K by 

_TrKl*(\-y*) 
«I E 

for the case of mode-I loading and plane-strain conditions. Thus, for a 
critical value of <glc there is a corresponding critical value of Klc. 

In order to predict the failure stress Pc, the explicit form of equation 
(4) must be determined analytically, Kc must be determined experimen- 
tally, and the size of the most severe flaw (internal crack, surface 
scratch, etc.) must be known. The field of the fracture mechanics is de- 
voted to developing stress analyses and the test methodology of frac- 
ture-toughness determinations and flaw detection. 

The application of fracture mechanics to adhesive-joint design is 
complicated by the fact that the explicit form of equation (4) is generally 
not known. The problem is that solutions of (4) require analyses for the 
stress distribution at the crack tip and until recently such analyses have 
not been available for a flaw in an adhesive layer. Erdogan and 
coworkers22 have addressed the problem and the application of their re- 
sults to a simple butt joint in tensile loading has been described by Hil- 
ton and Gupta.23 The analytical difficulties become more severe in com- 
plex geometries such as lap shear and scarf joints. 

These difficulties can be avoided if the design analysis is based on 
the strain-energy release rate, <g, rather than on the stress-intensity fac- 
tor. The general expression for 5? is given by: 

P2   dC 

where b is the material thickness in the vicinity of the crack and dC/da 
is the change in the compliance, C, of the structure with crack length, a 
(C = 8/P where 8 is the displacement through which the load P travels). 
Since dC/da is a "global" property of the specimen, equation (6) is in- 
dependent of the crack-tip stress distribution. In order to develop equa- 
tion (6) in explicit form for a specific structure, dClda must be deter- 
mined and this can be obtained experimentally24 although the 
procedures are tedious and often inaccurate. Alternately, there are ana- 
lytical solutions to equation (6) for simple geometries, and in recent 
years dClda has been determined by computer-controlled finite-element 
analyses. Once the proper expression for <§ has been obtained, the load 
Pc for fracture in the adhesive bond line can be computed from an ex- 
perimentally determined <Sc and the flaw size, a. However, 3?c of a resin 
in an adhesive joint is different from the <3 c of the resin in bulk. This 
distinction was clear from the work of Mostovoy et a/.9-12 In this report, 
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a strong dependence of adhesive <S c on bond thickness and bond angle 
will be discussed, and it will also be shown that the temperature depen- 
dence of <S r differs for adhesive and bulk resin. 

DETERMINATION OF ADHESIVE FRACTURE ENERGY 

Mostovoy et a/.5-13 devised a tapered-beam test specimen for 
mode-I fracture energy, <g lc. The explicit form of equation (6) for a can- 
tilever beam is 

9. 
4P* /2a2  ,   1 
b2E h:i + h 

(7) 

where E is the elastic modulus, a is the crack length, and h is the beam 
height measured normal to the crack tip. Equation (7) requires that the 
load and crack length be measured simultaneously. However, if the 
beams are tapered as in Figure 2 so that m = constant, then <ge is inde- 
pendent of crack length, 

AP2 

b2 E m (7a) 

and only the load at crack initiation need be measured. Two such 

) 

P CONTOURED TO 

h3     h 

Figure 2. Tapered double-cantilever beam specimen for bulk (A) 
and adhesive (B) $lc testing.10 
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constant-compliance beams are illustrated in Figure 2 for m = 3 cm-1 

and m =90 cm-1. It is important in these tests to avoid inelastic bending 
of the beam arms, and for this reason the bulk polymer specimens are 
made quite stiff (m = 3 cnr1). Due to the much higher modulus and 
yield strength of the metal adherends compared to the resin, the adhe- 
sive specimen need not be as steeply tapered as the bulk specimen, i.e., 
m = 90 cnr1 in Figure 2B. 

Equation (7a) has an interesting property in that for the tapered 
DCB specimen the load-displacement curve should show crack growth 
at constant load as in Figure 3A. This will be the case if the fracture 
energy is independent of the crack velocity. Actually most of the 
polymers being considered here are strain-rate sensitive, i.e., <glc de- 
creases with increasing crack rate, so that once the crack is initiated it 
propagates spontaneously until the strain energy in the specimen is in- 
sufficient to continue propagation. At that point the crack arrests. The 
result is a peaked load-displacement curve as in Figure 3B, with the 
peaks corresponding to an initiation energy ^iic, and the valleys to an 
arrest energy, $aIc. 

The bulk polymer fracture specimens can be prepared either by cut- 
ting plate stock into the appropriate shape or by casting and curing in 
silicone rubber molds. Grooves are then machined along each side to 
guide the crack through the center plane. A saw cut is made at the load- 
ing end and a starting crack is formed by tapping with a sharp blade at 
the end of the saw cut. In a glassy polymer this produces a short, 
"natural" crack having a very small crack-tip radius. Erroneously high 
'S ilc values are obtained if the starting crack is blunt, e.g., if the blade 
forms a V-notch without initiating a crack. 

The adhesive fracture specimens are assembled as shown in Figure 
4. The two metal halves are clamped together with PTFE spacers at 
each end to establish the desired bond thickness. One side of the bond is 
closed with pressure-sensitive tape and the liquid polymer is poured into 
the resulting cavity. After heat curing, the tape is removed and any ex- 
cess resin is machined or abraded off. When testing commercial struc- 
tural film adhesives, the specimen is prepared by placing strips of the 
film between the tapered beams. These films usually contain a support or 
skrim cloth which establishes the bond thickness without any need for 
spacers. The bonding pressure recommended by film-adhesive suppliers 
may not be attainable using spring loaded clips as in Figure 4, so vacuum 
bagging can be used, or mechanical jigging as described by Mostovoy 
and Ripling.14 Details concerning the tapered DCB specimen and its use 
in adhesive testing can be found.5-18 In all of the work discussed here, 
the adherends were 5086 or 2024 aluminum alloys. The choice of alloy 
had no effect on the results. 
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UNSTABLE 

DISPLACEMENT 

Figure 3. Load-displacement curves for unstable (A) and stable (B) 
crack propagation of tapered double-cantilever beams.16 

Figure 4. Schematic of tapered double-cantilever beam adhesive 
fracture test specimen.16 
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It is important to test adhesive fracture under stress conditions 
other than mode-I loading. In fact, most adhesive joints are designed to 
minimize peeling (mode-I) loads in favor of shear loads. A specimen 
designed by Ripling, Mostovoy, and Patrick5 for pure shear (mode-II) 
and a scarf joint described by Trantina25-" for mixed-mode (combined 
tensile and shear forces on the bond line) are illustrated in Figure 5. 
These specimens are prepared and assembled in much the same way as 
the mode-I specimen. The side arms on the mixed-mode specimen are 
clamped with spring clips to hold the two halves together during sample 
preparation. The mode-II fracture energy can be calculated from: 

P 2 

where h is the beam height as shown in Figure 5A. 
Trantina developed a finite-element stress analysis for the com- 

bined-mode specimen of Figure 5B from which the adhesive fracture 
energy can be computed. He presented his results in terms of the dimen- 
sionless parameter,/, 

,     KbW 
f = —p— (9) 

where K is the stress-intensity factor, P the tensile load, and b and W 
the specimen thickness and width, respectively. This parameter is tabu- 
lated for various crack length to width ratios (a/W) and crack angles (0) 
in Reference 27. The fracture energy (total critical strain-energy release 
rate) is calculated from the critical stress-intensity factor, using 

^<I,II)c</>2=  #<I,I,)c0 (10) 

where Eis the tensile modulus of the aluminum. It should be noted that 
Trantina's analysis was for a monolithic specimen with edge cracks at 
various angles (<£). He presumed the bond thickness to be too thin to 
affect the analysis. This assumption has been demonstrated to be correct 
by showing that the compliance derivative, dClda, of the 45°-specimen 
is identical within experimental error to that of a specimen constructed 
entirely of aluminum with edge notches sawed at 45° to the loading di- 
rection.28 

Unmodified Epoxies 

Some perspective as to the magnitude of polymer fracture energies 
relative to other materials is offered in Figure 6. The <3 lc values of 
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Figure 5. Test specimens for mode-II (A) and mixed-mode (B) ad- 
hesive fracture.5,15 
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METALS 

100- 

10- 

^,7075-T6 ALUMINUM 
__ / NYLON-EPQXY (ADHESIVE) 

ELASTOMER DISPERSION MQDIFIED-EPOXY 
RUBBER-EPOXY ADHESIVES 

FRACTURE ENERGY 

IN-LBS/IN2 

(25°C, 0.05 IN/MIN) 

POLYMETHYLMETHACRYLATE 

UNMODIFIED EPOXY, POLYESTER AND 
POLYIMIDE RESINS (BULK AND ADHESIVE) 

INORGANIC GLASSES 

Figure 6. Relative ranking of fracture energies (1 in.-lb/in.2 = 175.3 
J/M2). 

various polymers in bulk and as adhesives are scaled between the very 
brittle inorganic glasses and the relatively tough metals. Note the large 
gain in fracture energy by the addition of an elastomer to an epoxy and 
the even greater values obtained for the nylon-epoxy adhesive formula- 
tions which actually approach the metals in toughness. 

A comparison is made in Table 1 of the bulk and adhesive fracture 
energies of a few epoxy resins based on diglycidyletherbisphenol A 
(DGEBA) and cured with various agents. The values range between 50 
and 200 J/m2 with no systematic dependence on the type of curing agent 
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Table 1. Adhesive Fracture Energies of Unmodified 
Bisphenol — A Diglycidyl Ether Resins 

(25°C, 45% RH, 0.13 cm/min) 

Curing Agent 

Hexahydrophthalic Anhydride1 

Hexahydrophthalic Anhydride1 

"Nadic" Methyl Anhydride18 

Piperidine16 

Tetraethylpentamine12 

M-Phenylenediamine18 

%e (J/m 2) 
Adhesive Bulk 

116 136 
105 210 
124 86 
121 154 
58 88 

177 148 

or whether the energies were determined in bulk or in an adhesive 
specimen. 

Mostovoy, Ripling, and Bersch11 found an inverse correlation be- 
tween <Slc and resin tensile modulus for DGEBA cured with various 
amounts of tetraethylenepentamine and post-cured at different tempera- 
tures. These variations would be expected to affect the tensile properties 
of the resin and an inverse relation between »Ic and E might be expect- 

ed from equation (3) if the substitution s = -g- is made: 

»Ic~6,r^rc (ID 

but only under the fortuitous condition that crv and rc are relatively con- 
stant. Actually, the relation between £ and <8l of Reference 11 was non- 
linear in contrast to the linear dependence of equation (11). They also 
found an inverse relation between <3lc and both tensile modulus and ten- 
sile strength for DGEBA cured with hexahydrophthalic anhydride 
which is clearly unexpected from equation (11). Much more work is re- 
quired to establish the interrelationship between resin tensile properties 
and fracture energy, but, even at best, these can only be approximate 
correlations since the inelastic deformation processes that determine 
fracture energy can only be crudely modeled by the elastic properties of 

the resin. .  . 
Judging from the magnitude of the fracture energies in Table 1, it is 

clear that inelastic dissipative processes dominate crack initiation. The 
rupture of chemical bonds can account for no more than 10 J/m2, less 
than 10% of the measured energies.29 Most of the fracture energy in- 
volves viscoelastic and plastic deformation of the resin structure at the 
crack tip. Post-failure scanning electron microscopy (SEM) examination 
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of bulk and adhesive resin fracture surfaces reveal clear evidence of 
plastic deformation in the region of crack initiation. These regions of 
deformation appear as fingernail-shaped markings across an otherwise 
smooth surface. An example is shown in Figure 7 from a bulk test of the 
DGEBA-piperidine resin. Similar evidence of plastic deformation of 
epoxy resins in the region of crack initiation has been presented by 
Patrick et al.30 Intuitively, plastic yielding and flow of these highly 
cross-linked resins is difficult to accept in view of their usual brittle be- 
havior in tensile tests. Nonetheless, the stress magnification at the tip of 
a crack is sufficient to induce plastic flow. The stress conditions in this 
region are uniformly triaxial, and probably induce void formation similar 
to the crazing of crack tips in thermoplastic polymers31 although there is 
no published evidence to this effect. 

Quantitative description of the crack-tip deformation must involve 
the time-temperature dependent viscoelastic-plastic properties of the 
resin. Although some progress has been made in this direction, the re- 
sults are complex and at best approximate.32,33 For the present it is nec- 
essary to rely on the simpler models, recognizing their limitations. One 
of the more useful of these is the elastic-plastic model which assumes 
that within the deformation zone there is a wedge of material at yield 
stress, <Ty, but at the failure strain, ef (Figure 8). Surrounding this wedge 
the material is at the yield stress and strain, s„, out to the elastic-plastic 
boundary which envelopes a volume with a diameter of 2rc. 

The arrest fracture energies, i.e., the "valleys" in the load-displace- 
ment curve of Figure 3B are important from an engineering point of view 
in that the difference between initiation and arrest energies reflects the 
tendency for a crack to propagate spontaneously. The physical signifi- 
cance of fracture arrest is less understood than is initiation. Presumably, 
crack arrest for the tapered DCB specimen occurs when the strain en- 
ergy driving the crack is reduced by elastic and inelastic resin deforma- 
tion (and perhaps by kinetic energy losses) to a level insufficient to con- 
tinue crack motion. Whether this critical level is characteristic of the 
material is problematical. Nonetheless, <@lc arrest values for bulk and 
adhesive resin fracture have been found to be as reproducible as the 
initiation energies. 

The addition of carboxy-terminated butadiene acrylonitrile (CTBN) 
elastomers to epoxy resins increases the fracture energy by factors of 
30-40 over the unmodified resin. In Table 2, <§lc values are listed for the 
DGEBA-piperidine resin with increasing amounts of a 3500 number 
average M.W. CTBN. In the concentration range up to 15%, the elas- 
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Figure 7. SEM evidence of plastic flow at crack initiation on a 
fracture surface of an unmodified epoxy resin.16 

Figure 8. Schematic of the crack-tip deformation zone of an elas- 
tic-plastic material. 
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Table 2. Bulk Fracture Energy and Deformation Zone Size for 
CTBN-DGEBA-Piperidine Epoxy Resins1 e 

CTBN Fracture Deformation 
Concentration Energy, $Ir Zone Size, 2rc 

(wt%) (J/m2) (cm x MT3) 

0 121 0.8 
4.5 1050 12.4 

10 2720 21 
15 3430 33 
20 3590 70 

tomer precipitates out early in the resin cure as spherical particles with 
diameters of 2-5 ^rn.2,3,34'35,36 These particles can be seen in the fracture 
surface of an elastomer-epoxy resin shown in Figure 9. At concentra- 
tions above 15% the elastomer does not precipitate out but instead forms 
a more or less homogeneous blend, and with increasing elastomer the 
fracture energy declines sharply. 

One of the merits of elastomer-epoxy dispersions is that the large 
gain in toughness is accomplished with relatively little loss in the high 
tensile strength, modulus, and thermo-mechanical resistance of the 
epoxy matrix resin. This is illustrated in Figure 10 for the DGEBA- 
piperidine system. Above 15% CTBN, resin composition passes from a 
dispersion to a blend and there is an abrupt decline in strength. It is for 
just this retention of properties that the dispersed elastomer morphology 
is sought in formulating structural adhesives. 

As with the unmodified epoxy resins, the CTBN-epoxy material 
also exhibited fingernail markings on the fracture surfaces at the posi- 
tions of crack initiation. These markings are much broader on the modi- 
fied resin than on the simple epoxy, and are found to be composed of 
holes left by the deformed elastomer as illustrated in Figure 11. Beyond 
these regions of crack initiation (see Figure 9) the surface is very rough 
but the elastomer particles are relatively undeformed, indicating that the 
strain rate of the propagating crack was too fast to allow significant plas- 
tic deformation. 

Considered from a continuum point of view, the role of the elas- 
tomer particles is to allow a much larger volume for plastic deformation 
at the crack tip. In plain-strain mode-I fracture, there is a more or less 
symmetrical dilatation of the particles accompanied by plastic flow of 
the epoxy matrix. This deformation gives rise to a stress whitening 
which is responsible for the large fingernail marking in Figure 11, and 
just prior to crack initiation there is a uniform whitish zone at the crack 
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'.\01- mm 

Figure 9. Region of fast crack propagation on a CTBN-epoxy frac- 
ture surface.16 

tip shown schematically in Figure 12. Relaxation of the stress removes 
the zone except for a slice ahead of the crack (Figure 11). Buchnall and 
Smith37 observed this stress-whitened zone at crack tips in elastomer- 
modified, high-impact polystyrene and McGarry et a/.2-3 have described 
it for a CTBN-modified epoxy resin. The importance of the deformation 
zone size in determining the toughness of the CTBN-epoxy resins can 
be judged from equation (11) and the data in Figure 10. Of the three 
variables that determine fracture energy, cr„, E, and tc, the tensile 
strength actually decreases the change in modulus is too small to 
account for nearly a fortyfold increase in ^ Ic, all of which clearly indi- 
cates the commanding role of the zone diameter in the enhanced tough- 
ness. Calculation of 2rc gives values of 10 ^m for the unmodified 
DGEBA- piperidine resin and 350 fim for the resin with 15% CTBN. 
The similarity between the stress-whitened patterns of Figure 12 and the 
schematic of the idealized crack-tip deformation zone of Figure 8 gives 
some confidence in applying the elastic-plastic model of fracture [i.e., 
equations (3) and (11)] to these elastomer-modified resins. 
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Figure 11. Region of crack initiation on a 15% CTBN-DGEBA- 
piperidine resin fracture surface.16 

STRESSED RELAXED 

Figure   12. Schematic  of  stress-whitened  deformation   zone   in 
CTBN-epoxy resins under stress and after removal of load.16 
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The fracture behavior of the CTBN-epoxy resins as adhesives is 
dominated by strong bond-thickness effects. The reason for this is not 
hard to discover when it is realized that the plastic deformation zone, 
2rc, for many of these resin formulations is actually larger than the usual 
5-10 mil (0.013-0.025 cm) bond thickness of most adhesive joints. Figure 
13 shows the effect of bond thickness on 'S lc for the 15% CTBN- 
DGEBA-piperidine resin. The important features in this figure are the 
maximum in fracture energy at about 0.05 cm and the stable-unstable 
transition in the mode of crack propagation. At the maximum, the defor- 
mation zone size, 2rc, is approximately equal to the bond thickness. As 
the bond thickness is reduced, there is a change in the locus of failure 
from center-of-bond to the resin-adherened boundary as illustrated sche- 
matically in Figure 14. The entire resin layer becomes stress whitened in 
the thin-bond failure, and SEM post-failure examination revealed com- 
plete dilatational deformation of the resin (as shown in Figure 15) and 
that failure had occurred near the boundaries and left islands of resin on 
both fracture surfaces. Separation occurred outside of the roughness of 
the adherend but close enough to replicate the tool markings on the 
metal. 

INCHES 
0.01   002        004       006       0O8 010       012 

0 005 010        015        0.20        025        0.30        0.35 
BOND THICKNESS (CENTIMETER) 

Figure 13. Effect of bond thickness on adhesive <§Ic for an un- 
modified epoxy resin and for a CTBN-epoxy resin (upper points). Shad- 
ed circles indicate stable crack propagation (25°C and 0.13 cm/min load- 
ing rate).16 
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THICK BOND THIN  BOND 

Figure 14. Appearance of stress-whitened zone in a CTBN-epoxy 
adhesive layer when bond thickness is greater (A) or less (B) than 2rc.16 
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Figure 15. SEM post-failure appearance of a "thin" bond adhesive 
fracture of a 15% CTBN-DGEBA-piperidine resin.16 
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The decline in adhesive <SIC as the bond thickness is reduced from 
the maximum point can be viewed as the result of increasing constraint 
on the plastic deformation of the resin; in effect, a reduction of 2rc in 
equation (11). Note that the bond thickness for optimum adhesive-joint 
performance is not at the maximum but at a somewhat thinner bond 
where the mode of crack propagation is stable with less chance of catas- 
trophic fracture. In Figure 13 this optimum point would be at about 
0.01-0.03 cm (5-10 mils), which is the usual range of thickness specified 
in adhesive bonding technology. 

The decline in toughness for bond thicknesses greater than at the 
maximum is not fully understood. In this region failure is center-of-bond 
and the fracture markings are broad, fingernail-shaped features very sim- 
ilar to those seen on bulk specimens of the resin (Figure 11). Some evi- 
dence has been presented that the decrease in <$lc in the thick-bond 
region is the result in a change from plane-strain conditions at the max- 
imum to conditions approaching plane-stress as the bond is thickened.18 

Effect of Temperature on cSlc 

In the work of Mostovoy and Ripling38 the temperature dependence 
of mode-I adhesive fracture energy was investigated for unmodified 
epoxy resins and the results had the general shape given in Figure 16. At 
the high-temperature end the toughness increases sharply as the glass 
transition temperature (Tg) is approached. An increase in fracture en- 
ergy near Tg is associated with an increase in molecular mobility allow- 
ing greater plastic deformation at the crack tip. At the lower end of the 
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Figure 16. Typical adhesive fracture energy vs. temperature curve 
for unmodified epoxy resins in bulk and as adhesives.38 
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temperature spectrum O90°K) the steep rise in <gI(. may be related to 
some second-order structural transition, although this seems unlikely at 
such a low temperature since there are distinct ^-transitions at higher 
temperatures which do not affect <SIc. More likely, the high toughness 
near 90°K is due to the plasticizing effect of the LN2 coolant as was 
described by Olf and Peterling39 in the fracture of polymers. 

The effect of temperature on the bulk fracture energy of the 15% 
CTBN-DGEBA resin given in Figure 17 indicates a rise in <§lc as the 
temperature approaches the Tg characteristic of the epoxy matrix. The 
fact that it is the matrix Tg that dictates this thermomechanical response 
is evidence that it is the viscoelastic (plastic) response of the matrix that 
governs energy dissipation at the crack tip and that the function of the 
elastomer particles is to enlarge the volume in which this dissipation 
occurs relative to the unmodified epoxy. 

The effect of temperature on the adhesive <SIC of the 15% CTBN- 
DGEBA-piperidine resin is given in Figure 18 as a function of bond 
thickness. Note that the maximum in <SIC and the stable-unstable transi- 
tion in crack propagation shifts to higher bond thicknesses as the tem- 
perature is increased. As indicated earlier, this maximum occurs when 
the crack-tip deformation diameter 2rc is about equal to the bond thick- 
ness. Accordingly, the shift in the maximum point with temperature re- 
flects the effect of temperature on 2rc. Zone diameters were calculated 
for the 15% CTBN-resin at the various test temperatures of Figure 17, 
using equation (11) and the resin tensile strengths and moduli.18 In Table 
3 these zone sizes are compared with the corresponding bond thickness 
(hmax) at maximum <SIc. The agreement is nearly quantitative at the 
higher temperatures but becomes less satisfactory even at 25°C. Part of 
this discrepancy can be attributed to the fact that the tensile strength 

Figure 17. Bulk ^Ic vs. temperature for a 15% CTBN-DGEBA- 
piperidine epoxy resin.18 
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Figure 18. Adhesive cSlc vs. bond thickness and temperature for a 
15% CTBN-DGEBA-piperidine epoxy resin.18 
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Table 3. Comparison of Bond Thickness, Ämax, at Maximum Fracture 
Energy With Crack-Tip Deformation Zone Diameter, 2rc

18 

Temp, °K 

323 
310 
298 
273 
253 
233 

^max (cm) 

0.10 
0.075 
0.060 
0.050 
0.025 

< 0.01 

2rc (cm) 

0.12 
0.078 
0.033 
0.013 
0.008 
0.004 

increasingly underestimates the true yield strength as the temperature 
decreases, and the error is aggravated by the use of a/ in computing rc. 
Nonetheless, the shift in <SIC taax) and the transition from stable to un- 
stable propagation toward smaller bond thicknesses is clearly associated 
with a decrease in 2re with temperature. 

It is evident from the data in Figure 18 that a comprehensive picture 
of the effect of temperature on adhesive fracture requires fracture mea- 
surements as a function of bond thickness. To illustrate this point, a plot 
of adhesive <SIC versus temperature is given in Figure 19 for 0.025-cm (10 
mil) bond thickness. Plotted in the same figure (broken line) are the data 
of Mostovoy and Ripling for a commercial "rubber-modified epoxy" 
structural adhesive that had also been tested at 10-mil bond thickness. 
Note that in both cases the toughness was maximum at room tempera- 
ture. In a study of six other commercial modified-epoxy adhesives, in- 
cluding a nylon-epoxy composition, Mostovoy and Ripling found that 
the optimum toughness was at or very near room temperature. Clearly, 
the CTBN-epoxy serves as a relatively simple model for structural adhe- 
sives both in the magnitude and temperature dependence of adhesive 

The decrease in <glc above and below room temperature when mea- 
sured at constant bond thickness can be understood in terms of equation 
(11). At temperatures below 25°C the decline in adhesive toughness must 
be attributed to a decline in the deformation zone size rc, and not to 
changes in ay or E which increase as the temperature is lowered.18 

Above room temperature the decline in toughness with increasing tem- 
perature (Figure 19) is due to the fact that at constant bond thickness the 
rc term in equation (11) cannot increase and, as yield strength and modu- 
lus decrease with increasing temperature, the adhesive %c decreases. 
This trend is in distinct contrast with the bulk toughness for which there 
is no constraint on development of the deformation zone and <0IC in- 
creases progressively as Tg is approached. 
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Figure 19. Adhesive ^Ic vs. temperature at constant bond thick- 
ness (0.025 cm) for a 15% CTBN-DGEBA-piperidine resin, O. and an 
elastomer-epoxy commercial structural adhesive, (—).18 
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Unmodified Epoxies 

It has been determined both experimentally and theoretically40-41 

that mode-I is the lowest energy fracture mode. Thus, a crack always 
propagates along a path normal to the direction of greatest tension. In 
other words, a crack in an isotropic plate will propagate in mode-I frac- 
ture regardless of how the initial flaw is oriented with respect to the 
applied load. Such is not necessarily the case in adhesive fracture, since 
flaw propagation is constrained to the resin layer regardless of the orien- 
tation of the bond line — except, of course, when the adherend has a 
lower toughness than the resin (i.e., bonding composite materials). Con- 
sequently, attention must be given to adhesive fracture in combined 
stress conditions. 

Ripling, Mostovoy, and Patrick5 determined the mode-II adhesive 
fracture of a DGEBA-TEPA resin using the specimen illustrated in Fig- 
ure 5A. Trantina26 determined the mixed-mode adhesive fracture behav- 
ior of the same epoxy resin using the scarf-joint specimen in Figure 5B, 
and Bascom et al.15 used the same specimen design to study the mixed- 
mode adhesive fracture behavior of a DGEBA-HHPA and a DGEBA- 
piperidine resin. The fracture energies are listed in Table 4 with the nota- 
tion <Sac and «Sd.mc </> for mode-II and mixed-mode fracture respectively. 
The mode-I values are also presented and are comparable to the ^d.mc 4> 
values, with the latter generally higher. The shear-energy values were 
better than a factor of 10 greater than either the mode-I or mixed-mode 
values. However, observations by Ripling et al. and at this laboratory28 

suggest that failure of the shear specimen does not occur by simple 
mode-II fracture. Instead, microcracking occurs in the resin layer princi- 
pally near the loaded end of the specimen and along planes at an angle to 
the shear direction. These microcracks subsequently extend to the inter- 

Table 4. Effect of Fracture Mode on Adhesive Fracture Energy 
ofDGEBA-Resins5'10,15'16 

Fracture Energy (Sim2) 

Resin «Sic "Sue «a.ii>c 45° 

TEPA-DGEBA 70 1450 130 

HHPA-DGEBA 116 — 140 

Piperidine-DGEBA 121 — 255 
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faces and are joined by failure along the boundaries. Consequently, the 
high apparent ^Ilc values reflect not only the stress to initiate micro- 
cracks (in some mixed-mode fashion) but also includes the stresses 
needed to join the microcracks and overcome the frictional resistance of 
the jagged surfaces to slide past each other. Presumably, the values in 
Table 4 for <Snc are much too high. The most that can be said is that <g Ilc 

is greater than the energy needed to initiate the microcracking. 
An interesting feature of the fracture of adhesive specimens in com- 

bined loading (i.e., scarf joints) is that the locus of failure is invariably 
near the interface. This was the case even though the same resins exhi- 
bited center-of-bond failure in the mode-I double-cantilever beam tests. 
The locus of failure as determined by Trantina26 is presented schematic- 
ally in Figure 20. The precrack formed by wedging open the side arms 
was usually center-of-bond along A B as would be expected for cleav- 
age. As the specimen was loaded, the crack jumped toward the interface 
along B C and then, at a still higher load, propagation occurred along the 
boundary, CD. Bascom et al.15 examined this apparent interfacial fail- 
ure of the scarf joint in detail. They determined by C-14 radioactive la- 
beling of the resin (DGEBA-HHPA) that a residual layer was invariably 
left on the adherend so that failure was not truly interfacial. 

As might be expected, they found that the surface roughness of the 
adherend had a significant effect on ^a.inc In Table 5 the fracture ener- 
gies for 4> = 45° are given for aluminum adherends with different surface 
roughnesses. Clearly, the interrelationship is complex between rough- 
ness and fracture energy. Bascom et al.15 concluded that the deep sur- 
face scratches markedly retarded crack initiation (from point C in Figure 
20) to give high ^(IJ[)C values (e.g., milled surfaces), but that surfaces 
with many sharp asperities (600 grit surfaces) created stress concentra- 
tions in the interfacial region which aid crack initiation. The surface 
roughness of the polished surfaces was too shallow to influence the frac- 
ture energy. Post-failure SEM examination of the polished adherends 
revealed parabolic markings as shown in Figure 21. These markings indi- 
cate microcracking of the resin ahead of the main crack front, as shown 
schematically in Figure 22. The microcracks (voids) appear to have pro- 
pagated more or less perpendicular to the applied load, indicating lo- 
calized mode-I failure. It should be noted that these features are ob- 
served in a region of the fracture surface where the crack is propagating 
unstably, i.e., along the plane defined by CD in Figure 19, and do not 
necessarily reflect the micromechanics of crack initiation. Further study 
is needed of crack initiation close to resin-adherend boundaries, espe- 
cially in connection with the mixed-mode fracture of modified epoxy 
resins as described in the next section. 
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Figure 20. Schematic of the locus of failure in combined-mode 
tests of unmodified epoxy resins.15 
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Table 5. Effect of Roughness on Combined-Mode Adhesive Fracture 

Surface Treatment Roughness* (jitti 0         MÄ) «(IJDc4S° (J/M ~2) 

Milled + etched 1.17 2150 290 ± 90 
180 grit + etch 1.07 8950 123 ± 27 
600 grit + etch 0.36 2600 82 ± 33 
Polished 0.08 640 140 ± 63 

*Center-line-average (CLA). 
hr = thickness of residual film on adherend. 
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Figure 22. Schematic of parabolic fracture marking formation by 
the interaction of advance microcracks with the main crack front.15 

Elastomer-Modified Epoxies' 

The mixed-mode adhesive fracture of the CTBN-elastomer epoxy 
compositions and the commercial structural adhesives differ radically 
from the mixed-mode behavior of unmodified-epoxy resins. In Table 6 
the adhesive <SIC and <S(i,ii)C450 for these resins are compared, and the 
mixed-mode energies are seen to be lower by more than a factor of 10 in 
some instances for the modified epoxies and commercial adhesives. This 
difference is in distinct contrast to the unmodified epoxy resins for 
which $IC < 'Sa.iDc Such low fracture energies for the modified resins 
in combined stress loading raised questions about the validity of Tran- 
tina's analysis of the scarf-joint specimen in that the assumption was 
made that it could be modeled by an isotropic metal plate with edge 
notches, i.e., that a 10-mil adhesive bond line was too thin to affect the 
stress analysis. As mentioned in the Introduction, experimental compli- 
ance calibrations28 have established that Trantina's analysis is correct. 
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Table 6. Mode-I Versus Mixed-Mode Adhesive Fracture Energy17 

Fracture Energy (J/M2) 
Cleavage Cleavage + Shear 

Adhesive Resin a \c % ,ii)c45° 

Unmodified Epoxy* 116 136 

CTBN-Epoxyt 
10% Elastomer 3500 110 
30% Elastomer 2200 110 

Commercial 
Elastomer-Epoxy 2300 870 
Nylon-Epoxy 6100 750 

ME 329± 630 55 

AF 243§ 860 220 

*Hexahydrophthalic Anhydride-DGEBA 
tPipendine-DGEBA 
^Obtained from the Reliabond Co. 
§Obtained from the 3M Co. 

The low combined-load adhesive fracture energy of the modified 
resins is probably attributable to differences in the micromechanics of 
crack initiation between mode-I and mixed-mode adhesive fracture. The 
principal difference is that in mode-I the crack is initiating center-of- 
bond, whereas in mixed-mode the stress condition forces initiation 
toward the resin-metal boundary. Although this focusing of failure into 
the interfacial region is more or less clear cut for the unmodified-epoxy 
resins (i.e., Figure 20), the situation is more complex for the modified 
resins since the deformation zone (seen as stress-whitened resin) tends 
to be spread across the entire bond thickness. Nonetheless, the stress 
whitening observed after fracture in the region of crack initiation is 
usually most intense along one boundary, which suggests that separation 
began near the interface. Perhaps this focusing of the deformation zone 
against the boundary tends to reduce the fracture energy by constraining 
zone development in the sense that reducing bond thickness to less than 
2rc lowers toughness in open-mode fracture. Clearly, there is a need to 
examine the micromechanics of stress-focused, interfacial failure. 

The effects of bond angle and bond thickness on mixed-mode adhe- 
sive fracture have been investigated.28 In Figure 23 the results are pre- 
sented for epoxy, elastomer-epoxy, and a commercial adhesive using 
30°, 45°, and 60° scarf-joint specimens. All resins except the DGEBA- 
TEPA exhibited a maximum at 4> = 45°. Curiously, both the modified 
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Figure 23. Effect of bond angle on adhesive fracture energy, 0.025- 
cm bond thickness, 25°C and 0.13 cm/min loading rate. 

and unmodified resins had nearly the same adhesive toughness at 30° and 
60° bond angle. 

In other words, the high opening-mode toughness built into the resin 
by formulation is essentially lost at 30° and 60° and only partially re- 
tained at 45°. Further work is underway on the effect of bond angle on 
adhesive fracture, using a test specimen that is shaped like the pure 
mode-II specimen (Figure 5A) but altered for simultaneous application 
of tensile forces normal to the shear-load direction at the crack tip. Thus 
far, work with this joint confirms the general trend of the data in Figure 
23. 

The effect of bond thickness on the mixed-mode (0 = 45°) fracture 
of a commercial elastomer-epoxy adhesive very similar in composition 
to the 15% CTBN-DGEBA is shown in Figure 24. A maximum in ^<i,„>c 

45° between 0.025 and 0.050 cm was observed similar to the results with 
mode-I testing (Figures 13 and 18). Presumably, the same explanation 
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Figure 24. Bond thickness vs. fracture energy for combined-mode 
test specimens bonded with a commercial CTBN-epoxy film adhesive 
(D = 45°, 25°C, 0.13 cm/min loading rate). 

offered for the bond thickness effect on cSlc applies here, namely, a con- 
straint on crack-tip deformation in bonds of less than 15 mils and devia- 
tions from plane-strain conditions in the thicker bonds. 

The high opening-mode toughness (peel strength) required of struc- 
tural adhesives can be attained by the in situ formation of an elasto- 
meric, dispersed phase in a thermosetting resin matrix. Compositions of 
this type have been the basis for structural adhesive formulation for bet- 
ter than a decade and offer high toughness with a minimum of trade-off 
in the desirable thermomechanical properties of the matrix resin. The 
enhanced toughness of the modified-resin compositions compared to the 
thermoset resin alone can be associated with crazing of the elastomer 
particles in the triaxial stress field at a crack tip and the inability of the 
crack to advance through this crazed region. This crazing can be viewed 
as an enlargement of the crack-tip deformation zone diameter (2rc) as 
defined in the elastic-plastic model of linear elastic fracture. 
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The fracture behavior of CTBN-epoxy resin compositions was 
found to simulate the commercial structural adhesive resins. Using these 
"model" adhesives, the adhesive fracture energy was shown to have 
strong bond-thickness and bond-angle dependencies and a temperature 
dependence quite different from that of bulk resin. These effects were 
shown to be related to the fact that 2rc is of the same order of magnitude 
as the bond thickness, which leads to various interactions of the stress 
fields in and around the deformation zone with the resin-metal bounda- 
ries. These interactions deserve further study in order to better under- 
stand the mechanism of adhesive fracture. Undoubtedly, the resin mor- 
phology and composition play important roles in the micromechanics of 
fracture and work to identify such factors would aid in optimizing adhe- 
sive resin formulation. 

The dependence of adhesive fracture energy, ^c (Kc), on joint ge- 
ometry imposes specific requirements in developing adhesive failure cri- 
teria. First, the bond thickness effects observed in both mode-I and 
mixed-mode studies indicate the need to test adhesives for the effect of 
bond thickness on ®c and its temperature dependence. Second, the 
mixed-mode study clearly show that mode-I data do not represent the 
worst-case situation as is generally true of isotropic materials. Hopeful- 
ly, some analytical expression, born of a more detailed study of adhesive 
fracture micromechanics, can be found to relate ^Ic and ^a.ivc^- Until 
then, adhesive fracture testing will be incomplete without mixed-mode 
data. 
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Recent experiments have shown that significant improve- 
ments can be made in the structural efficiency of single-lap joints 
through several modifications. 

Tests have been conducted in which the adherends were lin- 
early tapered from full panel thickness to practically zero thick- 
ness over the length of the bond line in the load direction. Fur- 
ther, tests were conducted to examine the effects of introducing 
small grooves on the adhesive side of the adherends, perpendicu- 
lar to the load direction. Similarly, grooves only over the thicker 
half of the tapered adherend were investigated, because these 
grooves do introduce stress concentrations. 

In each case, significant improvements in joint efficiency 
were made under either static or fatigue loadings. Additionally, 
specific observations are made pertaining to the residual strain 
effect due to joint fabrication on the fatigue life of the joint. 

Second, studies were made on the effects of using hybrid ad- 
herends and their effect on joint efficiency. Recently, much dis- 
cussion has centered on the placement of several layers of Kev- 
lar~49 or fiberglass material, on the outer surface of graphite 
panels, to improve impact resistance. What is the effect of such 
hybrid construction on the shear and normal joint stresses in 
bonded-lap joints? The effects are discussed, for the cases in 
which the outer hybrid layers increase or decrease and A and D 
matrices of the adherends, versus a nonhybrid construction. 
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In lap joints, stress concentrations in the adhesive and adherends 
arise due to the difference in elastic moduli of the constituents and the 
abrupt thickness change which occurs at the ends of the overlap. My- 
lonas and deBruyne1 among others, have suggested that tapering the 
outer surface of the adherends would result in a more uniform state of 
shear stress in the adhesive while minimizing the tear stress it experi- 
enced. This result is directly attributed to minimizing the in-plane and 
transverse strain discontinuity at the ends of the joint. Recently, Cherry 
and Harrison2 have shown mathematically that for identical adherends, a 
linear taper will result in the adhesive shear stress attaining a near-uni- 
form distribution, while if the adherend thickness is much less than the 
overlap length, the adhesive tensile stresses will be negligible. 

The initial segment of this chapter presents static and constant am- 
plitude fatigue-test data comparing four adherend geometries. The con- 
stant thickness adherend lap joint, a linearly tapered adherend lap joint, 
and two linearly tapered joints that are fully and partially notched (Fig- 
ure 1) along the adhesive-adherend interface are discussed. 

Next, the problem of premature fatigue failure of the constant thick- 
ness aluminum adherends is looked at. Reasons for the existence of this 
problem are advanced. Finally, the effect of the addition of several 
layers of a foreign lamina to the outer surface of a composite laminated 
structure, for impact toughness and its ensuing effect on the adhesive 
stress distribution of a bonded joint, is discussed. 

Single Lap (SL) Fully Notched and Tapered (TN) 

Linear-Tapered Lap (LT) Half-Notched and Tapered (THN) 

Figure 1. Typical lap-joint configuration. 
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Static and Fatigue-Test Results 

The test specimens were composed of 7075-T6 bare adherends and 
EA951 Nylon-epoxy adhesive of 0.50- and 0.80-in. overlap length. All 
tests were run at room temperature, within a relative humidity range of 
10-55 percent. The crosshead rate for the static tests was 0.05 in./min. 
The fatigue results are for a stress ratio (R) of +0.10 and a 30 Hertz 
cycling rate. All specimens were fabricated using a platen press, after 
the surfaces were prepared with an FPL etch. 

The static test results are summarized in Table 1. Failure of the 
standard and tapered lap joints occurred in the adhesive. The tapered 
and grooved specimens failed in a combined adhesive-adherend mode 
with the adherend usually failing along a notch at the centerline of the 
overlap. Figure 2 shows typical failed specimens. 

Any improvement in the static load-carrying ability of the various 
joint configurations is best reflected by its joint efficiency. Joint effi- 
ciency is defined as the ratio of the joint strength (i.e., the load-carrying 
ability of the joint) versus the strength of the sheet material. Results 
indicate that with a high-strength adhesive such as EA951 and with 
proper design, one can achieve 80-90 percent efficiency for each of the 
lap-joint geometries looked at. Modest improvement in efficiency for a 
similar overlap length is seen to exist for the tapered, and/or tapered and 

Table 1. Static Test Results 

Overlap Avg. Adhesive Avg. Ult. 
Length Thickness Joint Load Joint Type of 

Type of Joint (in.) (in.) (LB) Efficiency (%) Failure 

Single Lap 0.540 0.0045 2600.0 52.5 Adhesive 
Singla Lap 0.800 0.0055 3769.0 82.5 Adhesive 
Tapered 0.540 0.0070 2612.0 52.7 Adhesive 
Tapered 0.730 0.0020 4237.0 85.0 Adhesive 
Tapered and 0.540 0.0040 3642.0 73.0 Adherend 
Grooved and Adhesive 
Tapered and 0.800 0.0030 4518.0 91.0 Adherend 
Grooved and Adhesive 
Tapered, 0.800 0.0070 4160.0 84.0 Adherend 
Grooved along and Adhesive 
V2 overlap 

Strain Rate = 0.05 in./min. 
Specimen Width = 1.00 in. 
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Figure 2. Typical static failure specimens. 

grooved configurations. This is realistic, as the tapering effect at the un- 
loaded adherend ends (i.e., location A, Figure 1), results in a reduction 
in stiffness mismatch. This effectively reduces the shear and tension 
strain discontinuities at these ends, resulting in a more uniformly loaded 
adhesive. Moreover, for a ductile adhesive the improvement in load car- 
rying ability, sought by tapering the adherends, is enhanced by the adhe- 
sive's ability to load up fully along the total adhesive bond line. 

The fatigue-test results are summarized on the S-N curves of Figure 
3. The curves represent best-fit regression analysis of the various test 
data. More than 60 test points are represented on the curves. The low- 
cycle, high-load specimens failed in the adhesive. Those specimens ex- 
ceeding a life of 80,000 cycles failed in the adherend at the edge of the 
overlap. In this region, the sheet experiences maximum tensile stress 
and moment, which is directly proportional to the size of the load-path 
discontinuity at the edge of the joint. 

Table 2 summarizes the improvement seen in the load-carrying abili- 
ty of tapered adherend configurations at 4 x 106 cycles. Specifically, the 
results indicate that the efficiency of the standard lap joint subject to a 
fatigue loading can be improved by approximately 20% by tapering 
and/or inserting grooves at the interface. This improvement is primarily 
due to the reduced stiffness of the adherends in the overlap region, al- 
lowing the joint to reorient itself, when loaded, into a scarf-type geome- 
try (Figure 4). This is the most efficient joint configuration, resulting in a 
reduction in moment and peak tensile stresses in the adherends. 

Overall, results would indicate that a tapered and/or grooved speci- 
men can definitely improve the static and fatigue efficiency of a single-lap 
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Overlap Joint 
Length (in.) Efficiency (%) 

0.540 33.5 
0.800 38.4 
0.540 52.5 
0.730 39.7 
0.540 52.2 
0.800 41.3 

W. J. Renten, J. Pajerowski, J. R. Vinton 

Table 2. Summary of Fatigue-Test Results at 4 x 106 Cycles 

Type of Joint 

Single Lap 
Single Lap 
Tapered 
Tapered 
Tapered and Grooved 
Tapered and Grooved 
Tapered, Grooved, along l/i 

overlap 0.800 54.5 

R = +0.10 
Cycles = 30 Hz 
All failures in adherends adjacent to overlap. 

joint. The addition of properly shaped grooves (V-notches were used in 
these tests) over a selected length of the overlap may further improve 
the joint's efficiency. Moreover, the proper selection of taper and 
grooves could conceivably allow the joint to respond to load as a true 
scarf joint, resulting in significant increases in joint efficiency, without 
the problems associated with fabrication of scarf joints. 

An existing problem in bonded joints of sufficient magnitude to war- 
rant comment, is that of residual strains. They arise due to the high-tem- 
perature cure requirements of certain adhesives. The residual strains 
occur due to the differential thermal contraction and conductivity be- 
tween the adhesive and/or the adherends. Upon completion of the ele- 
vated temperature cure cycle, the adhesive cools down and begins to 
acquire a significant stiffness and strength capability, long before reach- 
ing room temperature. For an adhesive that cures at 350°F, this capabili- 
ty occurs with some significance at 180-200°F. The net result is that a 
sizable nonuniform residual strain is locked into the adherends, reaching 
a peak at the edge of the overlap (point A in Figure 1). 

The residual strain effect for identical adherends is thought to be 
minimal, yet the data presented in Table 3 suggests otherwise. The data 
in columns 1-3 emphasize that based on the applied load, and with the 
inclusion of the bending stresses per the Goland-Reissner3 analysis, a 
significant reduction in the life of the aluminum sheet does occur for 
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Figure 4. Tapered joint reorientation during the load process. 

Table 3. The Influence of Residual Strains on 
the Fatigue Life of Bonded Joints 

(1) (2) (3) (4) (5) 
Max. Sheet Expected Actual Actual Residual 

Stress Cycles to Cycles to Max. Sheet Stress 
(P/A + MC/I) Failure Failure Stress for (4M1) Type of 

Spec. ksi (xlO6)* (xlO6) (3) (ksi)* (ksi) Failure 

0.50" Single Lap 22.1 >10.0 0.806 42.0 19.9 Adherend 
27.6 >10.0 0.668 42.0 14.4 Adherend 
37.3 >10.0 0.167 46.0 8.7 Adherend 
64.5 0.020 0.012 66.0 -1.5 Adhesive 

0.80" Single Lap 42.6 0.500 0.211 45.0 2.4 Adherend 
57.5 0.070 0.053 56.0 -1.5 Adhesive 
27.5 >10.0 0.567 43.0 15.5 Adherend 

to.50" Single Lap 30.0 >10.0 0.700 41.0 11.0 Adherend 
44.6 0.400 0.200 49.0 4.4 Adherend 
52.0 0.100 0.100 51.0 -1.0 Adhesive 
25.0 >10.0 2.00 38.0 13.0 Adherend 

R = +0.10 
"Values from Goodman Curve for 7075-T6 Sheet 
tFrom Data, 2024-T3 Sheet4 
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both the data in this report and that of Wang.4 Metallurgical data spe- 
cifies that during the adhesive cure cycle the heat treatment of the alumi- 
num is changed from T6 to T73. Yet, available fatigue data suggest that 
there is no loss in fatigue life of the aluminum. Column 5 estimates the 
potential magnitude of the locked-in stress in the adherend necessary to 
cause failure at the cycles specified in column 3. 

Is the magnitude of the residual strain realistic? A simple calculation 
suggests it is. If, for example, the temperature level at which residual 
strains begin to be locked in is 180°F, then the peak residual tensile 
strain in the aluminum sheet, at room temperature, is approximately 14.4 
ksi. A sizable sum in fatigue. 

In the high-load, low-cycle region, the adhesive becomes the initial 
item to fail. As the test data move into this region, the disparity between 
the actual and expected cycles to failure for the sheet becomes minimal. 
Therefore, it is in the high-cycle regime that the residual strain effect is 
most detrimental. The resulting residual strain distribution throughout 
the sheet cross section must be self-equilibrating. Therefore, it is not 
uniform. The exact distribution is unknown. 

The residual strain effect accompanying fabrication of dissimilar 
materials can be even more detrimental due to the addition of a thermal 
mismatch problem between the adherends. Initial efforts were made to 
quantify the residual strains resulting from the fabrication of a fiberglass 
to aluminum single-lap joint. A 350°F cure adhesive was used. The effort 
was partly successful. Strain gages were placed along the periphery of 
the joint monitoring the residual strain buildup which occurred during 
the fabrication process. Results indicated: (1) that the transverse residu- 
al strains were an order of magnitude larger than their longitudinal coun- 
terparts (this was supported by the transverse warpage evident in Figure 
5), (2) that peripheral gages were unable to quantify the peak residual 
strains occurring in the overlap end region. 

The significance of the problem is self-evident. Yet a reliable, accu- 
rate means to resolving this problem is presently unavailable. Definitely, 
work in this area should prove highly rewarding. 

The desirability of using laminated composite materials in numerous 
structural applications has led to the use of hybrids to resolve specific 
structural design requirements. Frequently, several layers of a foreign 
material are laminated in a prescribed manner within a base material. 
Such an application is frequently used to improve the fracture toughness 
of a brittle lamina (i.e., graphite). Therefore, the question to be resolved 
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Figure 5. Dissimilar adherence warpage specimen. 

is: what is the influence on the stress distribution in an adhesively bond- 
ed joint when the composition of the adherends is altered by substituting 
for several plys of the base material, another laminated material system? 

To answer the question qualitatively, a single-lap joint will be an- 
alyzed using the closed form analytical routine BOND4. The analysis 
(BOND4), has been shown by Sharpe and Muha,5 through their experi- 
mental investigation, to characterize the state of stress in the adhesive 
most accurately of the many models they investigated. The results pre- 
sented are generally applicable to all bonded joint configurations. The 
load is held constant. Figures 6 and 7 show the adhesive shear and nor- 
mal stress distributions for two limiting cases (solid lines). Curve 1 is for 
two identical fiberglass adherends. Curve 2 represents two geometrically 
similar adherends with the material properties being those of graphite in 
place of fiberglass. With the adhesive properties being invariant, all 
other adherend material combinations for the like geometrical con- 
straints of thickness and overlap length will have peak stresses that fall 
within these bounds (i.e., the all-glass adherend joined to the all-graphite 
adherend shown by the lines). 

The fundamental adherend parameters being varied are the in-plane 
and flexural stiffnesses. Basically, the larger the ratio of the in-plane 
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associated with curves 1 to 3, respectively. 

stiffness (A1L) to the adhesive shear modulus factor (Getf ° TJ), the more 
uniform is the adhesive shear stress, with the stress peaks approaching a 
minimum value. Similarly, the larger the ratio of the flexural stiffness 
(D1L) to the adhesive tension modulus factor (Eetf ° TJ

3
), the less significant 

are the peel stresses in the adhesive, TJ is the adhesive thickness and Gett 

and Eefi are the adhesive effective shear and tension moduli. The max- 
imum values of adhesive shear and normal stress will occur at the edge 
of the overlap adjacent to the adherend with the minimum in-plane and 
flexural stiffness, respectively. 

All-graphite adherends, being most rigid, represent a lower bound 
for this study as pertains to peak adhesive stress. Substituting all-glass 
adherends, results in the peak shear stress increasing 27 percent and the 
peak normal stress increasing 61 percent. The problem is to determine if, 
by the substitution of several plys of fiberglass for graphite, the adhesive 
can withstand a fraction of these increased stresses for its design load 
versus life spectrum, assuming a base design with all-graphite laminates. 
The fractional stress increase would be proportional to the number of 
plys of fiberglass replacing graphite in each case. 
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Normally, an efficiently designed adhesive joint cannot withstand 
these increased stress levels without failing prematurely. To avoid this, 
several alternatives are available to the designer to lessen the peak 
stresses. First, increasing the overlap length can many times reduce the 
peak stress to an acceptable level. Second, a less stiff adhesive can be 
used to increase the ratios (A n/GeH ° 77) and (Dn/EeSf ° 173). This effectively 
reduces the peak stresses. Third, increasing the thickness of the ad- 
herends with the addition of several plys of new material reduces the 
peak stresses. Additionally, such adjustments in the design can alleviate 
the introduction of excessive moments at the ends of the overlap due to 
the insertion of the layers of the foreign lamina. 

The strain mismatch problem associated with the formation of a hy- 
brid construction has not been accounted for in this discussion. This 
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should be a point of concern in all designs. Finally, for the instance 
when one must join two dissimilar adherends, the use of a hybrid design 
could conceivably alleviate an adverse peak adhesive stress situation by 
enabling one to match the in-plane and flexural stiffness of the ad- 
herends. This is an optimum condition. 

SUMMARY 

Ways to increase the efficiency of adhesive bonded joints have been 
ascertained for static and fatigue loads. The effect of incorporating resid- 
ual strains into the joint during fabrication was discussed. A full under- 
standing of the magnitude and distribution of these strains is lacking. 
Finally, the effect of hybrid construction on the peak adhesive stress in 
bonded joints was looked at qualitatively. 
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13. STRUCTURAL ATTACHMENT OF 
COMPOSITE ROTOR BLADES 

W. K. STRATTON, T. S. SCARPATI, and C. A. CLASS 
Boeing Vertol Company 

Philadelphia, Pennsylvania 

The decision to convert completely to composite rotor blades 
for all new helicopters dictated the development of a root-end-re- 
tention concept which made maximum use of the inherent proper- 
ties and characteristics of fiberglass. 

A trade-off study was conducted which evaluated many vari- 
ations of three basic structural concepts against stringent criteria 
for safety, reliability, maintainability, structural efficiency, and 
manufacturing simplicity. 

The vertical-wraparound concept was selected for develop- 
ment on the UTTAS and Heavy-Lift helicopters. This chapter 
presents reasons for the selection along with the initial results of 
fabrication and test. The methods of automated lay-up for the 
vertical-wrap concept, which provides extremely low fabrication 
and labor costs, are described. 

The results of static and fatigue testing of full-scale speci- 
mens are also discussed. This includes the data on fail-safety 
testing in which major portions of the root-end specimens were 
purposely damaged to levels beyond that of 23mm HEI, then fa- 
tigue tested for the equivalent of hundreds of flight hours without 
propagation of damage. 

INTRODUCTION 

The development of composite rotor blades at the Boeing Vertol 
Company began in 1958. Development continued through the 1960s, 
leading to the successful design, fabrication, and flight testing of fiber- 
glass and later boron-composite advanced-geometry rotor blades. In 
1969 a decision was made that all new helicopters would be equipped 
with composite rotor blades. Furthermore, the company initiated an ac- 
tive program to modernize existing helicopter fleets with such blades. 
The major reasons behind these decisions reflect the many advantages 
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over metals that composites offer when applied to helicopter rotor 
blades: 

1. The capability to tailor configuration, geometry, and structural 
material to achieve the most aerodynamically and structurally efficient 
rotor blade. 

2. An order-of-magnitude improvement in safety, damage toler- 
ance, and survivability. 

3. The capability to fabricate blades with a high degree of contour 
repeatability to achieve an improvement in vibration levels. 

4. The promise of improved reliabilty and maintainability which re- 
duce the cost of ownership over the aircraft's life cycle. 

With the decision made to pursue composite rotor blades for pro- 
duction applications, a proper retention system had to be selected which 
was in keeping with the cost, safety, and strength objectives defined for 
the production blades themselves. This choice posed one of the most 
difficult aspects of composite-rotor-blade development. 

Fatigue capability is the primary design consideration in the devel- 
opment of a rotor-blade root-end retention. It must be designed to with- 
stand very high steady loads, dominated by blade centrifugal force, and 
variable phasings of both alternating and steady torsional and bending 
loads. 

The second major consideration affecting root-end-retention design 
dictates that the concept make the most efficient use of the inherent 
structural and fail-safe properties of composites. Composites are most 
efficient when the major loads are aligned with the principal fiber direc- 
tion. This provides a favorable load path in the composites while trans- 
ferring loads to a single-point metal hub. Metal components within the 
root end which are not fail-safe or easily replaceable should be avoid- 
ed. 

The design of a rotor blade must also account for kinematic, geo- 
metric, and configurational compatibility with the remainder of the air- 
craft. Such factors include blade folding, hub and control-system geome- 
try, static and rotating clearances, lead-lag dampers and their 
attachment, vibration-absorption devices, and hub and control-system 
loads. For new aircraft these considerations do not present a major 
problem; the hub-attachment geometry is flexible and can be traded 
against its impact on blade-retention-system design. On existing aircraft 
this flexibility may not be there. Geometry and permissible envelope are 
fixed and are generally inflexible to significant deviations. It therefore 
becomes an additional design objective that a root-end-retention concept 
be selected which can be used on both new and existing aircraft so that 
service history, experience, and test data accumulate quickly and are 
significant to all products. 
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The search for the most efficient structural attachment for compos- 
ite blades started virtually simultaneously on three aircraft, each with a 
specific design requirement. The Heavy-Lift Helicopter required a new, 
articulated rotor blade; the new UTTAS needed a hingeless rotor blade; 
the CH-47 Chinook helicopter required a replacement blade that could 
be attached to an existing, single-pin hub fitting. Each dictated a sepa- 
rate but coordinated trade-off study. 

The criteria for selection included the specific and general require- 
ments for each blade application. The general criteria for the evaluation 
of the composite-blade-retention concepts can best be grouped into four 
categories. 

Structural Efficiency 

Consideration of the structural efficiency of a concept includes the 
strength and weight of the joint, the effective use of materials, the direct- 
ness of load paths, and the state of knowledge of allowable stresses and 
analytical methods. Special consideration must be given to metal compo- 
nents in the joint, the bond-line interface of the composite and metal 
components, and use of the composite material in its most efficient ori- 
entation. 

A good design will avoid having a metal or metal/composite bond in 
the primary load path. When a metal component becomes a major struc- 
tural element in a root-end retention, it inherently becomes the struc- 
turally limiting element or weak link in the load path. Metals are not as 
strong as composites on an equal-weight basis and are subject to all the 
ills which have driven rotor blades to composites — fretting, notch sen- 
sitivity, manufacturing defects, etc. The bonded interface of the compos- 
ite spar to the metal element requires sophisticated analytical modeling. 
There is also a lack of proven allowable stresses and methodology for 
low-stress, high-cycle fatigue analysis and long-term durability of bond- 
ed joints. 

Composites are not homogeneous or isotropic; strength and stiff- 
ness exist only where the designer places the reinforcing fibers. The 
structural advantage of composites is realized only when the fibers can 
carry the load; resin can carry only a fraction of the load that fibers can. 
When a retention-system concept calls for a significant loading at angles 
to the fibers, additional reinforcing material is necessary, thus reducing 
some of the overall structural efficiency of composites. 
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Safety 

Evaluation of a concept's safety includes consideration of the fail- 
ure mode and fail-safe factors of the joint, the inherent redundancy of 
load paths, the requirement for a failure-detection system, and the safe 
operating life after a failure. 

Metal in the retention system has a distinct effect when evaluating 
the safety of that system. If the concept is one in which most or all of 
the load is in a metal component, the rapid crack-propagation rate of 
metal becomes a significant design consideration. To satisfy the fail-safe 
objective, redundancy and its potential weight penalty or a failure-detec- 
tion system is required. 

Reliability and Maintainability 

These criteria evaluate a joint concept's component reliabilty, re- 
pairability, replaceability, and ease of inspection. When evaluating the 
reliability and maintainability, careful attention must be paid to con- 
cealed and nonreplaceable fittings. Since metal fittings are normally 
stressed closer to their allowable endurance limits, a situation may 
occur wherein the metal component has a limited retirement life. If re- 
tirement of the fitting necessitates retirement of the blade, the cost to the 
user becomes prohibitive. Metal components and their bond lines must 
be minimized and they must be easily inspectable and repairable or re- 
placeable. The requirement for a failure-detection system has a signifi- 
cant impact on the reliability and maintainability rating of a retention 
concept. 

Manufacturing Simplicity and Cost 

These criteria evaluate the concept for the number of individual ele- 
ments and degree of complexity, the simplicity of lay-up, and consider- 
ations which affect the overall cost of the total blade. When evaluating 
the cost of a root-end concept, special note must be paid to the automa- 
tion potential of the lay-up. A concept for a root end which dictates 
complicated hand lay-up should be avoided; complex machined parts, 
close tolerances, and hand fit-up for secondary bonding are all cost-driv- 
ing elements that should also be avoided. 

There are three basic structural concepts that can be used to form a 
composite laminate-to-metal joint in a vibratory load field dominated by 
a strong axial load such as centrifugal force. These concepts are (Figure 
1): 
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1. A simple mechanical interface in which the laminate is treated as 
if it were a metal and is attached by bolts and/or adhesives. 

2. A wedge concept wherein the laminate is captured between two 
metal elements so that the enclosed volume of laminate is greater than 
the exit from the cavity. 

3. A wraparound concept in which the laminate is wrapped and 
formed around a metal retention fitting. 

These three basic structural concepts can be used to design many 
advanced and different blade-retention concepts, depending upon the 
specific capabilities and requirements of the joint. 

A summary of a few of the more popular concepts is presented in 
Figure 2. These are the remaining concepts which evolved from a gener- 
al design trade study of blade-retention concepts. Some designs were 
eliminated quickly because of obvious deviations from the criteria. Each 
remaining concept is fully capable of being used on a helicopter rotor 
blade. Sufficient analysis and design of each concept have been conduct- 
ed to demonstrate feasibility and to define critical loadings, stresses, and 
relative weights. Each of the concepts shown in Figure 2 has been an- 
alyzed and evaluated against the criteria cited previously during a final 
trade study which ultimately led to the concept for final design and fabri- 
cation. 

Boeing Vertol's successful composite blades have been designed 
around two of these concepts. These included the fiberglass Advanced- 
Geometry Blade (AGB) developed by Boeing Vertol and test-flown 
under Army contract on the CH-47 helicopter in 1969 (Figure 3); the 
all-boron-composite AGB developed and flown on the CH-47 under Air 
Force contract (Figure 4); the fiberglass-boron Boeing Vertol 222 tilt- 
rotor blades developed and wind-tunnel-tested under NASA contract 
(Figure 5); and the fiberglass blade in production for the Messerschmitt- 
Boelkow-Blohm BO-105 helicopter (Figure 6). Both Advanced-Geome- 
try Blades (fiberglass and boron) and the 222 tilt-rotor composite blade 
used the cylindrical-wedge concept; the BO-105 employs a single-pin, 
vertical-wrap root end with external fitting. 

All the concepts shown in Figure 2 terminate in a single- or double- 
vertical-pin connection to the rotor hub since all helicopters built at Boe- 
ing Vertol are subject to the requirement that the rotor blade be capable 
of folding about this attachment. This was a significant factor in the 
trade study and ultimate selection. 

DISCUSSION OF TRADE-OFF STUDY RESULTS 

The final results of the study showed that the vertical-pin wrap is 
the preferred concept, with the two-pin version being the better where 
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aircraft geometry and design considerations will permit. This vertically 
wrapped concept satisfies all the objectives initially stated. There are no 
critical metal fittings and therefore no critical bond line to develop. The 
load transfer is direct to the attachment pin. 

The primary loading and resultant failure mode, as established by 
over 100 tests of the BO-105, is slow breakdown of the resin with no 
primary-fiber breaks. Thus, there is no failure in the critical load path. 
The multipin concept adds to this alternate load paths, insures inherent 
fail-safety, and eliminates the need for a failure-detection system. All 
metal elements in the root are repairable or replaceable; manufacturing 
is simplified since there are no complicated fittings to be machined. Ver- 
tical wrapping of the lay-up is more complicated than horizontal wrap- 
ping. However, aggressive action during the development programs 
identified means to simplify both manual and automated lay-up. 

The vertical-pin wrap was therefore selected as the primary root- 
end concept. The multipin concept was selected for the HLH and, more 
recently, for the CH-46. The single pin was selected for the CH-47 be- 
cause of its adaptability to the current CH-47 hub and for the UTTAS 
because of its proven characteristics for a hingeless, single-rotor heli- 
copter, based upon the flight-proven BO-105 helicopter. 

The cylindrical wedge or coke-bottle concept rated relatively low in 
this study in spite of our experience with it. The major reason for this 
rating is the metal fitting. The safety, maintainability, and reliability of 
the highly stressed, captured inner socket are unacceptable for a produc- 
tion application to helicopter rotor blades. To insure fail-safety, a highly 
sensitive failure-detection system would be necessary to protect this 
critical fitting properly. Furthermore, a totally satisfactory means of re- 
placing the metal fitting was never identified. Thus, the effective life of 
the blade would be dependent upon the less reliable metal. By the time 
the required fail-safety and life could be achieved, there would be a sig- 
nificant weight penalty compared to the other concepts. 

Although the mechanically fastened concept is a very cost-effective 
design, it has the distinct disadvantage of interrupting the fibers in the 
joint area rather than keeping the loads aligned with them. This concept 
is inherently redundant and repairable with generally straightforward 
load paths. Aggressive programs to develop mechanical attachments for 
the use of composites on fixed-wing structure have provided a back- 
ground in the required design allowables. However, detailed analysis re- 
vealed extensive structural risk as well as uncertainty and problems in 
material selection. The load transfer into the plates must occur through 
the bond line, with some load transferring through the bolts. Uncertainty 
as to load sharing forces a conservative assumption of 100-percent bolt- 
bearing transfer. Fiberglass alone could not be used as the spar material 
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CRITERION 

STRUCTURAL a   LAMINATE IS POSITIVELY CONTAINED o   LAMINATE IS POSITIVELY CONTAINED; 
EFFICIENCY a   STRUCTURAL BONO IN PRIMARY LOAD o  STRUCTURAL BOND IN PRIMARY LOAD 

PATH PATH 
o  LAMINATE IS LOADED IN SMEAR TEAR- o   LOAD REACTION INDUCES HIGH 

OUT MODE AND REQUIRES HIGH- STRESSES ACROSS FIBERS IN WEDGE 
MODULUS FIBERS TO SUPPLEMENT 
FIBERGLASS 

SAFETY o   ALL LOADS ARE TRANSFERRED INTO o  INTERNAL FITTING HAS HIGH STRESS 
METAL FITTINGS LEVELS, RAPID CRACK RATE 

o   HOWEVER, CONCEIT HAS INHERENT o  CONCEPT REQUIRES FAILURE- 
REDUNDANCY AND VISIBLE FAILURE DETECTION SYSTEM FOR "FAILSAFETY 
PROPAGATION 

o  ACTIVE, FAILURE-DETECTION SYSTEM 
NOT REQUIRED FOR FAILSAFETY 

MAINTAINABILITY o  ALL ELEMENTS ARE 1NSPECTABLE o   OUTER FITTINGS ARE INSPECTABLE 
AND REPAIRABLE AND REPAIRABLE, INNER FITTINGS 

ARE NOT 

MANUFACTURING e  LAYUP IS AUTOMATABLE AND EX- »  LAMINATE LAYUP IS AUTOMATABLE 
SIMPLICITY TREMELY SIMPLE BUT MODERATELY COMPLEX 

o   MAJOR COST IS IN MACHINING a  MAJOR COST IS IN MACHINING OF 
AND DRILLING, BONDING, AND ROOT-END FITTINGS 
BOLTING OF ASSEMBLY 

Figure   2. Summary   of  root-end-retention   concepts   and   trade 
study. 

since its modulus is so different from that of the metal fittings that effec- 
tive bond-joint transfer would not be obtained. The shear-tearout prop- 
erties of the fiberglass material are not sufficiently developed to permit 
fiberglass alone in this configuration. High-modulus fiber material — 
graphite or boron — would be necessary, at least as local doubler mate- 
rial under the metal fittings, to improve the spanwise-strain compatibility 
and improve the bearing and tear-out characteristics of the total lami- 
nate. The high-modulus fiber composites have the distinct disadvantage 
of failing across the fibers when they do fail; in this characteristic, they 
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CONCEPT 

CRITERION 

WRAPAROUND 

HORIZONTAL VERTICAL 

STRUCTURAL 

EFFICIENCY 
MAJOR LAMINATE STRESSES ARE IN 
DIRECTION OF PRIMARY FIBER 
ORIENTATION 
LAMINATES ARE ALL POSITIVELY 
CONTAINED 
STRUCTURAL BONDS IN PRIMARY 
LOAD PATH BETWEEN LAMINATE 
AND METAL FITTINGS 

MAJOR LAMINATE STRESSES ARE IN 
DIRECTION OF PRIMARY FIBER 
ORIENTATION 
LAMINATES ARE ALL POSITIVELY 
CONTAINED 
NO STRUCTURAL BONDS IN PRIMARY 
LOAD PATH 

ALL PRIMARY LOADS ARE TRANS- 
FERRED INTO METAL FITTINGS 
CONCEPTS HAVE INHERENT REDUN- 
DANCY AND GENERALLY VISIBLE 
FAILURE MODES 
ACTIVE FAILURE-DETECTION 
SYSTEM NOT REQUIRED FOR 
FAILSAFETY 

NO METAL FITTINGS REQUIRED TO 
TRANSFER LOADS FROM LAMINATE 
TO HUB ATTACHMENT 
FIBERGLASS FAILURE MODES PREVAIL 
INHERENT FAILSAFETY WITHOUT 
ACTIVE FAILURE DETECTION SYSTEM 

MAINTAINABILITY EXTERNAL FITTINGS ARE INSPECT ABLE 
REPAIRABLE, AND REPLACEABLE 
INTERNAL FITTINGS ARE INSPECT ABLE 
ONLY 

ALL ELEMENTS INSPECTABLE AND 
REPAIRABLE 

MANUFACTURING 
SIMPLICITY 

LAMINATE LAYUP IS SIMPLE AND 
AUTOMATABLE 
MAJOR COST IS IN MACHINING   OF 
FITTINGS 

LAYUP IS AUTOMATABLE BUT 
MODERATELY COMPLEX 
MAJOR COST IS IN LAYUP 

Figure 2. (Continued) 

resemble metals. Since this failure mode acts to degrade the centrifugal- 
force load path (which is the catastrophic failure mode of a rotor blade), 
high-modulus material reduces the safety rating of this concept com- 
pared to an all-fiberglass joint. 

The horizontal-wrap concepts seemed to offer an efficient means for 
load transfer and for low-cost spar fabrication; however, the metal struc- 
ture became complex, heavy, and expensive. The criticality of the bond 
line between the laminate and metal fittings is also a problem in this 
concept. Although the concepts are inherently redundant, the loads must 
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Figure   3. Boeing  Vertol's   fiberglass   advanced-geometry   rotor 
blade. 
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Figure 5. Fiberglass and boron blade for the Boeing Vertol 222 tilt- 
rotor. 

Figure 6. Root section of the fiberglass blade for the MBB BO-105 
helicopter. 
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be transferred into the metal fittings and consequently the failure charac- 
teristics, reliability levels, and crack-propagation rates of the metal pre- 
vail. It is in this regard that the following requirement impacts the results 
of the study. If the pin attachment to the hub could be made through 
horizontal pins rather than vertical pins for folding, then the requirement 
for the fittings would be eliminated. The horizontal wrap would then 
have the same advantage as the selected vertical-wrap concept. 

In the following sections the results of the fabrication and develop- 
ment testing of vertically wrapped concepts are presented, including the 
automated lay-up technique which eliminates the lay-up complexity of 
vertical wrapping. 

DEVELOPMENT OF THE SELECTED RETENTION CONCEPT 

The vertical-wrap concept can be used for either single or multilug 
configurations. Figure 7 shows the typical construction of each configu- 
ration. The unidirectional (0-degree) material of the spar is laid in equal- 
width packs from the blade tip, around the root, and symmetrically back 
to the blade tip. In the shank area, the pack transitions from the horizon- 
tal to the vertical to form a natural lug and then back to the horizontal 
again. 

This lay-up technique, which requires the individual pack transition- 
ing, is relatively simple and definitely automatable. However, it is more 
restrictive and inherently must be laid at slower rates than the lay-ups 
for the flat, mechanically retained configuration and the horizontal wrap. 
This is because each pass of the vertical strap forms only a portion of 
either the upper or lower spar unidirectional width, whereas the com- 
plete width of the upper or lower spar half of both the horizontal wrap 
and mechanically retained configuration can be laid per machine pass. 

In itself, this requirement does not pose a serious cost concern. 
With no root-end fittings to machine, the overall concept is very cost- 
competitive. Each configuration of vertical loop can be laid automatical- 
ly at rates of 25 pounds per hour with production-rate tape lay-up equip- 
ment. The Army/Goldsworthy/Boeing Vertol Automatic Tape Lay-up 
System (ATLAS) has already demonstrated (Figure 8) a rate of 9 pounds 
per hour during ATLAS demonstrations at partial speeds; the normal 
rate for hand lay-up is 0.3 pound per hour. Figures 9 and 10 show typical 
UTTAS and HLH hand-laid straps. 

Lay-up rates of 9 to 25 pounds per hour are satisfactory to reach the 
cost objectives for production composite blades. However, the desire 
still existed to reduce the complexity of lay-up, eliminate the necessity 
for multiaxis lay-up equipment with numerical-control capability, and in- 
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Figure 8. The automatic tape lay-up system (ATLAS). 



K. Stratton, T. S. Scarpati, C. A. Class 

fg 

Figure 9. Hand-laid fiberglass straps for UTTAS blade. 

Figure 10. Hand-laid fiberglass straps for HLH blade. 
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crease lay-up rates to the 100-200-pound-per-hour level which would vir- 
tually eliminate tape lay-up of spar straps as a calculable cost. A tech- 
nique was developed which provides an answer to all these objectives 
(Figure 11). Investigation with the preimpregnated-fiberglass tape de- 
monstrated that tape packs could be laid up as simple vertical wraps 
without the horizontal-to-vertical transition (Figure 11A); after the com- 
plete pack is laid, it is then brought to the lay-up mandrel which has the 
necessary transition built into it (11B); the pack is then laid about the pin 
and simply wiped down against the mandrel (11C). The preimpregnated- 
fiberglass material offers little resistance to this technique and remains in 
this final location awaiting assembly and cure. 

With this technique available, spar material can be laid automatical- 
ly without transitioning, which significantly reduces the machine com- 
plexities. Furthermore, it presents the opportunity to lay up the straps in 
multiples of each lug height (Figure 12), which insures that rates of 100 
and 200 pounds per hour will be achieved with these simple machines 
(see Acknowledgment). The unindirectional fiberglass material can be 
laid in the most convenient width for the lay-up machine consistent with 
the available handling equipment (a roll of fiberglass prepreg 24 inches 
wide by 500 yards long weighs approximately 260 pounds). The pack is 
then automatically slit into the required lug-height packs either for 
storage in this form or immediate use. 

An example of the capability of this technique is shown in Figure 
13, wherein 16 straps or 4 blades of CH-46 configuration could be laid in 
1.6 hours, or less than a half hour per blade to lay up all of the unidirec- 
tional spar-pack material. 

Since the selection of the vertical-wraparound concept, actual full- 
scale components have been fabricated for the UTTAS, HLH, and 
CH-47 (Figures 14, 15, and 16). Fatigue and static testing of both 
UTTAS and HLH specimens has been conducted which verified all of 
the structural, safety, and maintainability objectives stated previously. 

The initial testing on the root end was a static and dynamic strain 
survey. This survey verified the load distribution between lugs and the 
wraparound-loop stress-concentration factor. 

The fatigue testing of root ends includes a combination of flap and 
chord bending, centrifugal force, and torsional loads. The tests are run 
considerably above normal flight loads in order to induce earlier failures 
or to verify the required life in a minimum amount of test time. 

The fatigue testing of the multiloop, vertical-wraparound configura- 
tion in the HLH size did not produce a failure in the fiberglass even at 
the elevated load levels; however, the metal sleeves and bushings within 
the lug loop did fail. These bushings and sleeves were designed as sec- 
ondary elements to act as wear interfaces with the hub-retention hard- 
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Figure 12. Automated spar-strap lay-up machine. 

ware. Since all the fiber in the loop is circumferential, there is very little 
stiffness to the loop radially. Investigation indicated that the bushing 
was stiffening the composite loop in a radial direction and prevented the 
normal loop deflection under load; the high-modulus bushing could not 
accommodate the deflections and failed. The metal fittings were modi- 
fied to separate the bushing into a separate sleeve (which will be com- 
posite in its production configuration) and washer and further testing 
indicated that the solution was satisfactory. The lesson, however, is 
clear. Metal elements in a composite joint, even secondary structure, 
introduce a significant design consideration and cannot be taken for 
granted. The damaged sleeves were removed from the loop and a new 
set of modified hardware was installed and tested; this verified the ex- 
cellent maintainability of the root concept. 

During the testing of the single-lug UTTAS root end, there was a 
noticeable increase in torsional deflection after several million cycles. 
Although the blade still retained its full structural integrity, this change 
in stiffness was deemed a failure. The loads were dropped to high-speed, 
level-flight loads and the equivalent of 30 flight hours was run; no further 
degradation or propagation resulted. The loads were then returned to the 
original high level. The tests were stopped when blade deflections ex- 
ceeded machine capacity. However, even here there was no structural 
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WIDTH OF 
INDIVIDUAL 
LUG 
1.5 
INCHES 

MACHINE LAYUP RATE 
100 POUNDS PER HOUR 

16 INDIVIDUAL STRAPS OR 
4 FULL BLADES OF UNI- 
DIRECTIONAL MATERIAL 
LAID UP IN 1.6 HOURS 

Figure 13. Example,of multiple spar-strap lay-up for CH-46 multi- 
pin root end. 

failure and the blade would have been safe to fly. Analysis showed that 
the vibration levels would have risen to a level noticeable to the pilot, 
but would still have been well within the safe operating range. Figure 17 
shows the area of delamination which was visible after completion of the 
rest. This testing verifies in a full-scale specimen the soft, progressive 
failure characteristics of fiberglass. At this point in the testing, failure 
indication by both failure-detection system and vibration due to out-of- 
track will have occurred and the blade is still safe for flight. 

A further demonstration of safety and damage tolerance was con- 
ducted on the unfailed HLH multilug configuration after the initial fa- 
tigue test. Damages were inflicted to three of the four major load paths 
and the specimen was tested for the equivalent of 200 flight hours at 
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Figure 14. Root-end section of the UTTAS fiberglass blade. 
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Figure 15. Root-end section of the HLH fiberglass blade. 
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Figure 16. Root-end section of the CH-47 fiberglass blade. 
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Figure 17. Delamination of the UTTAS blade shank after fatigue 
test. 

Figure 18. HLH root-end test demonstrates damage tolerance and 
survivability of fiberglass. 
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high-speed, level-flight loads. Figure 18 presents a summary of this test- 
ing and shows the level of damage that can be withstood by this fiber- 
glass construction. At the section of the shank with the two large cut- 
outs, the axial, fiapwise, and chordwise stiffnesses have been reduced 
by 50 percent and the torsional stiffness has been reduced by 85 percent. 
This local reduction will generate an out-of-track-vibration condition 
which will provide an additional level of detectability and fail-safety. 

A trade study was conducted to select a root-end-retention concept 
for a family of helicopter composite rotor blades. The vertical-wrap- 
around-lug configuration was selected over the mechanically fastened, 
coke-bottle wedge, and horizontally wrapped concepts because of its su- 
perior structural efficiency, safety, and maintainability. 

The complexity of the vertically wrapped lay-up was eliminated by 
the development of a simplified lay-up technique capable of automatic 
lay-up rates of 100-200 pounds per hour — a rate which reduces lay-up 
costs in production to less than 5% of total blade cost. 

Static and fatigue testing of the full-scale root ends verified the anal- 
ysis, strength, damage tolerance, and safety of the vertical-wraparound 
root-end concept. 

We would like to acknowledge the contributions of Robert C. Huss, 
Senior Design Engineer; Raymond P. Belko, Senior Design Engineer; 
and Ed Frank, Senior Development Engineer, to the development of the 
reduced-cost tape lay-up technique which significantly simplified the fab- 
rication of the vertical-wrap root-end design. 



PARAMETER CONSIDERATIONS 
COMPOSITE SANDWICH BONDING 

J. BRENTJES 
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Doublin, California 

Selecting composite materials for honeycomb sandwich 
panels should be based on a variety of factors such as stress 
analysis, environmental exposures and special properties such as 
thermal, acoustical, or dielectrics. One very important area of 
design has often been neglected; edge members, closeouts, and 
joints. The intent of this chapter is to classify the different close- 
outs, corner joints, and fastener designs, and to point out how 
each can be defined by the fabrication technique as well as appli- 
cation. Also included are various factors to consider when de- 
signing doublers and reinforcement sections into a composite 
sandwich. In particular, the relative cost and ease of manufac- 
ture are two points stressed as the most critical parameters to 
consider for efficient designs. 

Composites and adhesive-bonded parts are becoming more and 
more commonplace in all industries and designs. It took several years of 
experimenting with new adhesive formulations, cleaning and application 
techniques; and it required the development of new space-age materials 
such as titanium, graphite, and the various plastics. Above all, designers 
had to gain sufficient experience and confidence in the use of these mate- 
rials. But now, cost savings are being realized for innumerable industrial 
and military applications. There is a simple reason; adhesives, when 
properly used, will provide better performance. Fatigue failure and 
crack propagations are reduced; higher strengths, better sealing, and 
corrosion barriers are provided; they reduce the number of fasteners 
required during assembly; maintenance and repair time can be mini- 
mized, hence, overall reliability can be improved. 

Bonded honeycomb-sandwich panels are really an extension of the 
simple idea of joining two pieces of metal or plastic with glue. The 
process requires more insight and care, it involves proper selection of 
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core, facings, and adhesive, but in the long run can provide the cost 
savings and improved performance all of us are looking for. The largest 
helicopter in the United States, the XCH-62, presently being built by 
Boeing Vertol for the Army, has its entire fuselage made of honeycomb 
sandwich "resulting in 22.3% decrease in empty weight and an 86% re- 
duction in rivets and other fasteners with the attendant reduction in in- 
stallation cost." 

The composite sandwich design depends on joining various selected 
materials into a structural unit which has to meet certain design require- 
ments. The selection of these components are dictated by many consid- 
erations , some of which are listed below. 

1. Stress analysis. 
2. Service environment. 

A. Temperature exposure. 
B. Moisture/humidity. 
C. Other corrosive atmospheres. 
D. Impact and handling conditions. 
E. Flammability. 

3. Heat transfer. 
4. Acoustics. 
5. Electrical transmission/shielding. 
6. Facing-adhesive-core compatibility. 
7. Producibility. 
8. Value analysis. 
Basically, a sandwich consists of two thin, strong facings separated 

by a low-weight core material which is bonded to these facings. When a 
bending load is applied, for example, this beam derives its strength from 
the facings, taking the tensile and compressive stresses while the core 
takes the resulting shear stresses. 

Figure 1 lists the basic factors to consider in a sandwich panel. A 
structure can be subjected to a multitude of loading conditions ranging 
from uniformily distributed static loads to dynamic impact. Various fac- 
ings and core types will react differently under such conditions, and cer- 
tainly careful selection is important. However, the fact remains that un- 
less the imposed stresses are properly transferred from the facings and 
core through the close-out or fastener to the substructure, all the advan- 
tages of the composite sandwich may well be lost. Hence, the proper 
design of the edge members or close-outs and means of fastening the 
panel requires careful planning and a certain degree of ingenuity. 

In designing any kind of structure, one always has to consider 
"How is it going to be made?" This is particularly true of close-outs and 
fasteners. One has to think about the shape, size, and form of the part. 
Should it be machined, cast, extruded? What material? Can it be bonded 
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Facings   to  take   tensile 
ssneä   compressive   stresses. £~£3 

Honeycomb   to   take 
sheer   stresses. DUDfllEfll 

Sufficient   rigidity    to 
minimize    deflection. H2E23 

Core   to  have   sufficient 
compressive   strength. 

Sandwich   to   take   edge- 
wise   compressive   stresses. 

Adhesive   to   take  tensile, 
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Figure 1. Basic considerations for sandwich stress analysis. 
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with adhesives? Is it to be (if I may coin two new words) "co-fab" or 
"post-fab?" In other words, is it best to incorporate the edge shape right 
into the original panel bonding operation, or is it better to add the close- 
out afterwards? Figure 2 tries to illustrate this difference. 

From the standpoint of structural stress analysis, the attachment 
can be categorized as a fixed or simple support. For a panel acting as a 
beam, for example, the formulas used to calculate deflection use dif- 
ferent constants for different support conditions. The simple support 
being the most flexible, of course. Truly fixed supports are hard, if not 
impossible, to come by. All common designs fall somewhere between 
the two extremes. Consider the relative stiffness of the four supports 
shown in Figure 2, for example. For this reason, it is always a good idea 
to play it safe and design the structure as if it is simply supported. 

As mentioned earlier, a good close-out provides a transfer path for 
the compressive and tensile forces from the facings to the attachment. 
Thus, the skins should be well joined to the edge member with a min- 
imum amount of stress concentrations taking place at the interface. To 
accomplish this as gradually as possible, many structures use 
"doublers" or additional layers of facing material at the point of max- 
imum stress concentration. Figure 3 shows how doublers can be clas- 
sified as being external and internal as well as co-fab and post-fab. A 
typical helicopeter rotor blade can have many of these doublers built up 
at its attachment point (see Figure 4). 

Film adhesives are normally used to bond the facings to the close- 
outs in co-fab designs. In fact, the same adhesive sheet is used to bond 
the honeycomb to the skins. In the post-fab designs, the member is 
usually bonded with a room-temperature curing two-part epoxy system. 
Pop rivets are sometimes used at a few locations to position the parts 
and apply pressure during the adhesive cure cycle. In either case, the 
adhesive joint should be as strong or stronger than the facings them- 
selves. Again, this is to ascertain that this critical part is not the weakest 
link. Hence, as in every bonding process, make sure the parts can be 
and are cleaned, the adhesive is thoroughly mixed and put where it be- 
longs, and that the peel, tensile, and shear stresses are well below the 
ultimate values reported for that system. However, don't over-kill. It 
shouldn't be necessary to make the part twice as heavy "just to be 
sure." 

Shear stresses in honeycomb (or foam, or balsa wood) should be 
transferred to the edge members or fasteners wherever possible. Yet, 
it has been found that for lightly loaded panels with low-density/low- 
strength core, this is not always necessary. But my advice is: bond the 
core where loads are expected to be transferred. There are foaming 
splice adhesives which can be used for co-fab and two-part epoxies (with 
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Figure 3. Doublers in a sandwich panel. 

Figure 4. Helicopter tail rotor section showing buildup of exter- 
nal/co-fab doublers. 
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microballoons to keep the weight down) for post-fab close-out/fastener 
designs. 

Some panels are subjected to loads which are complex and combi- 
nations of edgewise compressive or tensile loads, torsional, and racking 
forces. If at all possible, try to break out the components and consider 
your design for each and all. In the case of edgewise compressive loads 
introduced through an edge member, make sure the loads can be dis- 
tributed equally to both facings, otherwise the facing with the higher 
stress level could fail prematurely. For torsional loading, the sandwich 
facings impose an awkward combination of shear, tensile, and peel 
stresses on the adhesive joint. In a rectangular panel, this stress will 
vary from corner to corner. Thus, close-outs or other attachments which 
have to carry a significant load should be analyzed as to the types of 
stresses they experience and best way they can be handled. 

Quite frequently a panel close-out is not intended to carry a load. It 
acts primarily as a seal or edge member to prevent localized damage. In 
other words, the loads are taken out through an internal fastener or the 
panel may simply rest on support brackets. In this case, the closure 
member can be a very inexpensive channel bonded to the panel with 
R. T. cure epoxy adhesive. Several other simple shapes can be pro- 
duced, but keep in mind how it is to be installed, how to fit the corners, 
etc. One interesting approach which provides a clean, smooth design is 
shown in Figure 5, second from the top. The close-out is actually of a 
post-fab design in that the extrusion is bonded to the panel after slotting 
the honeycomb with a special two-bladed router. The small lip on top 
and bottom provides a recess for the facings and prevents the facings 
from being peeled off easily. After the adhesive is cured, a light sanding 
will blend and feather this edge very nicely. 

Some designs require two or more flat panels to be joined in a 
straight line or at right angles to each other. At first glance, this may 
appear to be a relatively simple situation. Many different approaches 
have been suggested and used. Some are shown in Figures 6 and 7. In 
each case, many factors have to be considered; cost of the shape, cost to 
install, relative strength and stiffness, moisture-corrosion barrier, 
weight, permanent or replaceable, cosmetics. One has to be careful 
when looking at two-dimensional drawings like this. For example, a very 
neat approach is the H-shaped extrusion to join flat panels. Slipping the 
extrusion into one panel is easy enough; however, trying to align and 
slide the second panel into its slot may be quite tricky for sheets that are 
4x8 feet or larger (especially when handling sticky adhesive in a field 
installation). Maybe a simpler approach could be as shown in Figure 8. 
This design is used by Hexcel in assembling panels to form a trailer 
hopper. During assembly, the bottom extrusion (with adhesive applied) 
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Figure 8. Special two-part extrusions for sandwich joints. 

is slipped into the slot. Pressure is applied with sheet-metal screws every 
12-16 inches. The added benefit of this system is that the adhesive is not 
smeared away and close tolerances on slot width are not needed. This 
two-piece joint is also used for corners at 90° and 120°. 

Partitions, shelves, containers, and many other applications require 
a means of attaching brackets or other subassemblies directly to the hon- 
eycomb panel. A wide variety of fasteners have already been designed 
and are commercially available for installation into sandwich panels. 
These post-fab inserts can go through the panel or are recessed part 
way; they can be crimped to the facings or potted in place with epoxy; 
some are threaded, some have floating nuts for easy alignment. Figure 9 
shows some examples. This is one area where a few companies have a 
lot of expertise, and it would be well advised to contact these fastener 
manufacturers with your design requirements. 

Panels which have concentrated loading conditions away from an 
edge or close-out may need provisions to take high compressive forces. 
This can be accomplished by incorporating higher density honeycomb or 
other core materials using specially shaped extrusions or castings, or 
densifying the honeycomb with foams or resin. Figure 10 again provides 
some examples. You'll note that in these situations, the majority need to 
be co-fab or included during the sandwich bonding. In many cases, this 
may not be a problem, if the proper tooling and fixtures are used to 
locate these points. However, if the area cannot be located in advance, 
or if a flat panel is cut from a larger sandwich section, it may be neces- 
sary to drill or remove part of one facing to be able to densify the area. 
In such cases, it is best to consider an epoxy-type filler. This way the 
core can be stiffened and at the same time the hole(s) can be covered 
with a doubler, the attachment fixture, or simply more epoxy resin. 
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Molded-in 
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to the top facing only.  Hence, 
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loads in shear or torque. Ten- 
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Figure 9. Typical sandwich panel fasteners. 

Particularly in these areas of post-fab design, one has to be careful 
to keep the number of steps and operations to a minimum. Drilling, cut- 
ting, carving, and a lot of fitting and hand work can skyrocket the part 
price. Buttering on some adhesive or potting compound may sound like 
a simple, low-cost method, but for reasonable volume quantities, a sim- 
ple extrusion or casting can often reduce the installation cost. All of 
these factors point out the importance of a close liaison between design- 
ers and production people, and this should not be a one-way street ei- 
ther. Many times tool designers and production personnel can do a bet- 
ter job or suggest improvements or alternatives if they know why that 
particular design was chosen and how the part is used. In either case, 
the object is to consider ways of producing an acceptable part at the 
lowest cost. 

What about the price of honeycomb and sandwich panels? They are 
not the run-of-the-mill type of item you buy in a hardware store. Be- 
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Figure 10. Panel reinforcements for concentrated loads. 
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cause of the infinite combinations of materials, shapes, and sizes, it is 
difficult to put a price tag on it. Certainly a sheet of plywood (despite its 
price increases in the last few years) is cheaper than a honeycomb panel 
of the same thickneess, and if plywood does everything you want it to 
do — fine! However, gross estimated sales of $30,000,000 in honeycomb 
alone for the United States in 1974 would not justify a statement that the 
honeycomb sandwich concept is too expensive. This kind of volume is 
probably due to the many successful designs which made use of the 
advantages this approach offers. 
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The prediction of residual stress and distortion in a welded 
structure is a problem of great interest, both as a complex prob- 
lem in structural mechanics and because of its practical impact. 
This paper summarizes work done to date on the development 
and application of numerical analysis via the finite-element meth- 
od in this area. The analysis consists of separate heat-transfer 
and stress-history predictions, the former providing the input de- 
scription for the latter. Both phases are dominated by severe non- 
linearities. Radiation and phase-change effects must be modeled 
adequately for the heat transfer, and elastic-plastic creep models 
must be incorporated into the stress analysis. Application to sam- 
ple welding problems indicates that it is currently possible to ob- 
tain quantitative predictions of temperature and stress /deforma- 
tion history throughout the weld process, and hence the residual 
state following welding. Probably the most fruitful area of appli- 
cation of the models in the near future is the examination of the 
criticality of various weld and material parameters through sensi- 
tivity studies. 

INTRODUCTION 

The welding process is one of the most widely used structural fabri- 
cation techniques, and has therefore received much study as a mechani- 
cal process. The objective of such work is the identification of problems 
associated with welding, and among these the residual stresses and dis- 
tortions resulting from the extreme thermal conditions during welding 
are some of the most important subjects. The residual state of stress has 
a strong influence on the strength and life of the resulting structure, and 
welds are usually the critical determinants of the overall structural integ- 
rity. The greater part of the information currently available in this area 
results from experimental work. Both experimentally and analytically, 
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the problem poses severe difficulties, and in spite of the extent of the 
experimental effort, there have been few direct studies of the residual 
stresses in a weld. Analytically most of the available work is one-dimen- 
sional, and uses a line solution for the thermal analysis. A survey of this 
work was prepared in 1970 by Masubuchi.1 

The point of view of the work summarized in this chapter is to ap- 
proach the problem of analytic prediction of weld effects from a com- 
pletely numerical standpoint. The problem is seen as one too complex to 
admit sufficient simplification to allow a nonnumerical approach. Thus, 
the objective of the work is to build as complete a numerical model as 
possible, allowing as much generality as may be needed in all aspects of 
the analysis —the geometric modeling, thermal boundary conditions, 
and both thermal and mechanical material response. The basic model 
then provides a very general predictive capability. In particular cases 
simplifications can be incorporated to economic advantage, such as the 
use of generalized plane strain or axi-symmetric modeling where appro- 
priate. More significantly, the models are readily extended to include 
new data, such as improved material characterization at high tempera- 
ture. The brunt of this work is thus the identification of the dominant 
physical phenomena which govern the welding process, the development 
of adequate numerical models for these effects, and finally the synthesis 
of the complete weld model. The only inputs required for such a model 
are the constitutive definition of the material, the geometric configura- 
tion and the fundamental welding parameters (type of weld apparatus, 
weld speed and energy and material input rates, pre- and post-weld 
treatments and thermal boundary conditions). The model is then capable 
of predicting the temperature and subsequently the stress and distortion 
throughout the joint (including the detailed distribution in the weld filler 
itself) and throughout the time history of the weld. 

Such a model as described in the paragraph above was first devel- 
oped and applied by Hibbitt and Marcal.2-3 Comparison with available 
experimental work was made, with gross quantitative agreement. The 
same model was used by Nickell and Hibbitt,4 who compared tempera- 
ture results (including the prediction of fusion zone) with a well-instru- 
mented experiment on a complex geometry (an omega seal) with good 
accuracy. A similar model has been developed by Friedman,5 who stud- 
ied butt welds without experimental comparison. Buyukozturk and Hib- 
bitt6 applied the technique to a large, multipass butt weld, again without 
experimental comparison. In all these cases the authors reported that 
their main difficulty and source of possible error was the lack of basic 
material and parametric data. In fact, these models have the ability to 
assess the criticality of the various parameters through sensitivity stud- 
ies, and so it is possible to direct the experimental effort into the most 
rewarding areas of study. 
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TECHNICAL APPROACH 

The numerical models are based on the finite-element method, 
which by now is a well-established technique for modeling continua and 
structures.7,8 There has been considerable application of the method to 
nonlinear problems, so that the welding problem may be viewed (with 
the assumptions described below) as a rather complex application of the 
method. The finite-element method allows complicated geometric model- 
ing, since the structure is discretized into individual elements which may 
take various shapes. In the work done to date on welding problems, 
straight- and curved-sided quadrilateral elements have been used, allow- 
ing good detail in geometric modeling. 

The most fundamental assumption incorporated in the analysis is 
the uncoupling of the thermal and mechanical analysis phases. It is read- 
ily shown, by order-of-magnitude arguments, that the energy equation 
during welding is dominated by thermal fluxes, and that strain energy 
and plastic dissipation do not contribute significantly to the balance.2,9 

Thus, the thermal analysis may be performed first, defining the tempera- 
ture field throughout the history of the weld. Then the stress analysis is 
based on this temperature history. In the following, the governing as- 
sumptions and methods of these two parts of the analysis are dis- 
cussed. 

THERMAL ANALYSIS 

The thermal problem associated with welding requires consideration 
of three mechanisms: 

1. Heat input to the joint. 
2. Heat transfer and storage mechanisms in the material itself. 
3. Boundary heat transfer from the structure to its surroundings. 

The mechanisms involved in (1) are extremely complex, and the 
physics of the weld arc are not fully understood. The common assump- 
tion,10 adopted in the work described here, is that the heat of the arc 
may be related to electrical input: 

Q = eVI (1) 

where 
Q is the net heat flux into the weld 
s  is the "efficiency" parameter 
V is the electrical input voltage 

and 
/  is the electrical input current 
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Typically values of 70-90% are used for s. The distribution of flux 
on the facing surface is assumed to be normal and radially symmetric. 
That is, 

q=q0e-c" (2) 

where q0 and c are chosen based on the radius of the welding elec- 
trode. 

In most welds it is readily shown that the arc speed {i.e., deposition 
speed) is large compared to heat transfer rates, so that the heat transfer 
parallel to the line of motion of the electrode may be neglected. That is, 
the temperature history of any section normal to the line of motion of 
the weld head is the same as that of any other such section, except for a 
shift in time. This is an important consideration, since it allows a reduc- 
tion from a three-dimensional to a two-dimensional (either plane or axi- 
symmetric) thermal analysis. In this case equation (2) gives 

q(s,t) =q0e-cste-cvtu-'o)2 (3) 

where 
s measures distance, on the surface, from the centerline of the weld 

electrode, 
v is the electrode velocity (normal to the plane of the analysis 

model), and 
t0 is the time of peak heating for this section, chosen so that the 

analysis begins before any significant heating of this section can 
occur. 

The unknown parameters in equation (3) are q0 and c. The latter is 
assessed by comparison of the normal distribution with the electrode 
size, and the former is related, through the integral of equation (3), to 
the "efficiency" parameter. The most effective method of obtaining 
these two parameters is from a well-instrumented test, as was done in 
Reference 4. 

The mechanism which carries the heat applied to the surfaces de- 
scribed above, into the bulk material of the filler and base material adja- 
cent to the joint is that of conductive heat transfer. The Fourier law 

Qt=-kilT,j (4) 

governs this mechanism, where ki3(T) is the conductivity. 
In addition, specific and latent heat effects must be included, since 

the problem is a transient one, with melting and resolidification occurring 
in the material. Since both the specific heat (rate of energy release with 
respect to decrease in temperature) and the conductivity [defined in 
equation (4)] are known to vary with temperature, it is necessary to have 
their values available for the complete temperature range of the analysis. 



THERMOMECHANICAL ANALYSIS 

Usually the investigators must resort to extrapolation of known data, 
since high temperature values are difficult to measure experimentally. 

The latent heat of solidification has been treated in some detail by 
several of the investigators,2,11 although it is not clear whether a detailed 
and accurate evaluation of this effect is of first-order importance to the 
analysis. Most welds are made in alloy materials, where latent heat is 
released over a range of temperature, and the energy release rate per 
temperature may not be grossly different within this range than outside 
it. In fact the finite-element method as conventionally applied to heat- 
transfer problems is not well suited to latent heat calculations. The rea- 
son for this is that the method is based on the assumption of a local solu- 
tion: 

T = cj)N(X) rN (5) 

which is assumed C1 continuous on the interior of the elements. When 
phase change takes place at a unique temperature (as in a pure phase) 
the latent heat requires a discontinuity in the temperature gradients. 
Such discontinuities are only admitted at the element interfaces, so that 
it is not realistic to resolve the fusion front any finer than the element 
dimension. For alloys where the phase change occurs over a tempera- 
ture range, the effect is smoothed and Friedman11 shows a somewhat 
better resolution. 

The third mechanism of importance in the heat transfer is the sur- 
face boundary conditions. Two heat-transfer mechanisms are usually 
considered here: radiation effects dominate at higher temperatures, but 
late in the cool-down history the primary mechanism is convection. The 
difficulty in the latter case is the large variation in convection coefficient 
depending on surface conditions and air flow. As in the case of defining 
the heat input, the analyst must use considerable judgment, or more re- 
alistically obtain values by comparison with well-instrumented tests. 

The above three mechanisms define the heat-transfer model. The 
Galerkin finite-element method provides the geometric modeling, and 
the only other aspect of the analysis is a time-stepping procedure. All 
the work to date uses a central difference (Crank-Nicolson) or backward 
difference operator. The time step is usually held constant over some 
period of the solution. Time-step choice is based on solution accuracy, 
usually by repeating critical parts of the solution with shorter steps to 
demonstrate convergence. Numerical stability of the time-integration op- 
erator is rarely a consideration. Both of the above operators are uncon- 
ditionally stable for the linear diffusion equation, and instabilities caused 
by the nonlinearities discussed above will not occur if accuracy is 
sought. 
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In any numerical model it is of great importance to assess solution 
accuracy. This is done in two ways — by comparison with known theo- 
retical solutions, and by comparison with experiment. Comparison with 
known solutions can be misleading, since closed-form solutions tend to 
be over-simple compared to an actual problem. In Reference 2, Hibbitt 
compares one- and two-dimensional Stefan problems with other solu- 
tions, as well as the one-dimensional alloy cast problem of Weiner (Fig- 
ures 1-3). Friedman11 also shows results for the two-dimensional Stefan 
problem (Figures 4 and 5). These results all indicate the quality of results 
available for phase-change problems with the finite-element method. 
Friedman's solution in Figure 5 shows improvement over Hibbitt as a 
result of the introduction of an iterative technique. Such a technique 
should not be necessary for practical alloy melting problems, where high 
accuracy in the fusion-front prediction is not of great importance. The 
accuracy to be expected is well illustrated in Figures 2 and 3, since real- 
istic material properties are used. 

In Reference 4, Nickell and Hibbitt provide a comparison of thermal 
analysis predictions with experiment. The problem is shown in Figure 
6 — an omega seal is completed by the insertion of a T-shaped ring, 
which is melted in place by heating from a weld torch passed above it. 
The experiment was well instrumented with thermocouples, and in addi- 
tion the structure was sectioned and etched subsequent to welding to 
show the extent of fusion. Typical comparisons are illustrated in Figure 
7 and Figures 8 and 9. In Figure 7 the predicted temperature history at a 
particular location is compared to the experimentally measured history. 
There is excellent agreement in peak temperature values, and good accu- 
racy is maintained throughout the history, although the predicted cooling 
rate is underestimated at low temperatures, indicating that the surface 
convection was underestimated for the analysis. Remarkably good 
agreement was also shown between the experimentally measured fusion 
zone (Figure 8) and the predicted fusion zone (Figure 9). This analysis 
provides strong evidence for the conclusion that the heat-transfer tech- 
niques and assumptions provide an accurate model for that phase of the 
weld analysis. 

STRESS AND DISTORTION ANALYSIS 

The stress analysis also utilizes a finite-element geometric model 
and piecewise linear time stepping. The input for this phase of the analy- 
sis is the temperature history defined throughout the joint region by the 
previous thermal analysis. 

In most cases the geometric model must be modified for the stress 
analysis. This is because the thermal analysis is a very local solution. 
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Extreme temperature gradients are present over a very small area 
around the fillet, and cool-down occurs quite rapidly compared to charac- 
teristic diffusion times. In order to predict residual stress and distortion 
accurately, it is important to model the flexibility of the rest of the struc- 
ture, since the constraint provided by this structure outside the region in 
the immediate neighborhood of the joint plays a significant part in the 
growth of residual stress. Thus in Reference 6 the authors use a fine, 
local mesh for thermal analysis of a butt joint in a thick pressure vessel, 
but they model the whole vessel for stress and distortion studies. Spatial 
interpolation of the thermal analysis results onto the stress analysis 
mesh is therefore frequently necessary. 

The residual stresses result from inelastic response of the material 
to the extremely severe thermal history of the joint. Constitutive charac- 
terization of the material is difficult since all temperatures from room 
temperature to well above the melting point are present. In addition, 
both spatial and temporal temperature gradients are extreme. In all the 
work to date the assumption is made that the material may be treated as 
a time-independent elastic-plastic material during welding, with temper- 
ature-dependent yield and elastic moduli. This characterization was jus- 
tified in Reference 2 by the argument that welding times are short (of the 
order of several seconds at high temperature) so that any time-depen- 
dent behavior is restricted to sharp primary creep effects of extremely 
short characteristic times, which cannot be distinguished easily from 
yield in a material characterization experiment. Thus, it is likely that 
measured yield values correspond aproximately to the behavior under 
weld conditions, because of the similarity in time scales. This argument 
is difficult to support by experiment, because of the lack of materials 
data at the extreme temperatures involved. However, it seems reason- 
able to say that at temperatures where the measured yield stress is small 
(say less than 1/10 of the room-temperature yield) any constitutive 
model would predict large strains but little stress and material damage. 
At lower temperatures where the yield strength is significant (say above 
1/2 of the room-temperature yield) it is possible to conduct creep ex- 
periments and isolate the time-dependent and time-independent behav- 
ior, and hence demonstrate experimentally that the times involved in the 
welding process itself are indeed too short for significant creep effects to 
occur. From the above discussion it would therefore appear that the use 
of time-dependent elastic-plastic analysis is a reasonable mechanical 
model. 

An interesting aspect of the weld process is the presence of sharp 
temporal temperature gradients. The material cools so rapidly that it is 
clear that unstable material phases must be present, so that the material 
properties in regions where this happens must be quite different from 
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those of the bulk material. This point has never received attention in the 
welding analyses that have been performed, except in Reference 6, 
where the authors use a different material characterization in the heat-af- 
fected zone, based on post-weld surface-hardness measurements. 

The use of the finite-element method for nonisothermal elastic-plas- 
tic analysis is by now a routine procedure, and the weld problem is 
merely a rather severe example of such an analysis. All of the authors 
cited use tangent modulus methods, whereby the system stiffness matrix 
is reformed at each step in order to account for active plastic loading, or 
elastic unloading from such a state. The formulation uses a piecewise 
linear approximation for the classical equations of plasticity,2 and some 
scheme is always used to process the thermal analysis results to ensure 
sufficiently small steps in the stress analysis to satisfy this linearization 
requirement. This is akin to choosing the step size in the thermal prob- 
lem to ensure accurate accounting for the nonlinear phenomena occur- 
ring there. In the case of the stress problem, time steps are subdivided 
or merged as dictated by the incremental strains generated. Advantage is 
taken of the time-independence of the constitutive theory. 

The stress history during thermal gradient loading, such as occurs in 
welding, is quite complex, as is illustrated in Figures 10 and 11. These 
show the residual stress and the stress history in a plate of large dimen- 
sions relative to its thickness, cooling from a high temperature by con- 
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Figure 10. Residual stress in cooled plate. 
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Figure 11. Cooled plate: development of yielding zones. (Sing of 
stress indicated by + and -). 

stant convection. Time-independent elastic-plastic behavior with a tem- 
perature dependent yield stress is the material model. It is of 
significance to note that in Figure 11 there is active plasticity followed 
by unloading and again plasticity at the opposite side of the yield surface 
at most points through the thickness of the plate. This problem demon- 
strates admirably the complexity of the stress history during a rather 
simple thermal history, and indicates the order of difficulty which may 
be expected (and of course occurs) in a weld analysis. 

STEESS RESULTS 

The complexity anticipated above is well illustrated in the case of 
butt weld in Figures 12-14, taken from Friedman.5 Figure 12 shows the 
geometry of a single-pass butt weld. The profile of accumulated plastic 
strain is shown in Figure 13. The stress histories at various positions are 
shown in Figure 14. These figures show the stress reversals so common- 
ly seen in a weld analysis, and the characteristic peak plastic strains at 
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the fillet-base metal interface, approaching 5%. Another analysis re- 
sponse is shown in Figures 15-20, where the experiment of Corrigan12 

was analyzed. Figure 15 shows the weld geometry. A fillet is added into 
a V-notch on a thick disc. Figures 16 and 17 show residual hoop and 
radial stress profiles. The experimental comparison is difficult, since the 
experiments used the Sachs boring technique, assuming conditions of 
plane stress. Stress contours are shown in Figures 18-20 which clearly 
indicate the lack of validity of the experimental measurement assump- 
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tion. It is interesting to note the state of high hydrostatic tension at the 
root of the weld fillet. Such an observation was also made in Reference 
6, where the authors reported residual hydrostatic stresses three times 
yield in the weld fillet. In this case a stress-relief analysis was also per- 
formed, based on classical stress-dependent creep theory. The interest- 
ing observation here is shown in Figures 21 and 22, where it is seen that 
the equivalent deviatoric stress is relieved rapidly during high-tempera- 
ture stress relief, but the residual hoop stress (representative of the hy- 
drostatic stress) is only reduced by 50%. In fact, although the peak de- 
viatoric stress was reduced to 15% of its post-weld value by stress relief, 
the peak hydrostatic stress was only reduced to 65% of its post-weld 
value. This must be directly associated with the purely deviatoric char- 
acter assumed for all the inelastic response (no dilatational creep is al- 
lowed) , since hydrostatic stress can then only relieve itself through sec- 
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ondary (equilibrium) mechanisms. If this is indeed the case — that is, if 
the creep theory is at all accurate — this would suggest that current 
stress-relief practice, based on uniaxial relaxation date, does not provide 
the desired (and assumed) level of relief. This point deserves further 
study, since most steels would exhibit void-growth mechanisms at such 
levels of hydrostatic stress. 

CONCLUSIONS AN» RECOMMENDATIONS FOR FURTHER 

This chapter has discussed the numerical models and theories 
adopted for detailed weld analysis. In all the examples where experimen- 
tal correlations were possible, quantitative comparison is good, and 
there is sufficient evidence to indicate that post-weld residual stresses 
and distortions may be adequately predicted by these techniques. Clear- 
ly, rather few comparisons have been made, and it would be desirable to 
have available more correlation studies. The necessary ingredient for 
such studies is carefully instrumented experimentation, which is ex- 
tremely difficult because of the extreme temperatures involved. 

One of the most interesting predictions of the numerical models is 
the high hydrostatic tension in the weld fillet in several cases. This hy- 
drostatic stress is of significance in terms of fracture, and its slow decay 
under stress relief is disturbing. The applicability of the hydrostatically 
independent inelastic response theories used in these analyses should be 
examined for these stress levels. Additional constitutive refinement may 
be found from including temperature rate effects in the model, to allow 
for the nonequilibrium phase properties which result in regions of high 
cooling rate. 
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SPLICE-JOINT ANALYSES 
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Bethpage, New York 

The critical need for detailed stress information in the design 
of mechanically fastened joints is discussed, and significant con- 
tributions in the field of bolted and riveted splice joints are re- 
viewed. The types of structural analyses which have been per- 
formed are grouped into three general categories and their 
interrelationships are cited. These three categories are: (I) one- 
dimensional splice analyses, which are primarily aimed at deter- 
mining the load carried by each mechanical fastener in single or 
multiple shear; (2) two-dimensional planar analyses, which seek 
to establish load-deflection characteristics and the detailed stress 
distributions in the material surrounding a fastener-loaded hole; 
and (3) three-dimensional analyses, which are used to establish 
through-the-thickness ejfects upon fastener and plate stresses as 
well as overall joint compliance. 

The potentially important role of joint friction, both between 
pin and hole and the plate faying surfaces, is explored. Theoreti- 
cal and experimental evidence is cited to guide further studies in 
this area. Recommendations are also made regarding the devel- 
opment of special purpose computer programs to accommodate 
nonlinear material behavior, three-dimensional effects and mul- 
tiple hole configurations. 

INTRODUCTION 

It has been said that 95% of all reported metal structural failures are 
fatigue failures,1 a large portion of which result from stress concentra- 
tions introduced at mechanically fastened joints. The failure rate at 
joints in composite structures is also significant, since the benefits of 
increased material allowables are generally offset by greater stress con- 
centrations around fastener holes in fiber-reinforced laminates.2 As will 
be shown, one of the major causes for such failures is that an accurate 
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splice analysis contains more important variables than one is likely to 
consider, and many of which are too difficult to include in all but the 
most complex analyses. Hence, the design of structural joints has re- 
quired the use of extensive testing to verify accompanying incomplete 
analyses. 

The purpose of this effort is to review the types of splice-joint anal- 
yses which have been performed and to discuss their interrelationships. 
In so doing we shall cite a number of important contributions in the 
field, identify the major problem areas, and make recommendation for 
future work. 

PROBLEM STATEMENT AND ANALYSIS PROCEDURES 

An accurate splice-joint analysis involves a determination of the 
load carried by each fastener, and the detailed stresses surrounding each 
fastener hole. For points in which plate bending exists, or when a splice- 
plate thickness approaches, or surpasses, the fastener diameter, three- 
dimensional considerations also become important. 

The usual procedure employed to attack the overall problem has 
been to segment it into three subproblems, as follows: (1) a one-dimen- 
sional analysis, which is used to determine the load carried by each fas- 
tener; (2) a two-dimensional planar analysis which is aimed at determin- 
ing detailed stress distributions in the material; and (3) an analysis which 
seeks to evaluate the effects of certain factors upon stress variation 
through the plate thickness (e.g., fastener bending and shear, the ratio of 
diameter to plate length, and head rotation). Interrelationships among 
these analysis types are discussed after reviewing the complexities, re- 
sults, and solution potential within each category. 

One-Dimensional Analyses 

One-dimensional redundant structural analyses are commonly used 
to determine the load carried by each row of fasteners in a complex 
joint. The idealizations employed are based upon gross engineering as- 
sumptions (Figure 1) regarding the plate flexibility between successive 
fastener rows, the bolt flexibility due to shear and bending effects, and 
the local flexibility associated with the complex stress and deflection 
pattern in the immediate vicinity of the hole. Generally speaking, these 
analyses are based upon either the force or stiffness method of structural 
analysis. Until recently, when the situation was changed, material and 
geometric linearity was assumed. Such analyses relied rather heavily 
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upon empirical data obtained from load-deflection tests upon single fas- 
tener specimens. 

An early version of the one-dimensional type of linear analysis was 
presented by Täte and Rosenfeld,3 who refer to the combined fastener 
and local hole deformation as the "bolt constant." Switzky, Forray, and 
Newman4 considered nonuniform thermal expansion effects and present- 
ed tables to assist in performing numerical calculations for joints with up 
to 10 similar rows of fasteners. McCombs, McQueen, and Perry5 and 
Gehring and Maines6 considered nonlinear load deflection characteristics 
of the structural elements by the finite element force method. A nonlin- 
ear finite-element analysis capability based upon the stiffness method 
was developed by Torczyner.7 Gatewood and Gehring8 extended the 
nonlinear type of analysis to include thermal as well as mechanical load- 
ings. A elaborate program named JOSEF (JOint SEverity Factor), based 
upon work by Jarfall,9 not only determines the load carried by each fas- 
tener, but is also concerned with converting the fastener loads to stress 
factors which predict fatigue life. 
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a.   AIRCRAFT STRUCTURAL JOINT 
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Figure 1. Typical structural joint and engineering idealization used 
to obtain load carried by each fastener. 
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Two-Dimensional Planar Analyses 

By far the greatest number of papers and reports encountered in the 
field surveyed dealt with two-dimensional analyses of loaded plates with 
single holes. Among all these, two major plate-solution categories 
emerged: (1) the hole boundary loaded with a force resultant, and (2) the 
plate in uniaxial tension with no resultant hole force. Variations of these 
categories exist depending on whether the hole contains a fastener with 
clearance or interference, or fits neatly within the unloaded plate. The 
general problem encountered in realistic situations is a combination of 
these two (i.e., a loaded hole with bypass loading, Figure 2). Unfortun- 
ately, its solution is not obtainable through a supeiposition of the pre- 
vious two cases. This is caused by the fact that the stress state is usually 
nonlinear due to either material plasticity effects, or the development of 
a variable contact surface between hole and fastener. 

Plates with Loaded Holes. Bickley10 solved the problem of an infinite 
plate with a hole loaded with either a cos 6, or a uniform pressure dis- 
tribution over half the hole, or a concentrated radial force. The next step 
towards solving a more realistic problem was taken by Knight,11 who 
treated the finite-width plate. These studies were followed with experi- 
mental work performed by Frocht and Hill.12 Their tests were performed 
on oversize strain-gaged aluminum specimens and small photoelastic 
models. They pinloaded the plate holes with varying amounts of clear- 
ance, thus simulating a true fastener loading more realistically. Theo- 
caris13 attempted to account analytically for pin effects also, through a 
solution of a finite-width-strip problem with a semicircular slit (Figure 3). 
This erroneously assumed a contact angle between pin and hole of 180° 
in addition to no slip friction and identical material properties for the pin 
and plate. 

The work cited in References 10-13 was performed during the "pre- 
computer" era and so was limited to techniques of classical elasticity. 
More recently the development of efficient computer programs permit- 
ted the numerical solution of complex fastener problems through itera- 
tion on the pin-hole contact angle. Using finite-element methods, Harris, 
Ojalvo, and Hooson14 considered the nonlinear contact problem asso- 
ciated with a plate loaded by a clearance-fit rigid pin, as well as plasticity 
effects for loaded plates with open holes and for unloaded plates with 
interference-fit fasteners. They obtained elastic stress results for various 
consistent load levels and contact angles for different clearances (Figure 
4). This work was followed by Oplinger and Gandhi,15 who solved the 
problem of an initially neat-fitting rigid pin in an orthotropic material, 
using a least-squares boundary point-matching (collocation) approach.16 

This solution procedure was also used by Waszczak and Cruse,2 except 
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180° TRACTION 
FREE BOUNDARY 

Figure 3. Structural idealization used to simulate pin loaded hole.13 

INTERFERENCE 

Figure 4. Load distribution around a fastener for a typical pin- 
loaded plate.14 
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that they replaced the pin with a cosine pressure distribution and termed 
the method BIE (Boundary Integral Equation). 

In References 14, 15, 16 a smooth pin was assumed. However, 
Oplinger and Gandhi17 followed their original work by considering two 
limiting cases with pin friction. These cases correspond to: (1) no-slip 
over the entire contact region, and (2) continuous slip over the entire 
contact region (where the boundary shear stress equals the product of 
the contact pressure and the coefficient of friction and opposes the rela- 
tive motion between sliding surfaces). The true case consists of a combi- 
nation of these two, i.e., a region of no-slip and a region of slip. 

Axially Loaded Plates with an Unloaded Hole, Open or Filled. The 
problem of a free boundary hole in a thin infinite plate, loaded in ten- 
sion, was first solved by Kirsch18 and extended to finite plates by How- 
land.19 Some time later, Sternberg and Sadowsky20 were able to extend 
Kirsch's work to include three-dimensional effects near the hole 
boundary. 

Attempts at treating the interaction associated with a fastener-filled 
hole followed Goodier's solution21 for the case where the stretched plate 
contains a circular elastic inclusion with perfect adhesion (i.e., the pin 
and hole boundary are assumed in perfect no-slip contact over 360°. 
Crews22 assumed an initial interference fit between fastener and hole and 
was able to determine the stress distribution in the plate and the applied 
load at which a gap would be initiated for the extreme conditions of a 
no-slip interface and a frictionless interface. 

Stippes, Wilson and Krull23 solved the contact stress problem of an 
unloaded frictionless elastic disk, with no initial interference, in an infi- 
nite stretched plate (Figure 5). They found that the contact angle is inde- 
pendent of the elastic properties as long as the pin and plate are of the 
same material. Results for the circumferential stress at the hole, when 
disk and plate have identical properties, are presented in Figure 6. This 
work was extended by Hussain and Pu,24 who considered the effect of 
friction at the interface between the plate and an initially neat-fitting pin. 
Their solution yields three regions around the hole (Figure 7): a region of 
contact and no-slip, a second region of contact and slip, and a third 
region of no contact. Some typical results they generated for varying 
coefficient of friction (//,) reveals that for fi < 1, the region of slip is 
much larger than that of no-slip (Figure 8), and that the presence of 
friction tends to lower the tangential stresses and increase the radial 
stresses around the hole (Figure 9). 

Recently, the nonlinear material aspects of the stretched-plate-with- 
a-hole problem have been approached by the finite-element method. 
Harris, Ojalvo, and Hooson14 treated tapered plates with loading which 
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Figure 5. Contact stress problem of an initially neat fitting elastic 
pin in a stretched plate with no friction.23 

3.0rx 
.2.75 MAX. 

INITIALLY NEAT 
FITTING PIN WITH 

SAME ELASTIC 
PROPERTIES 
AS PLATE 

10 20        30       40        50       60        70       80      9oT 

DEGREES 

Figure 6. Circumferential plate stress, ae around the hole bounda- 
ry for a free hole and a stretched plate, <rB with a frictionless pin.22 
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Figure 7. Contact stress problem of an initially neat fitting elastic 
pin with friction in a stretched plate.24 

carried the material into the plastic regime. This was followed by Brom- 
bolich25 who discussed a general finite-element program capable of con- 
sidering an elastic-perfectly plastic material, load sequence effects (i.e., 
the order in which the different types of loads are applied), and fastener 
interference or clearance (i.e., the nonlinear contact problem). Allen and 
Ellis26 considered a similar problem for a strain hardening material. 
However, they did not include the importance of load sequencing in 
problems with plasticity. This effect has been treated and shown to be 
important by Ghadiali, et al.27 and Crews.28 Adler and Dupree29 have 
also developed an elasto-plastic finite-element program which they used 
to display the improved fatigue life of prestressed plate holes prior to 
assembly and loading. 

Three-Dimensional Analyses 

There does not appear to have been a serious attempt at attacking 
the precise three-dimensional equations for a fastener in a plate by either 
analytic or numerical methods. However, it would appear that the stiff- 
ness method, based upon modern three-dimensional finite elements, is 
capable of handling this situation. 
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Figure 8. Variation of n as a function of coefficient of friction fx for 
the case that both inclusion and outer body have the same elastic con- 
stants.24 

As an approximation to this problem, this author proposed a simpli- 
fied approach14"30 in which the fastener is idealized as a short beam on 
an elastic foundation (Figure 10) and the foundation modulus, k, is ob- 
tained from the planar analysis (Figure 11). Such a model is capable of 
accounting for fastener flexibility, head rotation, and countersink ef- 
fects, as well as stress variation and nonuniform foundation modulus 
through the plate thickness (Figures 12 and 13). Although preliminary 
indications are that the idealization appears valid (Table 1), the implicit 
assumption of the method, viz: that the shear stresses through the plate 
thickness are of secondary importance, should be explored further. 

The interaction among the one-, two-, and three-dimensional types 
of analyses discussed is probably best described by Figure 14. Arbitrari- 
ly starting with a one-dimensional analysis of a joint, in which gross 
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0.7r 
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Figure 9. Compressive radial (ar) and tangential (T) stresses for a 
0, 1 and 10 coefficient of friction between pin and stretched plate of 
identical elastic constants.23,24 

engineering assumptions regarding plate and fastener stiffnesses are 
made, the load carried by each fastener may be computed. These loads, 
in turn, may be used as input to perform a two-dimensional stress analy- 
sis and to obtain load-deflection data for a single fastener. This informa- 
tion may next be used to estimate through-the-thickness stress-concen- 
tration effects and to improve upon the single-fastener load-deflection 
ratios, employed initially, to permit a reanalysis via the one-dimensional 
analysis. This process may be repeated in an iterative manner until con- 
vergence is achieved. Alternately, one could start the process by using 
the two-dimensional and simplified three-dimensional solutions at each 
fastener to develop nonlinear load-deflection curves. A nonlinear one- 
dimensional analysis could then be used to determine bolt-load distribu- 
tion in a multifastener joint using this nonlinear load-deflection data. 
With the resulting load distribution for each fastener, local peak stress 
could be calculated using the two-dimensional and simplified three- 
dimensional solutions. 
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IDEALIZED MODEL OF PLATE AS A NONLINEAR 
ELASTIC FOUNDATION INTERACTING WITH 
A SHORT BEAM 

Figure 10. Short beam on elastic foundation modeling scheme for 
through-the-thickness effects.30 

For the linear elastic case,9 the plate stress-state surrounding a fas- 
tener is the nominal stress <r0, associated with the bypass stress, crB, plus 
fastener load stress, o>, where o-0 = crB + o> (Figure 2), multiplied by 
the appropriate two-dimensional, K2D, and three-dimensional, K3D, 
stress-concentration factors, i.e., 

<j 
max 
elastic 

o> •K. °K3Dp+ O-B°K2 

If the material surrounding the fastener is not entirely elastic, the 
stress is governed by a two-dimensional elasto-plastic solution which 
varies with loading at each level through the thickness. Therefore, the 
individual solutions cannot be combined by superposition. In performing 
these nonlinear-type two-dimensional analyses, the strains are governed 
by the fastener and bypass loads, computed from the one-dimensional 
analysis, multiplied by the amplification factors associated with the 
three-dimensional solution. 
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Figure 11. Computed load-deflection curves for a typical aluminum 
plate.30 

RECENT APPLICATIONS 

Although the underlying phenomenon governing fatigue, fretting, 
and crack growth in metals, and delamination and bearing-type failures 
in composites is not well understood, it is generally agreed that accurate 
stress analyses around fastener holes are highly useful tools in predicting 
structural life. 

For fatigue, the alternating component of stress intensity is a domi- 
nant factor in determining fatigue life.31-32 In recent works based upon 
elastoplastic finite-element programs,25-27-28 the desirable effects of inter- 
ference-fit fasteners in reducing the alternating stress has been numeri- 
cally demonstrated. Adler and Dupree29 have also shown, by a finite-ele- 
ment procedure, that cold working a fastener hole introduces beneficial 
residual compression stress at the hole. In a similar manner, Harris, 
Armen, and Pifko32 have demonstrated the benefits of squeeze rivets in 
obtaining residual stresses which improve fatigue life. 



392 I. U. Ojalvo 

(al SINGLE SHEAR. CLAMPED FASTENER HEAD 

Qt 

(b) SINGLE SHEAR. FREE FASTENER HEAD 

Figure 12. Effect of fastener stiffness on peak bearing stress in sin- 
gle shear lap joints.30 
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Figure  13. Effect of fastener stiffness on  peak bearing  stress- 
double shear case with arbitrary fastener head end conditions.30 
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Table 1. Analytical and Experimental Results for the 
Double Lap Joints Tested (Reference 30) 

Type Fit 

Loose 

Perfect (Neat) 
Interference 

Plate Stiffness 
x 10-6 psi 

4.255 

5.330 
6.966 

Overall Joint Stiffness x 10"6 lb/in. 

Analysis 

0.416 

0.610 
0.778 

Test 

Analysis 
for a Rigid 
Fastener 

0.420 
(avg. of 
12 tests) 

0.803 
(avg. of 
3 tests) 

0.535 

0.670 
0.876 

With regard to crack growth, the crack propagation rate, dc/dN, is 
proportional to K",1 where K (stress-intensity factor) is strongly depen- 
dent upon the local stress-concentration factor, and 2<a<5. Thus, any 
reduction in the stress-concentration factor, such as that reported by 
Harris and Ojalvo30 when working with smaller clearances between fas- 
teners and fastener holes (Figure 15), significantly impacts the crack- 
growth rate and structural life. 

Bolted joints in composite laminates present particularly complex 
stress distributions and multiple, possibly interacting, failure modes 
which are not adequately understood. Boron and graphite-epoxy lami- 
nates exhibit a quasi-brittle reduction of static strength in the presence 
of stress concentrations.33""35 Unlike metals, crack nucleates in compos- 
ites do not appear to grow through the thickness.33 However, examina- 
tion of delamination and bearing failures indicate that three-dimensional 
and sometimes nonlinear phenomena are involved. Thus, it is evident 
that improved splice-joint stress analyses are required for a better under- 
standing of failure modes in composite joints. 

FRICTION EFFECTS 

The potentially significant effect of friction between the pin and hole 
in reducing two-dimensional stress-concentration effects has been 
demonstrated experimentally by Lambert and Brailey36 and analytically 
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CHARACTERISTICS 
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CONCENTRATION FACTORS 

Figure 14. Input/output flow diagram depicting the interrelation- 
ship among the one-, two- and three-dimensional type analyses. 

by Hussain and Pu24 for the tension-loaded neat-fit fastener (Figure 9); 
Crews22 for the interference-fit fastener (Figure 16); and Oplinger and 
Gandhi17 for the pin-loaded hole (Figure 17). However, the equally im- 
portant friction effect between plate surfaces, resulting from fastener 
clamp-up, has not been adequately treated in the literature. 

As evidence of the importance of clamp-up force (resulting from 
bolt tightening) in relieving the joint load transmitted by fastener shear, 
we cite the experimental work of Wittmeyer and Smode37'38 and the sur- 
vey report by Munse.39 In recent fatigue tests upon aluminum dog-bone 
specimens with steel Huck rivets in single-shear, Hooson and Baker40 

reported a significant plate fretting failure not at the fastened hole, but 
outside the regime of peak clamp-up pressure between plates (Figure 
18b). A similarly fastened plate which did fail at the hole (as predicted 
by analyses which do not include friction), was one for which the rivet 
was improperly seated and so did not provide proper clamp-up force 
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Figure 15. Variation of stress concentration factor with increasing 
net-section stress.30 

(Figure 18c). It was also noted that the fatigue lives of the clamped-up 
fastener specimens were significantly longer (at least three to four times 
longer) than for the one which was not joined tightly. 

As a first step in including the effect of friction in the faying plate 
surfaces, a knowledge of the clamp-up pressure is required. Cullimore 
and Upton,41, employing a finite-difference scheme, obtained the axi- 
symmetric pressure distribution between plates as a function of fastener- 
head radius, plate thickness, and hole radius (Figure 20). Similar studies 
by Gould and Mikic42 and Cullimore and Eckhart43 have also been per- 
formed using finite-element methods. Some typical results are presented 
in Figures 19 and 20. 

CONCLUSIONS AND RECOMMENDATIONS 

A comprehensive review of mechanically fastened splice-joint anal- 
yses has been attempted. In preparing this chpater, a number of note- 
worthy survey and reference works44"51 were encountered which focus 
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Figure 16. Elastic stresses along the hole boundary in a stretched 
sheet with a frictionless and a no-slip interference-fit fastener of the 
same material.22 
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= o 

Figure 17. Effect of friction on contact radial and shear distribu- 
tion around pin loaded hole of a graphite-epoxy plate.17 

a) SINGLE SHEAR ALUMINUM FATIGUE SPECIMEN 

(b)   TYPICAL HUCK-FASTENED SECTION BREAK 

(c) A TYPICAL HUCK FASTENED SECTION BREAK 

AT HOLE CAUSED BY IMPROPER SEATING OF 

FASTENER HEAD 

Figure 18. Fatigue test of cap joint specimen with typical and 
atypical failures.37 
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on related areas. Since some of these may be of interest to the typical 
reader of this effort, they are noted here. 
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Stress analyses of adhesive and mechanically fastened joints 
in composite structures are discussed. In adhesive joints analyses 
of single and double lap joints as well as more advanced configu- 
rations including scarf joints and step-lap joints are described. 
Effects of laminate configuration, through-the-thickness deforma- 
tions, nonlinear response, thermal stresses, and fracture mechan- 
ics considerations are treated. In mechanically fastened joints the 
effect of fastener configuration and composite material parame- 
ters on stress concentrations is described. Approaches to failure 
prediction are discussed, and the need for improved concepts for 
predicting failure is pointed out, based on experimental evidence 
which also suggests that nonlinearity in the laminate must be al- 
lowed for. The need for three-dimensional analysis is also cov- 
ered. 

One of the more difficult aspects in the design of composite struc- 
tures is that of joints. Joints tend to introduce a considerable amount of 
shear loading in the structural elements being joined, a mode of loading 
in which composites, especially organic matrix composites, tend to be 
weak. The role of stress analysis in the area of joints is to provide an 
understanding of the factors controlling joint strength and realiability, 
insight into the level of strength to be expected from a given type of 
joint, and a means of selecting directions in joint design which tend to 
provide improvement in joint performance. 

The present chapter covers two generic types of joints, adhesive 
bonded joints and joints involving mechanical fasteners such as bolts or 
rivets. Adhesive joints are potentially the more desirable joining ap- 
proach. Uncertainty in the reliability of bonded joints under fatigue and 
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other adverse environments and excessive thermal stresses in some ma- 
terial combinations used in the adherends makes the complete reliance 
on bonded joints difficult. In addition, many joints entail the need for 
component disassembly, mechanically fastened joints being a natural re- 
quirement in such cases. 

In the case of adhesive joints, analyses have involved either closed- 
form or finite-element approaches. Closed-form analyses have used clas- 
sical beam models for adherend response or simple modifications of 
these to allow for transverse shear and thickness normal deformations. 
More elaborate analyses based on two-dimensional continuum analyses 
are not readily available for the case of composite joints. Analyses of 
particular interest have treated single- and double-lap joints as well as 
scarf and step-lap configurations. Generalized laminate theory, treat- 
ment of thermal stresses and nonlinear response, and the application of 
fracture-mechanics approaches to growth of damage in adhesive joints 
are aspects of adhesive joint analysis given attention in the ensuing dis- 
cussion. 

In the case of mechanically fastened joints, both finite-element and 
two-dimensional elasticity analyses have been performed. Here the joint 
configuration is modeled in terms of arrays of circular inclusions repre- 
senting the fasteners embedded in orthotropic plates representing the 
composite elements being joined. Of principal interest in the results dis- 
cussed are stress concentrations as a function of fastener configuration 
and material parameters of the composite, and the relation between 
stress level and failure. While the prediction of stresses in fastened joints 
has been readily performed, some deficiencies have been found in cur- 
rently available failure rules. Much of the work remaining to be done 
centers around the development of improved concepts for describing 
failure. The application of three-dimensional stress analyses and analy- 
ses which allow for nonlinear material behavior in the laminate appear to 
be essential for an adequate treatment of failure. 

LIST OF SYMBOLS 

B(, Bu Stretching stiffnesses of lower and upper adherends, adhe- 
sive joint 

C(, Cu Bending tension coupling coefficients of lower and upper 
adherends, adhesive joint 

Cv Parameter in adhesive joint stress solution; EJ7Ga = 1 + 
va 

De,Da Bending stiffnesses of lower and upper adherends, adhe- 
sive joint 
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Ea Young's modulus of adhesive layer 

E'(, E'u Modified axial moduli of adhesive joint adherends; Extl(\ 
~ vxevM)' EXJ{1 — vxup,jy) 

Ext, Exu        Axial Young's moduli of lower and upper adherends 
Eze, Ezu Young's moduli of lower and upper adherends, thickness 

direction 
e "Edge-distance"  parameter of pin-loaded plate,  Figure 

11(A) 
Ga Shear modulus of adhesive 
Gxz, Gxi       Out-of-plane shear moduli of lower and upper adherends, 

adhesive joint 
hk Location of upper surface of kth ply in multilayer laminate 
Ka Parameter related to response of adhesive layer; Eaha 

K'B, K'NS, K'so Stress concentration factors of pin-loaded hole with regard 
to:  bearing  (B);  net  section (NS);  and  shear-out  (so) 
stresses 

kE, kG Parameters defining degree of orthotropy in laminate; EJE2 

EJ2G12(l + v12) 

<f Overlap length of lap joint 
£at "Ineffective length" of lap joint; MAX {3tjk) 3tJA} 

£p Plastic portion of adhesive joint overlap 

Me, Mu Moments in lower and upper adherend 
N(, Nu Axial stress resultant of lower and upper adherend 
7V0 Applied axial load per unit width on lap-joint adherends 

A/V Increment of load developed in adherend in region of adhe- 
sive plasticity 

s "Side distance"  parameter of pin-loaded plate,  Figure 
11(A) 

/ Adherend thickness, general 
ta Adhesive layer thickness 

t(, tu Lower and upper adherend thickness 
u, v, w Displacement components inx, y, z directions, respective- 

ly 
V(, Vu Transverse shear force in lower and upper adherend 
x, y, z Rectangular coordinate; in adhesive joint x = axial, y = 

in-plane lateral, and z = thickness direction 
a(, au Thermal expansion coefficient of adherends 

ß Parameter in adhesive joint equations (7) 

ye, yp Elastic and plastic shear strain in adhesive 



408 D. W. Oplinger 

Jxz Out-of-plane shear strain in adherend 
ex Axial strain 

SXP, EyP, £zp   Plastic strains in adhesive joint elements 

£ Dimensionless thickness direction coordinate, zltu in ad- 
herend 

r)k(k = 1,4) Constants in adhesive joint equations modified for plastic 
response 

X, A Parameters in equations (7), differential equations for adhe- 
sive-joint response 

Pep Adhesive ductility ratio, yplye 

Pu Characteristic adhesive joint parameter, (EatJE'ja)/2 

o".4 Gross section stress in pin-loaded joint 
cra Peel stress in adhesive layer 
(°"a)max Maximum adhesive peel stress 

O"B, CTNS Peak bearing and net section tensile stress in pin-loaded 
joint 

Ta Adhesive shear stress 

(Ta)ave Average adhesive shear stress 
(Ta)max Maximum adhesive shear stress 

t~so Peak shear-out stress in pin-loaded joint 

ANALYSIS OF ADHESIVE JOINTS 

Much of the pertinent analytical literature on behavior of adhesively 
joined composite structures is discussed in the state-of-the-art review by 
Murphy and Lenoe.1 In addition, a review of work up to 1969 is treated 
extensively in an annotated bibliography by Kutscha and Hoffer,2 while 
more recent work is discussed by Sharpe and Muha.3 

The aim of the following discussion was to treat the behavior of 
adhesive joints from the standpoint of physical phenomena controlling 
their behavior, rather than to give a comprehensive description of the 
body of analytical effort which has been devoted to them. It was intend- 
ed, therefore, to give a description of the effects which play a role in the 
structural performance of adhesive joints and how these are typically 
incorporated in analyses which have been performed. The work which is 
cited is representative rather than all-inclusive. 
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General Observations 

The role of analytical effort in connection with adhesive joints is to 
provide an understanding of how the shear and peel stresses in the adhe- 
sive are developed and how they may be controlled by varying material 
and geometric parameters of the joint as well as the overall joint configu- 
ration. Figure 1 taken from Reference 4 summarizes the main consider- 
ations which may be called into play in analysis of adhesive joints. Note 
that in general the load capacity of the adherends is controlled by ad- 
herend thickness which reflects load-bearing area in tension. Superim- 
posed on the general trend of increased adherend load capacity with 
thickness are various strength cut-offs which reflect localized adherend 
stresses as well as stresses in the adhesive. The lowest cut-off occurs in 
the single lap joint, due to the load eccentricity associated with this con- 
figuration which results in peeling stresses as well as adhesive shear- 

Scarf- and Stepped-Lap Joints 
—^ 

Failures Shown Representt 

the Best Possible from 
Efficient Design for 
Each Geometry 

■& 
c 
a> 
L- 

■*-» 

CO 

c 
"o 

Peel Failures 

Single-Lap Joint 
Bending of Adherends 
Due to Eccentric 
Load Path 

Adherend Thickness 

Figure 1. Failure condition vs configuration in adhesive joints 
(Hart-Smith4). Reprinted with permission of the Society for the Ad- 
vancement of Material and Process Engineering. 
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stress concentrations. In the double-lap joint the situation is more favor- 
able. While peel stresses were still the limiting factor, these may be 
eliminated from consideration by tapering the adherends near the end of 
the overlap, thereby softening them with respect to bending; at this point 
adhesive shear-stress concentrations become the limiting factor on joint 
strength. Changing the configuration to a scarf or step-lap joint helps to 
eliminate the "ineffective length" phenomenon associated with single or 
double-lap joints, making it possible to use long overlaps to effectively 
reduce the peak level of adhesive shear strength. ("Ineffective 
Length" — see discussion concerning equation (11) in section on Single- 
and Double-Lap Joints, Elementary Approaches.) 

The above discussion describes considerations that are common to 
joints in general. Superimposed on these considerations are the effects 
of non-linear material response in both the adherends and the adhesive, 
and effects characteristic of composite adherends including that of inho- 
mogeneity of fiber-reinforced materials and curing stresses developed 
during fabrication, in addition to thermal stresses. In the case of 
through-the-thickness inhomogeneity of fiber-reinforced adherends, al- 
though exact analyses would require detailed representation of fiber and 
matrix portions of the composite, practical considerations restrict the 
representation of the fiber-reinforced material to that of equivalent ho- 
mogeneous orthotropic plates. At the same time, the simplest orthotro- 
pic plate theories may not be adequate, and higher order theories allow- 
ing for transverse shear and thickness normal deformations often are 
desirable. 

Single- and Double-Lap Joints 

The single- and double-lap joint configurations (Figure 2) are repre- 
sentative of a number of joint systems used in actual structures as well 
as in test specimens. In the case of joints in which composite adherends 
are present, the analyses have primarily used strength of materials ap- 
proaches, with the adherends treated as Euler beams-on-elastic founda- 
tions. In the Euler-beam approach, transverse shear and thickness nor- 
mal deformations in the adherend are ignored. In the most simplified 
analyses such as that of Volkersen,5 the adherend is treated as a mem- 
brane in which only stretching deformations are considered, while in the 
well-known treatment by Goland and Reissner6 adherend bending effects 
are included. In a series of reports dealing with scarf and step-lap joints 
as well as with single- and double-lap joints, Hart-Smith7-9 developed a 
number of results using the Volkersen membrane response approach for 
the adherends in conjunction with nonlinear response in the adhesive. 
Erdogan and Ratwani10 carried out similar studies with the adhesive 
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Figure 2. Nomenclature for single- and double-lap joints. 

restricted to elastic response. Recently, more elaborate treatments of 
adherend deformation have been given by Renton and Vinson11 and by 
Dickson et al.12 These studies provided formulations in which transverse 
shear and thickness normal deformation in the adherends were provided 
for. 

Elementary Approaches. Figure 2 shows the notation which applies 
to the following discussion. In the most elementary treatments5,6 of sin- 
gle- and double-lap joints the axial strain, du/dx, in the adherend is ei- 
ther constant over the adherend thickness: 

du 
dx £.r 

N 

or a linear function of z: 

= N_,(   _t\M_ 
Sx     B     \z     2/ D 

(1) 

(2) 
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where N and M are the in-plane stress resultant and moment: 

t m 

N = I a-xdz M =   I zaxdz 
0 -tl2 

while 

(3) 

t 

B = \     Ex     dz D =   I  . zEx    dz (4) 
J    1  - VxVy J      1  - VxVy o -m 

(equations (l)-(4) apply to either adherend, and may be specialized for a 
particular adherend by adding subscripts u or €). Equations (4) are writ- 
ten with the axial modulus and Poisson's ratio under the integral sign to 
allow for variations of layer properties in a laminate as a function of 
thickness coordinate z. When equation (1) or (2) is combined with the 
adherend equilibrium equations: 

(5) 

dx a ~~d~: 

where the Vs are adherend shear forces, together with adhesive stress- 
strain relations: 

-g Wu - We      ,      -£ uu-ue (6) 

where the w's and w's are axial and out-of-plane displacements in the 
adherends, a pair of ordinary differential equations in the adhesive 
stresses Ta and ara is obtained: 

d3T A2 dr        ß2 

dx3      tu
2 dx      tu

3    a K'-l) 

d^JL +  4AV   - 2C^2 dT" - 0 (T>\ 
dx4       t* a<l       t3    dx ~U U   ' 

dN«+T    -0       • 
dx         a            ' Nf+Nu= N0 

tu,       dMu 
TTa      dx 

.    v  _t,        dMe 

dV« = „_ _     dVe 

where, letting 

ta 2C/a 



STRESS ANALYSIS OF COMPOSITE JOINTS 413 

the parameters X, A, and ß are given for the single and double lap by: 

Single Lap 

Kn 

2C, v   L 

A*_ 
t 4 

B 
i + i +4t+ ^ 

ß 

4 

4D, 

1 

4D> 

Du 
+ Dt. 

2C„ V 2D 2D, 

(9) 

e Lap 

tu
2      2CV KBU 

+ 5,      ADJ     ' 

ß2 _ Ka   tu 
t„s      ACV D„ 

A4 

t 4 
'u 

Ka 
4DU (10) 

Using standard approaches, solutions of equations (7) are exponen- 
tial functions of the form Tniß

±nx and craifi
±nx, when 77 is the root of a 

sixth-degree polynomial derived from equations (7). For a large class of 
joints in which adherend bending deformations are small with respect to 
axial stretching deformations, two roots are approximately given by 
± A., while the remaining four are approximated by ±A(1 ± i) where / = 
(-1) 2. (For the identical adherend, single-lap case these are exact.) We 
are particularly interested in the peak stresses in the adhesive, (ra)max 

and (o-„)max for these cases. These will be given for long overlaps corre- 
sponding to k£ltu ^ 3 or Mltu ^ 3, whichever is longer. As shown in 
Figure 3, (ra)max decreases with increasing (, but the decrease is limited 
to a lower bound governed by the long overlap criterion on (just given. 
A similar type of behavior is encountered with (cr„)max, in both cases the 
maximum stress values occurring at the end of the overlap. The ineffec- 
tive length 4ff, given by 

€pi MAX{^,%} (11) 

determines the lap length beyond which an increase in € is ineffective in 
reducing peak adhesive shear and peeling stresses. In both cases a pa- 
rameter pu given by 

Pu E' t ^u 'a 
F' = 

1     —    Vy 
(12) 
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Figure 3. Variation of peak adhesive shear stress with  overlap 
length. 

figures prominently in the results. Note that k and A are related to pu for 
the special cases considered here by: 

Single Lap, Identical Adherends 

\ = 2 

Double Lap, B( =2BU 

Pu\K 
^1/ I 

;    A = (6pf 

X =[$-)"    ;    A = (3pJfc (14) 

The peak stresses in the adhesive are then given by 

Single Lap, Identical Adherends {£ s £eB) 

(o"a)i 

°"u0 

where 

max  -,^A2 + 2A:'%A    ;    -^L- 
2 t cru0 

max      1 + 3k \ + 3(l -ifc)(15) 

iVn 

while 

ifc = 
cosh ix 

cosh /Li + 2V2sinh fx 
;    fc' = V2k/x 
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with 

P- 

while for the double lap 

2U aPyw D (16) 

Double Lap, Be = 2BU {£ > <feff) 

(TX 
(Tu 2 

(0"a)„ 

O",, 

X2 
-1 + A + _. 

2      X      2A2 
4A' 

4A4 
A! 

XV 2 
(17) 

The parameters k and &' appearing in equations (15) and (16) reflect the 
bending of the single-lap configuration due to the introduction of load 
eccentrically. The results for the double lap are approximations hinging 
on the assumption that the term in equation (7.1) involving ß2 can be 
neglected, while that in (7.2) containing drjdx acts as a body force term 
and introduces a particular solution into the results. Note that peel 
stresses are not usually associated with the double-lap configuration be- 
cause of its symmetry. As indicated in Figure 4, however, peel stresses 
are required in the outer adherends to equilibrate the moments intro- 
duced by the shear stresses which represent loads applied eccentrically 
to the outer adherends. 

Using equations (13) and (14), the maximum adhesive stresses can 
be expressed in terms of pu: 

Single Lap 

(rX 1 + 3Ä: 

V°"gAnai 

Pu 
C„ 

+ 3(1 -k) 
(18) 

(6p«T+2*' -f(6Pu) 

Double Lap 

(TX 

°~uo 

5        \'A 
(19) 

O"„o 2 «3^C, -Pu      + 
2 • 3 C„ 4C, -Pu 

25 
Pu+   1 

In both cases the peak shear stress varies as p„'/2. The peeling 
stresses for the single-lap case vary as pu'A for small pu and as pu'/2 for 
large pu. For the double-lap joint the peeling stresses vary as pu

Vi for 
small pu, while again varying as p„'/2 for large p„. 
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t.   i   A 

Figure 4. Mechanism of peeling stress development. 

The dependence of the peak adhesive stresses on pu suggests that pu 

should be made as small as possible to avoid adhesive failure at a given 
adherend load. From the expression for pu given in equation (12) this 
implies that continual increases in adhesive thickness are beneficial, al- 
though in practice a small adhesive-to-adherend thickness ratio is found 
to be optimum. In thin adhesives the effect of restraint of in-plane adhe- 
sive deformation by the adherend may have a beneficial effect on adhe- 
sive performance by tending toward a hydrostatic stress state. This has 
not been accounted for in the above analysis. The effect of thickness- 
normal and out-of-plane shear deformations in the adherends, which is 
discussed below, would also tend to modify the behavior of the adhe- 
sive. The elementary Goland-Reissner or Volkersen analyses, while 
bringing out the effect of the parameter p„ which expresses the effect of 
the modulus and thickness ratios between the adherend and adhesive, 
apparently ignore several effects that need closer attention. 

The results given above apply to isotropic (i.e., metallic) and "ho- 
mogeneous" orthotropic adherends, the latter including orthotropic lam- 
inates not containing coupling terms between in-plane stresses and bend- 
ing or twisting deformations. The moment and axial stress resultant for 
such laminates, expressed in terms of the middle-surface displacements 
are 

dx     '        u       u dx2 

For more general laminates we have relations of the form 

N„=B^ + C d2w" udx dx ^0) 

M=C,d-^- + D d2w 

'u dx u dx2 

together with a similar pair of equations for the lower adherend. The 
coefficients Bu and Du are again given by equations (4) when the latter 
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are applied to the upper adherend. The cross-coupling coefficient is 
given by 

Ul2 

= i zExudz (21) 

1        V xvPyu 

-t Uli 

For N-layered adherends with step wise variation of elastic constants, 
the following expressions hold: 

N 

5» = ^Cnfc>(Afc-Afc_l) 

N 

Cu = \ V C\V (hi - hU) (22) 

n     —       "^   /"'MC/r) (h'i  — h3     ~\ 

where Aft is the distance of the "upper" surface of layer k (the surface of 
largest z) from the adherend middle surface, while 

poo 
ru») -       c'x, (231 

is the axial modulus of layer k under uniaxial (in-plane) strain. When 
equations (20) together with the corresponding expressions for the lower 
adherend are combined with equations (5), a pair of ordinary differential 
equations in ra and cra of the same order as equations (7) again results, 
with appropriate changes in coefficients. The method for obtaining solu- 
tions is again straightforward. 

Transverse Shear and Thickness Normal Deformations. In organic 
matrix composites the ratio of axial Young's modulus Ex to transverse 
shear modulus Gxz tends to be as high as 30 for uniaxial materials, as 
opposed to ratios on the order of 3.0 for metals and other isotropic mate- 
rials. Since the effect of out-of-plane shear deformations becomes more 
important as EJGXZ increases, the necessity for considering the effects 
of such deformations is greater in joints containing composite adherends 
than those with metal adherends. Formulations taking transverse shear 
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and thickness normal deformations into account, were based on the 
well-known treatment by Whitney13 for bending and stretching of lami- 
nated plates and given by Renton and Vinson11 and by Dickson, Hsu, 
and McKinney.12 The formulation given in References 11 and 12 applies 
to general laminates in which properties vary from layer to layer. It is 
instructive to consider a restricted version in which the adherends are 
generally orthotropic but essentially homogeneous, e.g., a unidirectional 
laminate. The shear-stress distribution given in References 11 and 12 
then reduces to a parabolic distribution in each adherend corresponding 
to the shear-stress distribution encountered in classical beam theory. 
For the upper adherend we have 

where 

and 

= (l-4£ + 3DTa + f a-&Vu (24) 

z_ 

tu 
Vu = \   TxzdZ 

0 

with a similar expression resulting in the lower adherend. On substitut- 

ing equation (24) into the equilibrium equation -r-^ + -—?- = 0 and 
dx dz 

integrating with respect to z, an equation for normal stress in the z-direc- 
tion is obtained: 

on = - (I - 2? + ?)tu ^ + (1 - 3£* + 2?) aa (25) 

where use is made of the next-to-last of equations (5). On forming ex- 

T" <T" 
pressions for shear and extensional strains yxz = -f^r > e"z = "w corre- 

^ xz £L z 

sponding to T
U

XZ and <x" and performing appropriate integrations with re- 
spect to z, corrected expressions for axial strain sx and out-of-plane de- 
formation wu are obtained. On forming the corresponding corrected ex- 
pressions for the distribution of axial stress and substituting into 
equations (3), corrections for shear-stress resultant Nu and moment Mu 
result: 

1      F'        dr 1     F' 1     F' d3T 1    F'        d2rr 

"        u     12~G%~7udx      2G»7A+ 60£T"  dx3      60£T"   dx2 
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M„ = Ml - 0.00831   -£*- t\^ + ~ -Sk~t\ <ra + 0.00437    %L t\ G\,u dx  T 10 ~GVU   a Ezu
lu dx3 

' xz 

- 0.0310§fjtd-^r (26) 

where N°u and M° are equivalent to Nu and Mu obtained for conventional 
laminate theory corresponding to equations (20). Similar expressions in- 
volving aa and T0 are obtained for the lower adherend. On combining 
these with equations (5) and (6), a modified form of equations (7) is ob- 
tained which reduces to an eighth-order equation in either cra or T„, in 
contrast to the sixth-order system resulting from equations (7). The form 
of the equation obtained for general laminates where ply-to-ply property 
variations are allowed for is given as equation (75), p. 37 of Reference 
12. 

An estimate of the magnitude of the correction terms in equations 
(26) defining the difference between Nu and N°u, as well as between Mu 

andM?,, is of interest since it essentially determines the values of/„ and 
t( beyond which the corrections are significant. This can be obtained by 
using expressions for ra and <ra obtained from uncorrected Goland- 
Reissner type of formulations and substituting the corresponding deriva- 
tives into equations (26). For the double-lap joint, for example, the ex- 
pression for peak shear stress given in equation (17) corresponds to 

2 
(27) 

which holds in the vicinity of x = 0 when € > fe!S. From this the first 
correction term in the first of equations (26) reduces to 

1   E' \ ., dr„ I 1 E'J„\ X2 _    .     /„ 
12 G»J'udx V 12 G'iJ  2 

_, .       A.— 
u»   t„\( \        tv 1 vyno Ie 

cr„ne WO ' 

(28) 

'a    l u 

E 
where the first of equations (14) is noted and G„ is substituted for -^-. 

The significance of equation (28) is determined chiefly by the magnitude 
of the factor 

5      /      Gg\(t% 

24\Glz  \t, 
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which, because of the fact that Gu
xz may easily be close in magnitude to 

Ga in organic matrix composites, grows rapidly with tu for the small 
values of ta encountered in practical bond layers. Similar estimates may 
be made for other correction terms appearing in equations (26). 

Higher order approaches to the effect of transverse shear and thick- 
ness normal deformations can be formulated by replacing equations (24) 
with higher order polynomials in £. The need for providing such further 
improvements to the theory becomes important primarily for excessively 
thick adherends or where abrupt changes in adherend thickness occur. 

An additional modification to the theory is required when obliquely 
oriented plies are present in the adherends, since the stresses TXU, ay, 
and Tyz are then introduced, along with corresponding deformations in 
the y-direction. For certain laminate configurations, simple polynomial 
expressions for Tyz will provide for corrections to the stress prediction 
through an approach similar to the one considered here for TXZ and <rz. 

Results obtained from the formulations of References 11 and 12 
were incorporated into the Air Force funded computer codes, BOND4 
and BONJOI, as discussed by Muha and Sharpe.3 As noted in the latter 
reference, boundary conditions on the shear stress as well as the shear 
force, V, can be applied at the adherend end, resulting in a distribution 
of Ta which goes to zero at the overlap ends. In contrast, the elementary 
theories provide only for V = 0 at adherend free ends and lead to non- 
zero shear stresses at those locations. 

Scarf and Step-Lap Joints 

Typical adhesive shear and peel strengths are on the order of 5-10 
ksi, while composite adherend tensile strengths are typically on the 
order of 50-200 ksi. The ratio of peak adhesive shear stress to adherend 
tensile stress is thus on the order of 0.025 to 0.2. A joint design for 
which 

i^a^ 0.025 to 0.2 

is desirable. 
From the results obtained previously for single- and double-lap 

joints, the ratio of (rXax to o~u0 cannot be reduced to less than about 
A./2; i.e., for the specialized cases treated above 

V aAnax   \     /        Pu 
cru0        2\2 C, 
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because of the ineffective length phenomenon which prevents the interi- 
or region of the overlap from contributing to the load transfer between 
adherends. The quantity 

\C„/        \tutj 

being on the order of unity or greater for typical joints, the peak adhe- 
sive shear stresses cannot easily be reduced to values comparable to 
adhesive strength values when the adherends are fully loaded. Scarf and 
step-lap joints provide efficient use of the full overlap length by allowing 
the peak adhesive stresses to be continually reduced as the overlap 
length increases, thus avoiding the ineffective length difficulty. 

As shown in Figure 5, a thin bond line between identical adherends 
cut at an angle a to the axial direction is subjected to shear and normal 
stresses which may be calculated from transformation relations describ- 

ing stresses in a coordinate system rotated an angle -=- a from the 

vertical direction, leading to adhesive shear and peak stresses ra and cra 

given by 

I» 
o-o 

sin 2a 
(29) 

o-o 
sin2 2a 

IDENTICAL ADHERENDS 

Resolved Stresses 
•^    -„sin2q       t  _ 

■ 2 X2 
an =crsin a   v ^cr 

S2 

I«*— I 

% 
NONIDENTICAL ADHERENDS  Differ«°^action 

Butt Joint 3 
Scarf Joint 

cr ■ 
"^^ 

Figure 5. Relations for stresses in scarf joints. 
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Note that the angle a can be related to the ratio of lap length to adherend 
thickness by 

whence 

tan a 
£ ( = sin a for small a) 

1°. ££ - t 
~7 > 

"a 

o-o 

t2 

(30) 

(30) 

Through equations (30) the overlap length can be selected to give a 

"taper ratio" -j which will limit the stress ratios in (30) to the corre- 

sponding strength ratios. While these relationships are close to exact for 
identical adherends, for nonidentical adherends the difference in axial 
strain in the two adherends for a given stress, i.e., the modulus dif- 
ference, will cause some local intensification of adhesive stresses near 
the ends of the overlap as the adhesive is strained to provide for ad- 
herend incompatibility. For a butt joint (Figure 5, lower sketch) which 

can be viewed as a scarf joint with a = -=-   it can be seen that the 

incompatibility is due to lateral contraction differences, i.e., Poisson ef- 
fects, while for a scarf joint with a close to zero, the incompatibility is 
primarily due to differences in axial moduli. The main result of scarf- 
joint analyses is the manner in which joint stresses are affected by ad- 
herend incompatibility. 

In the case of the step-lap configuration, somewhat similar consider- 
ations apply. If the step lap is properly designed, one would assume that 
the stresses across the joint should be relatively uniform for similar ad- 
herends, although the cases for which analytical results have been given 
tend to show rather peaky distributions of shear stresses. Figure 6 shows 
the stress in a five-step joint between aluminum and boron epoxy ob- 
tained by Erdogan and Ratwani.10 Since the analysis is based on the 
Volkersen approach for each section, it appears that shear-stress peaks 
are the result of making the section lengths greater than the ineffective 
length of a given section. The overall geometry of the joint, in particular 
the total length €, can be roughed out by letting tl€ be related to the 
adherend-adhesive strength ratio as in the case of the scarf joint. At the 
same time, the peakiness has to be designed out of the stress distribution 
to make the scarf-joint analogy effective. The use of smaller "tread" 
lengths and correspondingly smaller "risers" (thickness increments be- 
tween adjacent sections) would help to keep each section shorter than its 
ineffective length, thereby insuring a smoother shear-stress distribution. 
Practical considerations such as large filament diameter in the case of 
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Figure 6. Stresses in aluminum-boron epoxy step joint:10 (a) adhe- 
sive shear stress distribution; (b) force distribution in boron-reinforced 
adherend; (c) stress distribution in boron-reinforced adherend; (d) 
stress distribution in aluminum adherend. Reprinted with permission of 
Technomic Publishing Company. 
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boron may make small risers difficult to manufacture. However, qualita- 
tive design concepts such as these need to be explored to develop the 
full potential of the step-lap joint. 

Analyses of scarf and step-lap joints have included the closed form 
solutions by Hart-Smith7 and by Erdogan and Ratwani,10 together with a 
number of finite-element approaches.12-14 In particular, comparisons of 
finite-element results with the closed-form results of Reference 10 are 
discussed by Barker and Hatt.14 Figures 7-10 show results discussed in 
Reference 14 for a single step joint and a scarf joint between boron 
epoxy and aluminum. Table 1, based on the results given in Reference 
14, is a comparison of the peak shear stresses produced in various joints 
with that in a single-lap joint as predicted by the Volkersen analysis. The 
results here confirm that in general the step-lap and scarf joints give 
reduced stresses with respect to those in the single lap. Moreover, for 
the scarf joint considered here, the shear-stress concentration is relative- 
ly independent of lap length, which means that the ineffective length 
handicap of single-lap joints is surmounted. Potentially, the step-lap con- 
figuration should be capable of similar results. 

The use of closed-form analyses for step-lap joints raises questions 
of adequacy because of the likelihood that abrupt changes of section 
thickness cause stress distributions to depart considerably from the form 
assumed in the analysis; namely, that the axial stress in each section is 
uniform and proportional to the inverse of section thickness. It would be 
useful to explore with the finite-element approach to what extent this 
assumption is violated in actual joints. Such an investigation does not 
appear to have been made. Furthermore, the presence of a sharp interior 
corner such as that occurring at the junction of "treads" and "risers" is 
known15 to give rise to stress infinities in continuum mechanics formula- 
tions. These would appear to be natural sites of fatigue-damage initiation 
and further investigation of their effect appears warranted. 

Thermal Stresses 

Adhesive joints are often fabricated at adhesive curing temperatures 
on the order of 250-350°F. In applications, the resulting structure may 
experience much lower temperatures, as low as -67°F for example. If 
the adhesive is cured to a comparatively rigid state at 250-350°F, ad- 
herend thermal strain differences corresponding to differences in thermal 
expansion coefficients have the effect of adding a fictitious load to the 
joint at temperatures below the cure temperature. (Above the cure tem- 
perature it might be expected that softening of the adhesive would elimi- 
nate the generation of thermal stresses.) On the basis of a Volkersen 
analysis5 applied to a single-lap joint, it can be shown that the following 
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Figure 9. Adhesive shear-stress distribution in aluminum-boron 
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expression for adhesive shear stress results when thermal mismatch of 
the adherends is taken into account: 

to 

+ 

cosh — tf-x) 

B«+B<       sinh 

B        +B       XCOshM ßecru0 + a ua(T \        tu 

tu 

B»+B<      'Sinh^ 

(31) 

where o>r = E'( (au - ae) Ad, au and af being thermal expansion coeffi- 
cients while A0 is the difference in temperature from the curing tempera- 
ture (or more particularly, the temperature at which the adhesive be- 
comes rigid). Maximum values of ra occur as before atx = 0 and* = (. 
For nonidentical adherends the (ra)max values without thermal mismatch 

\p 
effects for —— > 3 are: 

'« 

(r„)max [X
0ll) = B^B( ^o ; (Omax(X

öI0) =Bu + Bf 
XCT

O(32) 

in contrast with the results for identical adherends given in equation 
(18). With thermal mismatch present we get 

(T)       (X = 0) = (T )        /x = ° W i _ CT>r \ * a/max VA v/        V' a/max e - 0M      CT-o/ (33) 

v a/max v*        ^/        v a/max I   a   f\ I   I 
X  = A    /, #„ (T(T 

The maximum shear stress is increased at x  = ( by a fraction 

1 + -f, %-— | and decreased at x = 0 by a fraction ( 1 - —— 
5,+5„   o-o/ V o-o 

assuming that o>( > 0. For identical adherends the maxima are 

(Ta)max    _ _^_ / j ± °>7 
CT0 2 \      ~   CT0 

Effect of thermal mismatch on the peel stresses may be evaluated in a 
similar manner. 

The effect of creep at high temperatures in providing for relaxation 
of the thermal stresses has been discussed in Reference 8. The need for 
investigating the adhesive viscoelastic properties to identify approaches 
to joint fabrication {i.e., time and temperature programming associated 
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with the curing cycle) which will minimize thermal stresses at typical 
temperatures for which the structure is intended is obvious. Valuable 
guidance for selecting desirable adhesive characteristics based on such a 
study may be obtained. If the structure is used over a wide range of 
temperatures, it may be difficult to avoid detrimental thermal stress 
buildup, in which case redesign of the joint to provide greater flexibility 
may be necessary. 

Nonlinear Response 

Nonlinear analyses of adhesive joints have been carried out by 
Hart-Smith,7-9 by Dickson et al.,12 and by Grimes et al.16 The approach 
taken by Hart-Smith, while based on a relatively elementary extension 
of the Volkersen analysis, gives a good feeling for the impact of adhesive 
nonlinearity on joint performance. In the double-lap joint analysis Hart- 
Smith8 bases the bulk of his results on the assumption of an elastic-per- 
fectly plastic stress-strain curve for the adhesive in shear, while assum- 
ing linear response in the peeling mode. The shear stress-strain curve is 
made up of an elastic part in which the linear relation 

ra = Ga7a (34) 

holds up to an ultimate stress rp, corresponding to yield strain ye: 

ye = tfc (35) 

beyond which ra is constant. The adhesive is assumed to fail at an ul- 
timate strain yp, the ratio pep, 

peP = ^ (36) 
Ye 

is called the ductility. Due to the fact that ra is constant (i.e., T„ = TP) in 
the plastic zone the equilibrium equation 

dNu 

dx        a 

integrates to give a change of adherend load, 

A/V„ = epTp 

AWU, 

where €p is given by 

t p    K^-Pep) 

tu           x 

(37) 

(38) 



in which 
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C      \'/2/ F't S'A 

x= ^     i+ F't   I   \ F't 

is obtained from the Volkersen analysis for elastic response. Corre- 
sponding to ANH, the increase in upper adherend extensional stress, 
AcrM0, occurring in the plastic zone, after appropriate algebra, is found to 
be 

IF' 1±.      T -V 
A^ =  ' (39) 

F't 1   _i_ ^ ul u 

Note the appearance of the plastic strain energy TPJP as a factor control- 
ling the adherend stress increment Acr,i0. The similar contribution of 
plastic strain energy to the total stress au0 was pointed out by Hart- 
Smith. In connection with peeling stresses, Hart-Smith discussed an ap- 
proximate form of analysis in which ra is purely plastic (equal to rp) 
while the peeling stress is governed by the elastic equation 

'""« + 4A4 a-a = 0 (40) 
dx 

obtained from equation (7.2) when drjdx is set equal to zero. The peel- 
ing stress then has the form 

aa = C cosh A — cos A — + D sinh A — sin A — (41) 

where C and D are determined so as to equilibrate the moment and shear 
force V, induced at the adherend end by the presence of TP in the adhe- 
sive. The peel stress is found to have a peak value given by 

(0"a)>r 3(l+k)(l + vn)E" 
^ tL j/.f n (2peP) 

X * (42) 

where it is noted that a large adhesive ductility has the effect of signifi- 
cantly reducing (<r„)max. Equations (39) and (42) demonstrate the impor- 
tance of ductility in allowing large adherend stress to be developed for a 
given ultimate shear stress in the adhesive, and in reducing {cr^)max. 

The Hart-Smith formulation, although providing important insight 
into the role of adhesive plasticity, does not appear completely consis- 
tent because of the assumption of elastic response of the adhesive in 
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peeling in combination with elastic-plastic response in shear. Dickson et 
al.12 and Grimes et a/.16 give what appears to be a more consistent ap- 
proach in which the peel and shear stress are combined in the yield 
criterion in the form of an effective stress, cr: 

ä = (3ra
2 + aaT (43) 

which is used in conjunction with a Ramberg Osgood law to calculate 
the following plastic strains: 

ezv = f cra (44) 

y xzp        ~
>
~=L 1a 

where the ratio ep/ä is given in terms of ä by 

JSp 1 

lGn \ cr. 

in which cr0 and n - 1 are constants derived from the experimental 
stress-strain law for the adhesive. The result of adding the plastic adhe- 

sive strains to the corresponding elastic strains, exe = - -=£- <ra, eze = 

-r^-, and yxze = -Sr- gives rise to a set of equations identical to equations 
£ a *-* a 

(7) with the replacement of zero on the right-hand side by 

*%*--*%? (45) 

in equation (7.1) and 

d2y. xzp 
Vs    A,     - V dx2 '4  dx3 

in equations (7.2), where Tjfc's are constants related to differences in the 
elastic constants of equations (4) for the upper and lower adherends. An 
iterative method for solving the resulting system is described in Refer- 
ence 13. The set of equations obtained in Reference 12 is the eighth- 
order system in <ja and Ta allowing for transverse shear and thickness 
normal deformations in the adherends with the addition of the terms in 
expressions.45 In both cases the iterative approach is started with the 
elastic formulation given by equation (7) or the analogous higher order 
system obtained in11,12 providing initial solutions. In Reference 13 the 
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exponential functions obtained from the elastic solution are multiplied 
by functions of x determined from a standard approach, the "method of 
variation of constants," used to obtain particular solutions for ordinary 
differential equations. 

Fracture-Mechanics Considerations 

Fracture in adhesive-joined composite structures tends to occur ei- 
ther in the adhesive layer or between plies adjacent to the bond. Under 
fatigue the bond failure or ply separations tend to propagate in the man- 
ner of cracks in homogeneous structures. Application of fracture- 
mechanics approaches as a means of predicting crack-growth rates in 
fatigue appears desirable. 

Observations on the nature of adhesive failure in bonded joints are 
discussed by Mostovoy et al. in Reference 17. Williams discussed frac- 
ture-mechanics approaches appropriate to adhesive joints.18 A simplified 
approach which appears attractive in keeping with the strength-of-mate- 
rials approaches treated here was that of DeVries et al.,19 who used the 
Goland-Reissner approach to predict energy release rates as a function 
of unbond length in metallic joints. An application of this type of ap- 
proach to analysis of composite joints would give a first-cut picture of 
crack propagation which would be useful for life-prediction applications 
when judiciously combined with appropriate experimental results. Al- 
lowance for adherend thickness normal and shear deformations would 
probably be desirable in such analyses. This would entail an appropriate 
extension of the Goland-Reissner approach such as that in References 
11 and 12. An important part of such analyses is that of separating en- 
ergy release associated with peel stress from that associated with shear 
stress. The simultaneous presence of these stresses gives rise to com- 
bined failure modes. Available test data on adhesives have been primari- 
ly for Mode-I (peel stress) failures, although some experimental results 
have suggested that failure under pure shear is really a form of Mode-I 
(cleavage) failures, since cracks tend to run at 45° to the bond layer, 
zigzagging back and forth after reflecting off the adherends. For shear 
loading, the 45° direction corresponds to the direction of principal stress 
and as such would govern the direction of cleavage failure. 

A variety of contiuum approaches have been directed toward un- 
bonds between dissimilar materials, analogous to a bond failure. Keer,20 

for example, used an integral equation formulation which was solved 
numerically using the Gauss-Chebyshev approach of Erdogan and 
Gupta.21 Numerical formulations of this type may be fruitfully combined 
with finite-element or collocation approaches. 
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ANALYSIS OF MECHANICALLY FASTENED JOINTS 

Ojalvo22 has reviewed the state of the art of analysis of mechani- 
cally fastened structural joints. Other pertinent literature is discussed by 
Murphy and Lenoe1 and by Kutscha and Hoffer.2 Until recently, the 
bulk of the analytical results which have been available for bolt and pin- 
loaded structures have been classical two-dimensional elastic analyses of 
isotropic plates containing inclusions. The work of Bickley,23 Knight,24 

Howland,25 and Theocaris26 are representative of such efforts. In the 
case of composite materials, Waszczak and Cruse27 discussed the appli- 
cation of finite-element methods to pin-loaded composite strips in which 
the effect of the pin was represented by a "half-cosine" radial pressure 
distribution. Results consisted of a description of failure modes predict- 
ed by the finite-element approach using a distortional energy failure rule 
in conjunction with the assumption that first damage to any ply repre- 
sents final failure. Modifications of the analysis allowing for progressive 
damage were also discussed. Waszczak28 described a superposition ap- 
proach in which stresses around an unloaded hole in a finite strip were 
combined with stresses in an infinite plate loaded by a pin. In Reference 
28 as in Reference 27 the assumption of a half-cosine radial pressure 
distribution was used to represent interaction between the pin and the 
plate. The infinite case was treated by an analytical function approach, 
while corrections for finite geometry were made by use of the boundary 
integral equation (BIE) method of Cruse.29 Oplinger and Gandhi30-31 

made extensive use of analytic function approaches in conjunction with 
least squares boundary collocation to treat single pins in finite strips and 
infinite plates as well as rows of uniformly spaced fasteners located a 
finite distance from the unloaded edge of the plate. These efforts fea- 
tured a displacement boundary condition corresponding to rigid dis- 
placement of the fastener at the region of fastener-plate contact, as op- 
posed to the half-cosine pressure distribution used in References 27 and 
28. The effect of pin friction was discussed in Reference 31. 

Two aspects of the analytical work on mechanically fastened joints 
are of interest: the prediction of stress concentrations and the descrip- 
tion of conditions governing failure in terms of the resulting stresses. In 
regard to the stress concentration aspect, the effect of both fastener con- 
figuration and material parameters of the composite plate being joined 
are of interest. The subsequent discussion is organized along the lines of 
these considerations. 

Stress Concentrations 

Stress analysis of pin-loaded composite plates to date has been re- 
stricted27-28-30-31 to two-dimensional elastic analyses of homogeneous 
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orthotropic plates used to represent typical laminate configurations. Al- 
though three-dimensional effects such as thickness deformation related 
to bearing failures and interlaminar shear resulting from ply-to-ply dis- 
placement incompatibilities probably play a significant role in joint per- 
formance, these have not received attention to date. Furthermore, it is 
reasonable to suspect that plastic deformation in many types of lami- 
nates has a sizable effect on stresses and failure conditions. Recent ex- 
perimental results obtained from moire surface strain measurements on 
pin-loaded 0/90° fiberglass strips by the author and his colleagues have 
supported this contention. Again, this type of behavior has been neglect- 
ed in analytical work to date. 

Figure 11 shows the fastener configurations which have been treated 
analytically. Waszczak and Cruse27 considered the single fastener in a 
finite-width strip, Figure 11(A). Waszczak28 dealt with the same configu- 
ration and in addition treated the single fastener, Figure 11(C), and a 
three-hole configuration, Figure 11(D), in an infinite plate, the latter 
being considered with tension at infinity and unloaded holes. Oplinger 
and Gandhi,30'31 in addition to configurations (A) and (C) of Figure 11, 
dealt with a long row of equally spaced fasteners, Figure 11(B), loaded 
perpendicular to the line of centers. 
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(D)Series of Unloaded Holes in 
Infinite Plate (Waszczak[281) 

Figure 11. Mechanically fastened joints subjected to 2D elasticity 
solution. 
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As noted above, results obtained in References 27 and 28 were 
based on the assumption of a half-cosine radial pressure distribution at 
the edge of the hole. A more realistic definition of the mode of interac- 
tion between the pin and plate appears to be that of a displacement con- 
dition corresponding to rigid displacement of the pin in the region of 
contact together with a condition of zero radial pressure outside the con- 
tact region, the determination of the length of the contact region being 
part of the solution. The results of References 30 and 31 were based on 
this description of pin-plate interaction, an iterative method for deter- 
mining the contact length being used. Results described in Reference 30 
were for the friction-free case, while in Reference 31 results were includ- 
ed which described the effect of Coulomb friction between the pin and 
plate. Figure 12 shows distributions of radial pressure for several dif- 
ferent situations treated in References 30 and 31 and illustrates the fact 
that in many cases the half-cosine distribution is not too far from reality. 
In one case (curve labeled with square symbols) corresponding to a 
small value of edge distance, e, significant departure from the half-cosine 
distribution occurs. A similar departure occurs in the case shown in Fig- 
ure 13, where friction is taken into account. The departure is even more 
marked in the case of fasteners in series [Figure 11(D)] where the load 
exerted on the plate is only partly taken up by a given fastener. Figure 
14 shows results obtained from the approach of References 30 and 31 on 
the radial pressure distribution for a strip in which part of the load is 
transmitted to the right-hand side of the strip which is assumed to com- 
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Figure 12. Radial stress distributions around fastener/ 
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Figure 13. Effect of friction on radial and shear-stress distribution 
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de/reases until the «»tact region becomes 
split into two portions. In References 27 and 28 it was suggested that 
departures from the half-cosine pressure distribution do „5 seriously 
affect the overall stress state around the pin. However, it is clear that 
the prediction of bearing failures, and possibly of shear failure, requires 
an accurate description of the radial pressure. It is probably true that 
tensile stress at the 90° point (see Figure 15), the so-called peak "net 
section   stress  <rNS, is not much affected by variations in the pressure 
distribution. The need for treating friction effects as well as for accurate- 
ly determining the pressure distribution suggest that the use of a dis- 
placement condition at the pin is preferable to assuming the half-cosine 
pressure distribution, although the latter may be more convenienTfor 
making parametric studies on some aspects of joint design. 

GeameMc Effects. Figure 15 illustrates the definition of stress-con- 
centration factors, K'NS (net section tension), K'„ (shear-out), and K'B 
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Figure 14. Radial stress distribution around partially loaded fas- 
tener 02 ± 45 Fiberglass Epoxy, elD = 2. 

(bearing) discussed in References 30 and 31. Note that these assume a 
normal stress equal to the gross section stress given as| £*£**£ 
U(X) (B) The effect of side distance 5 [Figure 11(A), (B)J and edge ais 
toncef [Figure 11(A), (B)] on each of these stress-concentration factors 
Tof conXableU'erest since they all may have a^trong£««*« 
i™H tn failure in various composite matenals. In metals, on me con 

minima in the KNS and Aso curves is. ingiu>    & _ 
the occurrence of an optimum fastener spacing given by D - 1. La* 
s values produce higher values of all three SCF s while lor s vam 
smaller than D, the K>NS and ^ factors ^e again great^should be 
noted that the date of Theocaris26 used to denve the curves grven oy 
Pe Ssen- for the Isotropie case gives a similar minimum in the;KNs 
ve susT/D curve at sID = 1. The effect of edge distance on the SCF s is 
Ihown fpigure 17, with * normalized in terms of, for vanous values of 
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Figure 15. Definition of stress-concentration factors. 

sID. This mode of normalization of e is significant in that all curves 
reach a plateau at about the same value ofe/s, independent of the value 
of sID. This, in turn, means that if sID is increased, the value of eID 
beyond which the joint stresses become independent of e will increase 
proportionally. In such laminates as the 0/90° configuration where non- 
linearity of shear response is significant, the curves of Figure 17 will be 
modified considerably. When this is not the case, the results of Figures 
16 and 17 may be combined to provide the rule-of-thumb design for rows 
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Figure 16. Effect of lateral fastener spacing, s, on stress concentra- 
tions.30'31 Periodic array (Fig. 11(B)), 02 ± 45 Graphite Epoxy. 
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Figure 17. Effect of edge distance, e, on stress concentrations. 

of fasteners, namely, that maximum joint strength is achieved by making 
sID = 1 and elD = 2. Larger values of e, while not reducing joint 
strength, entail excess joint material — which corresponds to a weight 
penalty. Where shear nonlinearity is present, elD considerably larger 
than 2 may be required to achieve full-strength capability of the joint. 

In addition to the above, differences between the single fastener 
[Figure 11(A)] and row configurations [Figure 11(B)] were explored in 
References 30 and 31. The net section tension is found to be higher and 
the shear-out and bearing stresses lower in the single-fastener configura- 
tion, which is often used for material evaluation and may therefore give 
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strength results somewhat at variance with performance of the laminate 
in a structure containing fastener rows. For 02 ± 45 graphite-epoxy lami- 
nates with elD = A,slD = l,K'NSwas 10% higher for the single-fastener 
coupon than for the row configuration, while K'so was 13% lower and K'B 

was 22% lower. Analogous fastener interference effects were considered 
in Reference 28 for column configurations [Figure 11(D)]. Results were 
given in the form of corrections to the distribution of hoop stress around 
the hole, the shear stress Tm being zero (frictionless case) and the radial 
pressure being given by the half-cosine distribution. Figure 18 gives a 
plot of the data presented in Reference 28 on the variation of crNS at the 
center fastener versus fastener separation in a three-hole configuration. 
In this case, as in that of the row configuration, fastener interactions 
cause a reduction of K'NS from that occurring with widely spaced holes. 

U-E->j 

©01»© 

^NS'E/D 

1.0  - 

,1   - u    _ 

10 

Figure 18. Effect of axial spacing of fastener holes on peak net 
section tension.28 0 ± 45 Boron Epoxy Laminates. 

Effect of Material Parameters. The effect of material parameters on 
the three SCF's of interest is shown in Figure 19 for a fixed-geometry 
row configuration of fasteners. Here it is visualized that departure of the 
laminate from isotropy is due either to: (1) an unbalance in the Young's 
moduli in the 0° and 90° directions described in terms of the ratio kE = 
EJE90; or to (2) a departure of the shear modulus Gxv from the isotropic 
relationship 1GIE = 1/(1 + v), where v is Poisson's ratio. In the latter 
case, E0 and E90 are assumed to be equal and anisotropy is characterized 
by the parameter kG = 2G(1 + v)IE. At the top of the two sets of curves 
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of Figure 19 are listed laminate configurations which would produce spe- 
cific values of kE or kG lying on the horizontal axis. It is seen that over 
the range of kE and kG considered in Figure 19, K'NS and K'so vary by a 
factor of 2 to 3. While K'B is relatively independent of material properties 
in the upper set of curves of Figure 19, it varies by about a factor of 3/2 
in the lower set. As might be expected, K'B and K'NS are highest for 0/90° 
and 0° unidirectional laminates, while K'so is highest for ± 45° laminates. 
Since laminate strength tends to vary much more rapidly with laminate 
configuration than the SCF's, high values of a given SCF as a function of 
the elastic constants do not necessarily indicate lowering of joint 
strength. As is generally necessary with composite structural analysis, it 
is essential to introduce anisotropic failure criteria along with 
stress-analysis results to draw valid conclusions about structural perfor- 
mance. 

Failure Considerations 

Failure predictions in laminates are often made by combining lami- 
nate stress predictions with one of the various failure rules (max stress, 
max strain, distortional energy) which have been suggested for unidirec- 
tional laminates. These are applied on a layer-by-layer basis by using 
appropriate laminate-analysis methods33 to relate layer stresses to lami- 
nate stresses. In References 27 and 28 the Tsai-Hill distortional energy 
failure rule34 was used for layer-failure predictions while in References 
30 and 31 a modified form of this approach given by Hoffman35 was 
used. The Tsai-Hill criterion is segmentally quadratic in the layer 
stresses normalized in terms of unidirectional laminate strengths, with 
changes in the normalizing factors corresponding to whether the exten- 
sional stresses which are present are tensile or compressive. The Hoff- 
man criterion35 is a modified quadratic rule which allows for changes in 
extensional stress from compression to tension in a continuous manner. 
Referring to the failure modes described in Figure 20, which represent 
typical failures in pin-loaded laminates, results based on the Tsai-Hill 
criterion27 which illustrate the use of distortional energy contours (re- 
ferred to as THC due to the connection to the "Tsai-Hill criterion") in 
predicting specific failure modes are given in Figure 21. An alternative 
method of presenting the failure-prediction data is shown in Figures 22 
and 23.31 Here the pin load which is predicted to cause failure at various 
points around the edge of the pinhole is plotted for different layers of a 
given laminate as a function of polar angle. Failure modes, not described 
in these figures, are determined by an auxiliary step involving consider- 
ation of individual stress components relative to corresponding unidirec- 
tional ply strengths. For example, in Figure 22 the low value of failure 
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Figure 19. Effect of laminate elastic constants on stress concentra- 
tions, fastener geometry fixed [Periodic Array, Fig. 11(B)]. 

load in the 0° layer at 6 = 0° is found to be due to hoop stresses which 
tend to produce cleavage. In the results shown in Figure 23, which repre- 
sent the introduction of pin friction, cleavage failure in the 0° layer is 
suppressed (reflected in an increase in the failure load at 8 = 0°). In 
Reference 31 it was shown that pin friction tends to reduce hoop tension 
in the laminate to zero at d = 0°. The lowest failure load then falls in the 
+45° layer at about 0 = 65°, which would be expected to show up in the 
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Figure 22. Failure load distribution around fastener hole, friction- 
less case.31 

laminate as a shear-failure mode, since it is associated primarily with 
large revalues. 

Difficulties arise in universally applying the approaches just de- 
scribed, since they assume that failures will grow in a given layer under 
the same combination of stresses which the layer is embedded in a lami- 
nate or standing alone. In actuality, fibers in layers adjacent to an ini- 
tially damaged ply may bridge the cracks and thus prevent growth of a 
predicted mode. Development of three-dimensional crack-stress analy- 
ses would be required to treat the effect of layer interaction. As an alter- 
native, it may be feasible to treat incipient damage as a form of local 
softening analogous to plasticity. Figure 24 shows failed specimens of 
0/90° fiberglass which were considered in AMMRC experimental 
studies. Moire strain analysis results obtained on one such specimen at a 
load level below failure are shown in Figure 25. Severe distortion of the 
fringes in the upper part of the figure was found in preliminary evalua- 
tion of the displacement field to reflect nonlinear shear response. Figure 
26 shows a comparison of the predicted shear strain obtained from the 
elastic analysis of References 30 and 31 with approximate strains evalu- 
ated from Figure 25, the approximation hinging on the assumption that 
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Figure 23. Failure load distribution around fastener hole, friction 
present.31 

only the axial displacement gradient duldy contributes to the shear 
strain. Further studies are underway to test this assumption by providing 
measurements of the V-displacement field. Note that the shear strains 
are given along the locus of maximum TXV {i.e., the location of peak -r^ 
when the latter is plotted as a function of y for a fixed x) indicated in the 
upper sketch of Figure 26. The fact that the observed strains shown in 
Figure 26 fall off much less sharply than the predicted strains based on 
elastic response gives a definite indication that nonlinearity in shear is 
present. Stress-strain curves for ± 45° glass-epoxy laminates strongly 
suggest the presence of shear nonlinearity in 0° and 0/90° laminates. Fur- 
thermore, the failure rule applied to the elastic analysis indicated that 
shear failure should occur at about 25% of the load which caused failure 
in the specimens shown in Figure 24. Shear failure in an individual ply 
would amount to the type of softening referred to above, being bridged 
by fibers of the adjacent plies. Nonlinear stress analyses are definitely 
called for to give more realistic predictions of stress-field development 
and ultimate failure. 
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Figure   24. Failed  pin-loaded   fiberglass   epoxy   specimens   0/90 
"Scotchply"* SC1002, 13 layers. (*Tradename, 3M Company) 

Additional features in the failures shown in Figure 24 need atten- 
tion. Specimens 1 and 3 illustrate a tendency for development of failure 
surfaces emanating from the hole at 45° to the specimen axis. The net 
tension failure shown in specimen 4 is more in line with what might be 
expected, based on where maximum tensile stresses in the 0° fibers are 
predicted by the two-dimensional elasticity analysis of References 30 
and 31. Thus, there are apparently two available failure paths of nearly 
equal probability. The mechanism responsible for the 45° path is not ap- 
parent. 
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Figure 25. Moire fringe pattern (axial displacement fringes) in pin- 
loaded fiberglass epoxy strip. SC1002 [(O/9O)60]S stacking sequence (13 
layers, 0.133" tk), 1000-lb load. 

The presence of bearing damage at loads prior to final failure was a 
persistent feature in the tests. Bearing failure is indicated by a crazed 
appearance on the loaded side of the hole in Figure 24. Bearing failure 
may be associated with three-dimensional response, i.e., out of plane- 
shear strains associated with Poisson expansion of the laminate due to 
in-plane compressive stress. Alternatively, bearing damage may corre- 
spond to failure obtained in uniaxial compressive strength tests. Three- 
dimensional analysis is necessary to investigate this type of failure as 
well as delamination associated with out-of-plane shear stresses in angle- 
ply laminates. 

Joint Design Approaches 

In addition to prediction of stresses and failure conditions around 
individual fasteners, methods are required for incorporating these results 
into a joint design. Invariably the presence of fasteners causes a local 
reduction of laminate strength which prevents loading of the laminate to 
its full capacity. Laminate strength can be recovered either by using 
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Figure 26. Experimental vs predicted shear-strain distribution in 
0/90 fiberglass epoxy pin-loaded specimens. 

multiple rows of fasteners or by thickening the laminate in the vicinity of 
the fasteners. Either approach results in an unavoidable weight penalty 
and careful attention to the design is required to minimize this. 

A design synthesis approach for multirow fastener configurations is 
discussed in Reference 28. In addition to determination of stress concen- 
trations and failure modes, the design process requires a determination 
of load distribution among various fastener rows. Simple redundant 
structural analyses have been frequently used to perform this step. Once 
the displacement field around an individual fastener is known in terms of 
load transmitted to the fastener and its neighbors, the stiffness array 
required for completing such an analysis can be generated. Kutscha and 
Hoffer2 review a number of methods for pursuing the load-distribution 
analysis. A version which ignores the effect of deformations in the fas- 
tener is used by Waszczak.28 As pointed out by Ojalvo,22 accurate com- 
pletion of the analysis requires a solution of the single-fastener problem 
using the displacement-type boundary condition around the hole to allow 
for the effect of variation of contact angle with load. The results shown 
in Figure 14 are representative of such an approach. 
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SUMMARY 

Adhesive Joints 

Stress analyses of adhesive joints have been made available for ad- 
vanced geometries such as scarf and step joints as well as for the classi- 
cal single- and double-lap configurations with uniform thickness ad- 
herends. Although finite-element treatments are readily available, 
valuable understanding of the role of various geometric and material pa- 
rameters on joint strength can be obtained with closed-form analyses. 
For organic matrix composites with relatively low Ez and Gxz, the use of 
the more sophisticated closed-form analyses allowing for thickness nor- 
mal and out-of-plane shear deformations is generally advisable. Even so, 
the rudimentary Volkersen membrane analysis modified to allow for 
variations in adherend thickness gives important insight into geometric 
design aspects of scarf, stepped, and other advanced joint configura- 
tions. 

Thermal and curing effects in joints have received considerable at- 
tention in joint-stress analyses but may bear further investigation in re- 
gard to the details of how viscoelastic response of the adhesive varies 
throughout the curing cycle. Detailed experimental knowledge of the 
mechanical properties of the adhesive during this period is essential for 
carrying out such an investigation. Investigations which allow for nonlin- 
ear response in adhesive joints should be extended to give greater atten- 
tion to adherend nonlinearity which is likely to be as important in organ- 
ic matrix adherends as in typical adhesives. Few, if any, attempts at 
applying fracture mechanics to composite adherend joints have been 
made to date. Such work is needed to provide a clearer picture of factors 
controlling joint damage tolerance. Fracture-mechanics studies of com- 
posite joints should allow for the possibility of failures in plies adjacent 
to the adhesive as well as in the adhesive itself. 

Mechanical Joints 

Two-dimensional elastic stress analyses provide reasonably good 
understanding of design requirements for mechanically fastened compos- 
ite joints. About the only aspect of joint design which has not been in- 
vestigated by this route to date is that of staggered row configurations, 
which intuition suggests are the optimum type of configuration for a mul- 
tirow array. An understanding of the role of pin friction is important for 
accurate failure-mode prediction in some laminates. In general the use of 
displacement boundary conditions at the fastener hole is preferable over 
assumed pressure distributions such as the half-cosine distribution. 
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Nonlinear response which seems to be present in certain laminate 
configurations should be given future attention. Improved failure rules 
providing alternatives to the "first ply failure" approach are desirable, in 
particular to allow for bridging of cracks by adjacent plies. Where shear 
failures are predicted by the "first ply failure" approach it seems espe- 
cially important to determine whether the prediction is valid in the light 
of effects obviously produced by crack bridging. 

Three-dimensional treatments are needed for assessing the role of 
bearing failure and for interlaminar shear failures. 

Table 1. Comparison of Peak Shear Stresses for 
Various Joints (t = 0.033 in.) 

Single Lap 5-Step Scarf 
(Volkersen Analysis) Lap10 Joint14 

0.8136 0.8136 1.4163 1.4163 

75 75               54               90 

30.51 23.25 2.88 2.76 

0.4068 0.3063 0.0527 0.03036 
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The total concept of damage tolerance is discussed — what 
is meant by the term "damage tolerance" and why it is impor- 
tant. A review of some general design requirements is presented 
along with a brief discussion of the latest approach to achieving a 
satisfactory damage tolerance design in aircraft. 

Special problems are associated with achieving damage tol- 
erance in joints. These problems are a result of inherent complex- 
ity, inspectability, and associated analytical requirements. These 
problems are discussed with some specific examples. 

Design practices, both good and bad, as related to the dam- 
age tolerance of a joint are discussed. For example, minor design 
changes that can make a joint inherently damage tolerant are 
shown. 

The influence of the damage tolerance of many things that 
are inherent to a design such as thickness, eccentricity, fastener 
pattern load transfer, and fastener interference is discussed. Spe- 
cific examples of these effects on safe crack-growth time and crit- 
ical crack length are shown, and emphasis placed on the factors 
that can be controlled in design. 

INTRODUCTION 

Damage tolerance can be described as the ability of a structure to 
sustain an injury. This injury, or damage, can come from many sources. 
Some of the more obvious sources are battle damage, corrosion, and 
fatigue cracking. It matters very little what the source is, but it matters a 
great deal what are the immediate and longer term results. A rising in- 
cidence of dangerous, costly, and unexpected failures in aircraft, pres- 
sure vessels, ship hulls, bridges, etc., is testimony enough that too many 
structures do not possess an adequate level of damage tolerance. In- 
creasing demands on materials and structures to fill expanding perfor- 
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mance requirements while holding costs to a minimum have contributed 
to the failure problem. The documentation of failures is probably best 
recorded in the aircraft industry because of the catastrophic conse- 
quences involved. An excellent review can be found in Reference 1. In 
another tabulation by Kirby2, only two out of 18 failures reviewed are 
not associated with some type of joint. It is relatively easy to conclude 
from this and other similar tabulations that if we could only get rid of 
joints we could get rid of most of our problems. 

A structure should possess certain characteristics to be truly and 
effectively damage tolerant. One of the most important is inspectability. 
It matters little if some initial damage can be endured if that damage 
remains undetected until subsequent damage causes final failure. 

Another characteristic required of damage-tolerant structure is to 
have an acceptably slow rate of crack growth and long critical crack 
lengths. This is the area where fracture mechanics has been of great help 
in evaluating a design. Materials selected to best meet crack-growth and 
critical length requirements will generally not be the material desired to 
best meet the static strength requirements, as pointed out by Krupp and 
Hoeppner3 and many others who have observed the inverse relationship 
between yield strength and fracture toughness. High-strength steels are 
classic examples of this paradox where compromise must be reached by 
the designer. 

So, for a structure to be truly damage tolerant it must possess a 
satisfactory ability to sustain damage, but be inspectable enough so dam- 
age can readily be found, plus have an adequate combination of slow 
growth and long critical lengths so that it will endure long enough for the 
damage to be discovered. Joints involving special problems in meeting 
these objectives will be discussed. 

DESIGN REQUIREMENTS 

Specific design requirements are needed to assure that damage tol- 
erance objectives are met. Civil transport aircraft have been designed for 
many years to meet a form of damage tolerance, referred to as "fail- 
safe," and defined by Reference 4. Some companies such as the 
Lockheed-Georgia Company have internal design policies specified to 
achieve a level of damage tolerance. 

The Air Force has recently published, after several years in the de- 
velopment, a most detailed and comprehensive specification5 in order to 
ensure that future Air Force flight structures will be damage tolerant. 
The philosophy, background, and many of the Air Force requirements 
are contained in publications by Wood6 and Tiffany.7 These design re- 
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quirements were developed largely as the result of structural problems in 
nondamage tolerant designs that resulted in unacceptable cost in lives, 
vehicles, and maintenance. 

The general approach taken by the Air Force design requirements is 
to assume that flaws exist in any new structure from the beginning and 
these flaws will then grow in service. While the requirements do cover 
all primary fracture critical structure, the interpretation of the require- 
ments in joints involves the most detailed and interesting application and 
will be discussed. 

The size of flaw to be assumed depends to some extent on the 
amount and type of inspection done during fabrication, in other words, 
what size flaw might be missed. Also three different design concepts are 
defined within which the designer may choose to show compliance with 
requirements, and the flaw assumptions depend on the concept chosen. 
These concepts are Slow Crack Growth, Fail-safe Multi-Load Path, and 
Fail-safe Crack Arrest. An example of the flaws to be assumed in a typi- 
cal joint, at holes, are illustrated in Table 1. As footnoted in the table, 
smaller values may be used if special inspection techniques are em- 
ployed and substantiated. Also, if special joint preparation is used, 
smaller values of flaw may be approved. Good examples of special joint 
preparation are high clamp-up, cold working, and high fastener interfer- 
ence. These have been shown to give marked improvement in joint life.8 

Table 1. Air Force Damage Tolerance Requirements 
at Holes in Joints 

Structural Concept Flaw at Critical Hole* Flaw at Other Holes 

Slow Crack Growth 0.05 radius corner 0.005 radius corner 
Fail-safe, multiload path 0.02 radius corner 0.005 radius corner 
Fail-safe, crack arrest 0.02 radius corner 0.005 radius corner 

^Smaller values may be used subsequent to demonstration of better inspection technique and/or ben- 
efits of special joint preparation. 

If the designer chooses to meet the damage tolerance requirements with 
a multi-load-path type of structure, in addition to the intial damage as- 
sumptions of Table 1, the critical load path must be assumed failed. Sub- 
sequent to this load-path failure, the structure must be shown to survive 
for a specified period that depends on how easily the failure can be de- 
tected. Figures 1 and 2 illustrate the damage assumptions to be made in 
a typical multi-load-path joint. If the inspectability of the joint is such 
that a special close visual inspection would be required to find the dam- 



458 R. L. Circle 

02 IN. 

LOAD PATH 

LOAD PATH 2 

Figure 1. Assumed initial damage in new structure per mil-a-83444. 
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Figure 2. Multiload path failure assumption. 
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age shown in Figure 2, the joint must survive this damage for not less 
than two years. Other inspectability levels have different survival time 
period requirements. An important factor in these requirements is the 
concept that at the time load path 2 (in the example of Figure 2) fails, 
small damage is already present in the adjacent structure growing from 
the initial 0.005 in. flaw. This is a very brief review of the Air Force 
thinking on damage-tolerance requirements as applied to joints. 

Design requirements can take other approaches but they should be 
specific and recognize the inspectability of the joint. 

SPECIAL DAMAGE TOLERANCE PROBLEMS WITH JOINTS 

As has been previously pointed out, the vast majority of structural 
problems occur at joints. Something then must be special about joints as 
compared to the more typical nonjoint areas. The complexity of joints is 
basically what brings on most of the problems, as well as the fact that 
these complexities are many times not understood or else present analyt- 
ical problems beyond the capability of conventional analysis techniques 
to handle. 

Along with complexity normally comes reduced inspectability. 
Overall damage tolerance is adversely affected by reduced inspectability 
as has previously been discussed. Figure 3 illustrates some joint designs 
where inspectability is difficult. You will note that in each example at 
least one part is hidden from view by another part. If corrosion, man- 
ufacturing defect, or fatigue were to damage the hidden part, total failure 
of the buried member could occur without warning. The damage toler- 
ance of these joints can only be assured with an inspection involving 
disassembly of the joint or a special and extensive NDI procedure. Such 
inspections are not normally desirable and should be avoided. Consider- 
ation of inspectability as part of a good damage-tolerant design requires 
anticipation of probable cracking modes and providing a design where 
detection of such modes will be obvious. Many times a design that is 
very inspectable also automatically provides improved fail-safe or crack- 
arresting features. Figure 4 is a simple illustration of how this can work. 
The joint shown in Figure 4 will do the same job as the joint (a) in Figure 
3. However the advantages from a damage-tolerance viewpoint are that 
(1) a crack in the basic plank will be observable between the tangs of the 
splice plate, and (2) a crack in a tang will be automatically arrested at the 
edge of the tang. This is a simple example to illustrate a point, but the 
improved damage tolerance afforded by the Figure 4 design probably 
would not be forthcoming unless the designer had in mind the require- 
ments of inspectability and crack arrest. 
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Figure 3. Typical joints with buried members. 

SPLICE PLATE 

BASIC PLANK 

Figure 4. Scarfed type splice plate. 

In addition to inspectability problems, the inherent complexities of 
joints present many analytical problems that must be dealt with. Among 
the things that present analytical problems are eccentricities, effects of 
load transfer, complex loading, and high stress gradients. The affect of 
eccentricity on damage-tolerance predictions can be dramatic. Figure 5 
shows a joint where extensive machining and joggling was done in the 
design to minimize eccentricities. However, some eccentricity remained 
and was discovered by a strain survey on the actual hardware. The ec- 
centricity resulted in local stresses in the critical area of the joint ap- 
proximately 50% higher than that predicted. The curves of Figure 5 illus- 
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Figure 5. Influence of joint eccentricity on life. 

träte the influence of this additional stress on crack-growth life. If 
possible, eccentricities should be avoided and the joint structural effi- 
ciency kept high. However, if some eccentricity is unavoidable, its ef- 
fect should be accounted for in the damage-tolerance analysis. 

Another special problem associated with most bolted joints is the 
effect of load transfer at the bolts. In order to predict accurately the 
damage tolerance of a joint, these load-transfer effects should be ac- 
counted for. The primary effect of bolt-hole load transfer is illustrated by 
Figure 6. Note that the load transfer by a bolt creates a local crack-open- 
ing force (or prying force) that can accelerate failure. This adds a level of 
analytical complexity above that required for simple static-strength anal- 
ysis, however the increase in crack-tip stress intensity at cracks near 
loaded bolt holes can be dramatic. Grant9 and Sih10 have reported meth- 
ods to account for this effect on crack-tip stress intensity. A method has 
also been developed at the Lockheed-Georgia Company11 to account for 
load transfer. Figure 7 illustrates an example of the increase in crack-tip 
stress intensity that can result from joint load transfer. This example 
assumes a joint with two rows of bolts each side of the joint, the diame- 
ter of the bolts is equal to the thickness of the basic member, and the 
bolt hole is filled by the bolt without clearance or interference. Also 
shown in Figure 7 is predicted crack-growth life with and without con- 
sideration of load transfer. Obviously such an influence should not be 
overlooked in a good damage-tolerance design. 
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Figure 6. Effect of load transfer on damaged hole. 

Critical crack lengths are an important factor in damage tolerance of 
joints. It has previously been pointed out that in a good damage-tolerant 
design the critical lengths should be sufficiently long to be readily detect- 
ed. Since design loads normally cannot be reduced, an increase in criti- 
cal crack length requires a reduction in stress. Most of the time a reduc- 
tion in stress is achieved by an increase in thickness; however, this can 
result in what would be referred to as a "thickness paradox." Within a 

DOU6LE ROW JOINT 

.5   - 
DOUBLE ROW          / 

JOINT         ~Nj 

.4 - 

.3- 

d 

.2 - 
yC-_NO LOAD 
/       TRANSFER 

.1  ■ 

.005 , 
0 .5 

LIFE 

"TYPICAL INITIAL DAMAGE ASSUMPTIONS 

Figure 7. Influence of load transfer on stress intensity and on life. 
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thickness range between relatively thin and relatively thick material is a 
thickness range called "transitional." This means a transition from plane 
stress (thin material) to plane strain (thick material). A typical curve of 
fracture toughness versus thickness is shown in Figure 8, taken from 
Reference 12. Note that the fracture toughness of the thin material is 
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Figure 8. Critical stress intensity factor vs thickness for 7075-T76 
al alloy. 

300% ofthat in thick material. If thickness is increased in the transitional 
range to reduce stress and increase critical crack lengths, the allowable 
fracture toughness drops. With lower fracture toughness more increase 
in thickness is required and around and around we go. Kirkby has even 
suggested13 that in some materials a thickness reduction may improve 
damage tolerance in some materials. Figure 9 shows a plot of critical 
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Figure 9. Critical crack length improvement vs percent stress re- 
duction. 
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crack-length improvements in the transitional region and the plane 
stress^lane strain region as a function of stress reduction. This example 
curve is based on the Figure 8 fracture-toughness data and the stress 
reduction from a baseline thickness of 0.10 inches and is typical of alu- 
minum alloys. The comparison will of course vary with material charac- 
teristics and thickness range of comparison. The example does illustrate 
that care should be taken to know the effects of thickness on material 
properties being used in designs where damage tolerance and fracture 
toughness requirements are to be met. Note that for a 50 percent stress 
reduction only 79 percent of the critical length improvement in the plane 
stress-plane strain is obtained when in the transitional region. 

Serious consideration should be given to improvements in design 
configuration as a means to achieve damage tolerance as opposed to sim- 
ple thickness increase when it is discovered that the design is influenced 
by this thickness paradox. 

DESIGN PRACTICES 

It has previously been pointed out that joints are rather special de- 
sign problems due to inherent complexities and that these complexities 
demand careful analysis and/or clever design. Design practices must re- 
flect consideration of damage tolerance — it is unlikely that good dam- 
age tolerance will be achieved by accident. The desirability of having 
denned damage-tolerance requirements has been discussed, and is indis- 
pensable as part of a set of good design practices. One of the best design 
practices is to limit the number of joints to an absolute minimum. But 
aside from these overall guidelines, what specifically can be done? 

Probably the simplest and best approach to practical damage toler- 
ance is to design multielement structure. Care must be taken here to not 
degrade the inspectability of the joint, but sometimes both can be im- 
proved as demonstrated by the scarfed splice plate in Figure 4. Another 
simple example is shown in Figure 10. In this example, the joint is par- 
allel to the primary loading direction. Both joints are multielement, and 
therefore damage in one major member can be arrested and contained by 
the adjacent member. However, configuration (B) is superior in several 
respects to (A). Note that the major members are overlapped at the joint 
in (A) but not overlaped in (B). Part of one member in (A) is therefore 
hidden from view and cannot be inspected from the side with ready 
access. Both major members in (B) are in full view even in the joint. 
Also, the stiffener in (A) at the joint covers the tab that could not be 
inspected from the accessible side so that it cannot be inspected even 
from the side with difficult access. This problem does not exist in (B) 
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DIFFICULT ACCESS SIDE 

ACCESSIBLE SIDE 
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Figure 10. Joint damage tolerance design example. 

since the major members can be readily inspected from one side and the 
splicing stiffener from the other side. Another difficulty with configura- 
tion (A) is that a poor quality hole will effect both major members. This 
is because operations related to joining such as drilling and reaming are 
conducted on both major members of (A) at the same time due to the 
overlap. This commonality of construction does not effect two major 
members in configuration (B) — only one major member and one stif- 
fener. The probability of damage being present in two major members at 
the same location and possibility of failure of both members is therefore 
higher in (A) than in (B). This is a simple example, but illustrates how 
consideration of damage tolerance during design can significantly im- 
prove the design. 

The detrimental effect of eccentricities within a joint have been il- 
lustrated. Careful attention to detail and adequate analysis will go a long 
ways toward improving these problems. The influence of load transfer in 
a joint in accelerating damage growth has also been pointed out. The 
development of ultra-high-strength fastener systems in recent years 
have tempted designers to use smaller diameter bolts for better joint 
static-strength efficiencies. The higher local bearing stresses these small 
diameter fasteners present must be considered in light of damage-toler- 
ance requirements and careful compromise be maintained. 

There are currently several special joint preparation techniques 
being used in aircraft joint design to improve damage tolerance. These 
techniques are illustrated in Figure 11. Clamp-up benefits to damage tol- 
erance are achieved by the frictional forces resisting crack-opening dis- 
placements. These built-in frictional forces act to reduce the effective 
stress intensity due to applied loads. In other words, the crack cannot 
open without being restrained by the adjoining part to which it is 
clamped. These frictional forces also reduce the bearing stress at the 
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COLD EXPANSION 

INTERFERENCE FIT 

Figure 11. Special joint preparation techniques. 

hole due to load transfer by allowing the joint loads to be transferred 
directly by friction. 

The second joint-preparation technique to improve damage toler- 
ance is cold expansion of holes. The dramatic improvement in flaw 
growth rate has been reported in Reference 8. Several techniques are 
available to accomplish the required expansion into the yield zone. 
Upon removing the expanding force, the surrounding elastic material 
forces the yielded area into compression. Subsequent applied loadings to 
the joint then result in a reduction in stresses within the compressive 
zone below those that would be the case without the cold expanding 
process. This effective stress reduction improves the damage tolerance 
of small damage within the compressive zone. 

Another joint-preparation technique that is in use to improve dam- 
age tolerance is interference fit fasteners. When high interference is 
used, the hole is constrained, the effective stress concentration is re- 
duced, and improved joint damage tolerance results. 

Any of these special joint-preparation techniques require extensive 
testing to quantify the benefits obtained for a particular material, joint 
configuration, and loading. There are practical considerations to be 
made also when counting on any benefits demonstrated by test when 
applied in actual production. For example, can a method be implement- 
ed in production to ensure that the expected clamp-up, cold expansion, 
or interference is built in to each joint? Also, what are the realistic long- 
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term benefits that can be expected in service — will clamp-up, compres- 
sive zone, interference deteriorate with time? Finally, the possible detri- 
mental effect of high compression overloads on the cold expansion 
compressive zone has been suggested and should be investigated. 

The potential benefits of special joint preparation are important 
enough to be thoroughly explored. The latest Air Force damage-toler- 
ance requirements5 allow a limit on these benefits equivalent to a reduc- 
tion in damage assumptions from 0.05 initial damage to 0.005 initial dam- 
age. This amount of benefit must be substantiated by test. The difference 
in damage-tolerance life for these two initial damage assumptions is illus- 
trated in Figure 12. 

ASSUMPTIONS WITHOUT 
SPECIAL JOINT 
PREPARATION 

ASSUMPTION WITH 
SPECIAL JOINT 
PREPARATION 

Figure 12. Potential effect of special joint preparation on damage 
tolerance life. 

SUMMARY 

Damage tolerance has been described as the ability of a structure to 
sustain an inquiry that might come from a variety of sources. Many fail- 
ures result from a lack of adequate damage tolerance. It is unlikely that 
adequate damage tolerance will be achieved by accident. 

Detailed damage-tolerance design requirements are necessary to de- 
fine what specifically are the damage-tolerant objectives. These require- 
ments can take many forms, and the latest Air Force specification is an 
example that assumes damage even in new structure. The basic factors 
that need to be defined in the requirements are: 

1. Extent of damage present to be tolerated. 
2. How inspectable the design should be. 
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3. Growth-rate limits. 
4. Load level to be sustained with damage present. 
Joints present special damage-tolerance problems because of inher- 

ent design complexities. The complexities present difficult inspectability 
and analysis problems. Among the analysis problems that need to be 
addressed are load-path eccentricities and high bearing stresses resulting 
from load transfer. Both of these factors can greatly effect the damage 
tolerance of a joint. 

Good design practices are a necessity in achieving a damage- 
tolerant design. One of the best practices is to design multi-load-path 
structure with inherent damage-arresting characteristics. 

Several techniques such as high clamp-up, cold expansion, and in- 
terference fit fasteners can be used to improve joint damage tolerance. 
These techniques should be used with care and with intensive produc- 
tion controls if quantitative improvements are to be assumed. 
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19. DAMAGE TOLERANCE ANALYSIS OF AN 
AIRCRAFT STRUCTURAL JOINT 

S. H. SMITH and F. A. SIMONEN 
Batteile Columbus Laboratories 

Columbus, Ohio 

The new U.S. Air Force specification, MIL-A-83444, on dam- 
age-tolerance requirements was applied to a typical structural 
joint on the wing structure of a military cargo aircraft. Detailed 
structural analysis of a chordwise structural joint was performed 
considering load transfer and finite-element structural models. 
Work energy and crack-surface-displacement methods of linear 
elastic-fracture mechanics were used to determine the variation 
of crack-tip stress-intensity factors with crack size. The initial 
damage size and fatigue-crack-growth behavior under spectrum 
loading were based on multiple cracking of single structural ele- 
ments of the joint. Load-transfer effects on crack extension were 
considered in the fracture-mechanics analysis. 

Fatigue-crack-propagation behavior analysis of the full-scale 
fatigue-test spectrum and reported flight-by-flight service usage 
spectrum was determined for the structural joint. Flight-by-flight 
stress spectra were generated based on 14 mission stress profiles 
for various logistics and training missions. From initial assumed 
corner crack sizes at the fastener holes, the fatigue-crack-propa- 
gation behavior analysis was utilized to establish the required in- 
spection intervals for depot- or base-level inspection. In addition 
to the required inspection intervals, the structural crack-growth 
lives to clean-up size at holes of the structural joint were deter- 
mined. 

INTRODUCTION 

The U.S. Air Force specification, MIL-A-83444, "Aircraft Damage- 
Tolerance Design Requirements,"1 specifies that aircraft inspections are 
to be established for military aircraft based on certain initial damage-size 
assumptions and crack-growth calculations. The damage can result from 
initial material flaws, manufacturing defects, or inadvertent damage due 
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to service handling and operation. In aircraft structural joints, the most 
likely location of initial damage is at the edges of fastener holes. 

With the ever-increasing developments of linear-elastic fracture- 
mechanics technology,2"6 the fracture-mechanics analysis of complex 
structural joints can be performed. Because of the complex structural 
boundary conditions and load transfer associated with aircraft structural 
joints, finite-elment structural analysis coupled with fracture-mechanics 
analysis was utilized in an analysis of a multifastener structural joint. 

Spectrum fatigue-crack-growth behavior of aircraft structural com- 
ponents is being oriented more to flight-by-flight type of crack-growth 
analysis and experimentation.7-8 In this damage-tolerance analysis of a 
cargo aircraft structural joint, comparative fatigue-crack-growth analysis 
was conducted using flight-by-flight reported usage data from the Air 
Force Individual Aircraft Structural Life Monitoring Program 
(IASLMP). The service aircraft analyzed represented a sample of five 
aircraft with various fatigue damage, flight times, and usage behavior. 
Comparative analysis was conducted with the full-scale fatigue-test 
spectrum which was developed as a composite spectrum representative 
of anticipated service usage. The remainder of this chapter deals with a 
technical discussion of the analysis methods and results as applied to a 
typical joint of an aircraft wing structure. The context of this chapter is 
based on the results of an extensive study by the authors on several 
joints of a wing box structure. The full results of this study are reported 
in Reference 7. 

FINITE-ELEMENT/FRACTURE-MECHANICS METHODS 

Detailed structural stress analysis of the joint and surrounding struc- 
ture was based on currently acceptable finite-element stress analysis 
techniques and modeling. Battelle's two-dimensional finite-element pro- 
gram, AXISOL, was used for the purpose of calculating the stress and 
displacement fields in the cracked and uncracked structural configura- 
tions. The following discussion describes details of the finite-element 
models and how these models were used to calculate crack-tip stress-in- 
tensity factors as a function of crack length. Extensive plots of the 
stress-intensity factors utilized in the crack-growth predictions are pre- 
sented. 

Structural Models of Chordwise Spice Joint 

The chordwise splice joint located on the lower surface of the wing 
box is the main structural joint which attaches the outer and inner wing 
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Fastener Diameter « 0.250 Inch 

Fastener Spacing - 1.25 inchea 

Cover Plate Thickness - 0.25 inch 

Outer wing plank 

Coverplate 

Cover plate 

Inner wing plank 

/' / / /'7 
Remote wing panel stress 

Figure 1. Sketch of chordwise splice joint. 

sections. A three-dimensional sketch of this joint is shown in Figure 1. 
The chordwise splice consisted of two cover plates 0.250-in. thick which 
joined the 0.454-in.-thick main integral stiffened wing planks. The me- 
chanical fasteners were two rows of 1/4-in. titanium taper-Lok fasteners 
on each side of the joggled plank splice line. Panel and riser runouts 
were configured so that a nominal 10,000 psi wing-bending tension stress 
resulted in 6236 psi local stress for the reinforced panel section at the 
fastener location. The riser spacing in the panels was 3.85 in. 
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Figures 2 and 3 show the level 1 and level 2 finite-element models of 
the chordwise splice. The level 1 model of Figure 2 consisted of 1668 
nodal points and 1420 elements. A total of five fasteners in each row 
along the width of the joint were modeled to account for load transfer 
behavior. In this level 1 model, three layers of overlayed planar grids 
were used to represent the planks and cover plates with load transfer 
simulated at the fastener locations. These overlayed grids were free to 
deform independently except where they were joined by displacement 
constraints at the fastener locations. Along the lower two rows of fas- 
teners, as shown in Figure 2, the members of the joint were joined by a 
simple rigid connecting element at the center of each fastener location. 
Along the upper two rows of fasteners, a more refined representation 
was used since the analysis was to consider cracking along these lines of 
fasteners. Double sets of nodes were used to simulate cracking along 
either the inner or outer rows of fasteners and in either the main plank or 
cover plates of the joint. 

Properties of the 7075-T6 aluminum of the planks and cover plates 
consisted of an elastic modulus of 10 x 106 psi and Poisson's ratio of 
0.30. For the titanium fasteners, a modulus of 15 x 106 psi and a Pois- 
son's ratio of 0.30 were used. 

The remote stressing applied to the joint was a tensile stress of 
10,000 psi and displacement constraints were applied along the edges of 
the panel as shown in Figure 2. The lower edge of the model was fixed to 
react to the applied tension stress. The two edges of the modeled regions 
perpendicular to the joint were constrained to represent a symmetrical 
boundary condition and a large adjacent section of the wing by stiffness 
simulation. The edges were assumed to remain straight, resulting in a 
zero total load along these edges. However, self-equilibrating stresses 
were permitted to develop in members along the longitudinal direction of 
the joint. 

A factor that was not considered was bending of the panels and 
fasteners in the joint area. The finite-element program used is inherently 
a planar analysis, and as such treated the wing panels and cover plates 
as superimposed within a single plane in space for which bending effects 
do not occur. However, bending in this space is minimized due to its 
design, since the joint is joggled such that the centroid of load path does 
not change as it crosses the joint. 

The rows of nodes along the lines joining the two upper rows of 
fasteners (where cracking was to be simulated) were represented in the 
wing planks and cover plates by a double set of nodes. For the analysis 
of the uncracked structure, these nodes were rigidly connected by spe- 
cial connecting elements. For crack surface simulation, the coupling 
stiffness of the joint connecting element was uncoupled or "unzipped" 
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to build in the proper cracked structure stiffness and load transfer to the 
adjacent fasteners. This permitted the analysis of different crack lengths 
by progressive uncoupling of connected double nodes along the line of 
expected crack extension. Fracture mechanics analysis of cracks located 
in the wing planks or the cover plates was performed. Also, multiple 
cracking originating from different fasteners could be treated with the 
cracks being of unequal length, if desired. 

The finite-element grid of Figure 3 represents a highly detailed sec- 
ond-level model of a single cell of the joint. The loadings, constraints, 
member thicknesses, and material properties were the same as for the 
level 1 model. Consisting of a typical unit cell of the joint configuration, 
the refined grid of the model was capable of accurately analyzing 
stresses in the uncracked or cracked structural condition. This second- 
level model consisted of 949 nodes and 790 elements, and both the cover 
plates and a segment of the plank were modeled. If all of the fastener 
locations were to be cracked in an identical manner, then the cracked 
structure was analyzed by imposing symmetrical boundary conditions as 
shown in Figure 3. For cracking at only a finite number of fastener loca- 
tions and cracks of unequal length, the imposed boundary conditions 
were along the edges of the unit cell. These boundary conditions were 
obtained from the level 1 model of the cracked structure. 

In the level 2 model, the fasteners of each row as modeled in the 
unit cell were represented as separate structural components. The 
boundary conditions between the fasteners and surrounding plates 
simulated a neat-fit pin situation. The bearing contact conditions 
imposed consisted of coupled radial displacement of the fastener and 
plate. However, the fastener boundary was allowed to rotate in a 
circumferential direction. 

In the fracture-mechanics analysis of structural joints, the most 
important structural parameter to evaluate is fastener-load transfer 
during crack extension. The load transfer resulting from the level 1 
model analysis was imposed on the level 2 model. This was 
accomplished by transfer of fastener nodal-point displacements of the 
level 1 model to the centroid of the fastener structural element of the 
level 2 model. Both fastener displacements resulting in the main plank 
and cover plates were transferred. In addition, the clearance on the 
diametrically opposite side of the fastener-plate bearing side was allowed 
to open up along the unloaded areas of the fastener hole in each 
member. 

Stress-Intensity-Factor Solutions 

Being a numerical approach, the finite-element modeling techniques 
applied to the joint can incorporate details of structural configurations 
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and loadings that are beyond the scope of purely analytical methods. 
The requirement for the flaw-growth analysis is the expression of the 
results of the finite-element solutions in terms of stress-intensity factors. 
Since standard finite-element formulations do not treat singular stress 
behavior, special procedures were utilized. 

Two basic approaches to obtain stress-intensity factors from 
finite-element analysis have been rather extensively studied in the 
literature and were applied in this analysis. These are the 
crack-opening-displacement method and the work-energy concept 
applied to the crack-closure integral. The basic concepts of the methods 
as applied to finite-element results are discussed below. 

Crack-Opening-Displacement Method. The continuum relationships 
involving opening and edge-sliding stress-intensity factors and the 
displacement field surrounding the crack tip were derived by Paris and 
Sih based on the stress function involving the stress-intensity factor and 
Westergaard's stress-analysis method.2 From discrete nodal-point 
displacements in the vicinity of the crack tip, the stress-intensity factors 
can be determined by fitting the analytical forms for crack-tip 
displacement as described by Chan et al.3 In this analysis, the opening 
mode stress-intensity factor was determined at discrete nodal points 
along the crack surface. In applying the crack-surface displacement 
method, the following relationships were used: 

K, = AVG 

AUG 
A ,, = —~— 

2TT. 

y 
2rr 

(1) 

(2) 

where AV and AU are the relative opening and edge-sliding 
displacements of adjacent points on the crack surface, y is the distance 
from the crack tip to the nodal points on the crack surface, and G and v 
are modulus of rigidity and Poisson's ratio, respectively. 

Work-Energy Method. The work-energy method is a numerical tech- 
nique for evaluating stress-intensity factors based on Irwin's equation.8 

It has received little attention. The energy method is based on the work 
needed to close the crack surface and thus is called the work-energy 
method. The application to finite-element/fracture-mechanics analysis is 
similar to the procedure discussed by Dixon and Pook9 and by Mow- 
bray.10 The procedure is to generate a series of finite-element solutions 
for a range of crack lengths and to determine stress intensities from rela- 
tionships between strain energy and crack length for an extending crack. 
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In equation form, the energy absorbed in the crack-extension 
process and the equivalency of the work required to close the crack to 
its original length is as follows in terms of opening and edge-sliding de- 
formations: 

Ac 

<g7 = lim 
1 

2Ac 
Ac -> 0       0 

Ac 

«„ =lim 1 
2 Ac 

Ac-^0        0 

a,, (Ac - y, 0) V (y, TT) dy 

TXU (Ac - y, 0) U (y, TT) dy 

(3) 

(4) 

where ^/and t(§n are the energy release rates for modes I and II and are 
related to the stress-intensity factors K, and K,, for plane-stress condi- 
tions. That is, 

K,= VE%;Kn= VTWi (5) 

where E is Young's modulus. The crack-closure concept of the work-en- 
ergy method has been applied extensively by Rybicki and Kanninen11 in 

Figure 4. Finite-element nodes near crack tip. 
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finite-element analysis and they have found a good correlation with clas- 
sical fracture-mechanics solutions. An explanation of the method as re- 
lated to finite-element/fracture-mechanics modeling is given in terms of 
Figure 4. The physical interpretation of the integrals of equations (3) and 
(4) is the amount of work required to close the crack an amount Ac. In 
terms of the finite-element representation, this is one-half the product of 
the forces at nodes c and d required to close these nodes. In equation 
form, the expressions for <$7and ^„are 

% = lim *    Ft. > (Vc - Vd) (6) 
Ac-»0 

0„ = lim        JLrf •(£/«.- Ud) (7) 
Ac-»0 

2Ac 

The values of Fc and Tc are taken as the y and x forces required to hold 
nodes c and d together. These forces vary as the normal and shear 
stresses near the tip of the crack and vary as 1/ Vy~. Thus, the force over 
a length Ac is given by 

Ac 

F(Ac)=A1f   *L»=2A1te" (8) 
J      7 
0 

Special attention must be given to unequally spaced elements. In this 
case, the forces can be estimated using the following equations: 

F, 
Ac 

Ac 

>Fe (9) 

Te (10) 

The forces at the crack tip Fe and Te are obtained by placing very 
stiff springs between points e and/' and evaluating these forces in terms 
of the coupling spring stiffness. 

Results as Applied to the Chordwise Joint. The two methods de- 
scribed above were applied to the chordwise joint. The finite-element 
modeling and analysis results provided the nodal-point displacements 
along the crack-opening displacement and work-energy methods. 

Figures 5 through 8 present calculated stress intensities as a func- 
tion of crack length for the lower surface chordwise joint at a remote 
wing-panel stress of 10,000 psi. Separate plots are given to clearly indi- 
cate the results for small and large crack regions. Most of the fatigue- 
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Figure 5. Variation of stress-intensity factor with crack length for 
small cracks in plank of chordwise splice joint. 

Figure 6. Variation of stress-intensity factor with crack length for 
large cracks in plank of chordwise splice joint. 
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Figure 7. Variation of stress-intensity factor with crack length for 
small cracks in cover plate of chordwise splice joint. 
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Figure 8. Variation of stress-intensity factor with crack length for 
large cracks in cover plate of chordwise splice joint. 
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crack-growth analysis was concerned with the smaller cracks (i.e., 
0.005-0.10 in.); whereas, the effects of load transfer became predomi- 
nant only for relatively longer cracks. However, for small cracks, the 
loaded-hole effect was slightly higher in comparison to a filled or open 
hole. It is seen that the crack-opening-displacement method resulted in a 
band of possible stress-intensity values, with the end of the band corre- 
sponding to the smallest crack lengths approaching the curve developed 
by the work-energy method. 

The uncracked stress and load-transfer analyses showed that the 
highest stresses and fastener loads occurred at the first row of fasteners 
in the plank. The highest stresses and fastener loads occurred at the 
second row of fasteners in the cover plate. Therefore, these areas were 
considered as the fracture critical locations of the chordwise joint. 

Figures 5 and 6 show the stress-intensity factors for cracking of a 
main plank of the wing joint. For very small cracks, less than 0.005 in., 
the uncracked stress field as determined from the level 2 finite-element 
model was used in conjunction with the analytical solution for an edge 
crack to determine the limiting trend of the behavior. 

The trend for larger cracks was first determined by cracking both 
sides of the hole of the level 2 model. This solutuon applies to the situa- 
tion where all fastener holes in the joint undergo equal cracking. For the 
situations of interest in the crack-growth study, only three holes were to 
be involved in the cracking mode. For these results, the level 1 model 
was applied. Stress intensities were not calculated directly from the level 
1 model because of the relative coarseness of the grid. Rather, the rela- 
tive magnitudes of crack-opening displacements were determined using 
this model for all holes cracked and then for only three holes cracked. 
These stress-intensity ratios then were applied to the absolute magni- 
tudes of the level 2 analysis to obtain the results plotted in Figures 5 and 
6. 

For small cracks (less than 0.05 in.) the stress intensities for the 
inner and outer holes were very nearly equal, as seen in Figure 5. How- 
ever, for long cracks (shown in Figure 6), the stress intensity at the outer 
holes was significantly lower than for the cracks emanating at the inner 
hole. This indicates the extent of load-transfer effects in the joint. It is 
seen that the values of stress-intensity factor became relatively insensi- 
tive to crack length as the crack grew away from the local stress field 
associated with the loaded fastener hole. Only as the net section of the 
uncracked ligament became significantly reduced did the stress intensity 
begin to rapidly increase with crack length. 

Figures 7 and 8 show the results obtained for cracking of cover 
plates. When both cover plates were cracked, the stress intensities were 
found to differ little from those for the case of plank cracking. However, 
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when only one of the two cover plates was cracked, the stress intensities 
were noticeably reduced. 

The open-hole Bowie solution12, when compared to the results of 
the joint, demonstrates a slightly lower stress-intensity versus crack- 
length behavior. 

JOINT FATIGUE-CRACK-PROPAGATION ANALYSIS 

The detailed fatigue-crack-propagation analysis of the chordwise 
structural joint considered the full-scale fatigue test spectrum and the 
flight-by-flight mission stresses as reported from service information. 
The full-scale fatigue-test spectrum was a composite spectrum com- 
prised of several missions to evaluate the fatigue-crack-growth damage 
at an accelerated rate beyond the actual flight-by-flight fatigue-crack- 
growth damage rates. The following discusses the various spectra and 
fatigue-crack-propagation results. 

Stress Spectra for Analysis 

The full-scale fatigue-test spectrum consisted of 18 segments with a 
total of 60,800 cycles. Figure 9 shows the stress spectrum at the chord- 
wise joint location of the wing box. The spectrum represents two passes 
in which the first part of the spectrum was reversed in application. At 
the end of the fifth pass, an additional 1595 ground-air-ground cycles 
were applied to produce the required fatigue damage accumulation. One 
pass of the spectrum represents 6000 hours of flight time. All compres- 
sion stresses were truncated to zero for fatigue-crack-propagation analy- 
sis. 

Flight-by-flight fatigue-crack-propagation analysis involved the gen- 
eration of mission stress spectra. The mission stresses were generated 
based on the 14-mission stress profiles which involved various logistics 
and training missions. From Air Force-furnished segmented mean level 
wing-bending moment data at the chordwise joint location and use of the 
power spectral density equation for loading occurrences, the maximum 
and minimum stress histories of each of the 14 missions were generated. 
The flight profile with respect to sequencing of stresses for taxi, climb, 
cruise, gust, maneuver, descent, landing, and taxi was retained for 
crack-propagation analysis. Tables 1 and 2 show examples of typical lo- 
gistics and training missions in which the compression stresses have 
been truncated to zero for fatigue-crack-propagation analysis. 

The primary analysis conducted in this study was fatigue-crack- 
propagation analysis of flight-by-flight behavior of five service aircraft. 
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Figure 9. Full-scale fatigue-test spectrum. 
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Table 1. Stress Spectrum for Typical Logistics Mission 

Cycles 
Maximum Minimum per Cumulative 

Layer Stress Stress Layer Cycles 

1 9775.000 8775.000 17.000 17.000 
2 10775.000 7775.000 2.000 19.000 
3 10258.000 9258.000 7.000 26.000 
4 11258.000 8258.000 1.000 27.000 
5 9369.000 8369.000 19.000 46.000 
6 10369.000 7369.000 4.000 50.000 
7 11369.000 6369.000 1.000 51.000 
8 9849.000 8849.000 6.000 57.000 

9 10849.000 7849.000 1.000 58.000 
10 8780.000 7780.000 6.000 64.000 
11 9780.000 6780.000 1.000 65.000 
12 9258.000 8258.000 2.000 67.000 
13 9101.000 8101.000 7.000 74.000 
14 10101.000 7101.000 1.000 75.000 
15 9570.000 8570.000 1.000 76.000 
16 8390.000 7390.000 57.000 133.000 
17 9390.000 6390.000 17.000 150.000 
18 10390.000 5390.000 5.000 155.000 
19 11390.000 4390.000 2.000 157.000 
20 8844.000 7844.000 6.000 163.000 
21 9844.000 6844.000 1.000 164.000 
22 9281.000 8281.000 11.000 175.000 
23 10281.000 7281.000 2.000 177.000 
24 9295.000 8295.000 2.000 179.000 
25 9094.000 8094.000 54.000 233.000 
26 10094.000 7094.000 10.000 243.000 
27 11094.000 6094.000 2.000 245.000 
28 9318.000 8318.000 6.000 251.000 
29 10318.000 7318.000 1.000 252.000 
30 8238.000 7238.000 18.000 270.000 
31 9238.000 6238.000 4.000 274.000 

32 10238.000 5238.000 1.000 275.000 

33 8678.000 7678.000 3.000 278.000 
34 9678.000 6678.000 1.000 279.000 
35 8614.000 7614.000 47.000 326.000 
36 9614.000 6614.000 10.000 336.000 
37 10614.000 5614.000 2.000 338.000 

38 11614.000 4614.000 1.000 339.000 

39 9057.000 8057.000 15.000 354.000 
40 10057.000 7057.000 3.000 357.000 
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Table 1. (Continued) 

Cycles 
Maximum Minimum per Cumulative 

Layer Stress Stress Layer Cycles 

41 11057.000 6057.000 1.000 358.000 
42 5569.000 4569.000 78.000 436.000 
43 6569.000 3569.000 6.000 442.000 
44 7569.000 2569.000 1.000 443.000 
45 5999.000 4999.000 49.000 492.000 
46 6999.000 3999.000 5.000 497.000 
47 7999.000 2999.000 1.000 498.000 
48 5559.000 4559.000 16.000 514.000 
49 6559.000 3559.000 1.000 515.000 
50 5988.000 4988.000 10.000 525.000 
51 6988.000 3988.000 1.000 526.000 
52 8750.000 3966.000 1.000 527.000 
53 9366.000 0.000 1.000 528.000 

Figures 10 and 11 show the flight histories of five aircraft with respect to 
flights and flight hours over an 11-year time span. Actual flight-by-flight 
history data as reported from the IASLMP program for each quarter 
year were utilized in the fatigue-crack-propagation analysis. 

The techniques used in fatigue-crack-propagation evaluation of the 
structural joint were based on linear-elastic fracture-mechanics technolo- 
gy. AFFDL's computer program, "CRACKS II", was utilized to analy- 
tically grow the fatigue cracks under spectrum and flight-by-flight 
stresses. The program used was a modification of the original AFFDL- 
CRACKS program developed by Engle.13 

The basic fatigue-crack-growth-rate equation utilized in this study 
was the Forman equation, 

daldN 
C(AK)n 

(\-R)Kc-AK 
(11) 

where 
daldN 

AK 
R 

Kc 

C 
n 

= fatigue-crack-growth rate, in./cycle 
= cyclic range of stress-intensity factor, psi1 

= cyclic stress ratio 
= critical stress-intensity factor, psiVin. 
= constant, in./cycle/(psiVin. )" ~ 1 

= exponent 
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Table 2. Stress Spectrum for Typical Training Mission 

Cycles 
Maximum Minimum per Cumulative 

Layer Stress Stress Layer Cycles 

1 0.000 0.000 1.000 1.000 
2 6344.000 5344.000 21.000 22.000 
3 7344.000 4344.000 1.000 23.000 
4 6778.000 5778.000 8.000 31.000 
5 7778.000 4778.000 1.000 32.000 
6 6326.000 5326.000 75.000 107.000 
7 7326.000 4326.000 4.000 111.000 
8 6627.000 5627.000 31.000 142.000 
9 7627.000 4627.000 2.000 144.000 

10 6307.000 5307.000 36.000 180.000 
11 7307.000 4307.000 2.000 182.000 
12 6608.000 5608.000 15.000 197.000 
13 7608.000 4608.000 1.000 198.000 
14 2916.000 1916.000 414.000 612.000 
15 3916.000 916.000 20.000 632.000 
16 4916.000 0.000 1.000 633.000 
17 3207.000 2207.000 180.000 813.000 
18 4207.000 1207.000 14.000 827.000 
19 5207.000 207.000 1.000 828.000 
20 6799.000 1700.000 1.000 829.000 
21 2374.000 0.000 1.000 830.000 
22 6183.000 5183.000 16.000 846.000 
23 7183.000 4183.000 1.000 847.000 
24 6484.000 5484.000 7.000 854.000 
25 7484.000 4484.000 1.000 855.000 
26 6138.000 5138.000 57.000 912.000 
27 7138.000 4138.000 5.000 917.000 
28 6495.000 5495.000 33.000 950.000 
29 7495.000 4495.000 4.000 954.000 
30 8495.000 3495.000 1.000 955.000 
31 6106.000 5106.000 9.000 964.000 
32 7106.000 4106.000 1.000 965.000 
33 6403.000 5403.000 4.000 969.000 
34 2785.000 1785.000 29.000 998.000 
35 3785.000 785.000 1.000 999.000 
36 3069.000 2069.000 13.000 1012.000 
37 4069.000 1069.000 1.000 1013.000 
38 6617.000 1657.000 1.000 1014.000 
39 5866.000 0.000 1.000 1015.000 
40 6042.000 5042.000 7.000 1022.000 
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Table 2. (Continued) 

Cycles 
Maximum Minimum per Cumulative 

Layer Stress Stress Layer Cycles 

41 6414.000 5414.000 3.000 1025.000 
42 5995.000 4995.000 9.000 1034.000 
43 6995.000 3995.000 1.000 1035.000 
44 6293.000 5293.000 4.000 1039.000 
45 5527.000 4527.000 9.000 1048.000 
46 6527.000 3527.000 2.000 1050.000 
47 5974.000 4974.000 9.000 1059.000 
48 6974.000 3974.000 1.000 1060.000 
49 5182.000 4182.000 7.000 1067.000 
50 6182.000 3182.000 1.000 1068.000 
51 6089.000 5089.000 3.000 1071.000 
52 7089.000 4089.000 1.000 1072.000 
53 5137.000 4137.000 121.000 1193.000 
54 6137.000 3137.000 16.000 1209.000 
55 7137.000 2137.000 2.000 1211.000 
56 5762.000 4762.000 54.000 1265.000 
57 6762.000 3762.000 13.000 1278.000 
58 7762.000 2762.000 3.000 1281.000 
59 8762.000 1762.000 1.000 1282.000 
60 5039.000 4039.000 13.000 1295.000 
61 6039.000 3039.000 2.000 1297.000 
62 5925.000 4925.000 5.000 1302.000 
63 6925.000 3925.000 2.000 1304.000 
64 5748.000 4748.000 40.000 1344.000 
65 6748.000 3748.000 6.000 1350.000 
66 7748.000 2748.000 1.000 1351.000 
67 6131.000 5131.000 26.000 1377.000 
68 7131.000 4131.000 3.000 1380.000 
69 2661.000 1661.000 36.000 1416.000 
70 3661.000 661.000 2.000 1418.000 
71 2939.000 1939.000 15.000 1433.000 
72 3939.000 939.000 1.000 1434.000 
73 2672.000 1672.000 18.000 1452.000 
74 3672.000 672.000 1.000 1453.000 
75 2950.000 1950.000 8.000 1461.000 
76 3950.000 950.000 1.000 1462.000 
77 6247.000 1842.000 1.000 1463.000 
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Figure 10. Cumulative flights vs. time period. 
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The constant C, and exponent n, utilized for 7075-T6511 extrusions are 
listed in Table 3. In this analysis, the upper-bound wet values were ex- 
tensively utilized for conservatism and in a previous study of the C-5A 
flight-by-flight crack growth this approach was shown to bracket flight- 
by-flight test data.14 

The main concern of the fatigue-crack-propagation behavior of 
cracks located in the structural joint is fatigue cracks located in the main 
planks under the cover plates, which cannot be inspected. In addition, 
the replacement due to failure of a main plank is much more costly than 
failure and replacement of cover plates. Therefore, the fatigue-crack- 
propagation analysis of the chordwise splice joints was based on corner 
cracks emanating at edges of holes in the main plank. 

The stress-intensity-factor solution for the corner cracks emanating 
at holes was arrived at in the following fashion. From the finite-ele- 
ment/fracture-mechanics analysis described previously, Beta factors 
were derived for the through-the-thickness cracks at the three centrally 
located holes of the chordwise splice. Next, the corner crack geometri- 
cal shape was determined by considering a surface flaw of aspect ratio 
equal to a corner crack (i.e., alle = 16.). Therefore, the total stress-in- 
tensity factor was 

„     _p3U9V   TTUlVlk 
Kl QVz  UA) 

where 

ß3 = finite-element stress-intensity-factor solution for structure 
a-g = applied stress level, ksi 
a = corner crack radius, in. 

Mk = back surface magnification factor 

Q = 0>2 -0.212 
cr„ ys/   J 

o-ys = yield strength, ksi 
<$> = complete elliptical integral of second kind (function of crack 

aspect ratios). 

The above stress-intensity solution was utilized with the crack 
aspect ratio remaining constant. That is, the corner flaw shape remained 
a corner flaw as growth occurred in a radial direction and toward the 
back surface of the thickness. Further, progression of the crack from a 
corner flaw to thickness breakthrough was a through-the-thickness 
crack. 

Both linear and retardation fatigue-crack-propagation analyses were 
performed in the study. The Willenborg effective-stress-retardation 
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Table 3. Constants Utilized in Forman's Crack-Growth Equation, 
7075-T6511 Extrusion 

c, Yield 
Scatter in./cycles/ Kc KQ Stress 

Environment Band (psiVin.)" ~ ! n (psiVin.) (psiVin.) (psi) 

Dry Lower 5.0 x 10~13 3.0 68,000 68,000 83,000 
Dry Upper 1.00 x 10 3.0 68,000 68,000 83,000 
Wet Lower 4.60 x 10 4.0 50,000 50,000 83,000 
Wet Upper 2.74 x 10 4.0 50,000 50,000 83,000 

model was selected as the model to be applied. Previous crack-growth 
analysis of various mission mixes of the C-5A cargo transport14 demon- 
strated that this model adequately predicted flight-by-flight fatigue-crack- 
growth behavior of laboratory specimens. 

In the fatigue-crack-propagation analysis, fatigue-crack growth was 
calculated on a cycle-by-cycle basis for each layer or segment of stresses 
within a flight. This is referred to in the results as flight-by-flight crack 
growth. 

Retarded fatigue-crack-propagation behavior was determined with a 
high yield-strength value for 7075-T6511 extrusion. This strength level 
was selected because of the strength/fracture-toughness trade-off behav- 
ior of 7000-series aluminum alloys.15 This was also selected because the 
wing planks of the fleet probably contain some high-strength material. 
The use of high-yield-strength value associated with the Willenborg ef- 
fective-stress model resulted in smaller crack-tip yield zones and less 
retardation. Therefore, the behavior of the fleet was covered in a realis- 
tic way. 

The limiting critical crack length was established at limit stress. This 
limiting condition was utilized in establishing required inspection inter- 
vals from initial damage sizes according to MIL-A-83444.1 Both plane- 
strain and plane-stress stress states existing around the crack front were 
considered in determining the mode of failure and critical crack lengths. 
For shallow corner cracks, the failure mode is plane strain and governed 
by the Klc property of the material. Experimental results of Broek16 

showed that this residual-strength criterion applies for corner cracks 
emanating at the edge of holes. In the case of deep corner cracks which 
are past mid-thickness in depth and in the transitional state, the residual 
strength is governed by the transitional K value for that condition. 
Through-the-thickness crack instability is governed by the Kc property 
of the material. For high-yield-strength 7075-T6511 extruded material, 
the properties utilized were Klc — 25 ksivhT. and Kc = 50 ksiVln • 
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Fatigue-Crack-Propagation Behavior Results 

Several integration methods are utilized to predict fatigue-crack-ex- 
tension behavior under complex block spectra or flight-by-flight spectra. 
These methods have been discussed by Engle and Rudd17 and Gallagher 
and Stalnaker18. The integration procedures are usually based on some 
integration interval such as layers, flights, or cycle-by-cycle. In this anal- 
ysis, the integration was performed on a layer-by-layer interval. 

The fatigue-crack-propagation behavior of the full-scale fatigue test 
spectrum for this joint is shown in Figure 12. The behavior has been 
plotted as crack length versus flight hours. The cracks considered eman- 
ated from the inner hole of the three-hole pattern of the main plank. 
Analysis was performed based on two initial damage sizes — 0.005- and 
0.02-in. corner cracks emanating from the load-transfer holes. As ex- 
pected, a longer fatigue-crack-propagation life resulted from the smaller 
assumed damage size. For this full-scale fatigue stress spectrum, the re- 
tardation fatigue-crack-growth behavior showed a slightly longer crack 
growth than the linear life. Transitional crack-growth behavior occurred 
at this location with continuing crack growth. However, the continued 
crack-growth life was almost negligible since multiple cracks were as- 
sumed from a 0.005-in. initial damage length, and eventually crack join- 
ing resulted. 

Main plank 
Multiple cracks 
Inner hole cracks 

Transition to through 
thickness crack 

Corner 
= 0.02 in 

Linear I       Corner 

Retardation I a0 = 0.005 in. 

40 50 60 

Flight Hours, thousands 

Figure 12. Fatigue-crack-growth behavior of cracks in splice, full- 
scale fatigue-test spectrum. 
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The flight-by-flight fatigue-crack-propagation behavior of the five 
fleet aircraft is shown in Figures 13 and 14. The behavior has been plot- 
ted as crack length versus flight hours and a nomograph representation 
of flight hours has been shown for comparison purposes. Due to the 
lengthy flight spectra and the magnitude of the 1-g stress levels on this 
aircraft, retardation-crack-growth behavior was handled in a special way 
because of economical reasons and excessive requirements of large com- 
puter runs. 

A retardation factor for each aircraft history was determined for 
growth from an initial corner crack length of 0.02 in. The computer-run 
time was limited to 1200 seconds. The retardation factors established for 
each aircraft are shown in Table 4. The retardation fatigue-crack-growth 
behavior was determined from 0.005- and 0.02-in. initial corner crack 
sizes, using the appropriate factor for each aircraft flight history. 

The flight-by-flight fatigue-crack-growth behavior as determined by 
a linear analysis (Figure 15) showed that the crack-growth behavior fell 
in a very tight scatter band and was slower than the full-scale fatigue-test 
spectrum behavior. However, the retardation fatigue-crack-growth be- 
havior of each aircraft shows a large variation from aircraft to aircraft. 

The fatigue-crack-propagation results generated in this analysis can 
be used in establishing reliable inspection periods for the chordwise 

- 
Main plank 

- Multiple cracks 
Inner hole cracks 
Linear   analysis 

- 

Full scale fatigue test spectrum -.                         ^^^ 
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Figure 13. Fatigue-crack-growth behavior of cracks for AC 13, 166 
(a0 = 0.02 in.). 
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Figure  14. Fatigue-crack-growth behavior of cracks for AC 
645, 646 (a„ = 0.02 in.). 

splice of the wing box. In applying the requirements of MIL-A-83444, 
several aspects of the inspection techniques already used, the expected 
maximum loads that will occur, and the details of the structure with 
respect to inspectability had to be considered. 

First of all, the loading levels that the aircraft may encounter during 
the design lifetime or inspection interval must be considered. The partic- 
ular military cargo aircraft considered in this study is expected to reach 
a lifetime of 40,000 flight hours. According to the specification, the resid- 
ual strength of the structure is specified by the minimum internal load, 
Pxx. For a one-lifetime span, this load level is limit load times a dynamic 
magnification factor of 1.15. This applied to noninspectable structure. If 
the structure is inspectable, then Pxx depends on the load level that 
could occur during a specified inspection interval and depends on the 
degree of inspectability. 

For fail-safe structures, there is a requirement that a minimum load, 
PyV, must be sustained prior to load-path failure as well as being able to 
sustain Pxx. The Pyy load is not less than Pxx if the incremental loading 
is taken as design limit load. 
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Table 4. Retardation Factors for Lower Surface (a0 = 0.02 Inch) 

Aircraft Cycles, Cycles, 
Number a, inch Linear Retardation Factor 

013 0.02122 87,500 161,215 1.84246 
013 0.02188 162,000 213,516 1.31800 
013 0.02239 195,000 295,730 1.51656 
013 0.02265 212,000 319,123 

Average 

1.50530 

1.45435 
088 0.02087 72,891 96,151 1.31911 
088 0.02173 140,144 166,756 1.18989 
088 0.02215 153,700 192,500 1.25244 
088 0.02300 193,015 244,921 

Average 

1.26892 

1.25769 
166 0.02052 104,944 210,317 2.00409 
166 0.02084 156,149 339,425 

Average 

2.17372 

2.08890 

645 0.02162 104,000 130,984 1.25946 
645 0.02225 131,342 231,965 1.76611 
645 0.02243 140,000 285,182 

Average 

2.03701 

1.68754 
646 0.02112 81,890 98,000 1.19672 
646 0.02226 134,330 185,000 1.37721 
646 0.02254 145,000 260,000 1.79310 
646 0.02261 150,000 276,244 

Average 

1.84162 

1.55216 

Based on the assumption that a cargo aircraft is depot or base-level 
inspectable, the degree of inspectability had to be considered. The re- 
ported techniques and inspection flaw sizes reported by WRALC de- 
fined the degree of currently utilized reliable techniques. These flaw 
sizes are 0.25 in. resulting from experience with eddy-current and X-ray 
inspection techniques. These flaw sizes for the joint are in accordance 
with the in-service inspection flaw assumptions of MIL-A-83444 for 
structure without component or fastener removal. Therefore, inspection 
intervals based on crack growth from initial 0.25 in. corner cracks to 
failure would provide the required inspection intervals for this criterion. 
However, the length of flaw must be an inspectable uncovered length. 

It became obvious that the above criterion could not be applied for 
cracks located in the joint and particularly the main planks. The critical 
crack lengths calculated for plane-strain-fracture instability were rela- 
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Figure 15. Fatigue-crack-growth behavior of cracks in chordwise 
splice (a0 = 0.005 in.). 

lively small at limit stress so the obvious inspection intervals to be ap- 
plied would be associated with the uninspectable type of structure. 
Therefore, for each location, the fatigue-crack-growth results from 
0.005- and 0.02-in. initial flaw sizes were used to establish inspection 
intervals. The limiting crack size for growth was the critical flaw at limit 
load application, Pyy. 

Table 4 lists the linear and retardation total flight hours to critical 
crack size for each aircraft based on initial 0.02-in. corner cracks accord- 
ing to fail-safe multiload-path type of structure. Table 4 also lists the 
linear and retardation total flight hours to critical crack size for each 
aircraft based on initial 0.005-in. corner cracks according to the fastener 
policy for aircraft structure. 

From these results, the required inspection intervals for base or 
depot-level inspection were calculated by applying the factor of 2 re- 
quirement to the retarded crack-growth lifetimes of Table 5. These re- 
sults are listed in Table 6 and the minimum flight hour value of the high 
crack-growth-damage airplane can be assessed from Table 6. For this 
joint, the inspection interval is 42,880 hours. 

The assumptions of the analysis, the requirements of MIL-A-83444, 
the service-inspection requirements, and methods of nondestructive in- 
spection define the structure to be uninspectable. Therefore, the only 
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Table 5. Flight Hours to Critical Crack Length at 
Limit Load (af = 0.475 in.) 

a0 = 0.02 in. «0  = 0.005 in. 

Aircraft Linear Retardation Linear Retardation 
Number Flight Hours Flight Hours Flight Hours Flight Hours 

013 59,000 85,760 84,000 122,140 
088 59,000 94,163 84,000 105,646 
166 59,000 123,226 84,000 175,470 
645 59,000 99,530 84,000 141,750 
646 59,000 91,450 84,000 130,380 

FSFT 53,000 55,500 70,000 76,000 

Table 6. Required Inspection Intervals for Base 
or Depot-Level Inspections 

Aircraft Flight Hours Flight Hours Linear* Retardation* 
Number (a„ = 0.02 in.) (a0 = 0.005 in.) Flight Hours Flight Hours 

013 42,880 61,070 32,000 46,539 
088 47,080 52,820 32,000 40,243 
166 61,613 87,700 32,000 66,845 
645 49,760 70,875 32,000 53,984 
646 49,760 60,190 32,000 49,664 

FSFT 27,750 38,000 16,000 22,000 

*Interval to crack clean-up size (a = 0.03 in.). 

approach that can be used for inspection is a fastener-pulling inspection 
and the use of eddy-current or some other more reliable technique to 
find cracks in the fastener holes. 

Of particular importance in any fatigue-crack-growth study involv- 
ing an aircraft program is the crack-growth lifetime-to-clean-up size. 
This is associated with cracks emanating at the edges of holes and the 
maximum extent to which the crack can grow and be cleaned up by 
drilling and reaming of oversize holes. The clean-up size selected was 
0.03 in. Table 6 shows the results of each aircraft based on an initial 
damage size of 0.005 in. For the fleet aircraft, this flight aircraft time is 
40,423 hours for aircraft No. 88. However, it should be pointed out that 
hole quality due to drilling and fastener installation could change the 
effective initial damage size to a value larger than 0.005 in. This would 
result in a smaller aircraft flight time to clean-up size. 
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CONCLUSIONS 

Based on the results of this analytical study, the following conclu- 
sions are presented: 

1. The analytical results, using the finite-element method of struc- 
tural analysis, demonstrated that finite-element techniques can be ap- 
plied in analyzing load-transfer joints. The overlaying of two-dimension- 
al grid systems and fastener nodal connecting provides an approach in 
accounting for load-transfer effects. 

2. Fracture-mechanics/finite-element analyses were performed in 
deriving the stress-intensity-factor variation with crack size from the fi- 
nite-element models. The approach involved two levels of models with 
the second-level model a supercell of the first. Structural crack stiffness 
was accounted for by successive double nodal point "unzipping" of the 
models. Fastener load-transfer effects were accounted for in the second 
level models and resulting stress-intensity-factor calculations. 

3. Two approaches, the work-energy and crack-opening displace- 
ment methods, were utilized in calculating the variation of stress-inten- 
sity factor with crack size for a structural joint. The crack-opening-dis- 
placement approach demonstrated a scatter band in values of 
stress-intensity factors. However, the stress-intensity factors were in 
agreement as derived by the two methods. The work-energy method was 
selected as the approach to apply in calculating stress-intensity factors. 

4. The results of the fatigue-crack-propagation analysis from initial 
corner cracks at the joint and for the five aircraft of the fleet demonstrat- 
ed that the fleet behavior fell within a relatively narrow band. This is 
attributed to the mission usage of predominantly three missions of the 
14-mission profile. However, when considering a fleet of some 250 air- 
craft, the fatigue-crack-growth results of other aircraft demonstrating 
high time and high fatigue damage should be compared to the banded 
behavior as demonstrated by these five aircraft. 

5. The calculated flight hours from initially assumed damage sizes 
were performed based on conservative assumptions. These assumptions 
were the boundary conditions of neat-fit fasteners in the joints, the upper 
end of the scatter band on daldN, and the high-yield-strength low-frac- 
ture toughness material properties used in retardation and critical-crack- 
length calculations. However, these assumptions provide a realistic ap- 
proach against loss of aircraft in establishing reliable inspection 
intervals. 

6. The required inspection intervals for base or depot level inspec- 
tions were established for each aircraft. For the chordwise joint, this 
was determined to be 42,880 hours. The corresponding calculated flight 
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hours from an initial damage size of 0.005 in. to a crack clean-up size of 
0.03 in. were 40,243. 

7. The stringent requirements of fracture-mechanics technology and 
residual-strength approaches demonstrated that the predominant failure 
mode of critical cracks was in the plane-strain region. This, in turn, re- 
sulted in critical crack sizes at limit load which are reasonably inspect- 
able by current nondestructive methods for in-place structure. However, 
because of the covered length of crack, a bolt- or fastener-pulling inspec- 
tion will have to be performed. 
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DETECTING FLAWS IN JOINTS 

W. D. RUMMEL 
Martin Marietta Corporation 

Denver, Colorado 

Assessment of critical defects must be included in any struc- 
tural design analysis. Critical defects occur most frequently in 
structural joints and are therefore of primary concern in such 
analysis. Fracture-mechanics analysis provides an analytical tool 
for predicting critical flaw sizes. Flaws can be detected and char- 
acterized by nondestructive testing techniques and may therefore 
provide assurance of structral design integrity. Common nondes- 
tructive testing techniques include radiography, ultrasonic, eddy 
current, liquid penetrant, magnetic particle, and acoustic emis- 
sion. This chapter discusses recent analyses and applications of 
nondestructive testing for detection of flaws in joints. 

INTRODUCTION 

Nondestructive testing (NDT) has been used as a critical tool in the 
prevention of structural failure. Fracture-mechanics design principles as- 
sume the presence of flaws in load-carrying structures and provide a 
quantitative prediction of flaw behavior in service. The challenges of 
applying fracture-mechanics design principles to nondestructive testing 
technology are to (1) reliably detect critical flaws, (2) accurately describe 
the size and shape of flaws detected, and (3) precisely describe the loca- 
tion and orientation of the flaws detected. 

Nondestructive testing technology has been historically challenged 
to describe the "smallest flaw that can be detected" by a given tech- 
nique. The new challenges are to describe the "largest flaw that can be 
missed" by a given technique. The reliability of the technique must 
therefore be established in terms of critical flaw characteristics. 

The majority of fracture-mechanics data concerns behavior of 
cracks in wrought forms of common structural metal alloys. It was 
therefore logical to determine flaw-detection reliability for various non- 
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destructive testing techniques using wrought metal alloy specimens con- 
taining cracks of various sizes. Several programs have been conducted 
to establish detection reliabilities for smooth, flat specimens.1-2-3 In a 
program conducted by the author and his coworkers, 328 fatigue cracks 
of varying sizes and geometries were introduced in 118 aluminum alloy 
panels. These panels were then systematically evaluated by various non- 
destructive testing techniques to determine detection reliability as a 
function of crack length and depth.4 Figure 1 is an example of the reli- 
ability data generated by this technique. As hardware geometry varies 
from the simple flat surface to complex shapes, additional analysis must 
be completed to determine flaw-detection reliability. 

When simple hardware configurations are joined to form complex 
structures, considerable design attention is given to joints. Since joints 
are often made under varying conditions, more attention is in order for 
nondestructive testing and evaluation. A prerequisite to design analysis 
and to nondestructive analysis is the identification of critical defects in 
the joint. 

Ultrasonic Method, Set No. 3 

1.00 

0.80 

Detection     n fin 

Probability     * 

0.40 4 

0.20 ■- 

0.040      0.080       0.120      0.160      0.200 

Depth 

Figure 1. Fatigue crack detection at 95% reliability and 95% con- 
fidence level. 
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WELDED JOINTS 

A common joint in wrought metal structures is a fusion-welded 
joint. In this case, a crack or crack-like defect are the most probable 
critical flaws. A welded joint requires fracture analysis for flaws in 
various geometries and conditions and also requires more complex anal- 
ysis of potential nondestructive testing techniques. Figure 2 illustrates 
some possible flaws in a butt-fusion-welded joint. Nondestructive test 
techniques used for evaluation of welded joints include X-radiography, 
liquid penetrant, ultrasonic, eddy current, magnetic particle, and accous- 
tic emission. 

3 J=3=Z> 
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Figure 2. Flaw configurations (end view) for a butt fusion-welded 

joint. 
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OTHER METALLURGICAL JOINTS 

Resistance-welded, electron beam-welded, inertially welded, explo- 
sively welded, diffusion-bonded, and brazed joints constitute a partial 
list of the metallurgical joints used in industry. In some cases a critical 
flaw in the joint may be cracklike in nature and therefore amenable to 
analysis by fracture-mechanics techniques. A metallurgical variation 
such as shear or peel strength in a spot weld may be the dominant failure 
mode in a structure as fabricated. In service, crack initiation and propa- 
gation from a metallurgical variation is a usual mechanism for joint fail- 
ure and therefore may be amenable to fracture-mechanics analysis. The 
task for nondestructive evaluation is therefore twofold: (1) detection of 
critical metallurgical variations in as-fabricated structures, and (2) detec- 
tion of cracks initiated by such variations in service. The two NDT prob- 
lems are quite different and must be separated to enable successful anal- 
ysis and evaluation of a joint. 

Mechanically fastened joints also present dual problems of crack 
initiation and crack propagation. Since cracks emanating from fasteners 
constitute the major mechanism for structural degradation in aircraft 
structures, considerable emphasis is being placed on using nondestruc- 
tive testing methods for their detection. Typical configurations for 
cracks in mechanically fastened joints are shown in Figure 3. Visual in- 
spection and liquid-penetrant inspection are the usual methods for ex- 
amining the outer surface layer of such joints, and X-radiography is the 
usual method for examining subsurface layers. Cracks must be initiated 
and must propagate outside the fastener-head area to be detected by 
these methods. Cracks of considerable size may therefore be "missed" 
on NDT evaluation. Common aircraft maintenance practices have been 
to (1) periodically remove fasteners in critical structural joints, (2) evalu- 
ate the internal bore of the joint by visual and eddy-current methods, (3) 
remove cracks detected by reaming and/or component replacement, and 
(4) reinstall a fastener. This practice is expensive and therefore limited 
to critical joints. 

The Boeing Commercial Airplane Company has recently evaluated 
ultrasonic techniques for detection of cracks under installed fasteners 
and has developed an inspection system for examination of the outer 
layer in a joint.5 Battelle Columbus Laboratories is currently investigat- 
ing an eddy-current technique for examination of subsurface layers in a 
joint with fasteners in place.6 Much work remains to provide reliable and 
economical detection of critical flaws in such joints. 
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Fastener Hole Showing Typical Crack Location 

Typical Crack Locations within a Fastener Hole Crossection 

Typical Crack Locations in the Second Layer of a Joint 

Figure 3. Typical configurations for cracks in mechanically fas- 
tened joints. 

Adhesively bonded joints present a unique challenge to fracture me- 
chanics and nondestructive testing technology due to the nature of the 
joint. Critical flaws are initiated and propagate in an adhesive material in 
which material properties are continually varying. If precise bonding- 
process control is assumed, the task of analyzing flaw propagation is 
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greatly simplified. Nondestructive evaluation does not, however, benefit 
to the same extent since flaw initiation is normally the result of local 
variation in material properties and such variations affect the nondes- 
tructive technique used in evaluation. Nondestructive evaluation is again 
separated into two test problems — flaw initiation and flaw propaga- 
tion. 

Local failure of a weak bond is a primary mechanism for flaw initia- 
tion in a bonded joint. Considerable work has been done to nondestruc- 
tively evaluate bond strength in adhesively bonded joints. A thorough 
state-of-the-art review of this work was provided by Cagle.7 A more 
recent review and analysis has been provided by Curtis et al.g The com- 
plexity of the problem may be appreciated by analyzing the constituents 
and possible variations in adhesively bonded joint as shown schematic- 
ally in Figure 4. Out-of-tolerance variation in any layer of the bonded 
joint may result in flaw initiation. 

Primary Structural 
Material 

Local Surface Treatment 

§feS»~H;/,<\ £>>f^iMiBM^-Adhesive Primer 

Adhesive Primer 

Local Surface Treatment 

Primary Structural 
Member 

Figure 4. Schematic cross-section view of an adhesively bonded 
joint. 

If primary structural material failures caused by joint design are 
neglected, lack of bonding (unbonded or debond) at the joint interface is 
the critical flaw type that must be detected. The nondestructive test 
methods that are applied to this flaw type are: (1) reflected or transmit- 
ted energy methods such as sonic, ultrasonic, radiographic, and thermal 
techniques; and (2) strain analysis by visual, brittle coating, birefringent 
coating, holographic, and strain-gage techniques. The application of re- 
flected energy and transmitted energy techniques is shown schematically 
in Figure 5. Although nondestructive methods are used routinely for ad- 
hesive bond evaluation, little quantitative data concerning detection re- 
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Pulse Echo Technique 

Through Transmission Technique 

Figure 5. Schematic view of the reflected energy and transmitted 
energy methods for bond evaluation. 
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liabilities are available. Continuing challenges to fracture mechanics and 
nondestructive testing technologies are: 

1. Establishment of methods to analyze and predict critical flaw 
sizes. 

2. Establishment of quantitative data and analysis techniques for 
nondestructive flaw detection reliability. 

COMPOSITE STRUCTURES 

Composite material structures provide one of the most difficult chal- 
lenges to nondestructive testing technology. The ability to "build a ma- 
terial" with varying properties in different directions provides previous- 
ly unattainable flexibility in structural design and in structural 
load-carrying efficiencies. At the same time, varying material properties 
increase the difficulty in analyzing and applying nondestructive tech- 
niques to detect defects. Nondestructive evaluation methods have a sig- 
nificant role in determining and assuring the uniformity of such material 
properties as density, modulus, fiber-matrix ratio, etc. (Figure 6). Local 
variation of such properties may result in flaw initiation, for example 
local cracking or unbonding. Once a flaw is initiated, methods used in 
detecting flaws in metals are applicable. 

Considerable variation in joint design is possible due to varying ma- 
terial properties and many joint configurations have been used. Exam- 
ples of some typical joints are shov/n in Figure 7. Variations in joint 
configurations require analysis and evaluation of each specific joint con- 
figuration to select the optimum nondestructive testing techniques. Pas- 
sive techniques that have been applied include visual, liquid penetrant, 
ultrasonic, radiographic, and thermal methods. Active techniques in- 
clude visual, brittle coating, birefringent coating, holographic, acoustic 
emission, and strain-gage techniques. 

Low Strength and 
Stiffness 

High Strength and 
Stiffness 

Figure 6. Composite material having nonhomogeneous material 
properties. 
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Single and Double Adhesively Bonded Joint 

X 
Local Reinforcement for 
Mechanical Fasteners 

nstallation of 

Local Reinforcement by Interleaving Metal 
Strips at a Mechanical Joint 

Figure 7. Typical composite material joint configurations. 

In summary, although nondestructive evaluation techniques are 
used extensively in industry to assess the integrity of structures, little 
quantitative data is available to establish critical flaw detection sensitivi- 
ty and reliability. Fracture mechanics has provided a major challenge 
and tool for establishing such data. It is apparent that numerical ap- 
proaches to establishing detection reliabilities for the variety of materi- 
als, configurations, and flaw types are beyond the economic resources 
available. Analytical approaches must be developed to predict detection 
reliabilities. In the meantime, numerical data generated will be used as a 
tool for evaluating current NDT performance and as a basis for estab- 
lishing analytical models. Fracture-mechanics analyses will continue to 
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be a major analytical tool in defining critical defects. Nondestructive test 
analyses will define reliable detection sensitivities for the variety of 
structural configuration and test conditions involved in practical applica- 
tion. 
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A crack-growth normalization scheme has been suggested as 
a basis for tracking the structural life of the F^f aircraft. The 
scheme offers the potential of monitoring in an accurate and sim- 
plified manner all critical structural locations on the aircraft of a 
given force. The normalization schedule is developed, the asso- 
ciated advantages and disadvantages are discussed, and its sen- 
sitivity to the various parameters affecting crack growth is evalu- 
ated. The application of these normalized curves in inspection 
and modification scheduling is described. 

INTRODUCTION 

The rate of accumulating fatigue damage among aircraft of a given 
force varies considerably. The economical approach to life management 
requires tracking of aircraft and its critical locations on an individual 
basis to insure that inspections are accomplished on time and that struc- 
tural modifications are installed at the opportune time. Monitoring the 
damage for all critical locations in an individual aircraft presents a poten- 
tially monstrous aircraft instrumentation, data-gathering, and data-analy- 
sis job since most critical locations will have different rates of accumu- 
lating damage. Aircraft flight parameters or structural measurements are 
required to determine the stress or strain at the critical locations in order 
to calculate the accumulated structural damage. The potential magnitude 
of the tracking effort required is illustrated by the product of the number 
of critical locations in each aircraft, the criteria for determining inspec- 
tion and modification times, the number of aircraft in the force, and the 
past and/or anticipated usage of the aircraft. 

This chapter provides in the following section a general description 
of the F-4 Tracking Program procedure which was developed during a 
recent F-4 aircraft structural evaluation accomplished by a team of 
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McDonnell and Air Force engineers. Thereafter the chapter focuses at- 
tention on the normalized crack-growth curve, the basic element used to 
transfer crack-growth behavior information between critical locations 
throughout the structure. The advantages and potential deficiencies of 
the normalized crack-growth-curve approach are noted following a sen- 
sitivity study which identifies principal variables. The use of normalized 
crack-growth curves for planning inspections or modifications to aircraft 
is also outlined. 

BACKGROUND 

When the crack-growth curves associated with the different struc- 
turally critical locations of the F-4 were examined, it was noted that 
normalizing the crack-growth curves to the forms illustrated in Figures 1 
and 2 provided a strong indication of similarity from location to location. 
Figure 1 describes a life normalization scheme in which the ordinate 
expresses the crack size (a*), between specified initial size (a0) and the 
final size (a), and the abscissa expresses the percent of total life expend- 
ed in growing the crack to at. This scheme was used to determine modi- 
fication schedules. Figure 2 presents a second normalized life scheme in 
which the ordinate is nondimensionalized to express the percent of 
growth from the initial crack size to the final crack size. The Figure 2 
scheme was employed to determine inspection schedules. 

Using the normalized life procedure and considering the critical area 
selected as the control or monitoring point, less than 10 percent varia- 

o < 
a. 
o 

RANGE   FOR  ALL 
CRITICAL  LOCATIONS 

PERCENT   LIFE   EXPENDED,   —   x 100 

Figure 1. The family of normalized curves (modification). 
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RANGE   FOR  ALL 
CRITICAL   LOCATIONS 

PERCENT   LIFE   EXPENDED,   -7-   %  100 
Nf 

Figure 2. The family of normalized curves (inspection). 

tion is expected in the predictions of the inspection and modification 
times for any individual F-4 aircraft. It was concluded that the crack- 
growth behavior for any single location (the control point) on an aircraft 
could be monitored and the crack growth at all locations of interest 
could be determined. The life normalization scheme was also determined 
to be valid for collapsing crack-growth curves generated using various 
stress spectra representative of F-4 airframe usage. Thus, the advantage 
of the life normalization scheme is that only one structural life (crack 
growth) calculation need be performed per aircraft (for the control 
point). The measure of airframe structural life expended, called the dam- 
age index, can be calculated for the control point and then the normal- 
ized curve can be used to predict the condition of other critical locations 
on the airframe. 

The damage index (DI) for any given aircraft is defined by the ex- 
pended life ratio (Nt/Nf) associated with the control point; referring to 
the control point in Figure 1, the aircraft allowable damage index of 1.0 
is associated with a modification requirement. However, since at other 
designated critical positions the structure will no doubt have different 
allowable lives (Nf) for the same usage, the allowable damage indices 
(ADI) for the other critical points will differ from 1.0. The ADI for these 
points is given by 

ADI ./V7 (critical point) 
Nf (control point) (1) 

The expended life fraction at other critical points is then obtained by the 
ratio of DI to ADI. An example illustrating the procedure for determin- 
ing the modification time follows: 
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Modification Allowable 
Critical Location Time, Af/(hrs) Damage Index, ADI 

Control Point, 
Location A 4000 1.0 
Location B 2000 0.5 
Location C 6000 1.5 
etc. 

Thus, if an aircraft has flown, say 2,500 hours of average usage, the 

calculated damaee inc ,      .    2500 hrs       „ ,.. 
ex is —or 0.625 (The 4000 hours is the 

4000 hrs 
assumed modification time in average flight hours for the control point.) 
Location B should have been modified since the allowable has been ex- 
ceeded. Each structurally critical location has a calculated allowable 
damage index for the modification or inspection time. As the damage 
index increases, the maintenance manager can compare the aircraft dam- 
age index with the allowable damage indices for the critical locations and 
plan for the opportune scheduling for modifications and inspection. 

The F-4 method of developing the damage index for each aircraft in 
the fleet is now outlined. The DI is a measure of the accumulated crack 
growth at the control point, and as such is a function of service history. 
To obtain the DI, the ratio of accumulated in-service stress cycles to the 
allowable number of cycles must be formulated. Counting acceler- 
ometers are installed on F-4 aircraft and a large amount of data describ- 
ing past aircraft usage is available for deriving information of in-service 
stress cycles. Additionally, the availability of service-stress data provid- 
ed the opportunity to study crack growth behavior generated under typi- 
cal service-stress spectra in the laboratory. Coupling counting acceler- 
ometer data with crack-growth data was then accomplished as schemat- 
ically illustrated in Figure 3. Figure 3(a) describes the relationship 
between Nz (g levels) and stress at the control point. Thus, knowing the 
Nz counts directly provides the counts of the corresponding stresses. 
Figure 3(b) describes the relationship between applied stress and allow- 
able number of stress cycles associated with extending the crack be- 
tween the specified crack sizes (a0 and af). Figure 3 provides three 
curves, each associated with a specific usage, e.g., fighter or reconnais- 
sance mission types that are associated with configuration or weight 
changes. 

Given that the type of usage for a particular aircraft is known, the 
TV- change in the DI, defined by A -^ can be determined for an increment 

/ 

in service time (A /) using the stress counts and the specific usage de- 
fined S-N curve such as described in Figure 3. The incremental damage 
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b.   "EQUIVALENT"  cr-Nf   CURVES 

Figure 3. Calculating the damage index. 

index is obtained by summing of individual stress counts to correspond- 
ing stress cycle allowable ratio: 

A 
/V ■        '"   n ■ 
—- = V —^ for a (2) 

for the control point. The number of cycles A na for the a accelerorneter 
count is divided by the N„ cycle allowable associated with the aa stress 
to give its contribution to the incremental damage increment. A sum of 
the other counted cycles to allowable cycles ratio is performed as idicat- 
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ed by equation (2) to yield the incremental damage index for the service 
time increment (A t). The current damage index at time t is the sum of 
the previous damage index (t0 = t - At) and the incremental damage 
index 

Nf 

EL N- 

tn      Nf 

The current DI, such as given by equation (3), can be used in conjunc- 
tion with the number of flight hours accumulated (Nj) on the structure to 
estimate the modification time {Nf), i.e., 

Nf = AVDI (4) 

which must be associated with continued service usage that is similar to 
past usage. When Nf at the control-point position is available for any 
given specified usage, the modification times for other critical locations 
can be estimated by inverting equation (1). The technique for determin- 
ing the rate of change in damage as described by Figure 3 represents 
only one of a group of conceived methods that could be used in conjunc- 
tion with equations (3) and (4). 

If an aircraft has many critical locations with differing modification 
and inspection times, a severe scheduling problem for the maintenance 
manager and operational commands is imposed if the procedure de- 
scribed is followed exactly. It is envisioned that the required modifica- 
tions could be assembled into groups for installation to minimize the 
impact on the maintenance facilities and the operational commands. The 
procedure, however, does provide the insight or background so that in- 
telligent decisions may be made concerning the life management of a 
force of aircraft. 

THE NORMALIZED CRACK-GROWTH CURVE 

The normalized crack-growth curve shown in Figure 4 can be devel- 
oped utilizing crack-growth data of the type shown in Figure 5. Figure 5 
describes crack-growth data that are obtained under steady-state loading 
conditions. Steady-state loading conditions are normally associated with 
constant-amplitude loading, but such conditions would also apply to 
those spectra which can be divided into a series of statistically identical 
loading subblocks which produce a quasi-stationary cracking process at 
the crack tip.1 A demonstration of the normalized crack-growth curve 
concept for steady-state spectrum loading conditions is conducted using 
the laboratory-generated crack-growth data which were collected by 
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Figure 4. Schematic of normalized crack-growth curve. 
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Figure 5. Schematic of a typical crack-growth curve. 

Potter et al.2 using two similar F-4E(S) wing spectra. These two F-4E(S) 
spectra were developed from the bending-moment spectra applied at 
Load Reference Station (LRS) 140 of a F-4E static test aircraft, and are 
described by their exceedance curves (scaled to a maximum stress of 36 
ksi) shown in Figures 6 and 7. As can be noted by these figures, the 
spectra are the same except for the count of low-level stresses. 

The crack-growth test data shown in Figures 8 and 9* were devel- 
oped using 7075-T6511 aluminum specimens containing a radial corner 
crack emanating from a 0.250-in.-diameter hole, in a l.O-in.-wide and 
0.5-in.-thick cross section. Both Figures 8 and 9 show the influence of 
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Figure 6. Exceedance data for a F-4E(S) wing spectrum scaled to a 
design limit stress of 36 ksi. 
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Figure 7. Exceedance data for a low loads truncated version of the 
spectrum described by Figure 6. 
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stress magnification within a spectrum. To achieve the 30.5 ksi max- 
imum stress spectrum, all loads in the 36 ksi maximum stress spectrum 
were multiplied by the ratio (30.5/36). As shown by Figures 8 and 9, 
stress magnification (compare 30.5 to 36 ksi results) can produce signifi- 
cant life differences. Taking the data given in Figures 8 and 9 and choos- 
ing the normalized crack length interval to be 0.025 =s at =£ 0.300 in. 
results in the normalized curve given in Figure 10. The choice of a0 ( = 
0.025 inch) and af(= 0.300 in.) was dictated by the availability of crack- 
growth data obtained from the four spectrum tests. Note that the test 
data shown in Figure 10 are tightly scattered about the mean curve, sug- 
gesting that minor spectrum differences and stress-level magnifications 
can be suppressed using a normalized crack-growth-curve concept. The 
results presented in Figure 10 indicate that spectrum-load-induced crack- 
growth results can be normalized. 

i o 
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o 
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Figure 8. Corner crack-growth behavior generated by the F-4E(S) 
(full) spectrum described by Figure 6. Two stress magnifications consid- 
ered. 

DERIVATION OF NORMALIZED CURVE 

The normalized crack-growth curve shown in Figure 4 can be gen- 
erated either by utilizing crack-growth data of the type shown in Figure 
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Figure 9. Corner crack-growth behavior generated by the F-4E(S) 
(low loads truncated) spectrum described by Figure 7. Two stress mag- 
nifications considered. 

5 as described in the previous section or by utilizing an analysis of the 
type described below. The crack-growth lives (Nt and Nj) can be deter- 
mined using integral equations [such as equations (5) and (6)] from 
which the abscissa of the normalized curve (NJNf) can be formulated. 

AT, 

— t 

/ 
da 

C (AK)P (5) 

Nf = j da 
C(AKY 

(6) 

The integrands in equations (5) and (6) assume that the crack-growth 
process can be described with a power-law equation. The inference 
which results from combining equations (5) and (6) to form the life ratio 
NJNf is that 
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Figure 10. A normalized crack-growth curve for crack-growth be- 
havior generated under spectrum loading (see Figures 8 and 9 for raw 
data). 

N- K 
~- =f(a0, ah a,, C,p,—, ACT), (7) 

a generalized function of many interacting variables. Several reasonable 
assumptions will be suggested to simplify equation (7). These assump- 
tions directly facilitate identification of major variables. 

Stress Influence 

Curves of the type shown in Figure 5 can be generated under con- 
stant amplitude loading conditions, i.e., with 

Aa constant 
constant (8) 

form 
If the stress-intensity factor coefficient is expressed in the following 
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^ = ß yjm (9) 

so that 

AK = Ao- ß ^ira (10) 

then the ratio Ay/Vy based on equations (5) and (6) becomes 

f da 

r 
(ID 

(ßja)» 
N, a0 

Nf af 

/ 
da 

(ßja~y 
«0 

where the constants (ACT, -fn , and C) common to equations (5) and (6) 
were eliminated prior to writing equation (11). Equation (11) directly 
shows that the life ratio is independent of the stress required to achieve 
a, when a0 ^ a, ^ af. The major implication of equation (11) is that 
curves such as that given in Figure 5 can be normalized and thereby be 
used for predicting crack-growth response developed under stress condi- 
tions independent of those used to derive the normalized curve. When 
test-coupon data can be generated for those crack geometries which are 
difficult to describe with accurate stress intensity factor calibrations [e- 
quation (9)], the resulting normalized crack-growth curve may provide 
reasonably accurate remaining life estimates for structures. 

SENSITIVITY STUDY 

Direct Integration of Equation (11) 

Several crack geometries have stress-intensity-factor coefficients 
[equation (9)] for which 

ß = constant (12) 

This class of crack geometries includes the wide panel center (through- 
thickness) crack geometry, the small edge (through-thickness) crack ge- 
ometry and the small thumb-nail (semielliptical) crack with constant 
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Q 3,4 when equation (12) is specified, equation (11) can be directly inte- 
grated to yield (for p ^ 2) 

Nt 
Nf     af - a% 

where 

(13) 

x = l^Z- (14) 

and unnecessary common constants associated with the integration have 
been eliminated from equation (13). 

The simplicity of equation (13) allows the reader to observe that the 
cyclic ratio Nt/Nf (for at = D(af - a0) + a0) is a constant whenever the 
ratio of initial and final crack lengths are the same. Equation (13) is pre- 
sented graphically in Figures 11-13 to show the influence of (1) the expo- 
nent p, (2) the initial crack size a„ (af = 0.100 in.,/? =4), and (3) the final 
crack sizea/(a0 = 0.010,/? = 4), respectively. 

Figure 11 shows that the crack-growth rate constant/» can markedly 
affect the shape of the normalized crack-growth curve. The implication 
obtained from this observation is that the normalized growth curves are 
material specific. Any load, metallurgical, or environmental changes 
which affect the crack-growth rate equation exponent p will induce 
changes in the shape of the normalized crack-growth curve. Indiscrimi- 
nate use of normalized curves obtained using one material may result in 
incorrectly predicted structural life fractions for other materials. 

Figures 12 and 13 are provided to show the reader the substantial 
influence that assumed initial crack size (a0) and final crack size (a} can 
have on the shape of the normalized curve. In general, normalized 
crack-growth curves should be developed and used only for specific ini- 
tial and final crack-length values. Shape changes in Figures 11-13 can be 
accompanied with substantial changes in total usage allowed (i.e., life). 

Numerical Integration of Equation (11) 

When the stress-intensity factor coefficient requires that ß vary with 
crack length, i.e., equation (12) does not apply, equation (11) then must 
be integrated numerically. Two such crack geometries which are of in- 
terest to aircraft designers are the corner and through-the-thickness 
cracks at the edge of a hole. The Bowie radial through-the-thickness 
crack has a ß function described by5'6 

ß = ßB    (fL) =0.6762+ 0.8733/(o.3245 + -£-) (15) 
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Figure 11. Influence of the Paris power law slope. 

for an open hole having a radius of r. 
Liu7 provided an estimate of the quarter-circular corner crack at a 

hole using 

ß = ßL = 1.12-^,1^ (16) 

with a* = a/V2r the crack length a expressed in both equations (15) and 
(16) is measured from the hole. Shown in Figure 14 are graphical presen- 
tations of equations (15) and (16). Equation (11) was evaluated numeri- 
cally for these two ß functions by dividing the total interval of integra- 
tion into 2000 equal subintervals and summing the cycle count 
associated with the individual crack movements through the successive 
subintervals such as indicated in equation (17). 

N 
k     j r 

cij+  Aa 
da 
,P/2 (17) 

j=0 

Aa 
where ßj was ß evaluated at as + -^-and k is the number of subintervals 
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Figure 13. Influence of final crack size (for constant initial crack 
size). 
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Figure 14. Stress-intensity factor coefficients for radial corner and 
through-thickness cracks compared. 

integrated through (I < k ^ 2000). Figure 15 shows the influence of 
crack geometry, as sensed by the ß function. The small through-the- 
thickness (center) crack geometry that was chosen as baseline in Figures 
11-13 is repeated in Figure 15. Substantial differences are noted between 
the baseline and the hole results; but, probably due to similar charac- 
teristics in the structure of the ß functions, the two dissimilar (hole) 
crack geometries give results that are within 10% of each other. 

THE TIFFANY-MASTERS LIFE SCHEME 

Tiffany and Masters8 developed a life prediction scheme which in- 
corporated the use of fracture-mechanics tools as applied to pressure- 
vessel structures. Their approach, schematically shown in Figure 16, 
eliminated the influence of stress level through the use of the ratio of 
initial maximum stress intensity factor (Kl0) to the critical stress-inten- 
sity factor (Klc, the fracture toughness). The initial stress-intensity factor 
was calculated for the known conditions of stress and initial flaw size 
and shape. The ratio of K10 to KJC eliminates the stress variable because 
it is the same for both the initial and final crack geometries. 
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Figure 15. Influence of crack geometry. 

Later, Hall and Finger9 provided additional data which verified the 
approach but showed that derived stress normalized curves must be sep- 
arately developed when any of the following variables change: crack 
configuration, stress ratio, fatigue-crack-growth properties (material), 
and rate of environmental attack. Schematically shown in Figure 17 is 
the influence of stress ratio on the Tiffany-Masters Life prediction dia- 
gram. As discussed by Hall and Finger,10 the reason for the success of 
the approach is attributed to the third- or fourth-power dependence of 
crack-growth rates on the stress-intensity factor which predominates 
over influences due to differences in stress intensity-load-crack geome- 
try relationships. 

Life prediction diagrams of the type illustrated in Figures 16 and 17 
can be best employed in design. Their application for field maintenance 
or inspection is complicated by the requirement that those using the ap- 
proach must have the necessary fracture-mechanics background to un- 
derstand the parameters and their influence on physical behavior. The 
life prediction diagram presented in this report eliminates this require- 
ment through its direct presentation of physically obvious parameters. 



A NORMALIZATION SCHEME 533 

STRESS   CONDITION:  STEADY  STATE 
ENVIRONMENTAL   INFLUENCE:  CONSTANT 
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Figure  16. Tiffany-Masters scheme to eliminate stress variable 
(schematic). 
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Figure 17- Influence of stress ratio on Tiffany-Masters diagram 
(schematic). 

CONCLUSIONS 

The normalized crack-growth curve concept has been applied in the 
F-4 Tracking Program and has the potential to be widely applied in indi- 
vidual aircraft tracking programs for planning inspections and modifica- 
tions. This study has shown that the concept provides the capability for 
suppressing stress-level effects, whether associated with a typical air- 
craft-load spectrum or constant amplitude load spectrum. The sensitivity 
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study, based on constant amplitude spectrum analyses, indicates that 
part geometry, crack geometry, initial and final assumed crack sizes, as 
well as the power law exponent p will affect the shape of the normalized 
growth curve. 

The normalized crack-growth method is sufficiently attractive to 
merit transfer of its application to other aircraft systems in the Air Force 
inventory. To support this effort, additional analytical/experimental in- 
vestigations should be initiated to validate the approach for other air- 
frame systems for which data are available. Such studies will provide the 
necessary information on advantages/disadvantages using the suggested 
approach to track crack damage under aircraft usage spectra. 

SYMBOLS 

a crack length 
a0 initial crack length 
a i intermediate crack length 
af final crack length 
ß stress-intensity factor coefficient function 
da 
IN cyclic crack growth rate 

C, p constants associated with Paris power law crack-growth rate 

equation, -jry = CAK" 

D a specified fraction between 0 and 1 
K stress-intensity factor 
Klcr stress-intensity factor coefficient [see equation (9)] 
KI0 initial K 
Klc final K, fracture toughness 
MT range of stress intensity factor 
TV cycles 
Nb Nf cycles required to propagate the crack from a0 to a,- and to af, 

respectively 
cr stress 
crmax, ACT stress maximum and stress range, respectively 
x exponent defined by equation (14). 
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22. FATIGUE CRACK-GROWTH BEHAVIOl 

L. R. HALL 
Boeing Aerospace Company 

Seattle, Washington 

An experimental investigation was undertaken to study the 
fatigue-crack-growth behavior of both uniform through-the-thick- 
ness and quarter-circular part-through cracks originating at fas- 
tener holes. Three alloys were tested including 2219-T85I alumi- 
num, 9Ni^Co-0.2C (190-210 ksi) steel, and 6AI^4V (ELI) beta 
annealed titanium. Test variables included hole condition (con- 
ventional reamed and cold worked), fastener type (close toler- 
ance and Taper-lok), and initial crack shape (uniform through- 
the-thickness and quarter-circular part-through). Tests were 
conducted under constant amplitude cyclic loadings in air having 
a relative humidity of about 10%. Experimental results for close- 
tolerance and interference-fit fasteners were compared to calcu- 
lated results with calculations based on engineering estimates of 
stress-intensity factors and crack-growth rate data obtained from 
tests of surface flaw specimens. Good agreement was obtained 
between experimental and calculated results. 

INTRODUCTION 

New design criteria1 are being developed for military aircraft to 
minimize the possibility that cracklike defects in airframe components 
will result in component failures during a specified period of time. The 
criteria reflect the knowledge that metallic components can contain 
cracklike defects due to material imperfections or damage introduced 
during production and service. It is necessary to limit the maximum size 
of defects in any component at the outset of the specified operational 
period and to evaluate quantitatively the effects of aircraft loadings on 
the growth and stability of defects. 

One of the most common sources of cracklike defects in airframe 
components is fastener holes,2 and one of the most common causes of 
crack growth is fluctuating loads. Hence, this experimental program was 

537 
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undertaken to study the fatigue crack-growth behavior of cracks origi- 
nating at fastener holes. Three alloys were tested including 2219-T851 
aluminum, 9Ni-4Co-0.2C (190-210 ksi) steel, and 6A1-4V (ELI) beta an- 
nealed titanium. Test variables included hole condition (conventional 
reamed and cold worked), fastener type (close tolerance and Taper-lok), 
and initial crack shape (uniform through-the-thickness and quarter-cir- 
cular part-through). All tests described in this chapter were conducted 
under constant amplitude cyclic loadings in air having a relative humidi- 
ty of about 10%. Experimental results for close-tolerance and interfer- 
ence-fit fastener tests were compared to calculated results with calcula- 
tions based on engineering estimates of stress-intensity factors3 and 
crack-growth rate data obtained from tests of surface-flaw specimens. 

The tests described in this chapter were part of a program4 spon- 
sored by the United States Air Force to evaluate the fracture and fatigue 
crack-growth behavior of surface flaws and flaws originating at fastener 
holes. The program reported in Reference 4 was one of a series of pro- 
grams5^12 undertaken by the USAF to develop methods and data needed 
for design against fracture in military aircraft. 

MATERIALS 

The 2219-T851 aluminum alloy plates (1.0 x 36 x 72 in.) were pur- 
chased from Alcoa in the T851 condition per military specification MIL- 
A-8920A. The 9Ni-4Co-0.2C hot-rolled steel plates (0.50 x 27 x 36 in.) 
were purchased in the annealed condition from Republic Steel per North 
American Rockwell Specification ST0160LB0001. The plates were heat 
treated to the 190-210 ksi strength level by the Boeing Aerospace Com- 
pany. The 6A1-4V standard ELI titanium alloy plates (0.60 x 55 x 129 
in.) were produced by RMI per Boeing Material Specification XBMS7- 
174B. This specification requires an extra low interstitial grade and an- 
nealing above the beta transus. Chemical compositions and mechanical 
properties for the plate materials are listed in Tables 1 and 2, respective- 
ly- 

A summary of fasteners used in this program is included in Table 3. 
Both close-tolerance and interference-fit fasteners were tested in con- 
junction with all three alloys. Table 3 lists alloy, tensile strength, head 
configuration, finish, lubrication, and supplier for each type of fastener. 

Procedures 

Test Specimens. All test specimens conformed to the configuration 
shown in Figure 1. For the titanium and steel alloys, each specimen 
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LOADED FASTENER 
UNLOADED FASTENER 

OPEN HOLE 

ALLOY "t" (IN)     BOLT DIA (IN) 

Al - 2219-T851 0.45 0.375 

Fe-9Ni-4Co        0.30 0.250 

T1-6AI-4V 0-38 °-313 

Figure 1. Test specimens. 

contained three cracked fastener holes including one hole filled with a 
loaded fastener and two additional holes including one filled with an un- 
loaded fastener and one open hole. For the aluminum alloy, specimens 
contained only two holes including one hole filled with a loaded fastener 
and one open hole. 

Fasteners were loaded using loading straps as shown in Figure 2. 
The position of the bearing block was adjusted by turning the cap screws 
until the block was snug against the fastener. The adjustable feature 
eliminated variations in loading from specimen to specimen due to small 
variations in the distance between the grip holes and loaded fastener 
hole. Furthermore, adjustments could be made through each test to keep 
the load transfer constant. Load transferred through the straps was mea- 
sured using back-to-back pairs of uniaxial strain gages located as shown 
in Figure 2. The straps were precalibrated to determine relationships 
between strain output and load transfer. 

Cold-worked fastener holes were produced using methods devel- 
oped by the Boeing Commercial Airplane Company. Two expansion 
levels were used, with the lower value 25% less than the higher value. 
For the aluminum and titanium alloy high-expansion holes, a 0.355-in.- 
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;°L 
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=1 
■4-4--I 

Figure 2. Test setup for loaded fasteners. 

diameter hole was drilled and the required crack was introduced. The 
hole was then fitted with a lubricated split sleeve and a mandrel was 
drawn through the hole to cold expand it to a diameter of 0.375 in. After 
removal of the mandrel, the hole diameter decreased to 0.366 in. and 
was reamed to the final size of 0.375 in. For the 9Ni-4Co-0.2C steel 
alloy high-expansion holes, the initial hole diameter was 0.333 in. After 
the required crack was introduced, the hole was coated with a dry film 
lubricant (Fel Pro 300) and baked at 375°F for four hours. Cold working 
was accomplished by pushing a mandrel through the lubricated hole to 
cold expand it to a diameter of 0.358 in. The holes were then reamed to 
0.375 in. The lower expansion levels were achieved by increasing initial 
hole diameter to 0.361 in. for the aluminum and titanium alloys and 0.339 
in. for the steel alloy. 

Flaw Preparation. All flaws were prepared by growing fatigue cracks 
from crack starters. Crack starters were introduced using an electrical 
discharge machine, kerosene dialectric, and 0.06-in.-thick circular elec- 
trodes . Fatigue cracks were grown from the periphery of the starter slots 
using loading cycles having a stress ratio of 0.06, cyclic frequency of 
1800 cpm, and peak cyclic stresses of 10 ksi for the aluminum alloy and 
25-30 ksi for the steel and titanium alloy specimens. The width of the 
precrack ranged from 0.02 to 0.05 in. All 9NMCo-0.2C steel specimens 
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were baked at 400°F for four hours to remove any hydrogen that may 
have been introduced by electrical discharge machining. 

Experimental. Tests were conducted in desicated air having a rela- 
tive humidity of about 10%. This was accomplished by taping rectangu- 
lar plexiglass containers containing a controlled amount of desiccant to 
the faces of all specimens. Test temperatures ranged from 69°F to 75°F. 
Cyclic loading profiles were all sinusoidal in shape with a stress ratio of 
0.1 and cyclic frequency of 60 cpm. 

Crack Propagation Life Calculations. Crack propagation life calcula- 
tions were made by numerical integration of predicted crack-growth 
rates between the limits of initial and final crack dimensions. 

Crack-growth rates were predicted by using stress-intensity factor 
versus crack-growth rate correlations for the specimen materials4 and 
stress-intensity factors for the test specimens obtained from equations 
(1), (2), or (3). The transition from a part-through to a through-the-thick- 
ness crack was made by assuming that a part-through crack having a 
depth equal to the specimen thickness is equivalent to a uniform 
through-the-thickness crack of equal area. Through-the-thickness cracks 
having unequal crack lengths at each side of the specimen were assumed 
to be equivalent to uniform through-the-thickness cracks having a length 
equal to the arithmetic average of the surface lengths for the nonuniform 
crack. 

All stress-intensity factors were calculated using solutions described 
in Reference 4. Results applicable to this program are included herein. 
Details of the solutions can be found in References 3, 4, and 13. 

Stress-intensity factors for part-through cracks originating at open 
holes and holes filled with unloaded close-tolerance fasteners were cal- 
culated using the equation 

A-,^,.Mf.M,.*„.^'+™, (1) 

where 

F1 and KIe are defined in Figure 3 
=   r 1.0 +0.12(1 -alle)2 forß< 90° 

F     \l.\\ for/3 = 90° 
MB is defined in Figure 4 
/■ is radius of the fastener hole 
a and c are depth and length of crack measured along the side of the 

hole and specimen surface, respectively. 

Stress-intensity factors for part-through cracks originating at holes 
containing loaded close-tolerance fasteners were calculated by adding 
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Figure   3. Nondimensionalized   stress-intensity   factors   for   two 
semi-elliptical cracks at a hole in a thick plate. 
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Figure 4. Assumed back surface stress-intensity magnification fac- 
tor for quarter-circular part-through fastener hole flaws. 

stress-intensity factors due to applied stress [given by equation (1)] and 
fastener load [given by equation (2) as follows]: 

K, = F2 • K, M, • Mfi 
2r + Trad At 

2r + 2 TTiiclAt (2) 

F2 and Kleb are defined in Figure 5 and other variables were previously 
defined for equation (1). 

Values of F1 and F2 at ß = 25° were used to determine effective 
stress-intensity factors and crack-growth rates for the depthwise direc- 
tion. Because of the plastic flow and large stress-intensity factor gradient 
in the region defined by small values of ß, it was anticipated that the 
peak stress-intensity factor at ß = 0° would not be the appropriate value 
to use in calculations of crack-depth growth rates. Prior static fracture 
test results4 showed that K.L = 2S> — K,E (KIE is fracture toughness deter- 
mined from surface-flaw specimen tests) when fracture initiated at 
quarter-circular part-through cracks originating at open holes and holes 
containing loaded close-tolerance fasteners. Accordingly, KL =25O 
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Figure 5. Nondimensionalized stress-intensity factors for two 
semi-elliptical cracks originating from a loaded close-tolerance fastener 
in a thick plate. 
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stress-intensity factor values were used to determine crack-depth growth 
rates in this program. 

Stress-intensity factors for through-the-thickness cracks originating 
at holes containing unloaded interference fit fasteners were calculated 
using the following equations: 

K, MAX = F1(T ' crys • 7 T7C • y ^ + 2c 

(3) 

•^/MIN  — ^/MAX        (°max        ^min) V 7rC V  ?/- + 2f 

where 

KIMAX is stress-intensity factor at the peak cyclic stress 
Kj MIN is stress intensity factor at the minimum cyclic stress (if the 

calculated Klum < 0, AT/MIN is set equal to 0) 
Fla. is defined in Reference 13 
c is crack length 
crmax and crrain are the maximum and minimum cyclic stresses, re- 

spectively. 

Crack-growth rate data were obtained from Reference 4 in which 
tests of surface flaw and double cantilever beam specimens were used to 
acquire crack-growth rate data for the depthwise (T-S) and lateral (T-L) 
directions of the plate stock used in this program. Crack-growth rates for 
the two directions were found to be equal and were expressed as fol- 
lows: 

m = m = C(K™-K*yn{AKr 

where 

daldN and dcldN are crack-growth rates for the T-S and T-L direc- 
tions, respectively 

Kmax is peak cyclic stress intensity factor (ksi 4m.) 
Kth is peak_cyclic threshold stress intensity factor (assumed to be 

1.5 ksij/in. for aluminum alloy, 10 ksi Vin. for the steel alloy, and 
5 ksi Vin. for the titanium alloy) 

AK is stress-intensity factor range (ksi Vm".) 
C is a constant 
m and n are exponents 
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Values of C, m, and n for each alloy are given below for 0 ^ R ^ 
0.54: 

C (for rates 
Alloy              in in./cycle) m_ n_ Validity Range 

A1-2219-T851           0.34 x 10"8 0.84 2.40 14 < Kmax <   28 ksi   ,/mT 

Fe-9Ni^lCo-0.2C    0.40 x 10~8 0.57 1.76 15 < Kmax < 100 ksi   /E7 

Ti-6A1-4V                0.33X10"8 1.02 3.00 20 < Km.dX <  60 ksi   VTnT 

RESULTS AND DISCUSSION 

Crack Geometries 

Changes in crack geometry with increase in crack size were dif- 
ferent for all three fastening systems tested, particularly for the alumi- 
num and titanium alloys. This is illustrated in Figure 6, where crack 
width is plotted against crack depth for both conventional and cold- 
worked close-tolerance fastener holes and for interference-fit fastener 
holes. All cracks were nominally quarter-circular in shape at the outset 
of each test. For conventional close-tolerance fastener holes, crack 
depth increased at a slightly faster rate than crack width, and the cracks 
remained nearly quarter-circular in shape until they penetrated the speci- 
men thickness. For cold worked fastener holes, crack depth increased at 
a much faster rate than did crack width, resulting in the flaw shape illus- 
trated in Figure 6(a). Interference-fit fasteners tended to retard crack- 
depth growth rate and resulted in the largest ratio of crack width to 
crack-depth growth of any of the three fastening methods tested; the 
maximum crack depth occurred a small distance away from the hole 
rather than at the wall of the hole, and the cracks first penetrated the 
specimens at the point of maximum depth. In the steel alloy specimens, 
crack-geometry changes were similar to those for the aluminum and tita- 
nium alloys but were much less pronounced. The high yield strength of 
the steel alloy probably contributed to the differences in crack geometry 
changes between the steel and aluminum-titanium alloy results. 

Conventional Open and Close-Tolerance Fastener Filled Holes 

Three specimens containing part-through cracks originating at open 
and close-tolerance fastener filled holes were tested. One specimen was 
tested for each alloy including 2219-T851 aluminum alloy specimen 
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Figure 6. Comparison of growth characteristics for constant cyclic 
load tests of part-through cracks originating at fastener holes. 
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FUCTA-1, 9Ni-4Co-0.2C steel specimen FUCTS-1, and 6AMV ßA ti- 
tanium specimen FUCTT-1. Test details for each of the three specimens 
are listed in the uppermost lines of Table 4. Test data are plotted in 
Figure 7 on graphs of crack depth versus cycles until the flaw depth 
equals the specimen thickness; thereafter, values of the sum of specimen 
thickness and crack length at the back specimen face (a + c2) are plotted 
against cycles. In all cases, cracks originating at loaded holes grew faster 
than cracks originating at open or filled holes, and there was essentially 
no difference between crack-growth behavior of open and filled holes. 

A comparison was made between experimental and calculated cy- 
clic lives for each flaw to evaluate the applicability of the previously 
described engineering estimates of stress-intensity factors in predicting 
cyclic life for cracked close-tolerance fastener holes. Two different 
methods were used to calculate the number of loading cycles required to 
grow the cracks through the specimen thickness. In one method, stress- 
intensity factors and crack-growth rates for the depthwise direction were 
used in a direct calculation. In the second method, stress-intensity fac- 
tors and crack-growth rates for the lateral direction were used to deter- 
mine the number of cycles required to grow the crack width from the 
initial value to the value that existed at the time the crack depth reached 
the specimen thickness. 

Comparisons between calculated and experimental lives are illus- 
trated in Figure 8. Agreement between calculations and experiment is 
good in all cases. Ratios of actual to calculated life ranged from a low of 
0.75 for the aluminum alloy to a high of 1.63 for the titanium alloy. For 
the aluminum and steel alloys, there was very little difference between 
results of the calculations made for the depthwise and lateral directions. 
This result indicates that stress-intensity factors for both the depthwise 
and lateral directions were equally applicable. For the titanium alloy, the 
discrepancy between results of depthwise and lateral calculations was 
greater than that for the other two alloys. This result may have been due 
to the fact that crack-growth rates were more sensitive to stress-inten- 
sity factors for the titanium alloy than for the aluminum and steel alloys. 
Hence, small inaccuracies in stress-intensity factor could have resulted 
in reasonably large changes in calculated life for the titanium alloy speci- 
mens. Finally, ratios of calculated to actual life tended to be smaller for 
the loaded holes than for both open and filled holes. 

For the range of parameters used in these tests, it was found that 
calculations of crack-propagation life for cracked fastener holes using 
stress-intensity factors calculated from equations (1), (2), and (3), and 
baseline crack-growth rate data obtained from surface-flaw specimens 
agreed well with test data. However, these tests were limited to simple 
loading profiles, part-circular cracks, one initial crack-depth-to-hole-di- 
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Figure 7. Crack depth growth behavior for flaws originating at 
close-tolerance fastener filled and open conventional holes. 
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ameter ratio, and either no load transfer or moderate load transfer. 
Hence, even though the results obtained herein are encouraging, further 
work is needed to investigate crack propagation behavior for cracks hav- 
ing smaller initial size to hole-diameter ratios and subjected to greater 
load transfer through the fastener. 

Cold-Worked Open and Fastener-Filled Holes 

Three specimens containing part-through cracks originating at cold- 
worked fastener holes were tested. One specimen was tested for each 
alloy including FUCCA-1 for the aluminum alloy, FUCCS-1 for the steel 
alloy, and FUCCT-1 for the titanium alloy. Each specimen contained 
one high-expansion hole filled with an unloaded close-tolerance fastener, 
and one open hole for which the amount of cold expansion was reduced 
by 25 percent. Test details for each of the three specimens are listed in 
Table 4. 

Crack-depth growth rates for cold-worked holes were considerably 
slower than rates for conventional holes even though cold working re- 
sulted in accentuated crack growth along the face of the hole. This result 
is illustrated in Figure 9, where crack width is plotted as a function of 
loading cycles for both conventional and cold-worked open holes. There 
appears to be an initial period of very slow crack-growth rates for the 
cold-worked holes similar to crack-growth behavior observed after ten- 
sile overloads. 

Since methods were not available for calculating stress-intensity 
factors for cold-worked hole specimens, experimental lives were com- 
pared to calculated lives for cracked conventional fastener holes having 
the same initial crack geometry as the cold-worked holes. Calculated 
lives were equal to the number of cycles required to grow the initial 
crack depth to the final crack depth observed in the cold-worked hole 
specimens. Shape change behaviors were assumed to be the same as 
those illustrated in Figure 6 for close-tolerance fastener-filled holes. 
Hence, the calculated final crack widths were larger than the actual 
crack widths in the cold-worked hole specimens. This procedure was 
selected to yield lower bound estimates for increase in crack propagation 
life due to cold working. Results of the calculations are summarized in 
Figure 10. The calculations indicate that cold working resulted in about a 
tenfold increase in crack propagation life except for the low-expansion 
open hole in the steel alloy specimen. In these tests, the titanium alloy 
responded most favorably to the cold working process but it is not 
known whether this result would be generally applicable. The effect of 
the amount of cold expansion was stronger in the steel alloy than in the 
titanium alloy. A 25 percent reduction in cold expansion resulted in de- 
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Figure 8. Comparison of calculated and experimental lives for 
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Figure 10. Comparison between crack propagation lives for part- 
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creases in crack propagation life of about 70 percent for the steel alloy 
and about 20 percent for the titanium alloy. The effect of expansion level 
could not be determined for the aluminum alloy. 

Stress-intensity factors applicable to cold-worked holes are not 
available and, hence, it is not possible to apply the results of this pro- 
gram to conditions that differ from those used in these tests. The effect 
of cold working on crack propagation life should depend on initial crack 
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shape, initial crack size, crack-size-to-hole-diameter ratio, and expan- 
sion level. Additional analyses and test data will be required to better 
characterize the effects of cold working of fastener holes on crack prop- 
agation life. 

Interference-Fit Fastener Tests 

Seven interference-fit fastener specimens were tested, including 
three specimens fabricated with uniform through-the-thickness cracks 
and four specimens fabricated with part-through quarter-circular cracks. 
Test details for all specimens are summarized in Table 5. In all but one 
specimen (aluminum alloy specimen FUCIA-1), one loaded and one un- 
loaded fastener hole contained Taper-lok fasteners installed with an in- 
terference value midway between the maximum and minimum values for 
standard installations. Interference level for the remaining unloaded fas- 
tener was set at the minimum level for standard installations in the alu- 
minum alloy specimens, and midway between the average and maximum 
values for standard installations in the steel and titanium alloy speci- 
mens. In aluminum alloy specimen FUCIA-1, interference values were 
set at the minimum level for standard installations for the loaded fas- 
tener and one unloaded fastener, and at the maximum value allowed by 
specifications for the Boeing 747 airframe for the second unloaded fas- 
tener. 

Results for Through-the-Thickness Crack Tests 

Test results for specimens fabricated with uniform through-the- 
thickness cracks are plotted on graphs of crack length versus cycles in 
Figure 11. For the aluminum alloy, a change from minimum to average 
interference levels almost doubled crack propagation life whereas fas- 
tener loading had only a very small effect. For the steel alloy, a 20% 
increase in fastener interference resulted in only a small increase in 
crack propagation life. The steel alloy fracture surface for the loaded 
fastener hole contained a distinct band of dull colored crack growth be- 
tween the shiny bands of fatigue crack growth due to precracking and 
subsequent cycling. The source of this crack growth is not known. Simi- 
lar growth was not observed at the other two fastener holes in the same 
specimen. For the titanium alloy, neither fastener load nor a 24% in- 
crease in interference level had a significant effect on crack propagation 
life. 

Test results are compared to calculated results in Figure 12. For 
each unloaded fastener hole, two different calculations were made in- 
cluding one which accounted for and one which did not account for the 
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Figure 11. Crack growth behavior for through cracks originating at 
interference-fit fastener holes. 

effects of interference on stress-intensity factors. The former calculation 
was made using equation (3) to evaluate stress-intensity factors. The lat- 
ter calculation was made using the Bowie14 and Shah13 solutions for 
stress-intensity factors due to remote and fastener loading, respectively. 
For loaded fastener holes, methods for evaluating the effects of interfer- 
ence on stress-intensity factor were not available, and results were com- 
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Figure 12. Comparison of experimental and calculated lives for 
uniform through cracks originating at interference-fit fastener holes. 

pared only to calculations that did not account for interference effects. 
For the aluminum alloy, calculations that did not account for interfer- 
ence effects greatly underestimated crack propagation life, whereas cal- 
culations that did account for interference effects yielded calculated 
lives that were in reasonably good agreement with test results. For the 
steel alloy, interference-fit fasteners had only a small effect on crack 
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propagation life and both calculation methods yielded results that were 
in good agreement with experimental results. 

Methods used herein to estimate the effects of interference on crack 
propagation life indicate that such effects should be quite sensitive to 
initial crack-length-to-hole-diameter (c/r) ratios. For very small c/r val- 
ues, substantial improvements in crack propagation life should result 
from the use of interference-fit fasteners. For large c/r values, interfer- 
ence-fit fasteners would be expected to reduce crack propagation life. 
For some intermediate range of c/r values, interference fasteners should 
have little or no effect on crack propagation life. In this program, both 
calculations and experiment showed that initial c/r ratios for the steel 
specimens were in the range where interference-fit fasteners would not 
be expected to have a strong influence on crack propagation life. 

Results for Part-Through Crack Tests 

Test results for specimens fabricated with part-through cracks are 
plotted on graphs of crack depth versus cycles in Figure 13. For the 
aluminum alloy, an increase in interference level from minimum to 
average values seemed to have a greater effect on crack propagation life 
for loaded fasteners than for unloaded fasteners. For all alloys, neither 
fastener load nor moderate changes in unloaded fastener interference 
had a large effect on crack propagation life. 

The effect of a wide range of interference levels on fatigue crack 
growth of part-through fastener hole flaws in aluminum alloy specimens 
is illustrated in Figure 14. The interference level of 0.0024 in. is the min- 
imum permissible value for standard installations of 0.375-in.-diameter 
bolts. The interference level of 0.006 is slightly greater than the max- 
imum specified value of 0.0054 in. for standard installations. Crack prop- 
agation life increased by a factor of about 2.5 when interference level 
was increased from minimum to maximum values. Crack propagation 
lives for Taper-lok fastener-filled holes ranged from 2 to 5 times compar- 
able lives for open holes as interference level was increased from min- 
imum to maximum values. The above results are not applicable to all 
interference-fit fastener installations since variables such as crack size, 
crack shape, and hole diameter will influence results. In general, it is 
believed that increase in crack propagation life due to interference-fit 
fasteners will increase with decreasing crack-size-to-hole-diameter ratios 
when interference to hole-diameter ratio is kept constant. 

Methods were not available for computing stress-intensity factors 
for part-through cracks originating at interference fastener-filled holes. 
Hence, experimentally determined crack propagation lives were com- 
pared to calculated lives for geometrically identical close-tolerance fas- 
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Figure 13. Crack depth growth behavior for part-through cracks 
originating at interference fit fasteners. 

tener-filled holes. Results are summarized in Figure 15, where ratios of 
actual to calculated life are shown for specimens FUCIA-2, FUCIS-1, 
and FUCIT-1. For the aluminum and titanium alloy specimens, the 
cracked interference-fit fastener holes yielded cyclic lives ranging from 3 
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Figure 14. Effect of Taper-lok bolt interference on fatigue crack 
growth of part-through cracks in 2219-T851 aluminum alloy. 

to 5 times the lives that would have been anticipated for comparable 
cracked close-tolerance fastener holes. For the steel alloy specimens, 
interference-fit fasteners had very little effect on crack propagation life. 
These results are similar to those obtained from the through-cracked 
specimen tests where all but the steel alloy specimens yielded beneficial 
effects of interference-fit fasteners on crack propagation life. 

SUMMARY OF FINDINGS 

This program provided both a quantitative and qualitative under- 
standing of the crack-growth characteristics of fastener-hole flaws under 
uniform cyclic loadings. Both cold working of fastener holes and instal- 
lation of Taper-lok fasteners were shown to influence the geometry of 
part-through cracks as the cracks grew through the specimen thickness. 
Initial part-circular cracks tended to remain nearly part circular when 
growing from conventional reamed holes. Cold working of holes tended 
to accentuate crack growth in the depth wise direction, whereas Taper- 
lok fasteners tended to accentuate growth in the lateral direction. 
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Figure 15. Comparison between crack propagation lives for part- 
through cracks originating at interference-fit and close-tolerance fas- 
tener filled holes. 

Of the three fastening systems tested (close-tolerance fasteners in 
conventional reamed holes, close-tolerance fasteners in cold-worked 
holes, and Taper-lok fasteners in taper-reamed holes), close-tolerance 
fasteners in conventional reamed holes yielded the shortest crack propa- 
gation lives. In the 2219-T851 aluminum and 6AMV beta-annealed tita- 
nium alloy tests, Taper-lok fasteners installed using average interference 
values for standard installations yielded crack propagation lives ranging 
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from 3 to 5 times comparable lives for conventional reamed close-toler- 
ance fastener holes. Fastener holes that were cold worked using the 
Boeing Airplane Company's high-interference split-sleeve process yield- 
ed crack propagation lives that ranged from 9 to 23 times comparable 
lives for conventional reamed fastener holes. In the 9Ni-4Co-0.2C steel 
alloy test, Taper-lok fasteners had only small effects on crack propaga- 
tion lives. For the steel alloy through-cracked specimens, calculations 
indicated that the combination of variables used in this program were 
such that fastener interference could not exert a strong influence on 
crack propagation life. Cold working of fastener holes did result in sub- 
stantial increases in crack propagation life in all steel alloy tests. 

For the range of parameters used in this program, it was found that 
good estimates of crack propagation life for close tolerance fastener and 
open holes could be made using stress-intensity factors described in Ref- 
erences 3, 4, and 13 and baseline crack-growth rate data obtained from 
surface-flaw specimens. Tests were limited to circular part-through 
cracks, one crack-depth-to-hole-diameter ratio (== 1.0), and either zero 
or moderate load transfer. Ratios of calculated to experimental lives 
were lower for loaded holes than for either filled or open holes. 

Methods developed to evaluate quantitatively the effects of fastener 
interference on crack propagation life for through-cracked fastener holes 
yielded calculated lives ranging from 0.5 to 1.4 times experimental lives. 
Methods for evaluating effects of fastener interference on crack propaga- 
tion life for part-through cracked fastener holes were not available. 

Agreement between experimental and calculated results obtained in 
this work was good. Tests were, however, limited to uniform cyclic 
loading profiles, two crack shapes, one hole diameter per alloy, and zero 
or moderate load transfer. Further work is needed to evaluate the appli- 
cability of the crack propagation life calculation methods used in this 
work to a broader range of conditions. In particular, smaller initial 
crack-to-hole-size ratios and larger values of load transfer should be in- 
vestigated. 
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23. THE EFFECT OF A CORROSIVE 
ENVIRONMENT ON THE STRENGTH AND 

LIFE OF GRAPHITE-EPOXY MECHANICALLY 
FASTENED JOINTS 

M. S. ROSENFELD 
Naval Air Development Center 

Warminster, Pennsylvania 

A galvanic corrosion problem exists when graphite-epoxy 
composites are coupled to aluminum alloys. The graphite com- 
posite-aluminum couple causes the aluminum to corrode faster 
and to generate more corrosion products than an all-aluminum 
structure when both are exposed to aqueous salt environments. 
The effect was studied quantitatively by testing mechanically fas- 
tened joints fabricated of these materials with and without corro- 
sion protection applied to the materials. 

INTRODUCTION 

A galvanic corrosion problem exists when graphite-epoxy compos- 
ites are coupled to aluminum alloys. The graphite composite-aluminum 
couple causes the aluminum to corrode faster and to generate more cor- 
rosion products than an all-aluminum structure when both are exposed 
to aqueous salt environments. Although this problem has been studied 
qualitatively, no quantitative study of its effect on joint mechanical prop- 
erties has been conducted. Furthermore, the effect of incorporating con- 
ventional corrosion-control treatments in the fabrication of the joint is 
also unknown. 

This program was initiated (1) to determine the order-of-magnitude 
effect of the corrosion on the static and tension-tension fatigue behavior 
of a simple mechanically fastened joint between a graphite-epoxy lami- 
nate and aluminum alloy, and (2) to determine if the conventional Navy 
corrosion-control treatment and/or simple material changes would allevi- 
ate the anticipated problem. 

569 
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TEST SPECIMEN 

The test specimen was a single-shear butt joint of graphite-epoxy 
laminate with a 7075-T73 aluminum alloy splice plate using 1/4-in.-diam- 
eter, 100° countersunk, flush-head fasteners. Geometric details of the 
specimens are contained in Figure 1. The joint was designed to represent 
a typical graphite-epoxy skin splice over aluminum alloy substructure. 
In the initial specimen design, the substructure was an extruded Tee 
section, but the initial tests indicated that the same results could be ob- 
tained using a flat splice plate to represent the substructure. To further 
simulate this type of joint, the grain of the aluminum alloy was kept 
transverse to the load direction; this makes the aluminum more critical 
since the principal stress is in the long transverse direction. 

The specimens were fabricated of various combinations of materi- 
als; graphite-epoxy laminate, fastener system, and corrosion-protection 
system. They were subjected to two different environments prior to test. 
All tests were performed in the laboratory environment of 72°F ± 2°F 
and relative humidity of 50% ± 5%. 

The specimen numbering system is keyed to the laminate and fas- 
tener system used, the corrosion protection applied, and the pretest en- 
vironmental exposure. The first character, a letter, denotes the combina- 
tion of laminate system and fastener system used; the second character, 

<S^- #)- 

+ 

T 
.LSI! 

,985 

± 

->"*- 

I # Tt 
m 

SEE TABLE 1 FOR MATERIALS. t =i]f| F0R NARMC0 5209 

t =4£& FOR NARMCO 5206 ,1120 INCL, GLASS FABRIC 

Figure 1. Test specimens. 
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a digit, denotes the corrosion-control system; and the third character 
denotes the environmental exposure. The numbers after the dash are 
serial numbers for the specimens within each group. The numbering sys- 
tem is shown in Table 1. Thus specimen A1X-3 is the third specimen of 
the group made from NARMCO 5209 Gr/Ep prepreg with the steel fas- 
tener system and corrosion-protection system 1 and exposed for 2 weeks 
prior to test to synthetic sea water with simulated stack gas. 

The aluminum alloy splice plates were fabricated from 7075-T73 
aluminum alloy with the holes reamed to size after sulfuric acid anodiz- 
ing per MIL-A-8625C, Type II. 

Both the NARMCO 5209 and NARMCO 5206 prepregs used the 
MODMOR Type II high-strength graphite fibers. The laminate lay-up 
sequence was 0°, -45°, +45°, +45°, -45°, 0°, repeated three times for all 
specimens. The C — and D — groups of specimens also had one layer 
of 7-mil 181-fiberglass fabric on the faying surface. The holes in the lam- 
inate were drilled using a 0.250-in. Master, 2-flute, carbide drill after 1/8 
in. pilot drilling and were then countersunk using a 4-flute carbide coun- 
tersink. 

TEST METHOD 

All tests were performed in a 20 kip M-T-S closed-loop hydraulic 
fatigue machine equipped with "Alignomatic" grips. The use of self- 
aligning hydraulic grips made it unnecessary to reinforce the specimen 
ends to preclude failure at the grips. 

Three types of tests were performed for each group of specimens 
except for the BIX specimens: monotonic static tests, zero-to-maxi- 
mum-tension fatigue tests, and residual-strength static tests. The static 
tests of the BIX specimens were omitted because these specimens were 
identical to the AIX specimens except for the use of the titanium fas- 
tener system in lieu of the steel fastener system. 

Prior to exposure to the simulated marine environment, all sealed 
and painted specimens were preloaded for 10 cycles at 0.5 Hz between 
limits of zero and +1400 lbs, which corresponds to approximately 60% 
of the average static strength of the A — groups of specimens. This was 
done to crack the paint film and the sealant prior to exposure to the 
simulated marine environment. Typical appearance of the specimens 
after 2 weeks' exposure are shown in Figures 2 and 3. The latter photo 
also shows typical damage to the protective coating resulting from the 
preloading. 

All static tests were performed at a constant loading rate of 8 
lbs/sec. No data was recorded except for the failing load. 
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<.J2 

Figure 2. Unprotected  specimen  AOX-12 after two weeks sea- 
water spray. 
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Figure 3. Typical protected specimens after two weeks' sea-water 
spray. 
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The fatigue-test specimens were loaded sinusoidally from zero to 
the maximum tension load at a frequency of 5 Hz. Testing was contin- 
ued to complete failure. 

The residual strength tests were performed on rebuilt fatigue speci- 
mens. Since almost all the fatigue failures occurred in the splice plate, a 
new splice plate was installed, keeping the bolts in the same position 
with respect to the laminate as they were for the fatigue tests and the 
bolts were retorqued to 40 in. lbs. The residual strength tests were run 
identically, to the monotonic static tests. 

RESULTS 

Static Tests 

The static test data are summarized in Table 2. Except as noted in 
the table, all static failures occurred through the composite net section. 
Three of the five D2X failures were fastener failures through the section 
at the junction of the head and shank; these failures were caused by the 
reduction in shank area due to excessive Phillips' recess depth in the 
heads of the titanium alloy fasteners. 

Fatigue Tests 

The lives of the specimens not exposed to the sea-water spray are 
plotted in Figure 4 against the net section stress of the composite lami- 
nate. The almost horizontal line at 25 ksi represents the joint life based 
on the life of the composite laminate, and the intersecting curve above 
20,000 cycles represents the joint life based on failure of the aluminum 
alloy splice plate. It is apparent that the standard corrosion-control treat- 
ment as applied to the Al specimens had no effect on the life. 

The lives of the NARMCO 5209 prep reg specimens exposed to the 
sea-water spray for two weeks prior to test are shown in Figure 5. These 
data show that the fatigue life of the specimens without the corrosion- 
prevention treatment was degraded by more than 50% from that of the 
specimens with the standard treatment. Furthermore, the use of titanium 
alloy fasteners (BIX specimens) in lieu of the steel fasteners (AIX speci- 
mens) had no effect on the fatigue life. 

Figure 6 shows three modes of failure of the unprotected specimens 
exposed to the sea-water spray. Of 12 A0X specimens tested, 9 failed in 
the aluminum splice plate only, 1 failed at the bolt, and 2 failed in the 
laminate as a result of the aluminum failure. Close-ups of the failures are 
shown in Figure 7. The A1X and BIX failures were all in the aluminum 
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Table 2. Static Test Results 

NARMCO 5209 NARMCO 5206   W. Glass 

Specimen 
No. 

Failing 
Load (lbs) 

Failure Stress (ksi) Specimen 
Gross         Net           No. 

Failing 
Load (lbs) 

Failure Stress (ksi) 
Gross        Net 

AO-1 
AO-2 
AO-3 
AO-4 

2224 
2200 
2192 
2072 

16.21 
16.22 
16.30 
16.55 

24.23 
24.31 
24.39 
24.99 

C1X-1 
C1X-2 
C1X-15 
C1X-16 

2500 
2392 
2560 
2880 

21.88 
20.64 
21.13 
23.63 

33.45 
31.49 
31.97 
35.79 

Average 2172 16.32 24.48 Average 2583 21.82 33.18 

AOX-1 
AOX-2 
AOX-3 
AOX-4 

Average 

2424 
2292 
2388 
2504 

2402 

18.65 
16.93 
19.10 
18.89 

18.39 

28.07 
25.35 
28.93 
28.32 

27.67 

D2X-1* 
D2X-3* 
D2X-4 
D2X-16:i 

D2X-17 

2560 
2772 
2812 
2536 
2820 

24.39 
25.05 
24.50 
22.20 
24.33 

38.12 
38.59 
37.55 
34.08 
37.05 

A1-3 
A1-9 

2480 
2380 

19.10 
17.90 

28.75 
26.85 

Average 2700 24.09 37.08 

Average 2430 18.50 27.80 

AlX-1 
AlX-2 
AlX-3 
A1X-4 

2480 
2500 
2360 
2400 

19.88 
19.71 
17.54 
17.79 

30.07 
29.77 
26.29 
26.65 

Average 2435 18.73 28.20 

♦Failure of bolt at junction of head and shank. 
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CYCLES TO FAILURE 

Figure 4. Life to failure, NARMCO 5209 prepreg, unexposed spec- 
imens. 
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Figure 5. Life to failure, NARMCO 5209 prepreg, after two weeks' 
sea-water spray. 

alloy splice plate except for 3 fastener failures in the AIX specimens. 
These fastener failures are attributed to over-hardening of the sealant 
under the fastener head prior to torquing the fastener, thus precluding 
proper seating of the fastener head in the countersink; this was evident 
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Figure 6. Typical failures of unprotected specimens. 

by excessive relative deformation between the laminate and the fastener 
head prior to failure. 

The results of the tests of the NARMCO 5206 prepreg are shown in 
Figure 8. There appears to be a consistent difference between the results 
of the two groups of specimens. However, this difference disappears 
when the effect of laminate thickness is considered and the data are 
plotted against the maximum stress in the splice plate as described 
below. 

Direct comparison of the data from the NARMCO 5206 prepreg 
specimens with the data from the NARMCO 5209 prepreg specimens is 
not possible on the basis of the laminate net section stress because the 
difference in thickness of the two laminates affects the bending stress for 
the splice plate. The maximum stress at the surface of the splice plate 
is: 

<rt +crb 
P_      M_ 
X + IIC 

Px l/2(ta + ta) 
l/6r„2wa 

tawa 

<J =  O", 

\ + ta(ta + a 

4 + 3^ 
fir \ ( 

where 

<J„ 

= splice-plate width 
= splice-plate gross area direct 
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Figure 7. Close-ups of typical failures of unprotected specimens. 
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10"1 103 104 

CYCLES TO FAILURE 

Figure 8. Life to failure, NARMCO 5206 prepreg, after two weeks' 
sea-water spray. 

The lives of all specimens exposed to the salt spray are plotted in 
Figure 9 against this calculated stress. The data for both the NARMCO 
5206 and NARMCO 5209 prepreg laminates lie along the same curve, 
thus demonstrating that the use of the fiberglass layer at the faying sur- 
face and the use of titanium alloy fasteners were unnecessary for corro- 
sion prevention. The unexposed specimen data are also included to 
show that the corrosion-control treatment did not affect the fatigue 
characteristics. The life degradation resulting from corrosion of the un- 
sealed and unpainted joint specimens exceeds 50% as previously noted. 

Residual-Strength Tests 

Since almost all failures occurred in parts other than the graphite 
laminate, the specimens were rebuilt by replacement of the splice plate. 
These rebuilt specimens were loaded monotonically to determine the re- 
sidual strength and to investigate the effect of prior cycling and the sea- 
water spray on the residual strength. The results, shown in Figure 10, 
fall into two bands, one for the NARMCO 5209 prepreg and one for the 
NARMCO 5206 prepreg. The points plotted at zero cyclic stress repre- 
sent the original average static strength for each group of specimens. 
The ± 10% band widths are typical of static-strength data. 
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Figure 9. Life to failure, aluminum alloy splice plate. 
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Figure 10. Residual strength of graphite-epoxy laminates. 
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The data show that the static strength of the graphite laminate was 
not affected by the sea-water exposure even for the unprotected AOX 
specimens. There is a definite increase in static strength with increase in 
the cyclic stress; however, the increase is not sufficiently large to war- 
rant consideration, and it should merely be concluded that the static 
strength does not degrade as a result of cyclic loading. 

CONCLUSIONS 

This program was initiated to investigate the effect of a simulated 
marine environment on the static and fatigue behavior of a simple me- 
chanically fastened joint between a graphite-epoxy laminate and alumi- 
num alloy. The efficacy of some simple corrosion-control procedures 
and material substitutions were also evaluated. 

The results of this investigation showed the following: 
1. There was no change in static strength due to exposure. 
2. The unprotected specimens exposed to the corrosive environ- 

ment had their fatigue life degraded by more than 50% from the base line 
specimens. 

3. The protected specimens showed no evidence of corrosion after 
exposure and the fatigue life was identical to the base-line specimens. 

4. The residual strength of the exposed specimens was not reduced 
from the base-line specimens. 

Therefore, it is concluded that graphite-epoxy can be used in struc- 
tures in juxtaposition with aluminum alloy provided that the convention- 
al Navy corrosion protection is applied to the structures during fabrica- 
tion. 

Static, constant amplitude (R = 0) fatigue, and residual-strength 
tests were performed on a simple mechanically fastened joint between a 
graphite-epoxy laminate and 7075-T73 aluminum alloy. Various corro- 
sion-control treatments were used to protect the specimens from the 
simulated marine environment to which the specimens were subjected 
prior to the tests. The test results demonstrated that graphite-epoxy can 
be used in structural applications in juxtaposition with aluminum alloy 
provided that the conventional Navy corrosion-control protection is ap- 
plied to the components during fabrication. 
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D. H. PETERSEN and W. E. DANCE 
Advanced Technology Center, Inc. 

Dallas, Texas 

The design and fabrication of adhesively bonded structures 
for service under severe fatigue and environmental exposure con- 
ditions assumes that there exist adequate nondestructive inspec- 
tion techniques for quality assurance and durability assessment. 
Research results are presented demonstrating a technique by 
which neutron radiography can be applied as an ND1INDT meth- 
od for detection of defects within adhesive bondlines as well as 
for prediction of lap shear strength. The use of neutron-absorbing 
additives in adhesive systems is shown to greatly enhance the 
contrast in neutron radiographs of bonded joints. Flaws such as 
voids and inclusions as small as 0.01 in. were readily detected 
and located nondestructively within adhesive bondlines. The lap 
shear strength of a joint made with an adhesive modified with a 
gadolinium oxide neutron-absorber additive could be easily es- 
timated based on visual inspection of the neutron radiograph for 
void content within the bond lines. The technique described ap- 
pears readily applicable to durability assessment of adhesively 
bonded primary structures through correlation of bond-line defect 
size and location with the critical load distribution stress analy- 
sis. 

INTRODUCTION 

The increasing emphasis on adhesively bonded metallic structures, 
both as primary and secondary structures in aircraft design, has led to 
the requirement for advanced NDT techniques specifically tailored to 
evaluate the integrity of such structures. The substantial differences in 
material volume and density of structural adhesives and the bonded me- 
tallic members, and the complexity of geometries, at rib/spar-skin inter- 
faces, for example, serve to limit the effectiveness of the more conven- 
tional NDT techniques in evaluating the integrity of the bondlines in 
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many practical situations. The difficulty in evaluating adhesively bonded 
structures is further increased with the use of multilayer laminates. 

The use of thermal neutron radiography in the evaluation of bond- 
lines in such structures appears promising as a technique for augmenting 
and complementing the information acquired through presently em- 
ployed NDT techniques based on X-ray, ultrasonic, and thermal phe- 
nomena. The potential advantage is due to the unique capacity of neu- 
trons to image, by selective absorption, the hydrogenous adhesive 
material located within dense metal structures. A technique is discussed 
in which gadolinium oxide powder addition to the adhesive shows prom- 
ise for extending the resolution and sensitivity of the standard neutron 
radiography approach to bond-line defect detection. 

Technical grade (99%) gadolinium oxide powder was blended by 
hand at room temperature into XA-3455 epoxy adhesive (a product of 
3M Company). In order to remove the air which became entrained dur- 
ing blending, the Gd203-modified adhesive was degassed for 30-60 min- 
utes in a vacuum oven (29" Hg) at 60°C. Noticeable viscosity increase 
occurred during this procedure but there was no noticeable change in 
bonding characteristics or the environmental resistance (Table 1). Air 
bubbles were admixed with the modified epoxy resin just prior to bond- 
ing for preparation of the void-containing bond lines. 

Except for the salt-spray exposure tests, all adherends were 0.063- 
in.-thick unprimed FPL-etched 2024-T3 aluminum alloy. The test speci- 
mens were prepared by bonding 4 x 9-in. aluminum sheets together with 

Table 1. Lap Shear Strength of Gadolinium Oxide- 
Modified XA-3455 Bonded Joints 

Adhesive Environmental Mean Lap Standard 
Modification Exposure Shear Strength Deviation 

(psi) (psi) 

None (control) 75°F, 40% RH 6100 320 
5% Gd,03 75°F,40%RH 5720 320 
5% Gd203 75°F, 100% RH, 14 days 6040 280 
None* 90-day salt spray 5900 360 
5% Gd203* 90-day salt spray 6030 170 

*BR-127 primed surfaces, edge protection, MIL-5-810B. 
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a 1/2-in. overlap. The bond-line thickness was maintained at 0.005 ± 
0.002 in. All the bonded panels were cured in air at 250-260°F for 2 
hours and were cooled under pressure. Each panel was radiographed 
before cutting into l-in.-wide lap shear test specimens. The laps were 
identified as to specific location within the panel for visual verification of 
the void distribution, if any, after lap shear strength tests were per- 
formed on the specimen. 

Two types of environmental exposure testing were conducted. The 
data are presented in Table 1. Lap shear specimens made with unprimed 
adherends were exposed to 100% humidity at 75°F for 14 days. No loss 
in strength was observed. In fact, there appeared to be a room-tempera- 
ture post-cure improvement. Salt-spray exposure for 90 days (MIL-5- 
810B) was also employed to verify that the Gd203 additive was inert in 
the epoxy resin. BR-127 primed adherends were used for this test and 
edge sealing was employed. The data show that the gadolinium-modified 
adhesive retains the environment resistance of the original epoxy-resin 
systems. Overall, the mean lap shear strength of the Gd203-modified ad- 
hesive lap shear specimens was within approximately lcr of the control 
specimen, where u is the standard deviation. 

Neutron radiography was performed using the Advanced Technolo- 
gy Center, Inc., 3.0 Mev Van de Graaff accelerator. A flux of approxi- 
mately 106 n/cm2/sec at the sample surface was generated from a berylli- 
um target using the 9Be(d,n)10B reaction. Eastman Kodak SR-54 (single 
emulsion) film was used with a neutron beam collimation ratio of L/D = 
18. 

Lap shear strength measurements were made using a MTS 120,000 
lb tensile machine. The load rate was approximately 450 lbs/min. X-Y 
recordings of load-versus-strain were made for all tests. 

FLAW RECOGNITION AND STRENGTH PREDICTION 

Neutron radiography is capable of distinguishing between materials 
with different neutron mass absorption coefficients. For a bond line of 
uniform thickness, variations in the radiograph film contrast indicate 
variations in absorber uniformity. Such variation could be the result of 
voids or inclusions. Voids may in fact be fissures or bubbles extending 
from adherend to adherend or may be localized within a portion of the 
glue line, such as an unbond at one adherend surface. Inclusions may 
have absorption coefficients either greater or less than that of the adhe- 
sive. Low coefficients will cause the inclusion to appear as a void; inclu- 
sions which have high absorption coefficients are readily recognized as 
such. 
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Voids were easily detected in bond lines prepared with a uniformly 
doped adhesive. They appear as light areas in a neutron radiograph posi- 
tive. Non-bonds are more difficult to define unless good contrast en- 
hancement was achieved. As in the case of X-radiography, detection of 
hairline cracks is orientation dependent and is subject to the resolving 
power of the technique. In the radiographs taken in this study, the reso- 
lution was slightly better than 0.01 in. One-mil resolution could be 
achieved by use of a higher beam collimation ratio with the resultant 
increase in exposure times. 

The radiographs of three uncut panels and (0.5 x 9-in. bond lines) 
and the photographs of the tested lap joint bond line surfaces are shown 
in Figures 1, 2, and 3. The bond line in Figure 1 was prepared using 
unmodified adhesive. The bond line is only barely visible and the edge 
filleting is evident only immediately adjacent to the overlap edge. Fig- 
ures 2 and 3 are radiographs and corresponding photographs of bond 
lines prepared from the 5% Gd203-modified epoxy. Figure 3 is an ex- 
treme case of void content. Obviously, this is atypical of bonding 
overall. However, defects such as this are all too common on a localized 
basis in laminate structures. The bond line in Figure 3 was prepared by 
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Figure 1. Comparison of neutron radiograph of undoped adhesive 
joints before failure tests (center strip) with photographs of adhesive 
surfaces after failure. 
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Figure 2. Comparison of neutron radiograph of Gd20.rdoped adhe- 
sive joints before failure tests (center strip) with photographs of adhe- 
sive surfaces after failure. 

admixing air with the uncured epoxy resin prior to lay-up in order to 
simulate a void defect. The dark areas at the overlap edges are due to 
filleting of the adhesive. The light areas indicate voids. There are no 
dark spots or other patterns. The photographs of both faces of the bond 
show patterns of dark spots which appear qualitatively to correspond to 
the light spots on the radiograph. With the exception of the specimens 
shown in Table 2, discussed below in detail, the percent void area was 
usually obtained by a qualitative visual estimate of the percentage light 
area in the radiograph. As is described below, visual estimation was 
usually valid within ± 5%. 

A meticulous quantitative analysis of specimen 5-1-B (Table 2) was 
made to demonstrate the effect of void area on failure strength. The 
portion of the radiograph of the panel shown in Figure 3 corresponding 
to the bond line of specimen 5-1-B was enlarged photographically to a 
magnification of 9:1. The enlarged radiograph is shown in Figure 4. The 
void fraction in this bond line was determined graphically to be 34% 
(0.261 in.'2 bond area). Minimum void size included in this analysis was 
approximately 0.015 in. If the value of 34% is used to predict the failure 
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Figure 3. Comparison of neutron radiograph of Gd203-doped adhe- 
sive joints before failure tests (center strip) with photographs of adhe- 
sive surfaces after failure. 

Table 2. Predicted vs. Actual Shear Failure 
Loads of Flawed Bond Lines* 

Specimen Estimated Predicted Actual Er ror 
Identification Bonded Area Failure Load Failure Load (lbs) (%) 

(in.2) (lbs) (lbs) 

5-1-B 0.261 1490 1500 10 0.7 
5-2-B 0.267 1530 1590 100 4 
5-3-B 0.270 1540 1590 50 3 
5-5-B 0.326 1860 2070 210 10 
5-6-B 0.235 1340 1350 10 0.7 
14-3-B 0.446 2550 2640 90 3 
14-4-B 0.451 2580 2650 70 3 

'Nominal 0.5 in.2 overlap. 
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Figure 4. Enlargement (9X) of neutron radiograph of bond line in 
Gd203-doped specimen 5-1-B, showing extreme case of high void con- 
tent. 

load for this specimen, based on the mean shear strength of the doped 
specimens which had little or no voids, a value of 1492 lbs is obtained, 
which is very close to the observed value. Table 2 lists the predicted and 
actual failure loads for 7 flawed specimens. Errors in predictions are 
given in pounds and percent of actual failure load. The reference shear 
strengths were taken as the mean shear strengths of specimens having 
estimated void areas of 1% or less (Table 1). These values are 5720 psi 
for the gadolinium-oxide-modified epoxy and 6100 psi for the unmodified 
adhesive system. 

Figure 5 graphically illustrates the technique for prediction of lap 
shear failure loads by neutron radiography using two specimens, one 
with no voids and one with approximately 50% bond-line void area. The 
figure shows the correlation between the void area, as imaged in the 
neutron radiographs before test, and the respective ultimate shear loads. 
Based on the 2860-lb ultimate shear failure load observed for the control, 
one would predict that at 50% bond-line void content the flawed speci- 
men should fail at about 1430 lbs. The observed failure load was 1350 
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NEUTRON RADIOGRAPH 
BEFORE TEST 

Specimen (A) 

Void Area = OS 

PHOTOGRAPH 
AFTER TEST 

Shear Load - 2860 lbs 
Stress =■ 5720 psi 

Specimen (ß) 

Shear Load = 1350 lbs 
Stress - 2700 psi 

Figure 5. Adhesive joint failure predicted by neutron radiography. 
Gd203-doped adhesive was used in these specimens. 

pounds, which is within 5% of the prediction and is certainly well within 
the typical scatter of lap joint shear strength test measurements. On 
more critical inspection, using graphical techniques, this specimen 5-6-B 
of Table 2 was found to have 0.235 in.2 bonded area which calls for a 
prediction of 1343 lbs ultimate shear load. Obviously, visual inspection 
is convenient, simple, and adequate, but when more accurate bond-line 
strength prediction is desired, graphical techniques are preferable. 

A number of research efforts are now in progress investigating the 
effects of bond-line defects such as voids on adhesively bonded joint 
durability under simple as well as complex loading. These will soon re- 
sult in a clear definition of defect size limit as functions of joint configu- 
ration, adhesive toughness, and loading condition for safe life prediction. 
Obviously, this will also establish the NDI/NDT criteria for quality as- 
surance. 

Ultrasonic and X-ray procedures could be used to investigate void 
content and predict bond strength in a manner similar to that described 
here for neutron radiography. However, only neutron radiography tends 
to be independent of metallic adherend thickness and number of bond- 
line layers. Specific shielding procedures for neutron radiography are 
well established and portable neutron sources based on californium-252 
are being developed. It is obvious that NDI/NDT techniques such as 
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have been described here offer a great promise for the inspection of 
bonded structures both in the laboratory and in the field. 

SUMMARY 

The contrast in neutron radiographs of adhesive bond lines is great- 
ly enhanced by incorporating into the resin system a special neutron-ab- 
sorbing additive such as gadolinium oxide. Flaws such as voids and in- 
clusions are accurately imaged and located nondestructive^ within the 
adhesive bond overlap joint. Voids as small as 0.01 inch were easily 
detected with exposure times of 30^0 minutes. The gadolinium oxide 
additive appeared essentially inert in the XA-3455 adhesive system in- 
vestigated, and no change in humidity or salt spray exposure resistance 
was observed. The strength of lap joints made with the gadolinium 
oxide-modified adhesive could be easily and accurately estimated based 
on the bonded area as interpreted from the neutron radiographs. This 
technique can be applied to a wide variety of adhesives and joint config- 
urations. The neutron radiographic procedures described in this study 
are readily applicable to adhesively bonded structure durability assess- 
ment when combined with critical defect size criteria and structural 
load-distribution analysis. 
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25. ALUMINUM-BRAZED TITANIUM DESIGN 

R. H. HAMMER 
Boeing Commercial Airplane Company 

Seattle, Washington 

The recent development of the aluminum-brazed titanium 
system, when combined with innovative design techniques, offers 
the design engineer a new cost- and weight-effective choice in the 
design of elevated temperature structure. 

INTRODUCTION 

Brazing, as an aircraft structures production joining system, has tra- 
ditonally been limited to high-temperature, high-cost, engine-related 
components such as thrust reverser doors and tailpipes. 

Two notable exceptions to this statement are the North American 
B-70, which extensively utilized silver-brazed steel sandwich wing skins, 
but developed into a very expensive research, instead of production, 
aircraft; and the Boeing SST, which of course never developed at all but 
did provide the impetus for the development of aluminum-brazed titani- 
um. This material-joining system has now been developed into a cost- 
effective, production-qualified, nonproprietary material-joining system. 

DEVELOPMENT 

During the early design states of the SST, titanium was selected as 
the primary structural material. Early design studies showed that, due to 
the large delta wing configuration of the aircraft, the wing skin end load- 
ing was considerably lower than a conventional wing skin end loading. 
Because of this lower end loading, a sandwich panel was the optimum 
design configuration. At this point it became mandatory that an efficient, 
cost-effective titanium sandwich joining system be developed. At that 
time, the two leading candidate systems for titanium sandwich panels 
were diffusion bonding and resistance welding. The resistance-welding 
method presented formidable problems in edge-member configurations 
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and in tailoring the panels to accept concentrated loads. The diffusion- 
bonded method, while it could be tailored for varied loading conditions, 
was excessively costly. Because of these shortcomings, a program was 
initiated to develop a brazed titanium system. At first aluminum was not 
seriously considered as the braze alloy because of suspected galvanic 
corrosion problems when the aluminum was coupled with titanium. 

Thorough laboratory and service testing proved there was no gal- 
vanic corrosion problem. Specimens of bare aluminum-brazed titanium 
panel sections exposed to a standard 5% salt spray for 250+ days 
showed only limited corrosion damage. For comparison, military specifi- 
cation requirements for salt spray testing of protective coated structural 
aluminum alloys require only 7-20 days exposure. The results of these 
tests exceeded all expectations. 

The belief that the system strength properties would degrade with 
increasing temperature at the same rate as that of the aluminum-braze 
alloy was also disproved. The testing results showed, as illustrated in 
Figure 1, that the actual temperature degradation was between that of 
aluminum and titanium. 

After the cancellation of the SST, The Boeing Company, under a 
Department of Transportation SST follow-on contract, did extensive 
work to develop and document mechanical and physical properties, de- 
sign allowables, nondestructive testing techniques, and producibility 
techniques of the aluminum-brazed titanium process. These documents 
are listed in the Reference Section. 
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Figure 1. Temperature degradation. 
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The results obtained from this extensive testing and further develop- 
ment work eliminated the need for many precautionary requirements 
placed on the designer, such as hermetically sealing all panels or restrict- 
ing contour to no more than 20° from horizontal. These test and develop- 
ment results, together with advances made in developing design tech- 
niques unique to the aluminum-brazed titanium system, have 
substantially improved the producibility and cost effectiveness of this 
material system. An actual example of application of these unique design 
techniques, which resulted in reduction of the unit cost of the assembly 
by more than 50%, is a wedge assembly shown in Figure 2. 

Figure 2. Conventional honeycomb wedge design. 

The proposed design was very conventional and was based on cur- 
rent adhesive bonded design techniques. The major cost drivers in the 
assembly are: 

1. The titanium hogout front spar must be machined to exceedingly 
close tolerances in height to ensure a minimum mismatch between the 
core and spar. Even with the close-tolerance machining, it is often nec- 
essary to hand hone the core to ensure proper mismatch control. 

The spar also dictates faying surface braze joints which require a 
prebraze spotwelding operation to ensure proper gap control. 
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The lay-up of the core to the spar web requires hand spot tacking of 
each individual core wall to the spar web. This operation is costly and 
time consuming and becomes increasingly more difficult as the spar 
height increases. 

2. The requirement for through-bolts and a smooth aerodynamic 
outer surface resulted in an internal pad in the outer skin to accom- 
modate the countersunk bolt head. This inner pad dictated a machine 
sculpturing of the core which is extremely expensive and a constant 
source of braze quality problems. 

3. The machine trailing edge member and side closure members 
present the same problems as the front spar described above. 

The redesign of this wedge assembly, as shown in Figure 3, has 
taken advantage of the unique properties of the aluminum-brazed titani- 
um system and looks quite unconventional. The major design changes 
are: 

1. No front spar. The separate front spar of the original design has 
been replaced with a band of small cell, high density core which pro- 
vides adequate shear and peel strength. 

2. No through-bolts. The extremely high face tension and peel al- 
lowables of aluminum-brazed titanium combined with blind fasteners 
through the inner skin eliminated the requirement for the internal skin 
pad and resultant core machine sculpturing. 

Figure 3. Wedge design for aluminum-brazed titanium honeycomb 
system. 
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This particular design concept has been tested both statically and in 
fatigue quite successfully. 

3. No trailing edge or side closure members. As described for the 
front spar, the addition of the band of small cell core around perimeter 
eliminated the requirement for a trailing edge or side closure members. 

The cost and producibility aspects of the changes made in this rede- 
sign are quite obvious, namely: 

1. Elimination of all machined edge members. 
2. Simplification of core blanket machining by eliminating sculptur- 

ing and core close tolerance requirements. 
3. Elimination of all faying surface brazes and their prebraze opera- 

tions. 
Another example of redesigning to take full advantage of aluminum- 

brazed titanium's properties is the edge details for the SST skin panels 
as shown in Figure 4. 

Figure 4. SST skin panel edge design. 

The design features of this configuration which are major cost 
drivers are: 

1. Hot sized sheetmetal or machined titanium edge zee closure 
members. 
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Figure 5. Open edge core design concept. 

2. Fusion-welded corners. 
3. Prebrazed seam welds to seal the panels hermetically. 
If these panels were to be designed today, they would probably look 

like the design in Figure 5. 
The reduced cost and improved producibility aspects of this rede- 

sign are again quite obvious. 
These concepts are not developmental and unproven. Figure 6 illus- 

trates four examples which use the aluminum-brazed titanium open edge 
core concept. 

Although aluminum-brazed titanium is normally used in elevated 
temperatures to be economically competitive, there are examples where 
the system has been proved superior on a cost/weight relationship to 
aluminum conventional structure. An example of this is the rotary mis- 
sile launcher (Figure 7) designed and fabricated by Aeronca for the 
Rockwell B-l bomber. The maximum temperature for the launcher is 
265°F, well within the structural limits of aluminum. The development of 
being able to braze 360° conical sections and the structural weldability of 
titanium produced a part which was superior in weight/cost relationship 
to aluminum construction. 
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McDonnell-Douglas F-15 Engine Fairings 

Rockwell B-l Engine Shrouds 
and 

Missile Launcher 

Boeing YC-14 Flap Panel 

Figure 6. Applications of aluminum-brazed titanium open edge 
core design. 
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Figure 7. Rotary missile launcher. 

CONCLUSION 

These are just a few examples of applications of this relatively new 
material system. Generally, if the designer will use ingenuity in his de- 
sign and will seriously and persistently question the requirements or 
need for high-cost detail items, aluminum-brazed titanium sandwich 
structure will be superior in a cost/weight relationship to any other ma- 
terial system or design configuration in the 400°F to 800°F temperature 
environment. 
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B. L. REYNOLDS 
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Adhesives which have been used in the aircraft industry for 
over twenty years have had a profound influence on the design 
and performance of today's aircraft. Because of continually im- 
proving adhesive materials and processes, today's aircraft are 
better in performance, safety, durability, aesthetics, and environ- 
mental impact. However, years of field service have revealed 
some problems which have demanded improvements if adhesives 
are to continue influencing the design of aircraft as they have in 
the past. This chapter discusses the impact that adhesive bonding 
has had on aircraft design and makes some attempt to forecast 
future trends. 

INTRODUCTION 

Throughout the history of aircraft, there have only been a few 
breakthroughs of major significance. Generally, these have had a very 
dramatic impact on the aircraft industry. The introduction of aluminum 
monocoque structure, swept wings, pressurized fuselages, de-ice boots, 
and jet engines are prime examples of significant changes (see Figure 1). 
Less spectacular has been the application of adhesive-bonding technolo- 
gy because its development has been so gradual that few have realized 
the total impact. 

During the decade of the sixties, the utilization of bonding increased 
to 65% of the total wetted area of the most recent Boeing aircraft (see 
Figure 2). Today bonding and plastics technology has been applied in 
structures, interiors, electronic devices, and sound-attenuating materi- 
als. Consequently, aircraft are lighter, last longer, and are more attrac- 
tive, safer, and quieter. 

60S 
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WEIGHT SAVINGS 

Bonded metallic structures have contributed to weight reductions 
because of higher allowables, improved fatigue resistance, better frac- 
ture toughness, and reduced crack growth (Figures 3 and 4). Bonded 

Dnded honeycomb 

or  Bonded 

skin-stringer 

FATIGUE FRACTURE TOUGHNESS 

Single skin/^ 

Honeycomb  

2 skins laminated 

(one ply cracked) 

3 skins laminated 

(one ply cracked) 

CRACK LENGTH 

CRACK GROWTH RATE 

Figure 3. Characteristics of bonded structure. 
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Figure 4. Weight saving, bonded structure. 

tear stoppers have effectively reduced weight in fail-safe design (Figure 
5). The weight of secondary structures has been pared down consider- 
ably because of the use of bonded honeycomb sandwich construction. 
Designers, however, have avoided extensive use of bonding for primary 
structures because of past experiences with corrosion. Recent advances 
in phosphoric acid anodize, corrosion-inhibiting primers, new adhesives, 
and corrosion-resistant honeycomb will lead to more primary structure 
applications in the future and, therefore, considerably greater weight re- 
ductions. 

SAFETY 

Over thirty years ago aircraft began flying with radar equipment. 
Without plastics it would have been impossible to cover the equipment 
with the necessary "transparent" radome. Similarly, plastics have en- 
tered the general field of electronics for aircraft communication and 
navigational systems providing more advanced equipment for safety of 
flight. Windshields are more impervious to birdstrike and hailstone im- 
pact because of bonded laminates with plastic layers. 
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Cracks in structures tend to be suppressed at bond lines, thus mak- 
ing a bonded structure a good fail-safe technique (Figure 5). Bonded 
laminates also tend to exhibit better damping characteristics than all- 
metal structures in mechanical or sonic vibration and, therefore, longer 
life can be expected. A deterent, from the safety standpoint, has been 
the flammability and toxicity of adhesives and plastics. Considerable re- 
search has resulted in reducing these factions. 

a      0      11     12     13     14     15     16     17     18      19     20 
k FATIGUE CRACK LENGTH, 2a (in) 

Figure 5. Effectivity of bonded vs. mechanically fastened straps. 

APPEARANCE 

Aircraft interiors have come a long way since the wicker seats and 
the cloth head lining. Plastics have added a new dimension in beauty and 
durability of aircraft interiors. 

Aircraft noise pollution was an irritant to the general public less 
than a decade back. Adhesive bonding has had an important role in sup- 
pressing noise around the inlets of jet engines. Sound-attenuating panels 
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are being made of porous sheets bonded to suppression cavities. With- 
out adhesive bonding, noise suppression would have been an even 
greater challenge. 

COST 

Adhesive bonding reduces the number of mechanical fasteners and 
number of detail parts in aircraft structures. Both factors are important 
in lowering the cost of fabrication. Laminating the structure reduces ma- 
chining and the waste of raw materials, which further contributes to cost 
savings. 

Aerodynamic smoothness has been improved by adhesive-bonded 
structures. Because of the reductions of fasteners and method of tooling 
to outer contours, it has become easier to obtain a smooth aerodynamic 
shape. 

Flutter-critical areas are frequently helped by the bonding process. 
Because of adhesive bonding, the designer can use honeycomb struc- 
tures to reduce skin gages and lower the mass while the stiffness is in- 
creased. This design approach increases the critical flutter speed. 

DISBOND AND CORROSION 

The most disturbing detriment to bonded structure has been dis- 
bonding and corrosion. Considerable research has been directed to de- 
velop an understanding of the disbond and corrosion mechanisms and to 
find methods of combating them. 

Boeing has examined examples of in-service failures and has deter- 
mined that a majority of bond failures were interfacial due to ingress of 
moisture between the adhesive and the oxide surface on the aluminum. 
This interfacial failure mode is characterized by initiation at an edge and 
progressive failure under very low stresses. The corrosion failure mech- 
anism was found to work in the following manner. 

Moisture diffuses into and through the adhesive in all bonded struc- 
ture. This moisture then reacts with the surface oxide film to form a 
hydrated oxide that exhibits poor strength characteristics (Figure 6). 
Under stress this oxide fails, with the failure initiating at an edge (loca- 
tion of maximum peel or shear stress). A crevice is formed as a result of 
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Moisture 
penetration 

Moisture penetrates adhesive, diffuses through adhesive to reach 
oxide at adhesive-oxide interface. 

Weak hydrated oxide forms, then fails under stress, 
forming crevices. 

Corrosion proceeds 
at the interface 

Corrosion takes place within the crevice, further accelerating the 
delamination and destroying the metal. 

Figure 6. Mechanism of bond delamination and corrosion. 
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this failure, serving as a site of corrosion and subsequent acceleration of 
the delamination process. The delaminated structure, with the protective 
oxide film missing, is exposed to the environment and considerable cor- 
rosion results. 

The key to the problem has proved to be the preparation of an ad- 
herent surface that is immune to hydration. Boeing has developed an 
anhydrous surface preparation which combats the interfacial corrosion 
shown in Figure 6. Advancements in corrosion-inhibiting primers and 
adhesion materials have also contributed to startling improvements in 
corrosion resistance. It has also been determined that clad surfaces in 
the bond line are detrimental to corrosion and therefore should be avoid- 
ed. 

Because of the vast improvements in corrosion resistance, adhesive 
bonding is currently advancing toward greater utilization in aircraft 
structures. 

FUTURE TRENDS 

The next major step for adhesive bonding will be the application to 
primary structures. 

Boeing Vertol is building the prototype XCH-62 Heavy Lift Heli- 
copter, which is the first U.S. helicopter to use bonded honeycomb ma- 
terial for all primary structures. 

Currently the USAF Flight Dynamics Lab is developing an all- 
bonded aircraft fuselage using the YC-15 Advance Medium STOL 
Transport (AMST) as a base line. Douglas Aircraft is performing the 
work under the PABST (Primary Adhesive Bonded Structure) program. 
Ground test hardware will be fabricated and tested during the period of 
1977-1979. 

Boeing has developed a bonded honeycomb primary structure box 
in the horizontal and vertical stabilizers of the YC-14 AMST (see Figure 
7). This bonded primary structure will be flying in 1976. 

Boeing's preliminary designers are looking at an all-bonded, very 
large freighter capable of carrying payloads of a million pounds or more 
(Figure 8). These aircraft would be fabricated of honeycomb bonded 
panels to get the empty weight down and to reduce part count (cost). 

Fully automated, continuous bonding facilities are being considered 
for these large aircraft. Honeycomb panels would be fabricated from coil 
stock and trimmed to size. While this may be considered a bit far-reach- 
ing, it must be recognized that an aircraft of this size and performance is 
only possible by the extensive use of adhesive-bonded structures. Any 
other structure would weigh so much that it would become prohibitive. 
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Bonded honeycomb 
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Figure 7. Boeing YC-14 AMST. 

mm 
Figure 8. Large freighter. 
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CONCLUSIONS 

Adhesive bonding and plastics have made a considerable impact on 
the aircraft industry. Problems which have been considered major de- 
terents are gradually disappearing into the past and the next major step, 
i.e., primary structure, is underway. Once adhesive bonding is accepted 
for primary structures, we will likely see the emergence of a new genera- 
tion of very large lightweight cargo aircraft. 
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The reflective photoelastic technique was used to determine 
the relative stress levels in two typical lap joint configurations 
using five different joining techniques. The objective was to eval- 
uate weld-honded and rivet-bonded joints. A total of 10 speci- 
mens were used. The five types of joints tested were: adhesive 
only, adhesive with mechanical fastener(s), adhesive with spot- 
weld(s), mechanical fastener(s) only, spotweld(s) only. 

The loads were all normalized, and the corresponding pho- 
toelastic fringe orders were obtained across the width of the joint 
at a section which was obseived to contain the maximum fringe 
order. Curves are presented showing the variation of fringe order 
across the width of each specimen at the section which included 
the maximum fringe order. Each fringe order (isochromatic) re- 
presented a particular value of either the difference in the princi- 
pal stresses or the maximum shear stress at the point in question. 
If the static failing load causes the joint to fail according to the 
maximum shear-stress theory, the curves may be.regarded as a 
presentation of relative joint strength. For areas in the joint in 
which it may be deduced that the minimum principal stress is 
small, the curves may be regarded as relative maximum normal 
stress curves which are significant in predicting fatigue life. 

The data demonstrate that there is an appreciable advantage 
to be gained by using weld-bonded or rivet-bonded lap joints. 

INTRODUCTION 

With the development of advanced adhesive-bonding methods, 
rivet-bonded and weld-bonded joints in aerospace structures are not 
only cost effective, but their structural benefits are significant. The 
payoffs are in the areas of reduced joint stress and the probably longer 
fatigue life. In addition, joints of these types offer improved fracture 
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characteristics and a degree of redundancy in load paths. This chapter 
deals with a first-order determination of the characterization of rivet- 
bond and weld-bond joints and compares them with conventionally riv- 
eted or spot-welded joints, as well as all adhesive-bonded joints. The 
results are reduced to a simplified direct comparison of the maximum 
stress in each joint, so that potential benefits can be observed. 

PHOTOELASTIC TEST PROCEDURE 

The reflective photoelastic technique (Photostress) was used to de- 
termine the relative stress levels in two typical lap joint configurations 
using five different joining techniques. Ten different specimens were 
evaluated. Each lap joint tested consisted of two l-in.-wide x 0.1-in.- 
thick strips of bare 7075-T6 aluminum. The two configurations tested 
consisted of a 1.0-in. and a 1.5-in. lap joint length. Table 1 describes 
each of the specimens. The adhesive used was Whittiker X-1093-3 (16 
pts. aluminum flake to 100 pts. adhesive). 

A strip of birefrigent plastic was bonded over the entire surface of 
one side of each of the lap joints, and sufficient axial load was applied to 
produce an optimum fringe pattern in the plastic. Fringe values were 
then read for selected sections (where the maximum stress occurred) 
across the width of the joint. 

The maximum fringe values did not always occur on corresponding 
sections for each joint. For direct comparison purposes, the maximum 

Table 1. Specimen Identification 

Length    of 
Specimen No. Type of Lap Joint Lap Joint 

1 Rivet Bond (1 Fastener) 1.0 In. 
2 Weld Bond (1 Spot Weld) "    " 
3 Adhesive Only 
4 1 Spot Weld Only "    " 
5 1 Fastener Only 

6 Rivet Bond (2 Fasteners) 1.5 In. 
7 Weld Bond (2 Spot Welds) "    " 
8 Adhesive Only 
9 2 Spot Welds Only "    " 

10 2 Fasteners Only 
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Figure 1. Relative stresses in various 1.0-in. lap joints. 

stress for a given load was selected and used in Figures 1 and 2. Figures 
1 and 2 are plots of the fringe value, N, (relative stress) across the width 
of each joint, at the section containing the maximum fringe value. The 
fringe values were all normalized to reflect the stress distribution for the 
same load (1000 lbs) in each joint. Figure 1 presents data for specimens 
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1-5 (1.0-in. lap joint) and Figure 2 presents data for specimens 6-10 (1.5- 
in. lap joints). 

DISCUSSION OF RESULTS 

It is important to keep in mind that the plots represent either the 
relative magnitudes of the maximum shearing stress distribution (valid 
for crmax < 0 < crmin) or the relative magnitude of the difference in princi- 
pal stresses at each point. If the joint were made from material that fails 
according to the maximum shear-stress theory, then Figures 1 and 2 can 
be interpreted as plots of the relative strengths of the joints. The results 
obtained are a first step toward an accurate quantitative evaluation of 
weld bonded-rivet bonded lap joints. This observation is indicated be- 
cause the normalization of the loads in each joint to 1000 pounds for 
comparison purposes assumes all components of the joint to be linear. 
However, the adhesive used was slightly nonlinear at the applied stress 
levels. This may have some small effect on the normalized results. 

Figure 1 illustrates that the joint with adhesive only and that with 
adhesive plus one spot weld have a rather uniform stress distribution 
with a relatively low maximum value. The latter (weld bond) exhibits 
smaller maximum fringe values than the former (adhesive bond only). A 
probable explanation for this is that a substantial portion of the load in 
the weld bond joint was transferred through a complex stress field in the 
weld nugget which was not reflected in the surface strains detected by 
the birefringent coating. The load transfers through the weld nugget pri- 
marily as the integrated shear stress TTZX (Figure 3). No shear stresses 
containing a z in the subscript are detected by the firefringent coating. 

The maximum fringe values measured for the joint using adhesive 
with one fastener are only slightly greater than that using adhesive alone 
or weld bonding. 

Further examination of Figure 1 demonstrates that the joint using a 
single fastener exhibited fringe values in excess of 3.6 times greater than 
the corresponding values for a rivet-bonded joint stress. An even larger 
difference exists between the maximum fringe value for the spot weld 
alone and that for the weld-bond joint. In this case the spot-weld joint 
stress exceeded the weld-bond joint stress by a factor in excess of 4.7. 

Although the test was designed to load each joint symmetrically, it 
is apparent from Figure 1 that the joint with the spotweld only did not 
have a symmetrical stress field. No attempt was made to adjust the raw 
data to produce symmetry. On the contrary, the lack of symmetry ob- 
tained demonstrates the difficulty of transferring a load uniformly 
through a joint, even under laboratory conditions. In addition to the 
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presence of some eccentricity in load application, the weld nugget 
and/or adhesive may have contributed to some nonsymmetric charac- 
teristics. 

Figure 1 clearly indicates that the fringe order in the joints using 
adhesive is substantially lower than in those using only a spot weld or 
mechanical fastener. Figure 2 is a plot of the same parameters as plotted 
in Figure 1 except they are for a 1.5-inch lap joint (specimens 6, 7, 9, and 
10), and contain either two fasteners or spotwelds. 

The curve for the joint with adhesive only in Figure 2 is concave 
down while the corresponding curve in Figure 1 is concave up. Both of 
these curves are fringe distributions across the approximate mid-length 
of the joint. The difference in shape can be attributed to the fact that the 
1.5-in. joint is 50% longer than the 1.0-in. joint. In addition, the long 
joint was loaded to a higher value than the short joint. 

The weld-bond joints are concave down in both Figures 1 and 2. 
The distribution of the surface stresses detected by the birefringent plas- 
tic is the difference in the secondary principal stresses, i.e., the principal 

stresses in the x-y plane, (see Figure 3). Since rmax = —^—-, it can be 

deduced that the maximum shear stresses observed act on planes whose 
normal lies in the x-y plane. 

Load transferred through the joint by cross shear in either a weld 
nugget or a mechanical fastener is the integrated value of TZX over the 
shear area (Figure 3b). This stress is not detected by the birefringent 
coating as previously noted. 

Differences in shape of the various curves in Figures 1 and 2 are due 
to the following: 

1. Difference in joint length. 
2. Difference in relative shear stiffnesses between the weld shear 

area(s) or mechanical fastener shear area(s) and the adhesive. 
3. The fringe distributions for corresponding joints are not plotted 

for corresponding geometric sections but rather at sections observed to 
contain the highest (maximum) fringe order. 

For example, the top curve in Figure 1 is for the 1.0-in. lap joint 
with one fastener. This curve is concave up and the data were obtained 
for a section tangent to the bearing side of the fastener. The correspond- 
ing joint in Figure 2 (the top curve) is for the 1.5-in. joint with two fas- 
teners. This curve is concave down and also represents the distribution 
across a section tangent to the fastener on the bearing side. 

The dip in the middle of the curve for spot weld(s) only in both 
Figures 1 and 2 is caused primarily by the fact that the middle portion is 
in the area of the weld nugget and the birefringent plastic is not sensitive 
to TXZ stresses (Figure 3). 
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SUMMARY 

Figures 1 and 2 demonstrate that the fringe order for a given load 
(and hence the maximum shear stress) is substantially less for the weld- 
bonded and rivet-bonded lap joints than for the corresponding joint 
joined only with a spot weld or a rivet. There is also evidence that the 
maximum normal stresses also follow this pattern. For example, at the 
free surface on each edge of the joint, the minimum normal stress is zero 
and the maximum normal stress is parallel to the joint edge and its mag- 
nitude is represented by the fringe order. The nature of the stress field is 
such that, away from discontinuities, the maximum stress is probably 
much larger than the minimum principal stress with a direction nearly 
parallel to the load (x axis) of the joint specimen as defined in Figure 3a. 
This indicates that the maximum normal stress is also less for weld- 
bonded and rivet-bonded lap joints. This leads to the conclusion that the 
weld-bonded and rivet-bonded lap joints should be superior to those 
with only spot weld(s) or rivet(s), both from static load and fatigue con- 
siderations. 

It is recommended that additional tests be made using joints with a 
similar geometric configuration to check data repeatability. In addition, 
the directions of the principal stresses should be determined by using a 
plane polariscope and observing the isoclinics. The principal stresses 
should also be determined uniquely, using either the oblique incidence 
or shear difference method.1 More than one specimen (a minimum of 
three is recommended) of each configuration should be tested to ensure 
consistent and repeatable data. Fatigue tests should be conducted ob- 
taining the photoelastic data using stroboscopic light source. The results 
of these tests would provide the information necessary to assess more 
accurately the potential of weld-bonded and rivet-bonded lap joints. 
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The ship steels, welding practices, and weldment toughness 
requirements applicable to low-temperature (to —46°C) regions of 
liquefied-natural-gas (LNG) tankers are reviewed. In the con- 
struction of LNG ships, the principal welding productivity prob- 
lem is the low deposition rate associated with the low heat input 
welding practices required to provide sufficient toughness in the 
weld heat-affected-zone (HAZ). A potential solution to this prob- 
lem is to use improved steels which can be welded using efficient 
procedures and still provide satisfactory HAZ toughness. The 
steelmaking practices that contribute to low-temperature tough- 
ness are reviewed with respect to economic limitations associated 
with ship steels and to their potential for improving HAZ tough- 
ness. 

INTRODUCTION 

A large fleet of tankers is under construction for the marine trans- 
port of liquefied natural gas (LNG). In LNG ships, significant portions of 
the hull are cooled by the cryogenic cargo to temperatures ranging from 
0 to -46°C. At these temperatures, many ship steels exhibit brittle be- 
havior. Consequently, the U.S. Coast Guard (USCG),1 the American 
Bureau of Shipping (ABS)2 and comparable regulatory agencies around 
the world have established strict requirements on the ship steels and 
weld-procedure qualifications for weldments subjected to low tempera- 
tures. To meet these requirements, shipyards generally employ low- 
heat-input, multipass welding practices for welds in the low-temperature 
regions of the hull. As a result, welding productivity is being limited to a 
level far below the capability of the equipment and facilities. 

The Maritime Administration (MarAd) was advised of the increased 
costs of welding LNG ship hulls by the Welding Panel of the Ship Pro- 
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auction Committee, a group of industry experts organized by the Society 
of Naval Architects and Marine Engineers to advise MarAd on how to 
improve shipyard productivity. In their efforts to reduce the cost of ship 
construction, MarAd requested the National Bureau of Standards to 
conduct a survey to establish the feasibility of improving the efficiency 
of welding ship steels for low-temperature service. The survey included 
visits to the shipyards involved in LNG construction, to the appropriate 
regulatory agencies, to the steel plate producers and to other companies 
engaged in fabricating structures for low-temperature service. These 
visits clarified the problem and the rules, and provided a review of the 
technology available for improving welding efficiency. The survey has 
been completed and the results are presented herein. 

SHIPYARD PRACTICE 

The LNG ships under construction in the United States are approxi- 
mately 280 m long, 42 m wide, and 30 m deep and have a cargo capacity 
of 125,000 cubic meters. The ships are double-hull vessels with trans- 
verse bulkheads dividing the ship into several cargo bays as shown in 
Figure l.3 The cryogenic containment system fitted within each cargo 
bay consists of the cargo tank, the insulation, and a secondary barrier to 
contain the LNG in case of tank failure. Thomas and Schwendtner4 have 
described eight types of containment systems in use or under consider- 
ation worldwide. In the U.S., three designs are under construction: the 
Conch freestanding prismatic tank, the Gazocean membrane prismatic 

4 3 2 

Engine Room Carp Tanks 

Double Hull  

Figure 1. Structural arrangement of an LNG ship hull. 
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tank, and the Kvaerner-Moss free-standing spherical tank. For each sys- 
tem, the insulation is sufficient to permit transport of the LNG at ap- 
proximately — 162°C and atmospheric pressure with boil-off rates less 
than 0.25% per day. 

The temperature environment within the hull is a function of the 
ambient air and water conditions, the effectiveness of the insulation sys- 
tem, and the proximity of the cargo. For North Atlantic routes, the 
USCG specifies that the design temperatures be based on assumed am- 
bient conditions of -18°C air, a 5 mph (2.33 m/s) wind and still water at 
0°C. The inner hull, the transverse bulkheads, and the tank support 
structure are the principal areas cooled by proximity to the cargo. Min- 
imum design temperatures in these areas range from 0°C to -46°C. The 
coldest locations are the inner side-shell above waterline and parts of the 
tank support structure. 

Steel Selection 

The chemistry, processing, and testing requirements of steels used 
in LNG ships being made in the U.S. are summarized in Table 1. These 
steel selections are generally in accordance with the proposed (1975) reg- 
ulations of the International Maritime Consultive Organization (IMCO) 
as outlined in Tables 2 and 3. For temperatures below -10°C, fully 
killed, aluminum-treated, fine-grain, C-Mn-Si steels are used. For tem- 
peratures below -25°C, the steel must also be either normalized or 
quenched and tempered. The most commonly used steels are the ABS 
ordinary strength grades; CN is used for temperatures to -23°C, CS for 
temperatures to -34°C, and V-051 for temperatures to -46°C. For high- 
strength applications, ABS grade EH steel is commonly used for temper- 
atures to -34°C and ASTM grades A537-A Modified and A-678A are 
used for temperatures to -46°C. 

Approximately 28,000 metric tons of steel are required for the hull 
of a 125,000-cubic-meter LNG ship. The tonnage requirements for all 
grades of hull steel and for low-temperature steels are summarized in 
Table 4. These data are indicative of the total usage of low-temperature 
steels and include significant tonnage selected for improved toughness 
and used in parts of the ship not exposed to temperatures below 0°C. 

Weld Procedure Qualification 

For service temperatures less than -18°C, the welding procedures 
must be qualified in accordance with USCG and ABS requirements. Pro- 
cedures are specific for each base metal, wire, and flux combination, and 
must be established for each welding process and position. The joint 
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Table 2. IMCO Requirements for LNG Hull Steels 

Minimum Design Plate Thickness, t, Approved ABS 
Temperature, T, °C mm Steel Grades 

T^O — Normal Practice 

0>Ta - 10 ts 12.5 B 
12.5 <t< 25.5 D 

t > 25.5 E 

-10>T& -25 t =£ 12.5 D 
t > 12.5 E 

-25 > T s -55 — See Table III 

Table 3. IMCO Requirements for LNG Hull Steels for 
Design Temperatures of -25 to -55°C 

Chemical Composition 

C                        Mn 
0.16% max         0.70-1.60% 

Si 
0.10-0.50% 

S 
0.035% max 

P 
0.035% max 

Optional additions: 

Ni Cr Mo Cu Cb V 
0.80% max    0.25% max    0.08% max    0.35% max    0.05% max    0.10% max 

Heat Treatment 

Normalized or quenched and tempered. 

Deoxidation 

Fully killed, aluminum treated, fine-grain practice. 

Toughness Requirements 

Temperature: 5°C below design temperature 
Specimens: Charpy V-notch-transverse 
Energy, min. avg.: 2.8 kg m (20 ft-lb) 
No. of Tests: 3 from each plate 
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Table 4. Usage of Low-Temperature Steels in LNG Ship Hulls 

Weldment Tonnage y 
Ship Test Temp, long ton« 

Design Steel °C (1000 kg Applications 

Gazocean All Grades   29,573 Total hull plus scrap and spare 
Membrane ABSCS -34 9,666 Inner bottom, web frames, gun- 

wale, bilge 
Prismatic ABSV-051 -43 2,695 inner side shell, transverse 

deck box 

Conch All Grades — 17,810 Midbody (hull less bow and 
stern) 

Free Standing ABSCN -23 6,058 Trans. Bulkhead, inner side 
shell, deck 

Prismatic ABSCS -21 to -32 4,602 Inner bottom, gunwale, bilge 
ASTM A678-A -45 418 Roll key 

Kvaemer-Moss All Grades — 17,393 Midbody 
Free Standing ABSCN -23 1,408 Inner hull 
Spherical ABSCS -33 1,602 Transverse bulkheads 

ABS EH-36 -29 1,515 Deck girders 
ASTM A537 (Mod) -51 1,185 Cylindrical tank support 

preparation, preheat and interpass temperatures, root coping, and other 
aspects of the procedure must be representative of the procedures used 
in production. Generally, two qualifications are required to cover the 
range of plate thickness: 9.5 < t ^ 19 mm and t > 19 mm. Test plates for 
these qualifications are usually 19-mm thick for the lower thickness 
range and the maximum thickness used in production for thicknesses 
greater than 19 mm. The test plates are oriented such that the weld axis 
is parallel to the rolling direction. 

The qualification requirements include the room-temperature tensile 
and guided bend tests specified by ABS for all weld procedure qualifica- 
tions plus a series of Charpy V-notch impact tests. The Charpy tests are 
conducted at 5.5°C below the minimum service temperature in accor- 
dance with ASTM A 370, using type A specimens. The specimens are 
cut transverse to the weld axis with the notches normal to the plate 
surface. Three specimens are tested for each of the following notch loca- 
tions: centered in the weld metal; on the fusion line; and in the heat-af- 
fected zone (HAZ) 1, 3, and 5 mm from the fusion line. The impact 
specimen location requirements are summarized in Figure 2. The 
average Charpy value must equal or exceed 2.8 kgm (20 ft lb); the min- 
imum value for one specimen is 1.9 kgm (13.3 ft lb). 
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■Centerlime Of Weld 

Specimen 
Cent erline 

m From Fusion Line 
3mm From Fusion Line 

5mm From Fusion Line 

3MS 

T > 12.7mm 

For T<12.7mm , Specimen Centerline fit T/2 

Figure 2. Charpy V-notch specimen locations for weld procedure 
qualification.1 

Welding Processes and Consumables 

Conventional shipyard welding practices are generally being used to 
fabricate low-temperature steels; however, the heat inputs are restricted 
in order to meet the Charpy impact requirements. Consequently, the 
deposition rates are far below the equipment capabilities. The principal 
welding processes are submerged arc (SA), shielded metal arc (SMA) 
and gas metal arc (GMA). For flat position welds and horizontal fillet 
welds, SA is the most efficient and reliable process, and therefore is 
widely used on automated panel-lines. Both SMA and GMA are used for 
most of the other welding; the selection of one process over the other 
varies widely from yard to yard. Variations of these processes such as 
one-sided welding, gravity welding, tandem arc and 3 o'clock subarc 
welding are used in specific instances depending on the capabilities of 
the shipyard. High-heat-input processes such as the electro-slag and 
electro-gas processes are not approved by ABS for use on low-tempera- 
ture steels. 

A wide range of wires, rods, and fluxes are used to weld ship steels 
for low-temperature service. For submerged arc welding, two ap- 
proaches have been taken: (1) use a mild steel wire and an alloy flux, or 
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(2) use an alloy wire and a neutral flux. The mild steel wires conform to 
AWS specification AS. 17-69 Class EM12K, and the alloy fluxes are of a 
proprietary nature. The alloy wires, which contain 1-2% Mn, 0.1-0.5% 
Mo, and 0.5-2.0% Ni, are welded with a neutral flux suitable for multi- 
pass welding. For SMA welding, the most common electrode is AWS E 
8018-C3 which contains 1% Ni. In some cases, E 7018 electrodes, which 
contain 0.5% Mo, are used for moderately low temperatures and E 8018- 
Cl electrodes, which contain 2-2.75% Ni, are used for the lowest tem- 
peratures. Both solid and flux-core wires are used for GMA welding. 
The solid wires are alloyed with Mn, Mo, and Ni for low-temperature 
toughness and the cored wire generally has a mild steel sheath and a 
proprietary flux. 

Low-heat-input welding practices are necessary to meet the USCG 
impact requirements in the HAZ of low-temperature ship plate weld- 
ments. This poses a significant productivity problem to the LNG ship- 
yards because deposition rate is proportional to heat input, and their 
welding equipment is capable of far greater deposition rates than are 
possible using the low-heat-input practices. Consider, for example, the 
welding procedures that are representative for welding 19-mm plate. For 
X-ray quality welds in steels such as ABS grade B, the following condi- 
tions are recommended:5 

Joint preparation: double V groove with an 8 mm land. 
Backing weld: 850 amps, 33 volts, 16 in./min (0.68 cm/sec), 105 

kJ/in. (41.3kJ/cm). 
Finishing weld: 1150 amps, 35 volts, 13 in./min (0.55 cm/sec), 186 

kJ/in. (76.2 kJ/cm). 
In contrast, 19-mm ship plate for low-temperature service must be 

multipass welded with the heat input limits ranging from about 40 to 80 
kJ/in. (16 to 32 kJ/cm) depending on the particular combination of steel 
grade and service temperature. At heat input levels within this range, 
anywhere from 4 to 14 passes may be required to weld 19-mm plate. 

Two approaches to solving the productivity problem are apparent: 
either change the weldment toughness requirements or improve the tol- 
erance of the base metal to higher heat input welding practices. Chang- 
ing the rules is not a viable solution to the problem, because strict re- 
quirements are appropriate for hazardous cargo such as LNG. In 
addition, the requirements have recently been adopted by IMCO as stan- 
dards acceptable to all major shipping countries. Thus, any change in the 
existing requirements would probably be contingent upon agreement by 
both the USCG and IMCO, certainly a long-term proposition. The alter- 
native solution would be to make available an economical steel which, 
when welded using efficient procedures, provides the required level of 
toughness. This potential solution is attractive because it is based on 



SHIP STEEL WELDMENTS 631 

steelmaking technology and shipyard economics instead of international 
agreements. The feasibility of this solution is addressed in the next sec- 
tion. 

STEELMAKING TECHNOLOGY 

Current steelmaking technology offers several methods for provid- 
ing improved toughness at low temperatures. The methods include alloy- 
ing, rolling practice, sulfide shape control, and heat treating. The extent 
to which the improvements are reflected in HAZ toughness of high heat 
input welds is not well documented. Nevertheless, there exists reason to 
believe that one or a combination of the available metallurgical treat- 
ments will permit higher heat inputs than currently being used. Whether 
or not the improvement will be economically justifiable depends on the 
cost increment added to the price of the steel and the extent of the im- 
provement. Because of the large tonnages involved, the added cost of an 
improved ship steel will likely be limited to a maximum of $20 to $60 per 
ton, depending on the specific application. 

Alloying 

The use of additional alloying to improve ship steels is severely con- 
strained by steel pricing practices. Steel prices are comprised of a base 
price and extras for the specification, plate dimensions, and quantity. 
There are two base prices; the carbon steel base and the alloy steel base, 
the latter of which is about 40% higher. The carbon steel base price is 
applicable to all the steels used in LNG ship hulls. The American Iron 
and Steel Institute (AISI) considers a steel to be an alloy steel when 
either: (1) the maximum of the range given for the content of alloying 
elements exceeds one or more of the following limits — Mn, 1.65%; Si, 
0.60%; Cu, 0.60%; or (2) a definite range or a definite minimum quantity 
of any other element is specified to obtain a desired alloyed effect.6 The 
chemistry specification for ABS EH 36 shown in Table 1 is typical of the 
degree of alloying permissible in carbon steels. Notice that there are no 
minimum requirements on alloying elements such as Cr, Mo, Ni, V, and 
Cb. Thus, the steelmaker has flexibility on how best to achieve the re- 
quired tensile and impact properties. These pricing practices preclude 
the use of 0.4-0.8% Ni additions that are frequently specified for low- 
temperature applications by Japanese and European shipbuilders. How- 
ever, the transition temperature of ship steels can be reduced by alloy 
adjustments within the AISI limits for carbon steels. As shown in Figure 
3, the transition temperature is reduced by increasing the Mn content 
and by lowering C, Si, and N.7 
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Figure 3. Strength toughness vectors for structural steels.7  Re- 
printed with permission of the Welding Research Council. 

Microalioying with Cb or V is an economical approach to providing 
strength and good low-temperature properties in the base plate, and is 
currently used in EH 36 and A537 Modified steels. Strengthening is pro- 
vided by a combination of reduced grain size and precipitation harden- 
ing. The low-temperature toughness is improved because of the small 
grain size — an improvement that is only partially offset by the precipi- 
tation hardening effect shown in Figure 3. However, the HAZ toughness 
near the fusion line is adversely affected by grain coarsening and further 
reduced by the strengthening effect of carbonitride precipitation.8,9 This 
embrittlement is almost always observed in simulated HAZ specimens, 
but is frequently not evident in Charpy specimens taken from weld- 
ments. The absence of embrittlement in high heat input weldments such 
as shown in Figure 4 suggests that the high-toughness material surround- 
ing the embrittled region substantially reduces the embrittlement.10 It is 
not clear at this time whether this can be attributed to an averaging ef- 
fect, i.e., the Charpy impact specimen samples a composite of high- and 
low-toughness material, or to a reduction of constraint provided by the 
ductile material surrounding the embrittled region. In either case, it ap- 
pears that the problem of Cb or V embrittlement in the HAZ may not be 
as significant in real weldments as suggested by some investigators8,9 on 
the basis of simulated HAZ studies. 
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Figure 4. Charpy toughness traverse for Cb-treated EH-36 weld- 
ment.1" 

Inclusion Control 

Nonmetallic inclusions are an intrinsic constituent of all steels. 
There are two main types of inclusions: (1) the indigenous inclusions 
which precipitate in the molten or solidifying metal due to decreased 
solubility of oxygen and sulfur upon cooling, and (2) the exogenous in- 
clusions which are introduced into the steel from materials such as the 
refractories which come in contact with the molten steel. The indigenous 
inclusions are far more numerous and predictable in their behavior than 
the exogenous types, which occur sporadically. The principal types of 
indigenous inclusions are oxides and sulfides. In Al-killed steels, the 
dominate oxide is A1203, which precipitates as small refractory crystals 
that do not agglomerate and do not change shape appreciably during 
rolling operations. 

The principal sulfide inclusion in C-Mn steels is MnS. In low-ox- 
ygen steels (e.g., Al-killed), the MnS inclusions are quite plastic and 
tend to elongate during rolling. These stringer-shaped inclusions sepa- 
rate readily from the steel matrix, and have a higher surface-to-volume 
ratio and a shorter interparticle spacing than globular inclusions. Con- 
sequently, the MnS stringers serve as initiation sites for low-energy frac- 
ture when the steel is loaded transverse to the direction of rolling. 

Sulfide shape control is rapidly emerging as a practical tool for eli- 
minating stringers and thereby improving the transverse toughness of 
structural steels.11 The process generally consists of lowering the sulfur 
content of the heat below 0.015% and then adding elements to the melt 
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which form refractory sulfides. The refractory sulfides take on a spheri- 
cal shape in the liquid steel and tend to retain this shape upon solidifica- 
tion and during the rolling process. Several elements, including Ti, Zr, 
Ca, Mg, and the rare-earth metals, form refractory sulfides. Although 
practices vary widely, sulfide shape control by the ladle addition of rare- 
earth metal (REM) in the form of mischmetal, a mixture of rare earths 
containing about 50% Ce, appears to be gaining favor. The rare earths 
are preferred over Ti and Zr because, in addition to shape control, an 
appreciable reduction in sulfur content occurs due to the solution of 
rare-earth sulfides and oxysulfides in the slag. Calcium and magnesium 
are effective for both sulfide shape control and sulfur reduction; howev- 
er, Mg is difficult to introduce into molten steel because of its high vapor 
pressure; and Ca, which is not soluble in liquid iron, does not mix readi- 
ly enough to assure complete sulfide shape control. The influences of 
sulfur content and REM additions on toughness are shown in Figure 5.12 

Cv max., kg-m 

.1C-1.3Mn-0.03l 

2/3 Size ÜÜ 

REM Free 

120 

C max., ft-lb 
V 

0.002 0.006 0.010 

SULFUR C0HTEHT, Ht. % 

Figure 5. The effect of rare-earth metal treatments on the trans- 
verse shelf energy of low sulfur C-Mn Steel.12 Reprinted with permis- 
sion of the Metallurgical Society of AIME. 
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Significant toughness improvements can be obtained by altering the 
rolling practice. Cross rolling can improve transverse properties at a 
moderate increase in steel cost; however, substantial improvements re- 
quire rolling ratios that approach unity. Steel specifications rarely in- 
clude cross-rolling requirements; however, a guaranteed transverse 
Charpy requirement generally implies that cross rolling will be used. 
Thus, the principal use for cross rolling is to make moderate improve- 
ments in transverse properties to assure conformance to a transverse 
toughness guarantee. 

Controlled rolling can improve strength and low-temperature tough- 
ness by substantially reducing the austenite grain size and the fineness 
and nature of the transformation products.13 It involves a schedule of 
reductions at specified temperatures, sometimes coupled with controlled 
cooling between passes and after the final pass. Most commonly, con- 
trolled rolling is limited to performing the final reduction at a specified 
temperature which is lower than normally employed. As shown in Fig- 
ure 6, the reduction below 900°C causes a significant decrease in transi- 

TMNSITION 
TEMPERATURE, °C 

-20 

-40 - 

1 1    1    1    1 
2mm V—Notch Charpy  _ 

Iransverse Direction 

— 

\\ 

Cb A 

1       1       |\   1 
0     20     40     60 

TOTAL REDUCTION BEL0?^ 900°C, % 

Figure 6. The effect of rolling reduction below 900°C on the frac- 
ture appearance transition temperature.13 Reprinted with permission of 
the Metallurgical Society of AIME. 
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tion temperature. It is particularly useful for the production of line pipe, 
where the large tonnage involved permits optimization of the rolling 
schedules on an economical basis. For ship steels, the large variety of 
plate sizes, thickness, and grades, and the lack of facilities for producing 
controlled-rolled plates greater than 16-mm thick, limit the practicability 
of controlled rolling. In addition, the large variety of rolling schedules 
can lead to more scatter in the material properties than is associated 
with more easily controlled procedures such as normalizing. Due to 
these limitations, controlled rolling is not considered practical for im- 
proving the toughness of ship plate. 

Heat Treatment 

Nearly all of the ship steels used for low-temperature (to -46°C) 
applications are normalized. The typical normalizing heat treatment in- 
volves heating the as-rolled plate to 925 ± 25°C and air cooling to room 
temperature. As shown in Figure 7, the low-temperature toughness of 
these steels could be improved by a quench and temper (Q and T) heat 

50 

CS Steel 
S <.010% Longitudinal 

nsverse 

gitudinal" 

sverse _ 

320 

240 

GO 

TEMPERATURE, °C 

Figure 7. Charpy impact transition curves for normalized and for 
quenched and tempered CS steel.14 
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treatment.14 For C-Mn steels such as ship plate, Q and T involves heat- 
ing to 925 ± 25°C, quenching in water, and subsequently tempering at 
650 ± 50°C. This heat treatment is nearly twice as expensive as nor- 
malizing. Although Q and T improves base plate toughness, it is not 
clear whether this benefit will be apparent in the heat affected zone of 
weldments. It is considered likely that the reheat treatment caused by 
the weld thermal cycle will impart the same toughness to the heat affect- 
ed zone regardless of prior heat treatment. Thus, the extra cost of Q and 
T over normalizing ($30 to $40/metric ton) is not considered a cost effec- 
tive means of improving heat-affected zone toughness. 

WORK IN PROGRESS 

On the basis of the shipbuilding and steel industry survey, MarAd 
requested NBS to conduct a follow-on program in cooperation with the 
LNG shipbuilders to evaluate improved ship steels for low-temperature 
service. In this program, the major steel companies are providing the 
LNG shipyards with production heats of ABS steels, modified to pos- 
sess improved transverse fracture properties at the appropriate test tem- 
peratures. The shipyards will evaluate these steels by qualifying opti- 
mum weld procedures in accordance with the USCG requirements. A 
comparison of the optimized procedures with those currently employed 
will be indicative of the cost reduction possible through the use of im- 
proved steels. As a result, each participating shipyard will be in a posi- 
tion to make a rational decision regarding the cost effectiveness of pre- 
mium quality steels. The program, currently in the formative stages, will 
be completed in mid-1976, and the results will be published shortly 
thereafter. 

SUMMARY 

A survey of the U.S. shipyards engaged in LNG ship construction, 
the major steel plate producers and the maritime regulatory agencies has 
been conducted to establish the feasibility of improving the efficiency of 
welding ship steels for low-temperature service. The results of this sur- 
vey suggest that application of state-of-the-art steelmaking technology 
can substantially improve the low-temperature toughness of ship steels. 
A program is being conducted to determine if steels with improved 
toughness retain satisfactory toughness in the HAZ when higher heat 
input welding practices are used. 
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corrosion, 608, 610-612 windows, 71-72 
curing, 224, 255-259, 263, 275-276 ALCO/BLH, 25 
fatigue properties, 305, 307-312, 607 Alumina, 
finite element method, 406, 424-426, adhesive bonding, 71-76 

448 brazing, 83-85, 88-95 
fracture energy, 267, 269-271, cement and mortar, 77 

273-277, 279, 285-291, 293-298 diffusion bonding, 155 
fracture of epoxy adhesives, eutectic bonding, 186-187, 189-191 

265-267, 273-298 fusion welding, 100-104 
fracture mechanics, 431, 507-510, hot pressing, 179-182 

607 mechanical fastening, 79-81 
helicopters, 344-345, 350-351 solid state welding, 99 
in aerospace, 605-614 Aluminum and aluminum alloys, 
in thermoplastics, 228-232 adhesive bonding, 201-206, 271, 
lap joints, 259-260, 305-316 311-312,584,616 
loading forces, 239-241, 244 braze alloys for titanium, 595-602 
nondestructive testing, 507-510, explosive welding, 52-53, 55, 59-65 

583-591 fatigue crack growth, 492-493, 504, 
outgassing, 255 521, 524-525, 537-538, 549-551, 
peel properties, 243-244, 258, 261, 553 

266,297,409,415-416,427, fatigue failure, 574-580 
429-430 galvanic corrosion in couples to 

piezoelectrics, 74-75 composites, 569-571, 580 
polymers to ceramics, 207, 209-228, mechanical fastening to composites, 

231-232 80, 569 
polymers to polymers, 237-263 oxide coatings, 203-206 
radomes, 73 properties, 476, 540-541, 596 
residual strain on lap joints, 310-312 stress analysis of joints, 391, 
shear properties, 240, 251, 259-262, 423-427, 463 

314,409,414-415,417-420, thickness, 463 
422-427, 430 2219, 539-542, 549-554, 556-565 

stress, 240-244 
s:ress analysis, 405-406, 408^131, Bearings, 

448 adhesive bonding, 73, 76 

641 
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Beryllium ceramics, 
brazing, 88-91 
cracking, 187 
eutectic bonding, 186-187, 189, 191 
fusion welding, 100 
oxides, 88-91, 100, 186-187, 189, 

191 
Boron/resin composites, 245, 254-255, 

258-259 
infrared absorbances, 254 
stress analysis, 423-426, 439, 441 

Boron ceramics, 96, 98, 100 
Boron composites, 317, 322, 326-327 
Brazing, 

braze metals, 82, 84-89, 91, 595-596 
ceramics, 80-95, 106-107 
diffusion, 86, 88 

Carcium oxide, 97 
Carbon, 

welding, 98, 101 
Carbon-carbon composites, 

mechanical fasteners for, 80 
Cements and mortar, 

for ceramics, 75, 77, 106-107 
for firebrick, 75, 77 
for thermocouples, 77 
properties, 75 

Ceramic joining, 69, 109 
adhesive, 70-76, 106-107 
brazing, 81-95, 106-107 
cement and mortar, 75, 77, 106-107 
cold pressing, 171-173 
cost, 107 
diffusion bonding, 155-160 
eutectic bonding, 185-197 
fusion, 99-108 
hot pressing, 113-115, 130-151, 155, 

160-176, 179 
mechanical fasteners, 78-81, 

106-107 
slip cast bonding, 113-114, 120-131, 

151 
solid state, 96-99, 106-107 
to stainless steel, 76 
vacuum tightness, 106-108 

Ceramic-polymer composites, 
bonding, 207, 212-229, 255 

Cerium oxide, 96-97 
Chromium eutectics, 197 
Coatings, 

creep, 11, 27 
electrode, 8-10, 27 
filler effects on curing, 224 
flexural strength, 217 
silane, 213-231 
tensile properties, 9-11 
Volan,213 
water-resistant, 213-216, 218 

Cobalt eutectics, 197 
Columbium, 

welding, 55, 63-65, 97-98, 101 
Columbium carbide, 

solid state welding, 98 
Compatibility of ceramics, 171-172, 

174 
Constant-strain cold cracking test, 

39-49 
Coolant systems, 3, 5, 13, 19-21, 

25-26 
Copper and copper alloys, 

brazing to alumina, 84-85, 95 
eutectic bonding to ceramics, 185, 

188-197 
explosive welding, 55, 57, 59-65 

CoiTosion, 
adhesive bonds, 608, 610-611 
galvanic, 569-581,596 
of graphite/epoxy to aluminum 

joints, 569-571, 574-581 
protection of aluminum, 204-296 
stress cracking, 25 

Coupling agents, 
filler effects, 224,231 
for ceramic-polymer interfaces, 

214-232, 248-249 
models of, 218-220 
titanates, 231-232 

Cracking, 
adhesives, 265-267, 271, 273-298, 

607 
beryllium oxide, 187 
cold, 31,39-50 
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crack growth, 457^61, 492^97, 
506-507, 515-534, 537,543-546 

hot, 7, 31,36-38,40-50 
hydrogen content, 42, 44-47 
of glass, 112 
plastic deformation of adhesives, 

278-279,281,286,297 
propagation in fastened joints, 393 
rare earth addition, 48 
solid state welds, 99 
stress coiTosion, 25 
stress intensity, 477-484, 520-534 
test, 36-49 
theory, 267-273, 478-^480, 525-529 

CRBRP, 13-14, 16, 18-20, 22-27 
Creep ductility of stainless steel, 3, 

9-12, 27 
Cryogenic applications, 64, 91 

Damage index, 517-519 
Damage tolerance, 455-468, 471-501 
Deformation of silicon nitride, 143, 149 
Design of honeycomb, 339-353 
Diamonds, 

braze alloys for, 87-88 
Diffusion bonding of ceramics, 155 
Dislocations, 49 
Dissimilar joints, 25-26, 53, 55, 80, 

83-85 
cold pressing, 171-173 
diffusion bonding, 155 
fusion welding, 99, 101, 104-105 
hot pressing, 160-161, 163-165, 

180-182 
solid state welding, 97-98 

Elasticity, 
stress concentration in laminates, 

441 
Electrical/electronic applications, 180, 

185 
electron tubes, 155 
eutectic bonding, 191-196 
microelectronics, 91-92 
microwave tubes, 85 

Energy consumption, 3-4 
Energy supply, 3-5 

Epoxy adhesive additives, 265-267, 
277-289, 584-591 

Epoxy adhesive fracture, 265-267, 
273, 275-298 

elastomer-modified, 265-267, 
277-289, 294-298 

energy, 275-277, 279, 285-291, 
293-298 

temperature dependence, 285-289, 
298 

thickness, 283-287, 295-298 
Eutectic joining, 

bonding, 185-186 
brazes, 91, 95 

Explosive welding, 51, 53-66 

F4 aircraft, 515-534 
Fail-safe design, 320, 323-325, 

456-457, 459, 496, 608-609 
Failure prediction in composite joints, 

440-446 
Fatigue, 

cold worked fastener holes, 555, 
557-559, 564-566 

detection, 504 
in aircraft, 471-472, 487^189, 

494-501,515-534,607 
in mechanically fastened joints, 

471-472, 484, 499-501, 537-566, 
574-580 

mathematical models, 487, 492 
of lap joints, 305, 307-312 
stress spectrum, 485-489 

FFTF, 15, 17-19,21,23,26-27 
Fiberglass, 317, 323-327, 330-332, 

334-337, 579 
Fiberglass/boron composite, 322, 327 
Fiberglass/resin composite, 73, 436, 

441,444_447 

Filler metals for stainless, 3 
Flaw detection, 503-512, 583-591 
Flexural strength, 

lap joints, 315 
polymers, 217, 229-231 
silicon nitride, 134-135 

Fracture, 
detection, 503, 511-512 
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energy, 267, 269-271,273-277, 279, failure mode, 323, 334 
285-291,293-298 honeycomb, 340-351 

finite element method, 472, 474-475, lap-up, 328-334, 338 
480 rotors, 317-319, 344 

flaw geometry, 552-554 spars, 329, 333-334 
of adhesive bonds, 431, 607 trade-offs, 322-328 
of epoxy adhesives, 265-267, Honeycomb, 612-613 

273-298 design, 339, 342-353, 597-600, 608 
temperature dependence, 285-289, stress analysis, 339-343 

298 Hot press bonding, 
theory, 267-273, 492-493, 544, 546 microstructure, 138 
thickness, 283-287, 295-298, refractories, 155, 160-171, 179-182 

462-464 silicon nitride, 113-115, 130-151 
Fusion welding, 99, 101, 104-108 Hybrid composites, 312-316 
Furnace firebrick, Hydrogen diffusion, 44-48 

cement joining, 75, 77 
fusion welding, 101 
mechanical fasteners, 78-79 

Impact properties, 628-629, 633-636 
Injection molding of silicon nitride, 

Gadolinium oxide, 
addition to epoxy adhesives, 

584-591 
Gas turbines, 96, 113-152 

duodenisty rotors, 130-133, 146, 

115-116 
Insulation, 

adhesive bonding, 73-74 
Insulators, 75, 77 
IR domes, 73 
Iron, 

148-149 
hub/blade ring, 137, 139, 141, 

143_144; 146-147, 150 

eutectics, 197 
solid state welding, 97 

Glass, 
adhesive bonding, 72, 232 
brazing material, 91 
cleaning, 212 
welding of silicate, 95 
wetting, 212-215 

Lanthanum boride brazing, 95 
Lithium fluoride, 

solid state welding, 98 
LMFBR,3,5-6, 13, 18,26-27 
LNG ships, 623-628 

Gold, 
explosive welding, 55 Magnesium, 

Graphite, explosive welding, 55 
braze alloys for, 86-87 Magnesium oxide, 93, 96-100 
composites, 255, 397, 435, 437, 439, additive to silicon nitride, 131, 133, 

441,443,569-572,574-581 135, 145-146, 149 
failure modes, 441, 443, 574-581 Mechanical fasteners, 
fusion welding, 101, 105 crack propagation, 393, 506-507, 
galvanic corrosion, 569-572 537-566 

damage tolerance, 461-462, 465-466, 
Heat exchanger, 13, 16-18, 22 483,500-501 
Helicopters, design for composites, 446-447 

blades, 320-323, 330, 335-338, 342 effects of friction, 388-389, 393-395, 
fail-safe design, 320, 323-325 397, 435, 444 
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finite element analysis, 391, 395 Photoelastic test, 616-619 
398-399,406,432,474-480, 500 Piezoelectrics, 

for ceramics, 78-81, 106-107 adhesive bonding, 73-75 
galvanic corrosion, 569-581 Pioneer Venus spacecraft, 88, 91 
in aluminum plate, 391, 475, Piping, 

542-543,550-565 cryogenic, 64 
in cold worked holes, 555, 557-559, sodium, 3, 19, 22 

564-566 Polymer-ceramic interface, 207-228, 
in steel, 542-543, 550-563, 565 231-232,249 
in titanium, 542-543, 550-563, 565 adhesive bonds, 209-232 
press, 79-80 flexural strength, 229-231 
stress analysis, 379-400, 405-406, Polymer-polymer joints, 237-263 

432^49, 462-463, 483, 544-549 bondability index, 242 
stress distribution, 434-437, 441 ,443 stresses, 239-241 
thickness, 462-463 Powder metallurgy, 

Melting point of zirconium ceramics, particle size of zirconium ceramics, 
165 157-161 

Metal matrix composites, 245, silicon, 121-128, 133-134, 151 
254-255, 258-259 Pumps, 19-21 

Metal to ceramic joints, 79-81, 92 94, 
312 Radomes, 73, 78 

eutectic bonds, 185 Reaction sintering, 115 
Molybdenum, Reactor vessels, 13-15 

eutectics, 197 Refractory brazes, 88-91, 94-95 
fusion welding, 101 Residual stress 
slip casting, 125, 127 in graphite composites, 579-580 
solid state welding, 98 in welds, 357 

Molybdenum ceramics, 125, 127 Rivet bonding, 615-622 

Neutron radiography, 583-591 
Nickel alloys, 

eutectics, 197 
explosive welding, 55 
hot cracking test, 38, 49 
Inconel 600, 25 
solid state welding, 97 

Shear properties, 
adhesive bonds, 240, 251, 259-262, 

314,409,414-415,417^120, 
422-428,584-590,619,621 

composites, 251, 259, 314, 447, 449 
mechanically fastened joints, 435, 

446-447, 449 
Ships, 

low temperature applications, 
623-637 

Silica, 73-74, 189 
Silicon, 98, 121-128 
Silicon carbide, 100-101 
Silicon nitride, 76, 88,% 

deformation, 143, 149 
for gas turbines, 96, 113-115 

stress corrosion, 25 
Nickel oxide, 97 
Noble metal brazes, 82-88 
Nondestructive testing, 58-59, 

503-512,583-591 
Nozzles, 80 
Nuclear generators, 6 
Nylon fabric, 249-250, 253 

forming, 115-120 
Oxidation of zirconium ceramics, 165 hot press bonding, 131-151 
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magnesium oxide in, 131, 133, 135, Stress analysis, 
145-146, 149 adhesive bonds, 405^106, 408-431, 

microstructure, 138, 150 448 
slip cast bonding, 120-132, 151 coefficient of friction, 388-389 

Silver, 55, 164, 197 definitions, 406-408 
Slip-casting of silicon nitride, 114, in welds, 357, 362, 368-376 

116-132, 151 lap joints, 392-393, 420-425 
Solid state welding, 96-99, 106-107 mathematical models, 411-422, 
Sonar, 74 427-430, 478-480 
Space Shuttle, 71-74, 78, 80 mechanically fastened joints, 
Spinel, 379-400, 405-406, 432^49 

eutectic bonding, 189 of honeycomb composites, 339-343 
Steam generator tubes, 3, 18, 25-26 Stress loading, 44-45, 462, 521-529, 
Steel, 544-547, 575,616-618 

adhesive bonding to ceramics, 76 Surface treatment, 
brazing to ceramics, 83 aluminum, 203-206 
coatings, 9-10 infrared spectrum of solvent, 249 
cold cracking test, 40 leaching, 225 
composition, 626-627, 631-634 polymer-ceramic interface, 207, 
creep, 3, 7, 9-12, 27 212-216 
defects, 13 polymer-polymer bonding, 238, 
explosive welding, 52-53, 55-59, 247-252 

63-65 porosity, 238 
fatigue, 7, 537 
heat treating, 636-637 Tantalum, 55,98, 101, 105 
hot cracking, 7, 38-39 Tantalum carbide, 98, 101, 105 
HY-80, 34-36, 39-47, 49, 373 Tensile properties, 
HY-130, 35 aluminum, 540-541, 596 
HY-150,40 elongation, 9-11 
impact properties, 628-629, 633, flexural strength of polymers, 217, 

635-636 229-231 
LNG tanker ships, 623, 625-628, 637 humidity effect, 251-252 
maraging, 38-40 of elastomer-modified epoxy 
reactor vessels, 13 adhesives, 281 
rolling, 635-636 steel, 540-541, 626-632 
stainless 3, 7-14, 27, 55, 57-58, stress by mechanical fasteners, 78 

64-65, 76, 83 temperature effect, 596 
stress analysis, 373 titanium alloys, 540-541, 596 
stress corrosion, 25 9Ni steel, 540-541 
tensile properties, 9-12, 540-541, Thermal expansion, 

626, 632 in ceramic brazing, 91 
tubing, 25 of elastomer-modified epoxy 
welds, 3, 7-14, 23, 25, 34-36, 39^-0, adhesive, 281 

52-53,55-59,63-65,373,623, of zirconium ceramics, 160-164 
625,628-631 Thermal shock, 155, 161, 165 

2.25Cr-lMo, 23 Thermal stress, 
9Ni steel, 40, 537-543, 549-554, creep, 427 

556-563, 565 of adhesive bonds, 424, 427-428 
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Thermomechanical analysis, 357-376 
Titanium alloys, 

brazing, 84-86, 595 
composition of Ti-6A1-4V, 539 
explosive welding, 52-53, 55-57, 

64-65 
fasteners, 473, 476, 541, 574, 579 
fatigue, 537-538, 549-554, 556-565 
properties, 540-541, 596 

Titanium ceramics, 
borides, 155, 179-180 
carbides, 155, 179-180 
hot pressing, 179 
nitrides, 155, 179-180 
solid state welding, 98 

transition temperature of epoxy 
adhesive, 281 

Tubing welds, 18,25,27 
Tungsten, 101, 105 

Varestraint test, 36-39, 49 

Weld bonding, 615-622 
Welding in ships, 629-631 
Welds, 

finite element method 359-367, 369, 
373 

flaws, 505-506 
HAZ, 623, 628-629, 637 
modeling, 358-359 
plastic strain, 370-371, 375 
residual stress, 357, 368-371, 

374-376 

steel, 3, 7-14, 23, 25, 34-36, 39-49, 
52-53,55-59,63-64,623,625 

stress analysis, 357, 362, 368-376 
thermal analysis, 359-367 
zones,31-35 

Wetting, 
of aluminum for bonding, 202-203 
of ceramics, 82-84, 88, 91, 211-215, 

221 
of polymer adhesives, 210-211, 239 
surface treatment, 212-214 

Windows, 71-72, 78-79, 87, 91 
Wings, 

damage tolerance, 471^473, 476-^77, 
496 

F-14, 521-523 
titanium brazing for, 595 

Zirconium ceramics, 80, 97-98, 101, 
105 

borides, 155-157, 159-167, 169-174, 
176-182 

carbides, 155-158, 160-174, 176-182 
diffusion bonding, 155 
hot pressing, 160-176 
melting points, 165 
nitrides, 155-158, 160-161, 163-169, 

171-174, 176-177, 179-182 
oxidation, 165-171 
oxides, 155-157, 159, 180-182 
particle size, 157-159 
rupture modulus, 165-166 


