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NOMENCLATURE

Symxla Desrin

a magnitude of acceleration vector (M/s2)
ajj,aj2,a13  constants in equation to calculate drainage hole pitch

for internally drained condensers
A cross-sectional area of flow channel or radiator surface (M2)
A,B,C,D constants in filfw8 correlation
A,B,C,OE coefficients in fluid property calculations
Ac condenser area (m2)
A9* dimensionless cross-section occupied by gas phase in

stratified flow
A,* dimensionless cross-section occupied by liquid phase in

stratified flow
Am reduction in cross-sectional flow area due to the meniscus (M2)

AO cross-sectional flow area with flat meniscus (Mi2)
Ar ratio of solid to liquid thermal resistance in a DIC

evaporator
b coefficient in empirical equation for fVfW
b exponent in LCC correlation for critical lgeat flux
b one-half the pitch between condenser tubes in a radiating

panel (M)
B two-phase loss coefficient
B radiator fin parameter (m- 1)
Br ratio of evaporation to liquid film thermal resistance in

a DIC evaporator
Bo Bond number, aD2(p1 - pg)la
Bo boiling number
Boch boiling number at CHF
Bol., boiling number for LCC (CHF)
BoU0  boiling number for UCC (CHF)
BoO boiling number evaluated at zero quality
c exponent in LCC con-elation for critical heat flux
cp1 specific heat capacity of liquid phase (J1kg-K)
cs specific heat of solid wall material (J/kg-K)
C contraction coefficient
Ct 1 ,CI2,C21,C22 constants in calculation of heat transfer in

triangular and trapezoidal grooves (-)
Ca coefficient in fjfW8 correlation
Cb bearing and windage torque coefficient (N-m)
Ce constant in equation for entrained liquid fraction (Eq. 3-2)
Cf frictional torque coefficient (N-m)
C9 coefficient in friction factor model for gas phase
C, coefficient in friction factor model for liquid phase
C' bubble distribution coefficient in drift-flux model
Cob drift flux coefficient for bubbly flow regime
C., drift flux coefficient for slug flow regime
(dP/dz)a pressure gradient due to acceleration (phase change) (Pa/m)
(dP/dz)f frictional pressure gradient (Pa/m)
(dP/dz)8  pressure gradient due to body forces (Pa/m)

xiii



(dP/dz)t total pressure gradient (Pa/m)
d diameter of droplet (II)
d depth of drainage groove (m)
D diameter of thin film spot in a DIC evaporator (W)
D diameter of pipe (i)
D drainage hole diameter (M)
D pump dimension (M)
Doi effective diameter of coil (M)
D 9 dimensionless hydraulic diameter for gas phase in

stratified flow
DR flat meniscus hydraulic diameter (M)
Dh actual meniscus hydraulic diameter (W)
Dh hydraulic diameter ia heated (evaporator) tube (W)
Dbt hydraulic diameter for heat transfer (i)
Di diameter of the vapor core in annular flow (W)

dimensionless hydraulic diameter for liquid phase in
stratified flow

Dt hydraulic diameter for pressure drop (i)
E enhancement factor for forced convection
Ed fraction of liquid flow entrained as droplets
Ef fraction of wall heat flux to fluid heating
Ere fraction of total heat transfer in saturated boiling dueto forced convectionEls fraction of liquid contained in the liquid slugs

f Darcy friction factor AP = -• -• (-)

fcoii correction factor for coil pressure drop
fi friction factor at gas-liquid interface
fW8 wall friction factor for single-phase gas
fW1 wall friction factor for single-phase liquid
F multiplier for Reynolds number in saturated boiling model
F view factor for a radiator
Fa constant used to estimate mass flux in a condenser (m3/kg)
Fe entrance effect factor in CHF correlation
Ft constant used to estimate mass flux in a condenser (m3/kg)
FS Froude number for gas phase, jiogO. 5/[aD(A - ps)]o.5 (m/s 2)
Fx quality factor in CHF correlation
F, factor in CHF correlation
F2  factor in CHF correlation
F2  factor in calculation of condensing Nusselt number
F3  factor in CHF correlation
Fr Froude number
g gravitational acceleration on earth (= 9.8 m/s2) (mis 2)
G mass flux (kg/m2-s)
G, mass flux of vapor during condensation (kg/mz-s)
Gest estimated mass flux in a condenser (kg/m2-s)
h enthalpy (J/kg)
h normalized pump head (-) 0
ha, average heat transfer coefficient in the slug flow regime (W/m2-K)

xiv



SyblDescription L~niu
hb actual heat transfer coefficient in a fin (W/m 2-K)
he heat transfer coefficient for condensation (W/m2-K)
heb one-dimensional conduction heat transfer coefficient (W/m2-K)
hd¢i average heat transfer coefficient for droplet impingement

cooling (W/m2-K)
h• uniform wall temperature heat transfer coefficient (W/m2.K)
hfe heat transfer coefficient in forced convection (W/m 2-K)
hts latent heat of vaporization (J/kg)
hf latent heat of vaporization (J/kg)
t liquid level in pipe for stratified flow regime (M)

h0b, heat transfer coefficient in nucleate boiling (W/m 2-K)
hb' coefficient in nucleate boiling model (W/m2-K2)
htp total two-phase heat transfer coefficient (W/m2-K)
h normalized single-phase pump head (-)

h2 0 normalized two-phase pump head (-)

h2  heat transfer coefficient on secondary side of condensing
interface heat exchanger (W/m2-K)

h* dimensionless liquid level in stratified pipe flow
H heated perimeter in evaporator tube (M)
H contoured fin height (M)

* H pump head (N-m/kg)
H1  total liquid fraction
Hy, liquid fraction in the film for annular flow
Hr rated pump head (N-m/kg)
I pump moment of inertia (kg-m 2)
j total volumetric flux or mixture velocity (j + jr) (m/s)
jg gas phase volumetric flux (Q fA) or superficial velocity (m/s)
j. liquid phase volumetric flux (QV/A) or superficial velocity (m/s)
Jilcut cutoff criterion for liquid phase superficial velocity

(Eq. 2-13) (mWs)
Ja Jakob number, cp1(Tat - Tf)/hfh
k coefficient for drift velocity in drift-flux model or

coefficient for turbulence in slug-to-bubbly flow regime
transition model

kb drift flux coefficient for bubbly flow regime
kr, thermal conductivity of a radiator fin (W/m-K)
ki thermal conductivity of liquid phase (W/m-K)
ks thermal conductivity of solid wall material (W/m-K)
k, drift flux coefficient for slug flow regime
ksp, single-phase loss coefficient
k thermal conductivity of solid wall material (W/m-K)
K phase slip coefficient
K groove friction coefficient K = f Re (-)
K Kutateladze number for gas phase, jpp8 0. 5/[go(p 1 - pg)] 0 25

length (M)
* L fin half pitch (in)

Lb length of a Taylor bubble in the slug flow regime (M)
L, condensing length (M)

xv



Symbo 0
LC groove length (M)
Ls length of a liquid slug (M)
L1 length of subcooled region in the evaporator (M)
Lu distance into wall beyond thermal oscillations (m)
Lxb subcooled length in a condenser (M)
Ltot length of gas bubble plus liquid slug (M)
Ltot total length of condenser (Ltp + L3d) (M)
L* dimensionless length of evaporator (L/Db)
m exponent in friction factor model for gas phase
ms magnitude of spacecraft acceleration (g's)
mo fraction of cross-section occupied by liquid film
m condensate flow rate per unit groove length (kg/m)
mvap mass flow rate of vapor (kg/s)
intot total mass flow rate (kg/s)

surrounding a bubble in the slug flow regime
M ratio of superficial phase velocities, j/g(
Mh pump head degradation multiplier
MW molecular weight (kg/kg-mole)
n exponent in friction factor model for liquid phase
n exponent in UCC CHF correlation (0)
n the number of active radiating sides on a radiator panel

(0 or 2)
N pump rotational speed (rad/s)
Nr rated pump rotational speed (rad/s)
Ns pump specific speed (-)
Nt total number of turns in coil (-)
Np pump torque degradation multiplier (-)

Nu Nusselt number (H
Nub Nusselt number for bubbles in slug flow regime
Nu, Nusselt number for condensation
Nuf, Nusselt number in forced convection heat transfer
Nulo Nusselt number calculated for liquid-only flow
Numb Nusselt number in nucleate boiling heat transfer
Nu, Nusselt number for liquid in a slug
NUsp Nusselt number in single-phase forced convection heat

transfer
Nutp Nusselt number in nucleate boiling heat transfer
p power (Watts)
p pressure (Pa)
P power (Watts)
P pressure (Pa)
P drainage hole pitch (M)
Pit critical pressure (Pa)
P1  tube internal perimeter (M)
Pr reduced pressure (P/Pint)
PV saturation pressure (Pa) 0
P, external perimeter of a condensing tube (M)

xvi



SymkDct Un@i

AP* dimensionless pressure drop
APa pressure drop due to acceleration (phase change) (Pa)
APa* dimensionless pressure drop due to acceleration
APa pressure drop due to acceletation (phase change) in

two-phase region of evaporator (Pa)
APeoil evaporator pressure drop including coiling effects (Pa)
ALevap total pressure drop in evaporator (APtP + APSP) (Pa)
APf frictional pressure drop (a
Apfe frictional pressure drop in two-phase region of evaporator (Pa)
APte* dimensionless frictional pressure drop in two-phase region

of evaporator
AP9 pressure drop due to body forces (Pa)
APse pressure drop due to body forces in two-phase region of

evaporator (Pa)
APge* dimensionless pressure drop due to body forces in two-phase

region of evaporator
APlat difference between saturation pressures at fluid and heated

wall temperatures (Pa)
AP'P pressure drop in single-phase region of evaporator or

condenser (Pa)
APt pressure drop due to taper (Pa)
Apt pressure drop in a mixing tee
APtOt total pressure drop in a shear condenser (Pa)
APtp total pressure drop in two-phase region of evaporator or

condenser (Pa)
Pe Peclet number
Pr1  Prandt! number of the liquid phase, cpl/L /k,
q total evaporator heat load (W)
q normalized pump flow rate (-)

qp total heat transferred in the single-phase regime (W)
q linear rate of heat transfer (W/m)
q" heat flux (W/m 2)
q"chf critical heat flux (CHF) (W/m 2)
q"env absorbed orbital average heat flux (W/m 2)
q"fc portion of wall heat flux attributed to forced convection

boiling (W/m2)
q"tcc value of CHF calculated by LCC (W/m 2)
q maximum wall heat flux in the evaporator (W/m 2)
q"sub portion of wall heat flux attributed to subcooled boiling (W/m 2)
q"ucc value of CHF calculated by UCC (W/m 2)
Q pump volumetric flow rate (m3ls)
QC condensation rate (W)
Q, rated pump flow rate (m3/s)
rb radius of bubble at the onset of nucleate boiling (i)
refit radius of vapor bubble at ONB (i)
ri inner radius of coil (at tube centerline) (M)
ro outer radius of coil (at tube centerline) (M)
SR radius of curvature of a pipe bend
R I,R2 radii of curvature of the meniscuses on the fin top and

groove (M)
xvii



Symbol ecito as
k thermodynamic ratio in high vapor shear condenser
Re•v thermodynamic ratio in forced convection evaporator
Revap thermal resistance due to evaporation (m2-K/W)
R gas constant for the vapor phase (11kg-K)
R* void fraction parameter for calculating stratified flow

transition (Table 2.2)
R* liquid fraction parameter for calculating stratified

flow transition (Table 2.2)
RP ratio of pressure drop to maximum pressure drop (-)

P pressure drop ratio which corresponds to a receding
meniscus (-)

Re flow Reynolds number (-)
Reb effective Reynolds number in nucleate boiling
Red Reynolds number for a liquid droplet (= pVd/pl)
Ref Reynolds number for liquid phase, based on inlet velocity.

GD/gt,
Re Reynolds number for gas phase, based on actual velocity,pgbuWAA
Re., Reynolds number for gas phase, based on superficial

velocity, p Dj,/j,
Rej, two-phase Reynods number based on flow in the

vena contracta
Reid two-phase Reynolds number based on downstream

conditions
Reip two-phase Reynolds number based on pipe flow
Reju two-phase Reynolds number based on upstream conditions
Rel Reynolds number for liquid phase, based on inlet velocity,GD/gt
Reim Reynolds number based on mixture density
Re,. Reynolds number calculated for liquid-only flow (GDWti])
Re,, Reynolds number for liquid phase. based on superficial

velocity, pDj//u
Rem Reynolds number for a homogeneous two-phase mixture
Re. Reynolds number of liquid in a slug
Retp two-phase Reynolds number, based on mixture velocity,

pmDj/g-
S suppression factor in saturated boiling model
S contoured fin surface length (M)
S " dimensionless perimeter in contact with gas phase for

stratified flow
Si* dimensionless contact length between gas and liquid phases

for stratified flow
SI* dimensionless perimeter in contact with liquid phase for

stratified flow
St wetted perimeter (M)
St Stanton number, Nu/RefPrl
t time (sec)
tdmp time between droplets in a DIC evaporator (s)
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Sylnbol D srpi nllnit

ta effective one-dimensional wall thickness (W)
tvap evaporation time for the liquid film in a DIC evaporator (s)
trtn radiator fin thickness (i)
tw thickness of condenser wall (W)
T pump torque (N-m)
Tb bearing and windage torque (N-m)
Tct critical temperature (K)
Tf fluid temperature (K)
Tf frictional torque (N-m)
Tr radiator temperature for condenser (K)
Tr rated pump torque (N-m)
T,.t saturation temperature (K)
Tsub temperature of subcooled liquid (K)
T vapor temperature (K)
T, wall temperature (K)
Tm temperature at the inside wall of a condenser tube (K)
Twnb wall temperature in evaporator at ONB transition (K)
T,, average effective radiating temperature (K)
T2 temperature of heat sink for radiation (K)
T2 temperature on secondary (coolant) side of condenser (K)
TR reduced temperature (TR = T/Tr) (.)
ATOhf wall superheat at CHF (K)
ATef effective wall superheat (K)
ATf change in fluid temperature due to heat input (K)
AT ak peak wall superheat (K)

Tdifference between saturation and fluid temperatures
(T, - Tf) (K)

ATsub difference between wall and saturation temperatures
(T, - Tsar) (K)

AT, temperature difference between tube inner and outer
surfaces (K)

%0 velocity of a vapor bubble in the condenser (m/s)
Uf actual velocity of liquid phase (jI(l-or), (m/s)
u actual velocity of vapor phase (jg/x). (m/s)

ratio of total pipe area to area occupied by gas phase
U1* ratio of total pipe area to area occupied by liquid phase
v velocity (m/s)
vfg difference between liquid and gas phase specific volume

(v5 - VI) (m 3fkg)
v9 gas phase specific volume (m3/kg)
vI liquid phase specific volume (m3/kg)
v* dimensionless velocity (-)
V droplet velocity in a DIC evaporator (m/s)
Ve critical velocity for onset of liquid entrainment (m/s)
Vg flow velocity averaged over the actual cross-section (m/s 2 )
VO flow velocity averaged over the full groove area (m/s2)
VS velocity of liquid slugs (m/s)

*V* bubble velocity for drift flux model in bubbly regime (mis)
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smo Desripio Units

w mass flow rate (kg/s)
W groove characteristic length (i)
we condenser width (i)
Wf terminal groove side length (m)
We Weber number
Wej Weber number, based on mixture velocity, pIDj2/a
x quality (fraction of two-phase mass flow which is vapor)
x groove coordinate in x-direction (m)
xief effective inlet quality for CHF
xin inlet evaporator quality
X0  quality at evaporator outlet or conuenser inlet
x, quality at transition from annular to slug flow
xt quality at the transition from annular to slug flow
X Martinelli parameter
Xa Martinelli parameter in the annular flow regime
X5 Martinelli parameter in the slug flow regime
Xtt Martinelli parameter assuming turbulent gas and liquid phases
Ax change in quality
y groove coordinate in y-direction (i)
Y Shah's correlating parameter
Y dimensionless acceleration vector parameter
Y, acceleration vector parameter for the annular flow regime
Y, acceleration vector parameter in the slug flow regime
z arbitrary position or length coordinate (m)
z groove longitudinal coordinate (m)
zef effective distance from inlet for CHF (i)

ZSP distance from beginning of single-phase region in the
condenser (m)

z* dimensionless length increment, z* = z/D
Az segment length (M)

Greek

ax void fraction (-)
a groove half angle for triangular grooves (0)

groove aspect ratio for rectangular and trapezoidal grooves (-)
Ot, critical void fraction defining a flow regime transition

af terminal aspect ratio for meniscus height (H)
('1 liquid fraction (frziction of two-phase volumetric flow

which is liquid)
ake critical liquid fraction
ao initial aspect ratio for meniscus height (-)
a,5  thermal diffusitivity of solid wall material (kjpC) (m2/s)
/3ratio of calculated to input heat flux in evaporator

droplet spread ratio in a DIC evaporator (= d/D)
/3 normalized pump torque (-)

normalized single-phase pump torque (-)
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020 normalized two-phase pump torque (-)
y wetted area fraction in a DIC evaporator
v meniscus contact angle (0)
yf terminal meniscus contact angle (0)

initial meniscus contact angle (0)
film thickness (M)

8 thickness of liquid film at condenser inlet (M)
60 initial film thickness in a DIC evaporator (M)

) film thickness (M)
dimensionless film thickness

e emissivity of radiator surface
er pipe wall roughness (in)
ri radiating fin efficiency

ratio of evaporation time to time between droplets in a
DIC evaporator

r) fin efficiency (-)
e angle between acceleration vector and flow direction (0)

00 = colinear (downflow on earth)
900 perpendicular (horizontal on earth)
1800 opposing (upflow on earth)

e groove base angle for the trapezoidal groove (0)
* 0 evap dimensionless evaporation time

I Xdimensionless fluid property parameter, g,12/Dpta
1. dynamic viscosity of liquid (kg/m-s)
Ag gas phase viscosity (kglm-s)
Al liquid phase viscosity (kg/m-s)
AM viscosity of a two-phase mixture (kg/m-s)
9,, liquid viscosity at wall temperature (kg/m-s)
Saverage viscosity of two-phase mixture (kg/m-s)
v kinematic viscosity of liquid (m2/s)
vI kinematic viscosity of the liquid phase (m2/s)
p density of liquid (kg/M3)
Pc density of two-phase mixture in droplet flow (kg/m 3)
p.* ratio of droplet mixture density to gas density (plp5 )
Pg gas phase density (kg/m3)
Pi liquid phase density (kg/m3)
Pis mixture density in the liquid slugs (kg/m3)
PM density of two-phase mixture (kg/m3)
Pm mixture density of two-phase fluid (kg/m3)
Pr rated pump fluid density (kg/rn3)
PS density of the solid wall (kg/m 3)
p* ratio of phase densities, pVp 5
a surface tension (N/m)
CIO Stefan-Boltzmann constant (W/m2-K 4)
T wall shear stress (Pa)
""i shear stress at gas-liquid interface (Pa)
T, wall shear stress (Pa)

wall heat flux in evaporator (Watts/M2)
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Symbol Descri
01 empirical factor which multiplies the calcuiated heat flux

in the slug flow regime
Ogo 2 two-phase multiplier, ratio of two-phase to single-phase

gas pressure gradient
Otp two-phase multiplier for pressure losses
0) normalized pump speed (-)

Subscripts

b bend
c vena contracta
crit critical value of a parameter which corresponds to a

flow regime transition
d downstream
fa friction in annular flow (refers to a pressure gradient)
fb friction in bubbly flow (refers to a pressure gradient)
fdb fully developed boiling
fsl friction in slug flow (refers to a pressure gradient)
fst friction in stratified flow (refers to a pressure gradient)
ga body forces in annular flow (refers to a pressure gradient)
gb body forces in bubbly flow (refers to a pressure gradient)
gst body forces in stratified flow (refers to a pressure gradient)
gsl body forces in slug flow (refers to a pressure gradient)
i insert
i inlet
in inlet
Icc local conditions correlation
o exit
onb onset of nucleate boiling
p pipe
spl single-phase liquid
ta total gradient in annular flow (refers to a pressure gradient)
tb total gradient in bubbly flow (refers to a pressure gradient)
tsl total gradient in slug flow (refers to a pressure gradient)
tst total gradient in stratified flow (refers to a pressure gradient)
tx total gradient in regime x (refers to a pressure gradient)
u upstream
ucc upstream conditions correlation

0
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1 INTRODUCION TO THE DESIGN MANUAL

1.1 Purpose

This design manual presents methods to design and model the perfcrmance of key
two-phase components in thermal management systems for spacecraft. Figures 1.1 and 1.2 are
schematic illustrations of mechanically pu aped and capillary pumped two-phase thermal
loops. The key components of these loops include:

* Evaporatois
* Transport lines
* Condensers

* Mechanical pumps

Condensers in heat pipes are also addressed by the capillary condenser methods.

The analysis methods presented here apply to various approaches to these components.
Each method concerns a fundamental and general unit of the system component - for
example, a single tube in a forced convection evaporator or shear condenser. These methods
can be used for:

• Component design and sizing,
Analysis of component performance in system or component development tests,
Development and evaluation of analytic models for key phenomena, and

* Integration with transient codes for system analysis.

As an example of the integration with transient codes, the flow regime methods described here
in Section 2 have already been implemented in the recent releases of SINDAIFLUINT
(Cuflimore et al., 1987) and ESATAN/FHTS (Stock et al.. 1991).

1.2 Approach

The basic analytical approach in each method presented here is mechanistic. That is,
the models of the components are based upon fundamental physics rather than empirical
relationships such as correlations. Thus, these models include the inherent scaling of the
results with gravity, physical size, and fluid properties. In these mechanistic models,
correlating elements are at a secondary level of detail, for example as modelling parameters
describing interfacial friction relationships for the pressure drop, in contrast to a direct
empirical correlation of pressure drop. This provides a basic structure to the models which
does not change, though values of the modelling parameters can he later refined as
experimental data become available.

The analysis approach also includes the ability to assess the a/n.aytgial uncertainty.
That is, ranges of the modelling parameters which correspond to physical limits are identified.
An example is a smooth gas-liquid interface to describe the interfacial friction relationship in a
pressure drop model. The designer can assess the sensitivity of his results to the range of
uncertainty in these modelling parameters. On that basis, he can determine whether further
refinement of a particular mod'n ks important or unnecessary in his application.
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Simple design maps are presented where feasible. These can be used for initial scoping
calculations in sizing two-phase components.

Finally, the design methods have been validated against experimental data to the extent
that data are available. Each section of this report presents the validation comparisons
performed with each model. In some areas, the validation is extensive. In others, additional
work can be identified. In this way, the work described here can focus additional microgravity
experimental research on the key issues,

1.3 Contents

Table 1.1 summarizes the design methods included in this report. l[he methods have
been significantly upgraded and expanded compared with an earlier version of the design
manual (Crowley and Izenson, 1989). The table lists the nine topics addressed, the function of
the design method, and the application to specific components of two-phase thermal
management systems. Each section of the design manual deals with one of these -areas.

1.4 Corresponding Software

Table 1,1 also identifies a corresponding software item for each topic (section) in this
manual. References for this software are listed in Appendix B of this manual. Validation of

* these programs by compar-ison with experimental data is presented in the corresponding
chapter of this manual. The software generally consists of small (100 kB or less) easy-to-use
programs, written in standard FORTRAN, which are readily transportable to various personal
computers. Executable versions for IBM DOS and compatibles as well as Macintosh Ici
computers with math coprocessors are available, and the source code can be readily compiled
on other hardware. Persons interested in obtaining the software should contact the authors.

1.5 References

Crowley, C.J. and Izenson, M.G., "MICROGRAVITY TWO PHASE-FLOW AND
HEAT TRANSFER", AL-TR-89-026, Prepared by Creare Inc., Hanover. NiH, Prepared for
Phillips Laboratory (OL-AC PLJVTPT), Edwards AFB, CA, Contract F04611-88-C-0050,
October, 1989.

Cullimore, B.A., Goblc, R.G., Jensen, C.L., and Ring, S.G.; "SINDA '85/FLUINT
SYSTEMS IMPROVED NUMERICAL DIFFERENCLNG ANALYZER AND FLUID
INTEGRATOR"; Version 2.1, User's Manual, MCR-86-594, Prepared for NASA JSC, Contract
No. NAS9-17448, Prepared by Martin-Marietta Aerospace Corp.. Denver, CO, Nov., 1987.

Stock, N.J., Kirtley, C.J., and Stroom, C.J.M.; "ESATAN - CURRENT STATUS AND
FUTURE DEVELOPMENTS"; ESA SP-324. Presented at the 4th European Symposium on
Space Environmental Control Systems, Florence, Italy, 21-24 Oct., 1991.
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2 TRANSPORT LIHES: Flow Regime Methods

Most two-phase thermal management systems for spacecraft include gas and liquid
flow in the transport line between the evaporator and condenser components or in the
condenser/radiator component. Mechanically pumped systems permit two-phase flow at the
evaporator exit. Others, such as capillary pumped loops (CPLs) or droplet impingement
cooling (DIC) devices, have single-phase flow at the evaporator exit, but two-phase flow
occurs downstream in the transport line because heat losses lead to condensate formation
between the evaporator and the condenser.

The purpose of this section of the design manual is to provide methods for determining
the two-phase flow regime in piping. Knowledge of the flow regime is crucial to the
calculation of the pressure drop and void fraction. (See Section 3 of this design manual.)
Void fraction - or liquid inventory - is especially important when calculating transient system
behavior.

Section 2.1 summarizes the flow regime methods and discusses their applications.

Section 2.2 describes the methods and presents the basic equations behind each of three
flow regime transition boundaries which define the four flow regime domains. The equations
include sufficient detail that the designer can recreate the loreie maps shown here, either
in dimensional or dimensionless form. The software called MICROREG (Crowley, 1992)
developed on this project uses the methods and equations presented in this section.

Section 2.3 presents dimensionless design maps for the flow regime determination.
The user does not need to know the details of the theory and can determine the flow regime
quickly by hand using the procedures described in this section. The designer approaches the
flow regime calculations with knowledge of the phase flow rates, physical geometry, and fluid
conditions. The designer can then calculate a few dimensionless parameters, plot points on
simple maps, and determine the flow regime very quickly.

Finally, Section 2.4 compares the flow r.gime maps for the recommended design
methods against data from various microgravity experiments.

A key feature of the design methods recommended here is that they are applicable to a
wide range of acceleration levels, including earth gravity and microgravity, and all
'inclinations'. The upper limit on the acceleration level would be the point where fluid
properties vary significantly across the flow channel due to hydrostatic pressures. Once the
flow regime is selected from four possible choices, the pressure drop specific to that regime
can then be calculated (see Section 3).

2.1 Summary of Flow Regime Methods and Applications

A particular flow pattern occurs only for limited ranges of gas and liquid flow. The
gas/liquid flows which mark the transition from one regime to another are called regime
transitions. Regime transitions are calculated using mechanistic models for the dominant
forces which shape the flow patterns.
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2.1.1 Summary of the Flow Regimes and Transitions

Figure 2.1 illustrates the four primary flow patterns of interest for two-phase flow in
pipes. The patterns include:

* Stratified,
* Slug,
* Annular, and
* Bubbly.

These patterns are referred to as "flow regimes":

0 In the annul[ regime the vapor flows as a continuous gas core, and the liquid
flows as a thin film on the wall of the pipe. This is perhaps the most important
flow regime for thermal management systems in microgravity.

* In the stratifi regime body forces due to gravity segregate the gas and liquid
phases. Liquid flows near the bottom of the pipe and the gas flows near the top.
This regime does not occur in a "vertical" pipe on the ground. On a spacecraft,
the acceleration must have a strong component perpendicular to the axis of the
pipe for this flow regime to occur. Often, the flow conditions of interest produce
stratified flow at earth gravity, but annu!ar flow in microgravity' for the same
conditions.

In the "g regime, the vapor forms long bubbles so that the vapor phase is not
continuous in the axial (flow) direction, but is separated by liquidl slugs. Vapor
bubbles many pipe diameters in length occur and may be either asymmetrical or
symmetrical with respect to the central axis of the pipe.

* In the ubly regime, the vapor flows as discrete bubbles within the liquid phase.

The key to determining the flow regime is to first identify the dominant forces acting
on the fluid. Balances between the dominant forces are then used to describe the boundaries
(the transitions) between the four flow patterns described above. Three flow rcg-.ae
transitions:

* Stratified to nonstratified,
* Slug to bubbly, and
• Slug to annular.

bound the four flow regimes. These three transitions depend upon different balances of forces.
Figures 2.2 and 2.3 show sample flow regime maps in coordinates of superficial velocity
(Figure 2.2) and mass flux and quality (Figure 2.3) for earth gravity. Both maps display the
three regime boundaries and the regions corresponding to each of the four flow regimes.
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2.1.2 Summary of Regime Transition Models

This design manual uses mechanistic models for each of these flow regime transitions.
In contrast to empirical correlations, the mechanistic approach considers the governing physics
for each transition. Therefore the mechanistic models should scale well with all acceleration
magnitudes (g-levels) and directions. The three basic forces and force balances to consider in
the determination of the flow regimes include:

* Balance of buoyancy and inertia forces,
* Balance of surface tension and inertia forces. and
Sd nBalance of surface tension and buoyancy forces.

The dimensionless Froude number, Weber number, and Bond number represent these three
force balances, respectively. Models for regime transitions which consider the balances of
buoyancy and inertia forces include Taitel and olukier (1976) Barnea (1986), and DuBler et al.
(1987). Models which consider the balances involving surface tension include Lee and Best
(1987) and Barnea et al. (1983).

There is a tendency in current literature to draw a distinction between flow regime
models for earth gravity and for microgravity. However, based upon the experimental
evidence presented thus far, we find that the models developed for earth-gravity conditions
reduce to the appropriate limits for microgravity conditions without resorting to separate
models. Reddy Karri (1988) and Revankar (1989) provide examples for selezted flow regime
transitions. In this design manual, all of the significant regime transitions at earth gravity scale
properly to microgravity conditions, hence a single set of flow regime transitions applies at all
acceleration levels and angles between the body force and the flow direction. Table 2.1
summarizes the models recommended for the design manual.

To determine the flow regime using these models, the basic data supplied by the
designer should include: the fluid properties, the pipe size, the acceleration (magnitude and
direction), and the volumetric flow rates of the gas and the liquid phases.

The methods in this section apply to adiabatic flow in pipes of uniform, circular
cross-section. Alternate geometries such as square or rectangular channels must be treated
separately. The methods also assume that the liquid phase wets the material of the wall. If the
liquid does not wet the wall surface (such as mercury in a glass tube for example), then the
flow regimes and pressure drop models may be different than described here.

Extensive comparisons against experimental data validate the flow regime methods at
earth gravity in various flow orientations ranging from vertical upward to vertical downward.
The models for each orientation reduce to the same model under microgravity conditions and
compare well with the available microgravity data.

2.2 Flow Regime Transition Methods

This section lescribes in detail the analytical equations used for each of the flow
regime transitions. Design maps can be generated by plotting the equations presented in this

* section. The software package MICROREG, prepared on this project, calculates the regime
transitions necessary to plot the flow regime maps, and also determines the flow regime for
input flow conditions. The Software Maintenance Manual (Crowley, 1992) describes the
computer program and its use.
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2.2.1 Equations for Flow Regime Transition Methods

Stratified to Nonstratified Transition

This flow regime transition consists of two parts. The first uses a balance between
buoyancy and inertial forces (Kelvin-Helmholz instability) that applies to all except very small
tubes. The second considers a balance between buoyancy and surface tension forces that
comes into play for very small diameter tubes - a few millimeters in diameter. The Bond
number must be less than about 100 for the second case to matter. Since the Bond number
also becomes small as the acceleration decreases, this transition also needs to be considered for
larger pipes under microgravity conditions.

Basic Transition Model. This transition from stratified flow (to slug or annular flow)
involves the simultaneous solution of two equations. One equation is a dimensionless
two-phase momentum equation for a separated flow, and the other represents a dimensionless
transition criterion.

The dimensionless transition criterion in this model is based upon a balance between
gas inertia and buoyancy in the gas and liquid phases. Figure 2.4 illustrates the concept. At a
certain critical gas flow rate the pressure drop created by the gas flow over a wave (the
Bernoull effect) lifts the wave in a stratified flow to the top of the pipe. The theory for this
regime transition model involves a balance between inertial and buoyancy forces, represented

* by the Froude number for the gas phase, and a critical gas flow rate determines the transition
criterion. The methodology, based upon the work of Taitel-Dukler (1976), approximates the
criterion for wave growth detailed by more complex models (Crowley, Wallis, and Barry,
1992).

ILIF
Ug FORCE

h _ BUOYANCY-
hL FORCE'

Figure 2.4. ILLUSTRATING FORCE BALANCE FOR STRATIFIED FLOW REGIME

TRANSITION BASED UPON A FLOW INSTABILITY CRITERION
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To calculate this transition in the design method, the dimensionless Froude number for

the gas phase:

_ •j,:• __(2-1)

is calculated from the superficial gas velocity j,. where

FS is the Froude number for the gas phase (-),
mg is the magnitude of :he acceleration (-),
g is the acceleration of earth gravity (9.8 m/s 2),
D is the pipe diameter (m).
p1 is the liquid phase density (kg/M3), and
PS is the gas phase density (kg/M3).

The dimensionless Froude number is used in the following equation:

A * 10.5
F8 = [1-h* [ ][L&J (2-2)

to determine the corresponding dimensionless liquid level h* in the pipe. Table 2.2 defines the
three dimensionless geometric parameters on the right hand side of this equation. Each is a
function of the liquid level, so solving Equation 2-2 iteratively in the range 0 < h* < 1.0
determines the liquid level. (Note that the original reference for this Equation (Taitel-Dukler,
1976) contains a typographical error for the exponent of the R,* parameter. The equation
shown here is correct)

The gas velocity, j,, is then used to calculate a Reynolds number for the gas phase by:

Res = (pgDjg/gg) (2-3)

where

p1  is the gas phase density (kg/m 3),
j is the superficial velocity of the gas phase (m/s),
6 is the pipe diameter (m), and
11g is the gas phase viscosity (kg/m-s).

Then a gas phase friction factor:

f9 = C Re,,-ran (2-4)

is calculated, where the coefficient C, and the exponent m are:

CS = 0.046 (2-5a)
m = 0.2 (2-5b)

if Res5 > 1500. This is the Blasius (1913) equation for the turbulent friction factor in a
smoothpipe. If Rep < 1500. then:
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Table 2.2. DIMENSIO ESS GEOMTRY PARAMR MfR SLUG4• -

STRATIFIED FL" REGIME TRASITION

h* = hilD

A, A i - cos-1(2h*.l) + (2h*.l)[l 2h. 1)2]11

A {cos-1 (2h* 1) (2h* - 1) 1 -(2h* 1)21}

S1"* - cos-1(2h* 1)]

S = [cos-1(2h* 1)]

Si*= [1 -(2h* = 1)2]1 (dA*/dh*)

Ri* [n/4A,*] = 1/(1-a)

R9* [(/ 4A*1 =/a

4A

[S9* + Si*]

C8 = 16 (2-6a)

m = 1.0 (2-6b)

Using these coefficients in Equation 2-4 models laminar flow of the gas phase.

After calculating the friction factor, a dimensionless parameter defined by:
-- [ Fmg(p1 - pI)cos0

y (2-7)

is calculated, where

61 is the angle between the body force and the direction of fluid flow in the pipe (o).

The other parameters are defined above.
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The parameter Y is then used in a dimensionless two-phase momentum equation to
determine another dimensionless parameter (the Martinelli parameter, X) related to the liquid
flow rate-

[(R$*D,*)-m(R,*) 2] [•4 + -* 4Y

X 2 = I- .. .. . . ._. - - -_. - - (2-8)
[R 1 *D*].-- (Ri*) 2 (Si*/A 1 *)

Table 2.2 summarizes the dimensionless geometry parameters (starred parameters in Equation
2-8) as a function of the dimensionless liquid leve" h* determined using Equation 2-2. The
parameter (f1 /fn) is a constant representing the shear at the gas-liquid interface and has a
recommended value of f/fW8 = 5.

The liquid velocity can then be calculated from the definition of the parameter X2 by:

[x ý ]I-t - (2-9)
2 4 I 11(2-n)ý L

Equations 2-8 and 2-9 are first used with the assumption that the liquid flow is
turbulent, and:

C1 = 0.046 (2-10a)
n = 0.2 (2-10b)

to calculate the superficial liquid velocity at the transition j1.

The Reynolds number for the liquid phase:

Re,, = (p1Djgj/) (2-11)

is then evaluated. If Re,, >- 1500, the flow is turbulent, and the superficial liquid velocity
calculated by Equation 2-9 is the transition velocity. However, if Re,, < 1500, then the liquid
flow is laminar, and the parameters X and j, in Equations 2-8 and 2-9 are recalculated with:

C1 = 16 (2-12a)
n = 1.0 (2-12b)

CuoffMode. For the special case of small angles (00< 0 < 20'), a cutoff may be
invoked. This cutoff (Barnea et al., 1982) recognizes that stratified flow cannot be maintained
in downflow in a nearly vertical pipe. The cutoff criterion for the maximum superficial liquid
velocity is:

Jlcut = [(mzgDffw1)(sin 6)(1 - h*)] (2-13)

As long as the value of j, from Equation 2-9 is less than this cutoff value, then that value of
j, is used as the transition. If j, > jlcut, then the transition value is limited to the cutoff value
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Transition for Small-Pipe Diameters. The model described so far applies to pipes at
large enough size that buoyancy and inertial effects dominate. Bamea, Luninski, and Taitel
(1983) studied very small pipes (4 to 12 mm diameter) and found that capillary (surface
tension) forces can cause a transition to slug flow where stratified flow would be predicted
based upon the model described above. This could be important in determining the flow
regime in the condenser tubes of two-phase radiators in ground tests. Thermal management
systems such as the space station Active Thermal Control System (ATCS) and various
capillary pumped loops use tubes in this size range.

Barnea et al. suggest that the transition occurs at a dimensionless liquid level given by:

h* 1- x ' .Bo. > (1- 74) (2-14)

where Bo is the Bond number:

Bo = (2-15)

which bWances surface tension and buoyancy.

The criterion in Equation 2-14 is based upon a force balance pictured in Figure 2.5. it
results in a constant liquid (or void) fraction which depends upon the value of the Bond

* number. This dimensionless liquid level is also subject to the limit that h* > (1 - xJ4) or h* a
0.215, at which point there is insufficient liquid available to form the slugs. 13y Equation 2-14,
the limit of h* = 0.215 occurs if Bo < 4.7. At Bo =_ 100, the value of h* = 0.83, which is a
high enough liquid level that this transition is unimportant compared with Kelvin-Helmholtz
instability in the basic Taitel-Dukler (1976) transition, and it can be neglected.

SU~RACE. TENS!ON

ii FORCE

I UI

D V ____ _n:

Figure 2.5. ILLUSTRATING FORCE BALANCE FR) STRATIFIED FLOW REGIME
TRANSITION BASED UPON A SURFACE TENSION CRITERION
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Since the criterion is a dimensionless liquid level, the solution procedure for the
superficial liquid velocity at the transition is similar to the solution for the basic model. The
geometric parametrs (Table 2.2) are solved with h* given by Equation 2-14. Then, the liquid
velocity at the transition is found by solving Equations 2-8 through 2-12.

Characteristics of the Stratified to NonstratifiedTrlansition Boundar_. For each value
of j, assumed, the corresponding transition value of j, can be calculated, so this transition
boundary can be plotted as (Js,jj) pairs on a flow regime map. (Alternatively, if h* is assumed.
the correspon-ing j, can be found from Equations 2-1 and 2-2 first.) Figures 2.6 and 2.7 plot
all of the flow regitme transitions at earth gravity (a = 1) for upflow (Figure 2.6) and downflow
(Figure 2.7). Focusing on the transition from stratified flow, which is given by the
Taitel-Dukler model in these figures, the range of the stratified flow regime shrinks as the flow
direction and the body force oppose each other more (Figure 2.6, corresponding to upflow on
the ground). The stratified regime expands as the flew direction and the body force become
colinear (Figure 2.7b, corresponding to downflow on earth), but it also disappears in vertical
downflow (Figure 2-7c) because of the Barnea et al. (1982) cutoff. Extensive comparisons
with test data on earth show that these characteristics represent the actual data very well for a
wide range of pipe sizes and fluid properties.

Figure 2.8 shows the effect of the magnitude of the acceleration on the results. The
stratified region diminishes with reduced gravity. In fact, the stratified flow regime occurs at
liquid velocities of little practical interest at acceleration levels lower than 10- 2g to 10- 3g,
which is the level achieved in aircraft flying microgravity parabolas.

For the pipe size used in Figures 2.6 through 2.8 (D = 25.4 mm), the transition criterion
given by Equation 2- i4 is out of the range of the flow regime maps. Figure 2.9 presents flow
regime maps for pipes at 4 and 10 mm diameter with air and water. The dotted line marks the
transition boundary for the small diameter pipes. An additional region of slug flow appears.
which would alternatively be a stratified region if the model for small diameter tubes did not
apply. These maps agree with data presented by Barnea et al. (1983) to justify this model.

Su to Bubbly Flow Regime Transito

This flow regime transition can occur by two mechanisms. The first mechanism
balances the inertiu (turbulence) of the two phase flow and buoyancy (Figure 2.10). High
turbulent mixing can overcome the buoyant segregation of gas and liquid, resulting in a bubbly
flow. A limiting criterion, and the second mechanism for this transition, is the maximum"packing" of bubbles in the pipe. The void fractiorn can only be so large before the bubbles
touch and cnalesce into large bubbles in a slug flow pattern.

2-12



JSLUG

I4NNULAR 260. 2.6a
I • STRAkTIFIED

T 21 4 V (a) Horizontal
0.0 - - 00o2,

v) 0,1 1 I0 o0o

SJPERFICIAL GAS VELOCITY, j. (r/a)

" i o

0 "g
9 2 UBBLY

U

> " ANNULAR

0 SLUGg 0.1 "2.6b

9FIED (b) 20 Upsiope
CL 0.01 r - .-.- 0.1 1 Ic 100

SUPERFICIAL GAS VELOCI1Y, jb (n/,)

E 90
9In BUBBLY

I:-
-J ANNULAR

S 2.6c
_o SLUG

"-J 0.1I
UI (c) Vertical

0 I Upward
ej

V,0.0
0.0 1 1 10 100

SUPERFICI.,\L GAS VELOCITY. (rn/s)

Figure 2.6. EXAMPLE FLOW REGIME MAPS FOR UPWARDLY INCLINED PIPES AT Ig

2-13



U 1

ANNULAR2.7a

STRAT~tED(a) Horizontal

"P* 83 Ito
0 0.02 5

0.1 I0 100

SUPERFICIAL GAS VELOCITY. j nis

00

0

S0.1
-J ~STRATIFIED 27

Ud (b) 21Downslope
D 0.1 1 10 100

SUPERFICIAL GAS VELOCITY (nn

IBUBBLY

ANUA 2.7c

-~ 0.1 1(c) Vertical

1 Downward

SUPERFICIAL GAS VELOCITY, ad"/i

Figure 2.7. EXAMPLE FLOW REGIME MAPS FOR DOWNWARDLY INCLINED PIPES AT Ig

2-14



o

~ 0.~ - ~2.8a
STRATIFIE IA- MI. I , (a) Earth Gravity

C~w r 904
r+ \ ,"i'.ee ,,o 4

0.1 10 100

SUPERrICIAL GAS VELOCITY. (rn/s)

.0
E 43 =0.029

= 0 4 o

U BUBBLY

0

0 o, ANNULAR 2.01b

I .(b) KC-135 Gravity

00',10u• 0 .1 . 10 10 0

SUFERFICIAL GAS VELOCITY, q (m/s)

" IBUBBLY

SU2.8c

0

0.1 A (c) Microgravity

• 0.01
V1 0.1 I 10 ico

SUPEF;7IC:AL GAS VELOCITY. (m/I) w. ',l

Figure 2.8. EXAMPLE FLOW REGIME MAPS AS A FUNCTION OF ACCELERATION

2-15



E

> 0.1

Air/Woter
L~..T - 300 K

STRATIFIED iO-10 kPo
w D -00,004 M

0.1 110 100
SUPCIRFICIAL GAS VELOCITY, j~(m/s)

(a) 4mm Diameter 4mm

1 900 BUBBLY SU

LSLU SLUGU-

S0.01 STRATIFIED A~r/Water
L) T a 300 K

iz P - 100 I4Po
W D0- 0.0099 rr

o001

0.1 1 10 100
SUPERF~ICIAL GAS VELOCITY, j 9(m/s)

(b) 9.85 mm Diameter 1Ormm

Figure 2.9. EXAMPLE FLOW REGIME MAPS AT SMALL. DIAMETERS

2-16



GAS BUBBLES

0C

00

0 0 0 0 Coo

Figre2.1.TURBULE TNCE IC AACE (I Lg-o-BBL

BUOYANCY 0 0 00

C• 0 fow0 0 0°0 '1

0o 0 (5 0o
0 0 0 C0 aoov
O0 00 0 FORCE TUBLNCE

O0

Figure 2. 10. ILU•STRTIIG FORCE• BALANCE Fo SLUG-TO-BUBBLY
" REGIME TIPMSITION BASFI TUOBULENCE

Turbulence Criterion. Barnea (1986) suggests that turbulent mixing causes bubbly flow

at a critical value of the two-phase Weber number:

Wej = r0.6k 11. 67Boo 835 (2-16)LfW1o .4]

where

We, is a two-phase Weber number,
Bo is the Bond number (defined in Equation 2-15),
f,,a is a friction factor with a value of = 0.005. and
k is a constant in the range of 0.725 to 3.7 (Barnea, 1986). (Taitel et al.

(1980) recommend a value of k = 1.14).

The Weber number can therefore be calculated directly from known quantities.

The definition of the two-phase Weber number,

We j [p2 = [PiD- + I)a ](2-17)

can be rewritten to solve for the superficial liquid velocity:

j, = 01 ji (2-18)

Equation 2-18, with Equation 2-16, can be used to map the slug to bubbly transition
(based upon turbulence) as (jgJ.) pairs by selecting a range of values of j. and calculating the
corresponding j, values.
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Maximum Void-FractionCriterion, The second criterion for the slug to bubbly
transition comes from a basic driftoflux equation (Zuber-Findlay, 1965) for bubbly flow:

1 msgCaP - P) 0.°25J-1e =",U + j + 1.41 -- (2-19)

where

a• is a critical value of the void fraction for maximum packing of the bubbles.
Dukler et al. (1987) recommend a value of ac- = 0.45, though other recommended
values range from 0,3 to 0.52 (Taitel-Dukler, 1976).

CO is a constant typically near 1.2.

Equation 2-19 can be written to solve for the superficial liquid velocity as:

1 1 A F ___0.25

11-4- =gL p 5 ) (2-20)

Similarly to Equation 2-18, values of (,Jsj) pairs at the transition boundary can be determined
by varying j, across an appropriate range of values.

Characteristics of the Slug tg Bubbly Regime Transition Boundary. The transition from
slug to bubbly flow regimes is mapped by selecting the pair of coordinates with the higher
value of J, for a given value of j Said another way, for the flow regime map, the transition
criterion with a higher liquid velocity at a given gas velocity (Equation 2-18 or 2-20) takes
precedence in the flow regime transition. The portion of the transition with a negative slope
corresponds to the turbulence model (Equation 2-18), and the portion with a positive slope
corresponds to the void fraction model (Equation 2-20).

Figures 2.6 and 2.7 also plot the slug to bubbly flow regime on regime maps in
superficial velocity coordinates. These figures show that pipe inclination has very little effect
on the transition. This is confirmed by data at earth gravity conditions (Barnea, 1986).

Figure 2.8 shows that as the magnitude of the acceleration is reduced, the portion of the
transition criterion related to turbulence and body forces (Equation 2-18) disappears, and the
portion of the transition related to void fraction (Equation 2-20) remains.

Slug to Annular Flow Regime Transition

This regime transition, proposed by Barnea (1986), also consists of two parts. Both
describe blockage of an annular core, but by different mechanisms. As Barnea explains, the
first mechanism ("neutral stability") is an instability of the annular flow configuration, and the
second occurs when the liquid film is large enough to cause blockage as a result of flow in the
liquid film.

"Neutral Stability" Criterion. For this transition, the values of Re ., C, m f, and Y
are the same as calculated for the stratified to nonstratified transition in Equations 2-l to 2-7.
The next part of the solution involves the simultaneous solution of two equations. In
dimensionless form, the two equations are:

2-18

S. .. . • , - - ",- •• l •• II



Y= (ffw) (2-21)

La i(t- a)2.5J a 3J

(2 - 1.5a, )
Y = X2 (2-22)

aj3[l - 1.5a1]

where a• is the liquid fraction, (1-a). Equation 2-21 is the two-phase void fraction relationship
for the annular flow regime (Wallis, 1969). Equation 2-22 is the transition criterion derived by
Bamea (1986). The parameter (f#f.) in Equation 2-21 represents the interfacial friction
between the gas and the liquid phases. For the purpose of these design maps, the model
proposed by Wallis (1969) based on tests at earth gravity is used:

(f1 /fwyg) = [1 + Caaij] (2-23)

where C, = 75. An equivalent model is also used by Dukler et al. (1987) for microgravity
comparisons. Various alternative models appear in the literature, but the Wallis (1969) mode.l
appears to be a reasonable limit for most data. The minimum value of f/fw would be unity,
representing a smooth gas-liquid interface.

In this solution, the Equations 2-21 and 2-22 have been solved simultaneously to
eliminate X2 and obtain Y as a function of the liquid fraction, al. This equation is then

* differentiated with respect to liquid fraction (dY/dcxl) to find the point where the slope is zero
(dY/do- = 0), which is a minima in the solution curve. The value of Y at that point is called
Yt, and the corresponding value of the liquid fraction aclt. Typically, Y:rit has a value of
about 70.

If the value of Y (from Equation 2-7) is greater than Yeit, Equations 2-21 and 2-22 are
solved simultaneously in the range of 0 < al < alcrit to determine at and X. Having obtained
the value of X, the superficial liquid velocity at the transition, ji, is found by using the same
approach as Equations 2-9 through 2-13.

Critical Liquid Fraction. The second transition criterion is invoked if Y < Ycrit. (This
condition is always satisfied if 0 • 900 or m, = 0.) Equation 2-21 is first rewritten to solve for
X2:

X2 = ( ffw2) -L(2-24)

This transition involves using a critical liquid fraction oi, = 0.24 in Equation 2-24, with
Equation 2-23. Having obtained the value of X, the superficial liquid velocity at the transition
is found by using the same approach as Equations 2-9 through 2-13.

Characteristics of the Slug to Annular Regime Transition Boundary. Figures 2.6 and
2.7 also show the slug to annular transition on typical flow regime maps in (J'Ji) coordinates.
The set of plots in Figure 2.6 shows that this transition is approximately linear (occurring at a
constant liquid fraction) in a horizontal pipe at earth gravity, but the lower portion of the

* transition approaches a constant liquid velocity for downward inclinations (Figure 2.6c). The
transition in this case is determined by the "maximum liquid fraction" model (Y < Yrit and
al = al = 0.24). Figure 2.7 shows that the lower portion of the transition approaches a
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constant superficial gas velocity at large upward inclinations (Figure 2.7c). In this case, the
transition is determined by the "neutral stability" model (Y > Y't). Since the value of Yj, is
about 70 over a wide range of the liquid fraction (see Figure 2.18 below), this corresponds to a
constant gas Froude number of about F E- 1.2. which can be seen by solving Equation 2-7 for
Y = 70 and 0 = 1801. Barnea (1986) s~ows that the trends in these figures are consistent with
experimental flow regime data at earth gravity.

Figure 2.8 shows that the slug to annular transition is approximately the same under
microgravity conditions as it is for a horizontal pipe at earth gravity. This is readily apparent
from Equation 2-3 because the parameter Y approaches zero in the case of either small
inclinations (8 = 0) or low acceleration level (m, = 0).

Alternate Regime Map Coordinates

Simple transformations convert the flow regime maps in (JOjj) coordinates as described
above to quality and mass flux (x,G) coordinates:

G = (PSJs + ptj) (2-25)

X P09 [P gig,(2-26)

where

G is the mass flux (g/m2-s), and
x is the quality (ratio of vapor mass flow rate to the total mass flow rate).

Figure 2.11 illustrates how the regime maps in Figure 2.8 appear when converted to these
coordinates. It is particularly interesting to note that under microgravity conditions
(Figure 2.1 1c), the transitions from slug to bubbly and slug to annular flow regimes appear as
lines at approximately constant quality. In addition, the transition from stratified to
nonstratified flow occurs at approximately constant mass flux G (Figure 2.1 la), and the value
of the mass flux becomes smaller at low acceleration (Figure 2.1 lb), before disappearing at
microgravity conditions (Figure 2.1 Ic).

2.2.2 Modelling Uncertainties for Sensitivity Calculations

Table 2.1 summarizes the key modelling parameters in each of the regiime transition
models. For each transition, the sensitivity of the predicted transitions to these parameters
provides a measuwr of the uncertainty in the regime models. Thaz is, they represent the "fuzz"
in accurately locating the transitions on a regime map. Figure 2.12 illustrates the range of
sensitivity encompassed by the uncertainty in each transition boundary, shown by the pairs of
lines with the same style. if the predicted flow regimes for a particular design application
change when these parameters are varied across the ranges of their uncertainty, and if pressure
drops significantly change as a result, then the predictions should be treated cautiously. It is
usually better to err on the side of predicting the regime which results in 'higher pressure drops.

2-20



10000 [ - - .

oC g (critical
6 void

0 90 fraction)

E-. . BUBBLY•, 1000 SLUG

"-turbulence)zSLU ANNULAR

2.1la•J100 - S-:-

WTn RAI'E (a) Earth Gravity

r 0 =0.025 m

1000.001 0.01 0.11

QUA'ITY, x

10000 - -... ?-
(criticoi

Ivoi:!

0 90 fraction)

"1000 BUBBLY ILUG SSLUG
ANNULAR

:'< ~ ~(tutul~umc4) "Aro

(turbulenc4) 21lAmoi 2.11b

U. 100Amrni,,- -0 294 K
T 2 (b) KC-D35 GravityIn P = 880 kPa
0 = 0.025 rn

10 . . . . . . . .-
0.001 0.01 0.1

QUALITY, x

=a 10 g (critical
14void

H 90 fraction) a-
,'E

1000 " ~2.11Ic

BUBBLY SLUG ANNULAR (c) Microgravity

I 100
) Amrmonia
ST - 294 K

P = 880 kPa
0 = 0.025 m

10 J, .
0.001 0.01 0.1

QJALUTY

Figure 2.11. EXAMPL FLOW REGIME MAPS IN MASS FLUX COORDINATES
AS A FUNCTION OF ACCELERATION

2-21



25.4 rilm a 1 g AMMONIA
0 90 1 P880 kPa

- 5tUOSUHPLV TRANiSITION
sL.uc ANNw.L.AR RANvnclN

S 10 BUBBLY a-.y .

> (k 0,CO725) -

n ~~SLUG _2frO4

J.- ANNULAR

( 0.1 (r-~

w ~STRATIFýIEID
C. 0.01
S 0.01 0.1 1 10 100

SUPERFiCIAL GAS VELOCITYr, j(m/s)
)9

(a) Earth Gravity

0 25.4mmnr as 10- AMMONIA
- = 0w T v294 K

N.100......III

E - SLUG-ousacv YRmTiANflM

- sLUG-AmNIuLAR TRAN4SITION ..

S 10 E
BUBBLY i-.)..-

:5 0.1 oe 4 ANNULAR

D0.01....... L
Ln 0.01 0.1 1 10 100

SUPERFICIAL GAS VELOCITYi (m/S)

(b) Microgravity

Figure 2.12. SENSITIVITY OF FLDW REGIME TRANSITIONS TO KEY

MODELLING PARAMET'ERS

2-22



For the stratified to nonstratified transition, the key modelling parameter is the
int~erfacial shear fif., between the gas and the liquid phases. The limiting case of f#,,A, = I
represents a smooth interface between the gas and the liquid. Using this value in the model
tends to give the lowest superficial liquid velocities for this transition (Figure 2.12a). At the
other extreme, experimental data suggest that a value of f =,f a 10 bounds experimental data,
providing the highest superficial liquid velocities for this transition. Unlike the lower limit,
this upper limit is not mechanistic, but it does tend to bound experimental data.

Furthermore, the recommended limits also tend to bound predictions of this regime
made with more detailed transition models such as the one-dimensional wave model suggested
by Crowley, Wallis, and Barry (1992). While the one-dimensional wave model is even more
mechanistic, its solution is quite complex. For the purposes of this design manual, the simpler
approach suggested here is preferred.

For the portion of the slug to bubbly regime transition which is based upon turbulence,
a coefficient k which describes thz magnitude of the turbulence is the uncertainty parameter.
The parameter k has been assigned a value of 1.14, though Barnea (1986) indicates that the
value may range from 0.725 to 3.7. This represents a significant range of uncertainty
(Figure 2-12a).

For the portion of the slug to bubbly regime transition which is based upon the
maximum void fraction, there are two modelling parameters:

a The critical void fraction ac, and
0 The drift-flux coefficient C0.

The drift-flux coefficient has been hypothesized to range between 1.0 and 1.2. The value of
1.0 represents a very uniform distribution of the bubbles across the diameter of the pipe. A
value of 1.2 represents a void fraction profile across the diameter. Recent data (Colin et al..
1991) support a value of Co = 12, evcn under microgravity conditions. (Those data are
described in Section 2.4.) The value of the critical void fraction has been repotted to range
from 0.3 to 0.52. Some uncertainty remains, and additional microgravity data are needed to
select the be3t value for this parameter.

For the slug to annular flow regime transition, the uncertainty lies in the modelling
parameters for

* Coefficient Ca in the interfacial shear model, and
* Critical liquid fraction, al,

The values of these two parameters are intertwined, as may be seen in Equation 2-23 for the
interfacial shear. Microgravity data suggest that the transition occurs at somewhat higher
values of the superficial liquid velocity. This could be the result of a higher liquid fraction or
higher interfacial shear coefficient in the model. (See Section 2.4.3.) Experimental data on
pressure drop and void fraction at the transition would resolve this question, however no data
are presently available.

2
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2.2.3 Limits of the Methods

Pi,.omel,,. The theory described in Section 2.2.1 applies to pipes which range in
size from a few millimeters to a meter in diameter. The pipe diameters thus span the range of
interest for thermal management systems (from a few millimeters to a few centimeters) to gas
and oil pipelines.

The theory has also been developed for a pipe with circular cross-section. As a first
approximation, the theory could be applied to square or rectangular cross-sections, but the
models should really be modified for other geometries. The theory might easily be modified
for square or rectangular cross-sections. For example, the stratified to nonstratified transition
requires the derivation of several geometric parameters (see Table 2.2). For this transition, the
same theory for the Kelvin-Helmholtz instability applies for rectangular cross-sections if these
geometric parameters are redefined. The transition from slug to bubbly flow depends upon the
drift-flux parameter Co. which may be different in rectangular cross-sections. Data may be
available for this value, though the value may not be far from the value of 1.2 suggested. For
the slug to annular transition, Equations 2-21 and 2-22 would have to be rederived for the
rectangular geometry. The result may not be far from the result for the circular geometry.

Acclratign. These transition models assume that the fluid properties are
approximately constant. If the densities or surface tensions between the phases vary
dramatically with small changes in pressure or ieniperature, as they do near the critical point
for a given fluid, then this assumption breaks down. The assumption of constant fluid
properties also breaks down if there is a significant gradient in the fluid properties across the
diameter of the flow channel. This can occur for example in a two-phase line during launch,
where the acceleration may be ten times earth gravity. The models should not be applied to
high acceleration levels.

2.3 Dimensionless Design Charts for Flow Regimes

This section illustrates how the flow regime can be determined quickly from known
conditions. The information required in order to determine the flow regime includes:

Fluid Properties

* Pt Liquid phase density
* Pg Gas phase density
* jA, Liquid phase viscosity
• I' Gas phase viscosity
S Cr Surface tension

Geometry

* D Pipe diameter

Acceleration

• a Magnitude of acceleration (= mug)
• 0 Direction (angle between the body force and the flow direction)
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Flow Rates

"Liquid phase volumetric flux (QVA)
is Gas phase volumetric flux (Q&A)

Each of the three flow regime transitions can be represented on dimensionless design
maps. -. dimensionless coordinates for these regime maps can be determined from the
informauon listed above.

The order of examining the transitions is important to the determination of the flow
regime, since certain regimes supersede others. The order should be:

* Stratified to Nonstratified Flow Regime Transition,
* Slug to Bubbly Flow Regime Transition, and

Slug to Annular Flow "c"ime Transition.

Figure 2.13 illustrates the logic for the flow regime selection. The dimensionless design maps
for flow regimes are presented and discussed in that order below. See Section 2.2.1 for the
theory and equations behind these maps.

Stratified to Nonstratified Flow Regime Transition. To determine first whether or not
the flow regime is stratified, the proposed design point is mapped on dimensionless plots of:

* Bond number, Bo, versus the Martinelli parameter, X, and
* Gas Froude number, F., versus the Martinelli parameter, X,

as shown in Figures 2.14 and 2.15. These maps correspond to two transition criteria described
in Section 2.2.1:

The first is important at small pipe diameter (low Bond number) and represents a
balance between buoyancy and surface tension forces, and

The second is important at all pipe diameters and represents a balance between
buoyancy and inertia forces.

The definitions of the dimensionless parameters used in the maps are:

Bo mggDI(p1 - (2-27)

FS 5 (2-28)
[mggD(p1 - pg)]oP5

X = (2-29)

•[2C 
["
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0
Y msg(p - PS)cos-O (2-30)

where ) )

Bo is the dimensionless Bond number,
F is the dimensionless Froude number for the gas phase,

is the dimensionless Martinelli parameter,
Y is the dimensionless pipe inclination parameter
g is the acceleration due to earth gravity (mis 2),
p1 'i, the gas phase density (kg/M3),
ps is the liquid phase density (kg/m 3),
.1 is tht superfizial velocity of the liquid phase (m/s),

is the superficial velocity of the gas phase (mis),
3 is the pipe diameter (m), and
0 is the angle between the fiow direction and uie body force (0) (e.g. 00 is colincar,

900 is perpendicular, and 180' is opposing, corresponding to downflow,
horizontal, and upflow on the ground).

Table 2.3 indicates how to determine the values of the friction factor coefficients C1, C., n and
m to use in Equations 2-29 and 2-30.

Table 2.3. SUMMARY OF PARAWE'IR VALUES F )R FRICTION FACTOR CALCUIATION

PHASE REGI.4E CRITERION C1 or C1  m or n

Rp<10 16 1.0
VAPOR LAMINAR Re L = 98.& 15011.

TURBULENT Re,, Z 1500 0.046 0.2

LRe15 = ["P-D'] < 1500 16 1.0LIQUID L.AMINAR 1

TURBULENT Re15 > 1500 0.0d1$ 0.2

Note: Re = 1500 is the point where laminar and turbulent friction
factors are equal in these two models.

2
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The procedure to check the stratified transition using Figures 2.14 and 2.15 is to first
calculate the four dimensionless quantities in Equations 2-27 to 2-30. These quantities depend
upon the superficial phase velocities (or volumetric flow rates) j, and j, of each phase and the
fluid properties.

The desired operating point is first plotted on Figure 2.14 at the coordinates (X,Bo).
The line corresponding to the constant value of Y from Equation 2-30 is then located. The
designer notes whether the operating point is above or below the line. The desired operating
point is then plotted on the design map in Figure 2.15 at the coordinates (X, F3 ). Then the line
of constant Y for the proposed design conditions is located on this map, anc the designer notes
whether the operating point is above or below tCe line. If the operating point falls below the
line for the value of Y on bath maps (Figures 2.14 and 2.1'), then the flow regime is stratified.
If the operating point faUs abo,,e the line for the value of Y on dUi of the two maps, then the
slug to bubbly flow regime transition is assessed as described below.

Note that if the acceleration level is very small, for example at microgravity conditions
where a =- 10"-*, then Y = 0. The lines corresponding to Y = 0 are highlighted in Figures 2.14
and 2.15.

Slug to Bubbly Flow Regime Transition. The transition from the slug to the bubbly
flow regime should be examined as the second step. The slug to bubbly flow regime transition
consists of two parts:

* A transitiot, based upon fluid turbulence, and
* A transition based upon a critical void fraction,

and both of these criteria need to be checked to determine the flow regime.

Figure 2.16 is the dimensionless design map for the transition based upon turbulence.
To determine the flow regime, a dimensionless Weber number:

Wei = j= O (2-31)

and the dimensionless Bond number from Equatien 2-27 are used, where

Pt is the liquid phase density (kg/m 3),
p5  is the gas phase density (kg/m3),
D is the pipe diameter (m),
a is the surface tension (N/m),
jS is the superficial velocity of the gas phase (m/s), and
Jl is the superficial velocity of the liquid phase (m/s).

The point with coordinates (Bo, Wei) is then located on Figure 2.16. If the point is above the
transition line in the figure, then the regime may be bubbly, but the second (void fraction)
transition criterion must be checked first.

0
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Equation 2-20 can be written in dimensionless form as:

S1 1 1.41M = ~- lJ -- * .---- (2-32)

CoKgP*

where

M = (J0/J5 ) (2-33)

K8  P9 0 .5 i (2-34)

[msgD(p 1 - pg)]o.0

P* = (PIlP9) (2-35)

and the other parameters are defined above.

Figure 2.17 illustrates the second slug to bubbly flow regime transition criterion, based
upon a critical void fraction. The design map in Figure 2.17 plots the dimensionless regime
transition of Equation 2-32 using the parameters defined by Equations 2-33, 2-34, and 2-35.
The design map uses the recommended value C, = 1.2. The proposed operating point is
plotted in Figure 2.17 at the coordinates (K lp* O. 5, NJ). If the operating point is above the i
transition line, then the flow regime is bubbly. If the operating point is below this line. then
the slug to annular flow regime transition needs to be evaluated as described below.
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1.ug to Annular Flow Regime Transition. If the liquid fraction is varied between
v•lues of zero and the critical value, a,0, then Equations 2-21, 2-22, and 2-23 map out
coordinates of (X, Y) as shown by the upper, U-shaped portion of the curve in the design map
of Figure 2.18. Equation 2-24 with Equation 2-23 and with cq,, = 0.24 describes the line
originating in the region Y < 0 in Figure 2.18.

The slug to annular flow regime transition involves two of the same dimensionless
groups as the stratified-to-slug transition; namely, the parameters X and Y given in
Equations 2-30 and -31. The proposed design point is plotted on the graph of Figure 2.18, for
the coordinates (X,Y). If the location of the design point is below the curve in the figure, then
the flow regime is annular. If the location of the design point is above the curve in the figure,
then the flow regime is slug because all of the previous regimes have been checked, and that is
the only regime remaining.

It should also be noted that for microgravity conditions where a - 10- 6g the value of Y
is approximately 0. so that only the X coordinate is important. That is, the point can be
plotted as (X,0). If Y = 0 and the value of X ! 1.47, then the flow regime is annular. If
X > 1.47, then the flow regime is sl•;g.
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2.4 Validation With Microgravity Flow Regime Data

As Barnea (1986) points out, the methods and models described here apply well at
earth gravity to the full range of pipe inclinations from vertical upward, to horizontal, to
vertical downward. Examples of the flow regime comparisons are given in Barnea (1986),
Barnea et al. (1982) and Taitel et al. (1980). The purpose of this section is to illustrate that the
same models can be applied to microgravity conditions.

2.4.1 Experimental Data

Table 2.4 summarizes the nine experimenters, test geometries, ana range of data for
microgravity tests of gas-liquid flows. Most of the experiments have been performed on
aircraft which provide about 25 seconds of acceleration at about a = 0.01g. A few tests have
been performed in drop towers which provide a few seconds of acceleration at 0.00ig or less.

Tube sizes range from 6 to 40 mm. This is an appropriate size range for two-phase
thermal management systems at power levels from 2 kW to 25 kW. Tubes in directly
condensing radiators might be somewhat smaller (only a few millimeters in diameter).
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The fluids used in the tests include primarily air/water combinations and several types
of Freon refrigerants. No microgravity data are available for ammonia, heat transfer fluid most
likely to be used for thermal management systems on satellites or manned spacecraft. With
these fluids, !he ratio of the liquid density to the gas density ranges from 30 (R-12) to 900
(air/water). This density ratio is an important criterion in the flow regime transitions which
depend upon void fraction. For comparison, ammonia has a density ratio of about 88 at room
temperature. At a density ratio of 50 to 100, experiments with Freon R-1 1 come the closest to
matching this value.

Effects of surface tensioi are not strong in the existing analytical models. Only
a relatively small range of surface tension has been studied experimentally - from 0.018 N/m
with Freon to 0.050 N/m with air and water. This bounds the surface tension of ammonia,
which is about 0.023 N/in.

2.4.2 Comparisons with Individual Experiments

This section describes the comparisons between the design manual methods and the
experiments listed in Table 2.4. The MICROREG software (Crowley, 1992) has been used in
the comparisons.

Chen et al. (1988). These flow regime data were obtained with Freon R- 114,
nominally at a constant mass flux (G =- 200 kg/m 2-s). The heat input was varied at constant
mass flux in order to vary the quality from about 5% to 86%.

These microgravity data provide information about the transition between the slug and
annular flow regimes. Figure 2.19 shows that the observed transition lies very close to the
calculated transition. The observed transition is in the range of the transition curve governed
by the critical void fraction and the interfacial shear model. The baseline interfacial shear
model (Wallis, 1969) and the baseline liquid fraction al, = 0.24 work well for these data.

Chen et al. also provide complementary flow regime observations at Ig (Figure 2.20).
For the mass flux chosen, many data previously in the slug flow regime at 0.Olg (Figure 2.19)
are in the stratified flow regime at Ig (Figure 2.20). Data at the highest vapor velocities
remain in the annular flow regime. The observed data for the stratified to nonstraitfied regime
transition lie right on the borderline with respect to the transition from stratified flow. A
slightly larger value of the interfacial shear (fVfwg) would predict these data well.

Colin et al. (1991). This experiment primarily studied the transition between the
bubbly and slug flow regimes. The measured transition occurs at approximately a constant
void fraction of cc,; = 0.2 (Figure 2.21).

The predicted transition between slug and bubbly flow regimes has two parts: one at a
constant void fraction of about 0.40, and the other - based upon turbulence - has a negative
slope with respect to liquid velocity. For the portion of the transition at constant void fraction,
these data suggest a lower critical void fraction as the transition criterion. The authors
attribute the lower void fraction for the transition in the data to the larger pipe diameter
(40 mm) and the short length of the test section, suggesting that entrance effects may play a
role in the results observed in these tests.
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For the portion of the transition based on turbulence, the comparisons may suggest that
this transition boundary disappears (moves to lower liquid velocity) more rapidly with
decreasing acceleration than is shown by the analysis. On the other hand, the calculated
transition would be at liquid velocities lower than the data range if the actual acceleration level
achieved is only slightly less than the reported average value of a = 0.03g. The authors
suggest that this may be the case.

Crowley et al. (1991). Figure 2.22 shows the limited data obtained at 0.Olg in these
experiments. Measured data in the annular flow regime intrude across the transition boundary
to slightly higher liquid velocities than is predicted by the analysis. This suggests that the part
of the analytical transition at constant liquid fraction should be moved to a higher value of the
liquid fraction in order to include these data. One observed data point in the slug flow regime
lies right on the border between the slug and bubbly flow regimes, but provides insufficient
information to make any conclusions about that transition.

Figure 2.23 presents the complementary lg data (horizontal) for this experiment. With
respect to the stratified to nonstratified transition, the interfacial shear should be lower than the
baseline value (f/f = 5) in order to match the measured transition. A value near unity
matches the data. Thle transition between the slug and annular flow regimes matches the
observed regimes well.
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Dukler et al. (19872. Experiments by Dukler et al. have been performed in a NASA 0
Learoet as well as the Lewis Research Center drop tower facilities. Figures 2.24 and 2.25
present the comparisons for these sets of data. Figures 2.24 and 2.25 both show that the
transition from bubbly to slug flow is adequately predicted by the analysis. Figure 2.24 shows
that the transition between the slug and annular flow regimes might lie at higher liquid flow
rate (or liquid fraction), similar to the data from Crowley et al.

Dukler et al. have obtained additional flow regime observations in the Leariet,
including data at an intermediate acceleration of 0.17g (representing the gravity level on Mars)
and data with air/glycerine. Those data have not yet been published. However, the initial
comments of reviewers with access to both the MICROREG software and the data report that
the portion of the slug to bubbly transition based upon turbulence is questionable at
intermediate accelerations.

Heppner et al. (1975). As reported in an earlier version of the design manual (Crowley
and Izenson, 1989), the lack of information about these data precludes meaningful
comparison&.

Hill and Best (1991). Figures 2.26 and 2.27 show the microgravity data from these
experiments at 8.8 and 11.1 mm tube sizes, respectively. The preponderance of the data are in
the annular flow regime. The comparisons in these two figures suggest, as do previous data,
that the transition between slug and annular flow regimes occurs at slightly greater liquid
velocity (or liquid fractions) than is calculated. Figures 2.28 and 2.29 show that the critical
liquid fraction in this transition must be increase to a1c =_ 0.40 in ordcr to bound the observed
data in the annular flow regime. This is a minimum value, since there are no data in the slug
flow regime at higher liquid velocities.

For some cases which are nominally under the same conditions where annular flow is
observed, however, the flow regime is reported to be slug or slug-annular transition instead of
annular. There may be a reason to neglect these few observations which are not in annular
flow. The reason ;s that there is a large uncertainty in the gas flow rate for those cases (taken
on a certain flight date), and they may actually lie at significantly lower gas velocities than
reported here. Additional microgravity data are expected to be available from this facility.

Complementary flow regime observations have been obtained during the periods of the
KC-135 flight profile between the microgravity parabolas. Nominally. these conditions were
expected to correspond to horizontal, ground test data. The data are mainly observed to be in
the stratified flow regime (Figure 2.30), with the transition from stratified to slug flow at a
superficial liquid velocity ofj =_ 0.6. Analytical predictions indicate that the data should be
predominantly in the slug flow regime, even at the highest value of the interfacial shear. The
predicted transition from stratified to slug flow is significantly lower, at jI- 0.1. This result -
where the transition is not bounded by the range of uncertainty in interfacial shear - is
contrary to the preponderance of stratified data in the literature. Even the more comprehensive
one-dimensional wave theory (Crowley, Wallis, and Barry, 1992) fails to account for this
difference, as shown by the dashed transition line in the figure. The result suggests that the
test section was probably not level during the observation period, but had a slight upward slope
of several degrees uý nore. True ground test data are presently being obtained in this facility
which should answer this question.
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Lee and Best (1987). The data from Lee and Best (Figure 2.31) provide some
information on both the slug to bubbly and slug to annular regime transitions at low gravity.
The predicted transition from slug to bubbly flow lies correctly between the data observed to
be in the bubbly and the slug flow regimes. Because of the limited number of data points,
however, it is difficult to pinpoint this transition. Like data from Hill and Best described
above, these data also suggest that the part of the transition based upon void fraction occurs at
higher liquid velocities (higher liquid fraction) for the slug to annular transition.

Rekallah (1991),. The experimental data from the University of Saskatchewan
(Figure 2.32) show that:

0 For the part of the slug to bubbly transition based upon a critical void fraction,
the model agrees with the results from the Dukler model (Cf, = 0.40).

* For the part of the slug to annular transition based upon a critical void fraction, a
somewhat larger liquid fraction than is included in the model (X1c = 0.24) is
needed to match these data. Figure 2.33 shows that a value of a,,= 0.40, which
matches the Hill-Best data (Figures 2.28 and 2.29), may be slightly too large to
compare well with these data.

Further microgravity data are also expected from this facility.
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2.4.3 Conclusions from Microgravity Comparisons

This section summarizes general conclusions about the comparisons of the design
manual methods against the microgravity data with respect to each of the three Uansitions.

Slug. to Annular Transition

Comparisons between the data and the design manual methods suggest that:

A slight modification is needed for the part of the transition which occurs at
critical liquid fractiun, a,,. The effect can be bounded by a constant value
between 0.24 and 0.4 in the model, but needs further verification through
experiments.

A cutoff model developed by Lee (1987) involving surface tension does not
compare well with the available data and has not been included here (see the
discussion below).
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Constant Void ,raction. For the part of this transition ba ied upon critical liquid
fraction, several experiments (Crowley. Dukler, Hill-Best, Lee-Eest, and Rezkallah) suggest
that this transition occurs at higher liquid velocity than caLiculated in the baseline model. In
the discussion of Section 2.4.2, this is referred to as an indication that the transition occurs at a
higher critical liquid fraction for simplicity. The actual situation is more complicated. Since
the calculated liquid fraction is determined by the relationship for the interfacial shear (see
Equation 2-23), the same result can be achieved by either:

"* Increasing the liquid fraction while retaining the interfacial shear relationship, or

" Modifying the interfacial shear relationship to increase the interfacial friction at a
given liquid fraction,

It is necessary to have liquid fraction measurements corresponding to the flow regime data in
order to decide whether the first or second approach is correct. Until liquid fraction
measurements are available to refine the approach, the upper limit for he modelling parameter
of critical liquid fraction can be extended from oxj = 0.24 to celz = 0.40 in the analysis to
represent this uncertainty.

Special Cutoff lagsed Ugon Surface Tension. Lee and Best (1987) suggested a slug to
annular transition criterion based upon surface tension forces. Many of these experiments
indicate that as a minimum the cutoff is predicted at much too high a gas velocity. This cutoff
has been considered here, but ultimately not validated for use in the design manual.

Slug-to Bubbly Transition

The comparisons for this transition suggest that:

"* The range of critical void fraction might extended to lower void fraction (at least
for larger pipes) in the portion of the model based on void fraction.

"* That the portion of the model based upon turbulence is either inappropriate at
these tube sizes or disappears more quickly as the acceleration level is reduced.

Constant Void Fraction. For the part of this transition based upon a critical void
fraction, the data from tubes less than 40 mm in diameter indicate that the transition is
predicted well at the baseline value of ac = 0.40 in the model. Only the data from Colin et al.
at the 40 mm tube size suggest that the transition should be at a lower void fraction of of =
0.2. This may be attributable to the short length of the test section, according to the authors.

Turbulence Model. For the part of this transition based upon turbulence, experimental
data suggest that the transition drops to low liquid velocities more quickly as the acceleration
level is reduced than the model predicts. (See the data by Colin et al.) For the most part, this
transition is of no consequence at microgravity conditions. Data at intermediate acceleration
levels (representing lunar and Mars gravity) are expected from NASA LeRC. These data
should be used to validate the methods for this transition when they become available.
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Stratified to Nonstratified Transition

The model correctly predicts that the stratified transition lies below the range of the
data obtained at O.Olg, No change to the models is needed.

The transition from the stratified to nonstratified regimes only matters in the
comparisons at about 1g. The range of interfacial shear given in the model causes the data to
be bounded for the transitions.

Note: For applications at earth gravity, the stratified to slug portion of the transition is
generally predicted very well. The stratified to annular portion of the transition is not always
predicted very well - especially in the region where stratified, annular, and slug regimes meet.
Stratified flow tends to extend to higher gas velocities than given by the model in observations
near this point. (This is evident in the pressure drop comparisons as well, where the pressure
drop is given by the stratified model at the regime boundary - approximately F. = 1 and by
the annular model only when F8 a 3.) This is not important for space tests, but might be
important in ground tests of the equipment. (See the discussion of ground tests in
Section 3.5.2.)
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3 TRANSPORT LINES: Pressure Drop Methods

This section of the design manual provides methods to calculate the two-phase pressure
drop in piping. Knowledge of the flow regime is crucial to the calculation of the pressure drop
and void fraction in pipes, and Section 2 of the manual covers the flow regime determination
for pipe components. Pressure drop methods for bends or elbows, tees, and fittings are also
included here.

Section 3.1 summarizes the methods and discusses the applications.

Section 3.2 describes the methods and presents the basic equations for each of the
calculations. Calculation methods are available for the following components

* Pipes (various flow regimes),
* Bends and elbows,
* Mixing tees, and
* Fittings (expansions, contractions and short inserts)

The companion software called MICROP (Crowley, et al., 1992) developed on this project
uses the methods and equations presented in this section.

Section 3.3 summarizes the information which the designer must have in hand in order
* to estimate the pressure drop. This section also presents dimensionless parameters and graphs

which can be used to quickly calculate void fraction and pressure gradient for a specific flow
regime in pipes. This section is set up so that the user does not need to know the details of the
theory or the equations. The designer approaches the calculations with knowledge of the flow
regime, the phase flow rates, physical geometry, and fluid conditions. Simple dimensionless
parameters are used to determine a void fraction or a two-phase multiplier on plots. The
pressure gradient is then calculated by using this information in explicit equations.

Finally, Section 3.4 compares the pressure drop and void fraction calculations for the
recommended design methods against data from various microgravity experiments and ground
based experiments with ammonia.

The design methods recommended here apply to a wide range of acceleration levels,
including earth gravity and microgravity, and all "inclinations". The upper limit on the
acceleration level would be the point where fluid properties vary significantly across the flow
channel due to pressure gradients caused by large body forces. Once the flow regime is
selected from four possible choices (see Section 2), the pressure drop specific to that regime
can then be calculated by the methods presented in this section.

3.1 Summary and Application of Pressure Drop Methods

Pressure drop methods have been developed for a variety of basic flow components.
These components are found in the adiabatic transport lines in two-phase thermal management
systems.

30
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3.1.1 Summary of Pressure Drop Methods

Figure 3.1 shows the pipe, elbow, tee, and fitting components which can be modelled.
To calculate the pressure drop in a straight pipe component, the flow regime must first be
determined from among the four possible regimes:

0 Annular,
0 Slug,
0 Bubbly, or
0 Stratified.

The sketches for straight pipes in Figure 3.1 illustrate these fOur flow regimes. (Section 2
describes them in greater detail and provides the methods to determine the regime.)

The three general geometries for fittings are:

* Abrupt expansion,
* Abrupt contractiori, or
* Short insert.

Stight Pipes Elg Mfgou. TgeO
! 2

SL~S U G 1-t "

P: EXPANSION

't._ R. B: I * BU A1  ,

ABRUPT
ELBOWS CONTRACoTiON

I Ac A2

V 1 SHORT
,• INSERTAg '3 '2

Figure 3.1. GEOMETRIES AND FLOW REGIMES FOR

PRESSURE DROP CALCULATIONS
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Table 3.1 summarizes the main features of the recommended models for pressure
gradient and void fraction in pipes. The model used for each of the flow regimes is
mechanistic, In contrast to empirical correlations, which abound in the two-phase flow
literature, the mechanistic approach considers the governing physics in the momentum
balances, therefore the mechanistic models should scale well over a range of acceleration
magnitudes (g-levels).

These are not the only mechanistic mouelling approaches in the literature. Generally,
alternate mechanistic models can be derived at various levels of detail for each of the four
flow regimes. Modelling approaches used include:

* Homogeneous,
• Drift flux, and
a Sepamated (also called Two Fluid).

The models recommended here use whichever approach suffices for design purposes.
Table 3.1 shows that the mechanistic models for the slug and the bubbly flow regimes are
based upon a "drift flux" approach and that the models for the annular and stratified flow
regimes are based upon a "separated" approach. For more detailed information on the
background, the reference texts on two-phase flow modelling by Wallis (1969) and Collier
(1986) are recommended reading.

Table 3.1. MIM'OoS FOR PRESSURE DROP CALCULATIONS IN STA•LGRT PIPES
SRANGE OF

KEY PARAMER BASELINE UNCERTAINlTY
FLOW Ij FOR VALUE OF FOR KEY

REGIME RECOYM.ENFDEI) ODEL I APPROACH UNCERTAINTY KEY PARAMETER PARAMETER
ANNULAR HENIT" (1982) SEPARATED INTERFACIAL I + C,(I-a)b

WALLIS (1969) FLUIDS FRICTION plan WWkalI
C, 6.81 75 0 to 75
b 0.39 0 0 to 1

ILILES-YARAI-FY (1986) ENTRAINMENT 0 0 to (model)

"STRATIFIED I TAITEL-DUKLER (1976) SEPARATED INTERFACIAL 5 I to 10
FLUIDS FRICTION1

LILES-AMAF (1976) ENTRAINMENT 0 0 to (model)
FRACTION (Ed)

SLUG WLALIS (1969) DRIFT-FLUX DIS BUTION 1.3 1.0 to 1.3 1

DRIFT FLUX 0.35 0 to 0.5
COEFFICIENrT (k)

BUBBLY WALLIS (1969) DRIFT-FLUX DISTRIBb'TION 1.2 1.0 to 1.2
PA.RA&METER (C0 )

CRIFT-FLUI(X 1.4 0 to 1.4
S* COEFFICIEN'T (k)j
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Table 3.2 summarizes the methods -sed to calculate pressure drop in the other types of
components: elbows, tees, and fittings. In several instances - elbows, tees, and abrupt
contractions - a homogeneous two-phase model is used. For abrupt expansions and short
inserts, a separated model approach is used. The table lists the references for these models as
well.

3.1.2 Applications

Most two-phase thermal management systems for spacecraft include gas and liquid
flow in the transport line between the evaporator and condenser components or in the
condenser/radiator component. Mechanically pumped systems permit two-phase flow at the
evaporator exit. Others, such as capillary pumped loops (CPLs) or droplet impingement
cooling (DIC) devices, have single-phase flow at the evaporator exit, but two-phase flow
occurs downstream in the transport line because heat losses lead to condensate formation
between the evaporator and the condenser.

Table 3.2. PRESSUEIi DROP MEIS IN PIPING CPONEN

COMPONENT

I Bends 1 Abrupt Abrupt. Short
and Elbows Tees Expansion Contraction Inserts

Approach -Homogeneous Homogeneous Separated Homogeneous Separated

Recon-cnded Chisholm (1980) Rohsenow- Hussain- Hussain- Harshe-
Model Hartnett- Weisman (1975) 1 Weisman (1975) Hussain-

Ganic (1985) Weisman
and (1976)

Tapucu et al.
(1989)

T I
Key
Uncertainty Single Phase --- Slip Model ISlip Model

Loss Coefficient , Coefficients Coefficients

Limit or 0.6 to 2,0 Homogeneous Homogeneous
Range 0

0
3-4



For space systems operating under microgravity conditions, the annular flow regime is
probably the most common in pipes. This is because the annular flow regime occurs, at flow
qualities above x =_ 0.05. Flow qualities at the evaporator exit typically approach 1.0 in order
to take maximum advantage of the latent heat of vaporization of the liquid, which is the main
purpose for using two-phase systems in the first place. The slug and bubbly flow regimes will
be less common during steady-state operation because they occur at low flow qualities. Slug
and bubbly flows may be encountered at turndown conditions, during startup and shutdown, or
in short regions of high-shear co:densers and evaporators. The stratified flow regime may
appear during ground testing, or when the acceleration level is relatively large (greater than
0.1g).

The methods in this section apply to adiabatic flow in pipes and fittings. Alternate
geometries such as square or rectangular channels could be treated by similar methods, but are
not included here. The methods also assume that the liquid phase wets the material of the pipe
wail. If the liquid does not wet the wall surface (such as mercury in a glass tube for example),
then the flow regime may be different than the regimes considered here, and the pressure drop
models will differ accordingly.

The recommended models for pressure drop in pipes have been extensively compared
against experimental data at earth gravity in various flow orientations ranging from vertical
upward to vertical downward. In the absence of gravity, the hydrostatic component of the
pressure gradient becomes negligible, and the frictional component dominates, so the models
reduce to the appropriate limits under microgravity conditions.

3.2 Pressure Drop Methods for Each Flow Regime in Pipes

This section presents i.he detailed analytical equations and solution methods used to
calculate the void fraction and the pressure gradient in each of the four flow regimes. See
Figure 3.1 for sketches of the flow regimes.

3.2.1 Equations for Pressure Drop in Pipes

Annular Flow Regime. The references by Wallis (1969) and Hewitt (1982) describe
the derivation of the basic model for the annular flow regime. In the separated approach used
in this regime, individual momentum balances are first written for each of the gas and liquid
phases. These equations are then subtracted to derive the void fraction equation and added to
derive the pressure gradient equation for this regime.

The first step in the calculation process for this flow regime is to determine if
entrainment occurs, and if so, the value of the entrainment fraction. First, calculate the critical
velocity, Ve, for onset of liquid entrainment by:

V,= (2.5x XO--4)o0-5-'-- (3-1)
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where

PA is the density of the liquid phase (kg/rn 3),
P8 is the density of the gas phase (kg/ims),
a is the surface tension (N/m), and
As is the viscosity of the gas phase (kg/trn s).

Waiis (1969) provides this critical velocity e!quation.

Then calculate the fraction of the liquid flow. Ed, in the form of entrained droplets:

Ed = I - exp [C.[L4j (3-2)

where

Ve is the critical velocity by Equation 3-1,
Ce is a coefficient with a value 0 < C, < 0.23. and
Ja is the superficial velocity of the gas phase (mis).

Liles and Mahaffy (1986) derived this relationship to represent the fraction of liquid which is

in the form of entrained droplets. Values of Ed less than zero should not be allowed.

Next calculate the density of the gas/liquid droplet core as a homogeneous mixture:

PC + ] (3-3)

where

Ed is the fraction of liquid entrained as droplets from Equation 3-1 (-),
a, is the density of the two-phase mixture .kg/m3), and
ji is the supei-ficia! velocity ot the liquid phasc (mis).

Note, that if the rate of liquid entrainment. Ed, is zero, the density of the core flow is the same
.as tie gas density p,.

The basic equation for the liquid fraction in the film for the annular flow regime is:

2 3
X,(1 - Ed) 1 8  + YaHf 0 (34)

L (! -H I f)2.5

where the dimensi,:aless Martinelli parameter. Xa, is
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In Equation 3-5 the new parameters include:

f A is the friction factor at the wall-liquid interface (-),
f, is the friction factor at a wall-gas interface (-), and
DP is the pipe diameter (m),

The dimensionless parameter, Ya' is:

mg(P 1 - Pdc)(os 9)1

[n4fis(Pj g2/2D)

where

msis the magnitude of the acceleration ()
9 is the acceleration of earth gravity (,Is 2). and
e is the angle between the flow direction and the acceleration ()

And the recommended model for the interfacial friction factor ratio, (f/fw.), is:

ffj = (l+CaHijP) 
(37)

* C. and b are coefficients having the values and the ranges noted in Table 3.1. Values of these
coefficients which correspond to models suggested by Wallis (1969) and Chen et al. (1989) are
included in the ,.ble. The interfacial friction is the key modelling parameter in the annular
flow regime.

To evaluate Xa in Equation 3-5, the friction factors must be evaluated. To determine
the wall-liquid friction factor, first calculate the Reynolds number for the liquid phase:

Re [1"D (1-Ed) (3-8)Re,= ý41 0 d

where p, is the viscosity of the liquid phase (kg/m-s).

If the Reynolds number, Re,, is greater than 1500, then:

(z[ -2.0 g ) 5.0 0 13 (3-9)

where (cD) is the dimensionless roughness of the pipe. This friction factor model for
turbulent flow closely approximates the Colebrook friction factor relationship. Suggested by
Zigrang and Sylvester (19h2), this model avoids the iterative approach needed to snlve the
Colebrook form of the friction factor equation. If the Reynolds number for the liquid phase is
less than 1500 (Re, < 1500), however, then:

fi = 16(Re)-1 .0 (3-10)
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which is the standard equation for the friction factor in laminar flow. The Reynolds number of
1500 has been selected for the transition because it is the point where the friction factors in
Equations 3-9 and 3-10 are equal.

To evaluate Xa in Equation 3-5 and Y, in Equation 3-6, a friction factor for the gas
phase interacting with a smooth wall (liquid interface) is calculated. For the gas phase, the
Reynolds number is

R = r fD](3-11)

If the Reynolds number for the gas phase. Rep, is greater than 1500, then:

r(cID) lo0g[ (,) 1 ,37 112
f 0.25 2.0 log e (3-12)

but if Re, < 1500, then:

fn = 16(Re,)-l.o (3-13)

Laninar flow of the gas phase is unlikely for the conditions of interest to spacecraft thermal
management systems.

Equations 3-4 through 3-13 must be solved iteratively to determine the liquid iholdup in
the annular liqu,.d film, HFl. These equations are solved by systematically varying the liquid
holdup, Hi, until the basic holdup equation (Equation 3-4) is solved. Since values of Htf must
lie in the range from zero to unity (and will tend to lie closer to zero), a simple bisectional
search method is recommended. A tolerance of lxl10-7 is recommended for the value of Fly to
achieve convergence.

With the liquid fraction in the film and the fraction of liquid entrained determined, the
total liquid fraction is:

H, l- Hif+ [-.j I -(1-Huf) (3-14)E dJl + JgI

which is the sum of the liquid fraction in the annular film and in the form of entrained
droplets. Note that the total liquid fraction, H1, is the same as the liquid fraction in the film.
H1 t, if there is zero liquid entrainment (Ed = 0). The void fraction is therefore:

a = (1 - HO) (3-15)

The frictional component of the pressure pressure gradient is:

(dlP] -2fm[1~ [~~2 (3- 16)
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and the component of the pressure gradient due to body forces (gravity) is:

[p = m mgg(H1 fpl + (I-Hlf)pJ(cos 6) (3-17)
ZFZJga

The total pressure gradient is the sum of the individual components above:

I dPI [dP] dP1 3-8
ta fa + ga

Equations 3-16, 3-17, and 3-18 can normally be applied over most of the range of
interest. However, as the liquid fraction approaches very small values (HIf < 0.002), it is
recommended that the total pressure gradient be calculated using the gas phase equation alone.
as follows:

S(Jta] - [~w 8 [~ ~j + [mggp•(cos e)] (3-19)

More complicated models could be written for the annular flow regime, involving
liquid droplet entrainment and deposition. For most cases of interest to thermal management
systems, liquid droplet entrainment should not be significant. The effect of liquid droplet
entrainment on the pressure gradient is relatively small in any e'.'ent.

Stratified Flow Regime. The approach to the model for the stratified flow regime is
similar to that used for the annular regime. This regime should not occur in microgravity. but
often occurs in ground tests. Taitel and Dukler (1976) first develoed this approach for the
stratified flow regime, although the form was first proposed by Lockhart and Martinelli in the
1950s. Like the annular flow regime. separate momentum equations are written for the gas
and liquid phases. The main difference compared with the annular flow model is in the
geometric parameters which describe the interfaces between each fluid phase and the wall and
also between the liquid and vapor phases. The equations for each phase are subtracted to
derive the void fraction relationship and added to derive the two-phase momentum equation
and the pressure gradient.

First, die possible liquid entrainment is calculated using the same model as for the
annular flow regime. Equations 3-1. 3-2, and 3-3 are used to calculate the critical gas velocity,
entrainment fraction, and density of the homogeneous flow of gas and liquid droplets.

For the stratified flow regime, the basic holdup equation is:

2d] - (Rg(1 -[E] [7+ [ i + + 4Y5 = 0 (3-20)

xLAJ L L3A,

3-9



where the Martinelli parameter, X,, in stratified flow is: 0
".4fwj(pdj/2D)" 0. 1

X5 4fw8(,pdj2D)] 0  (3-21)

The dimensionless pipe slope parameter, Y, is:

. mgg(PI,- p,)(cos lY r =. I-(wiPs)/2D)] (3-22)

The interfacial friction factor ratio (fi /fw,) in Equation 3-20 has a constant value in the
range 1 < ft/fwg < 10 and a recommended value of 5. Table 2.2 of Section 2 defines the
dimensionless geometric parameters in Equation 3-20 as functions of the dimensionless height
of the liquid in the pipe h*.

To evaluate the parameter X, in Equation 3-21. the friction factor at the wall-liquid
interface must be calculated. First determine the Reynolds number for the liquid phase:

Re, = [ RIDiIR1 (1-Ed) (3-23)

If the Reynolds number, Re,, is greater than 1500, then:

Ie/D) 5.02 log -(E2D) 13-24)Ow .25[1 -2.0 log{(+~ Re -] S
using the Zigrang-Sylvester (1982) equation, but if the Reynolds number,Rel, is less than 1500,

then:

fm -- 16(ReO-1' (3-25)

for the laminar regime in the liquid phase. (See the notes in the section on the annular flow
regime above concerning these friction factor models.)

To evaluate the parameter X, in Equation 3-20 and Y, in Equation 3-21, the friction
factor at the wall-gas interface must be calculated. The first step is to determine the gas phase
Reynolds number:

Re-- - .j R DK (3-26)

If Re. >_ 1500, then:

(cg 0.[ 2 ,oge/D) 5 0.2]1log[(e 'D) 13] ]2 (3--27)
= 0.5 -. lg iK

If Re. < 1500, then:

=W 16(Re 8)-lO. (3-28)
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The dimensionless liquid level, h*, which satisfies Equations 3-19 through 3-28, must
be determined by an iterative approach. To solve these equations iteratively, the value of the
liquid level h* is varied until both sides of the holdup equation (Equation 3-19) are equal.
There is only a single solution for downward inclinations or horizontal flows. Since values of
h* must lie in the range from zero to unity (and will tend to be less than 0.5), a simple
bisectional search method could be used. (Due to the cylindrical geometry of the pipe
cross-section, there is a possibility of multiple (three) solutions for certain cases with small
upward inclinations in the stratified flow regime.)

Once the value of h* which satisfies the equations is found, the liquid fraction, H1 f, in
the stratified layer is determined from the geometric parameter, Rt1 , by:

= [l I*] (3-29)

When entrainment occurs, the total liquid fraction, HI, is the sum of the fraction in the
liquid film and the entrained liquid:

H1  HIf + I(hJ I+ .Jg I(I - H11) (3-30)

and the void fraction is:

¢ = (I - HI) (3-31)

Once the liquid fraction has been determined, calculating the pressure gradient is
straightforward. The frictional component of the pressure gradient is:

C[dP 2frPi2 I R*12rS1l (3-32)z2 *pl I 2R] S*](

fst 2 f.1 L d)

The cnmponent of the pressure gradient due to body forces (gravity) is:

C-j mgst g[Hlpj + (1 - Hl)pJ(co 0) (3-33)

The total pressure gradient is therefore:

dP = dPj f d• (3-341)
U~ tst i]2" fst + gst
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Because it is difficult to achieve numerical accuracy in the calculations when the liquid
fraction approaches the limits of zero or unity, the liquid phase or the gas phase momentum
equations are used in these limits, If the liquid holdup, Hu, is greater than 0.99, then the
momentum equation for the liquid phase is used:

Sfw8 .] [ .] s_]] + [mggp,(cos 0)3

If the liquid fraction, Htf, is less than 0.01, then the momentum equation for the gas
phase is used:

[-] = " ( [R:'] ['i] + [•][•] + [mSgpc(cos 0)] (3-36)

Slug Flow Regime. The model for void fraction in the slug flow regime is based upon
a drift flux approach (Wallis, 1969; Zuber and Findlay, 1965), which requires an empirical
relationship between the void fraction and the flow rates of each phase. First, the velocity of
the slugs is calculated using the drift flux equation:

V,= Co60s + jr) + k -•gD( P)] 05 (3-37)

where

Co) is a constant typically near 1.3 (see Table 3.3), and
ks is a constant whose value is given in Table 3.3.

The other parameters have been defined previously. The values in Table 3.3 have been
selected based upon our review of almost two dozen experiments.

The void fraction is then calculated by:

[ (I[EQ [V' +)] (1-HH) (3-38)

where El, is the fraction of liquid contained in the liquid slugs. Typically, a value of
EL, = 0.75 is assumed. The density of the two-phase liquid and gas mixture in the liquid slugs
is then:

Pis = [(1 - Ejopg + Ep1A] (3-39)
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Table 3.3. DRIPI-FHX PARAMETERS FOR THE
SUG FLOW REGIME

ANGLE 0 BETWEEN FLOW
DIRECTION AND BODY FORCE DISTRIBUTION

VECTOR (0) PARAETER Co, ks

900 e. < 1800 1.3 0.35

0 = 90° 1.3 0

00 < a S 900 1.0 -0.35

Next calculate a two-phase Reynolds number for the liquid slugs by:

Retm = [22IA g + -i) ~ (3-40)

* and use this value to calculate the friction factor for the slug flow regime. If the Reynolds
numberRem, is greater than 1500, then:

5.0 =(iLD- T-3 (3-41)f,,=0.25 [.-2.0 log{~ I f.5 log [~~ .7 ~ } -2(-1

using the Zigrang-Sylvester (1982) equation for turbulent flow, but if Relm < 1500, then:

f,, = 16(Reld)-'° 0  (3-42)

for laminar flow. (See the notes on these friction factor models in the discussion of the
annular flow regime above.)

The basic modelling approach for the pressure gradient assumes homogeneous flow, as
suggested by Wallis (1969). To calculate the frictional component of the pressure gradient,
use:

CdP'] [f.Ljý ig+ ] (3-43)

To calculate the portion of the pressure gradient due to body forces (gravity), use:

gdP = mgg[(1 - x)pt + api(cos e)
u j g3l -13
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The total pressure gradient is therefore:

rdPl rdPj rdPl (3-45)
u- tsl trj s1Lr gsl

More complicated models could be written for the slug flow regime also. These
models would involve asymmetric gas bubbles or corrections for long gas bubbles. Models
with as many as 17 parameters have been developed (Fernandes, 1982). For microgravity flow
conditions, these detailed models are probably unnecessary.

Bubbly Flow Regime. The drift flux approach is also used to calculate the void
fraction in the bubbly flow regime. As in the slug flow regime. the equation for the pressure
gradient assumes homogeneous flow, as suggested by Wallis (1969). The empirical drift flux
model used with the homogeneous pressure gradient equation is based on extensive research.

The void fraction for the bubbly flow regime has this form (Zuber and Findlay, 1965):

A[ - J+ h = (1-H,) (3-46)

in which the drift flux approach is used to model the flow rate and void fraction relationship.
In Equation 3-46,

C,,b is a constant typically near 1.2 (Table 3.4),
kb is a constant whose value is given in Table 3.4,

Table 3.4. DRIFr-FLUX PARAMETERS FR ThE
BUBBLY FLOW REGIME

ANGLE 0 BETWEEN FLOW
DIRECTION AND BODY FORCE DISTRIBUTION

VECTOR (0) PARAMETER Cob kb

900 • 0 < 1800 1.2 1.4

9 = 90* 1.2 0

00 < 0 5 900 1.0 0
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and the other parameters have been defined previously. The values of CC and k are based
upon work by Mishima and Ishii (1984), Harmathy (1960), Zuber and Hench (1962), and
Martin (1973) for swarms of bubbles flowing in a liquid. The velocity, V., is:

m [ (-K )l10.25

The two-phase Reynolds number for the bubbly flow regime is:

ReLm= [piD(,+ jj)] (3-48)

and the friction factor is calculated by the Zigrang-Sylvester (1982) equation for turbulent flow
if Retm> 1500:

f = 0.25 1 -2.0 log{(1i ) e- [ 1joýLŽ~. 2 (-9

If Rem< 1500, then:

f =16(Rejr-1*O (3-50)

* for laminar flow. (See the notes on these friction factor models in the discussion of the
annulaw flow regime above.)

The frictional component of the pressure gradient is:

[P -b [2f(jo.+jI p I +p1)(3-51)

The component of the pressure gradient due to body forces (gravity) is:

dP[ = mgg[(l - c0p1 + cxpg](cos 0) (3-52)

and the total pressure gradient is therefore:

UItb "=g

More complicated models could be written for the bubbly flow regime, involving
determining the sizes of vapor bubbles and calculating the interfacial forces on gas bubbles.
For bubbly flow under most conditions, the simple drift flux model is adequate.
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fr. To calculate the pressure drop in the section of pipe, multiply the total

pressure gradient by the pipe length:

Ap= L d11] (3-54)

where L is the length of the pipe section and the x' subscript in the (dP/dz) term indicates the
total pressure gradient for the appropriate flow regime.

3.2.2 Modelling Uncertainties for Sensitivity Calculations in Pipes

Table 3.1 summarizes the key modelling parameters in each of the four pipe flow
regimes. For each transition, the sensitivity of the predicted pressure gradient and void
fraction to these parameters provides a measure of the uncertainty in the calculations obtained
using these models,

Annular or StratifiedFlow Regime. For the annular flow regime, the key modelling
parameters are:

* The interfacial friction factor (shear) ratio fi/f, and

* The entrainment fraction Ed, which depends upon the coefficient C,.

The interfacial friction, which depends upon the coefficients Ca and b, is the key
modelling parameter in the annular flow regime. It represents the major uncertainties in the
modelling of pressure drop and void fraction. The minimum possible value of this parameter
is unity (f/f, = 1. with C. = 0 and b = 0 in Equation 3-7), representing a smooth interface
between the gas and the liquid phases. Maximum values of the liquid fraction and minimum
values of the pressure gradient are obtained using this limit. Wallis (1969) suggested a model
where the coefficients are C. = 75 and b = 1. This model tends to represent an upper limit to
the pressure drop calculations (see Section 3.5), providing the minimum values of the i.quid
fraction and the maximum values of the pressure gradient. The model suggested by Chen et
al. (1989) is intermediate to these two limits.

In the stratified flow regime, the interfacial friction factor ratio is treated as a constant
in the range from 1 to 10. The lower limit of f/f• = I again represents a smooth gas.liquid
interface. The value of f/f8 = 10 represents an upper limit based upon experimental data
comparisons. More detailed models (Laurinat et al., 1984) have been suggested, but the
recommended value of fi/fw = 5 compares well with experimental data.

The entrainment coefficient, C., determines the magnitude of liquid entrainment, Ed, in
the calculations. A value of Cc = 0 represents no entrainment. A maximum value of
Ce = 0.23 is suggested. For the range of conditions of interest to thermal management
systems, the value of this coefficient has only a small effect on the pressure gradient or the
void traction.
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Slug and Rubbly-Flow Regimes. The uncertainty in the slug and bubbly flow regimes

is represented by:

* The velocity distribution parameter, C0, and

The drift flux coefficient, k,

in each regime.

The velocity distribution parameter models nonuniformity of the velocity profile across
the pipe cross section. In the bubbly flow regime, this parameter is typically given a value of
Cob = 1.2 (Table 3.4). Recent experiments by Colin et al. (1991) appear to confirm that this
value is also valid for microgravity conditions. A value of C,, = 1.3 is typically assigned to
the slug flow regime (Table 3.3).

The drift flux coefficient represents the fact that, due to buoyancy, the vapor bubbles in
these flow regimes tend to move at a velocity slightly different than the velocity of the
two-phase mixture. (Which explains the origin of the term 'drift flux'.) In horizontal pipes on
the ground or under microgravity conditions, this drift velocity and the coefficient are zero. In
vertical pipes on the ground, the drift flux value is about k = 1.4 in the bubbly flow regime
and k = 0.35 in the slug flow regime.

Limiting values of CO 1 and k = 0 represent a completely homogeneous two-phaseS flow. This gives the largest pressure gradient and the largest void fraction in each of these
regimes.

3.2.3 Limits of the Methods for Pipes

Pi zen=. The theory described in Section 3.2.1 applies to pipes which range in
size from a few millimeters to a meter in diameter. The pipe diameters thus span the range of
interest for thermal management systems on spacecraft (from a few millimeters to a few
centimeters) to gas and oil pipelines on earth.

The only caveat to this wide application is for large pipes in the slug flow regime.
Thorough study of the slug flow regime in gas and oil pipelines (Crowley and Sam, 1986) has
led to special models for slug flow which take into account the asymmetry in the flow pattern
introduced by the effects of buoyancy. The models recommended by Crowley, Barry, and
Rothe (1990) should be used for large pipes in the slug flow regime.

The theory for each flow regime has also been developed for a pipe with circular
cross-section. As a first approximation, the theory could be applied to square or rectangular
cross-sections, but the models should really be modified for the other geometries. For
example, the theory for the annular flow regine should be rederived by starting with the basic
momentum equations for the liquid ano gas phases, using new relationships for the geometric
parameters. For the stratified flow regime, all that is needed is to redefine the geometric
parameters that appear in Table 2.2. For the slug and bubbly flow regimes, the void fraction
relationships need to be include a drift flux coefficient (parameter k) representative r'f the newS geometry, and that value can be determined experimentally. The pressure gradient models for
the slug and bubbly flow regimes can be used directly, with the new values of the void
fraction.
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Accle.raton. These models for pressure drop and void fraction assume that the fluid
properties are approximately constant across the pipe cross-section. If the densities or surface
tensions between the phases vary dramatically with small changes in pressure or temperature,
as they do near the critical point for a given fluid, then this assumption breaks down. The
assumption of constant fluid properties also breaks down if there is a significant gradient in th,
fluid properties across the diameter of the flow channel. This can occur for example in a
two-phase line during launch. where the acceleration may be ten times earth gravity. The
models should not be applied to high acceleration levels.

3.3 Pressure Drop Methods for Elbows, Tees, and Fittings

This section presents the detailed equations to calculate the pressure losses due to
two-phase flow in elbows, tees. and fittings.

3.3.1 Equations for Elbows, Tees, and Fittings

Bends and Elbows. The pressure drop method for bends and elbows is based upon the
homogeneous modelling approach suggested by Chisholm (1980). The bend or elbow is
treated as a stepwise loss, like a component such as a valve. The first step is to determine the
equivalent single-phase loss coefficient, kpi, which depends upon the curvature of the bend.
Typical values are:

Bend
Close 2.2
Standard 0.9
Medium 0.75
Long 0.60

The designations close, standard, medium and long refer to the radius of curvature of the bend
relative to the diameter of the pipe and may be found in typical textbooks on fluid flow. The
designations are qualitative and must be interpreted by the designer. When in doubt, the loss
coefficient for the standard case shoula be used.

Then, calculate the equivalent pressure drop in single-phase flow by:

Apsp, = kspI 7P-1 (3-55)

where

* is the total mass flux G = (j2p, + jp) (kg/m2-s),
* is the liquid phase density (kg&m3).

Determine a two-phase loss coefficient:

B I + 2.] (3-56)
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where

R is the radius of curvature of the bend or elbow (m), and
D is the diameter of the pipe (m).

Then calculate the two-phase multiplier:

Otp = 1 + [(pVpg) - 1][Bx(1 - x) + x2] (3-57)

where

P8 is the gas phase density (kg/M3), and
x is the flow quality x = (pg,/G) (-).

Finally, calculate the pressure loss in the bend:

Aph = OtpAPspj (3-58)

M ing..Te. Figure 3.1 shows that two fluid streams are assumed to mix together in a
single outlet stream in a mixing tee. A homogeneous approach to the modelling of a mixing
tee suggested by Rohsenow, Hartnett, and Ganic (1985) is used.

First, calculate the single-phase pressure drop:

APipI = BE G7-i] (3-59)

where

B is the single-phase loss coefficient. For tees. B - 1.6,
G is the total mass flux; G = (joff + j1pl) in the branch of the tee where both

streams have mixed (Figure .i) (kg/m 2-s), and
PI is the liquid phase density (kg/m3).

Next calculate the two-phase multiplier:

Otp = {1 + Bx[(pVpg) - 11) (3-60)

where

Pg is the gas phase density (kg/m3), and

x is the quality of the mixed flow; x = (p (-).

Finally, calculate the pressure loss in the tee:

Ap, = OtPAPsp (3-61)

Note that this homogeneous model does not take into account the flow regime which occurs
upstream in each of the branches or the flow regime in the branch where mixing has occurred.
The modelling of mixing in tees is one area where additional research is needed in order to
provide more accurate models.
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Abrupt Epansion. The model for an abrupt expansion uses a separated flow model.

Hussain and Weisman (1975) developed the model used here.

First calculate the area ratio:

(Ad/Au) = (D/Du)2  (3-62)

where

AU is the upstream (smaller) area (m2),
Ad is the downstream (larger) area (M2),
Du is the upstream diameter (m), and
Dd is the downstream diameter (i).

At this point, a choice is made whether to use the baseline separated flow approach to
the analysis or to use a homogeneous approach as a limiting case. Pressure drops using the
homogeneous approach will be conservative estimates. If the homogeneous model is selected,
then the void fraction relationship is:

CCU + ad111[i±X[)]( (3-63)

where

m, is the void fraction upstream of the expansion (-),
ad is the void fraction downstream of the expansion (-),
P9 is the density of the gas phase (kg/in 3),
PA is the density of the liquid phase (kg/m 3),
x is the quality upstream of the expansion (x = pj)G) (-), and
G is the mass flux upstream of the expansion (G = Pajg + pI) (kg/m 2-s).

"The separated flow model provides a more realistic predictions of the pressure drop.
The upstream and downstream void fractions are then:

Cu= x x)] (3-64)

and:

ad -T- x -) (3-65)

where

Ku is a phase slip coefficient upstream of the expansion (-), and
Kd is a phase slip coefficient downstream of the expansion (-).

0
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The upstream coefficient, Ku, is a function of a two-phase Reynolds number upstream
of the expansion:

Reju = P(k- i) (3-66)
I'4

and the downstream coefficient. Kd, is a function of a two-phase Reynolds number
downstream of the expansion:

Reid M &i d (3-67)

The functional relationship to determine these coefficients, K, = f(Re,), is:

r 1.0 if Rej • 1S03

1 - 0.381oglo(Rej,)- 3  if 103 < Rejx 104

KX 0.62 - 0.3loglo(Rej,)-4  if 104 < Rejx < 105

0.32 - 0.143loglo(Rej,)- 5  if 105 < Rej - 5x10 5

0.22 if Rejx > 5x10 5  (3-68)

This represents a fit to the relationship derived by Hughmark (1962) for the void fraction in. two-phase flows.

The two-phase pressure drop in the expansion is then:

Ape = ['0J {1X(* L. J ( )~~r...~~] (3-69)

Abrupt Contraction. A homogeneous approach is a good model for abrupt contractions.
Hussain and Weisman (1975) developed the basic model used here, but ideas contributed by
Tapucu et al. (1989) have also been incorporated.

First, calculate the area ratio:

y = Au/A = (DIDd) 2  (3-70)

where

A, is the upstream (larger) area (M2),
Ad is the downstream (smaller) area (m2),
Du is the upstream diameter (m), and
Dd is the downstream diameter (m).

Next estimate the contraction coefficient, C. from Table 3.5. The contraction coefficient is the
ratio between the cross-sectional area at the vena contracta (Ac) and the croes-sectional area of
the pipe downstream of the contraction (Ad). Table 3.5 can be represented by t',,s equation:

C -: 0.61668 + 0.083119r' - 0.0 97439y-g2 + 0.-
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Table 3.5. COgWACTION COIPICIE?'IS

i/7 C = A,/Ad

0 0.617
0.1 0.624
0.2 0.632
0.3 0.643
0.4 0.659
0.5 0.681
0.6 0.712
0.7 0.755
0.8 0.813

The two-phase pressure drop across the contraction is:

Ap. [ [+ (I + (3-72)

Sh.1nsert. The model for the short insert is a combination of the models for the
abrupt expansion and the abrupt contraction. Harshe, Hussain, and Weisman (1976) derived
this model for the short insert.

First, calculate the area ratio:

y-= A,/Ap = (DMDP)2 (3.73)

where

Ai is the cross-sectional area of the insert (M2),

Ap is the cross-sectional area of the pipe, assumed to be the same upstream or
downstream of the insert (M2),

Di is the diameter of the insert (m), and
Dp is the diameter of the pipe.

Just as for the abrupt contraction, the contraction coefficient C is then estimated from:

C -= 0 61668 + 0.083119r' - 0.097439y- 2 + 0.37458o-3  (3-74)

Like the abrupt expansion, a choice must be made whether to 1) use the baseline
separated flow approach to the analysis, or 2) use a homogeneous approach as a limitin.g case.
Pressure drops using the homogeneous approach will be conservative estimates. If the
homogeneous model is selected, then the void fraction relationship is:

[= rnl(l - x)]-I (3-75)

3-1+2j2
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where

ac is the void fraction in the vena contracta (-),
% is the void fraction in the pipe (.),
P8  is the density of the gas phase (kg/rn 3),
pA is the density of the liquid phase (kg/m 3),
x is the quality upstream of the insert (x = p41 G) 0, and
G is the mass flux upstream of the insert (G = p-- + pdi) (kg/m 2 -s).

The separated flow model provides a more realistic prediction of the pressure drop.
Then the void fractions are:

c1 1 +X)( -t•e= I7F+--cJL[1+L --v] ] ~ (3-76)

and:

where

K0  is a phase slip coefficient in the vena contracta downstream of the insert C-.and
K is a phase slip coefficient in the pipe (-).

The phase slip coefficient, Kc, is a function of a two-phase Reynolds number in the
vena contracta:

Rej, = (3-78)

and the phase slip coefficient, Kp, is a function of a two-phase Reynolds number in the pipe:

Rep = ploJt+ id (3-79)

The functional relationship to determine these coefficients, K,, = f(Re,), is:

1.0 if Rej, < 103

1 - 0.381oglo(Rej,)- 3  if 103 < Rej, • 104

Kx = 0.62 - 0.3logjo(Rej,,)-4  if 104 < Rejx < 105

0.32 - 0.143loglo(Rej,)-5 if 105 < Rej,, 5 5x10 5

0.22 if Rej, > 5x10 5  (3-80)

This represents a fit to the re!ationship derived by Hughmark (1962) for the void fraction in-O two-phase flows.
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Calculate the average void fraction:

(0c + %)/2 (3-81)

Then the two-phase pressure drop in the short insert is:

3.3.2 Modelling Uncertainties for Sensitivity Calculations in Elbows, Tees, and
Fittings

Bends and Elbows. The discussion of the model for bends and elbows in Section 323.1
includes a table where a single-phase loss coefficient must be selected for different curvatures
of the elbow. The default value of the coefficient for a standard elbow is kspI 0.9. The
tabulated values range from 0.6 to 2.0, so this represents the range of the uncertainty in thisparameter.

Mi,•nsI.1~g. Because the model is homogeneous, no uncertainty parameters are
included for tees.

Eil3.ol. Uncertainty in the models for the fittings is represented by selection of the

options for:

F Homogeneous modelling, or
* Slip modelling using the Hughmark correlation.

Slip modelling using the Hughmark correlation provides realistic pressure drop estimates. The
homogeneous model will give conservative results for the pressure drop calculation, tending to
overestimate the pressure drop.

3.4 Dimensionless Design Calculations for Pipes

This section shows how to obtain quick estimates of the void fraction and the pressure
gradient in pipes. In addition to the flow regime, the information required to calculate these
quantities includes:

o Ld Properties

Pt Liquid phase densityPg Gas phase density
SLiquid phase viscosity c

o ig Gas phase viscosity
I LiSurface tension
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Geometry

D Pipe diameter
L Pipe length

Acceleration

a Magnitude of acceleration (-- mg g)
0 Direction (angle between the body force due to acceleration and the flow

direction)

Flow Rates

i1 Liquid phase volumetric flux (QVA)
j g Gas phase volumetric flux (Qm/A)
i The total volumetric flux (,j + .J)
G The total mass flux (poj + )

See the section below for the annular, stratified, slug, or bubbly flow regime as appropriate.

Annular Flow-Regime. The procedure to calculate the pressure gradient in the annular
flow regime under microgravity conditions is:

1.) Calculate the dimensionless Martinelli parameter, X, in Equation 3-83 (below).

2.) Ot.ain the void fraction from Figure 3.2.

3.) Obtain the two-phase multiplier for the frictional portion of the pressure
gradient from Figure 3.3.

4.) Calculate the total pressure gradient with Equation 3-88 (below).

The dimensionless Martinelli parameter for the annular flow regime is:

X = (3-83)

where

X is the dimensionless Martinelli parameter.
PI is the gas phase density (kg/m 3),
pg is the liquid phase density (kg/m 3),
Ji is the superficial velocity of the liquid phase (m/s),
jg is the superficial velocity of the gas phase (m/s),
AiL is the viscosity of the liquid phase (kg/m-s),
A is the viscosity of the gas phase (kg/m-s), andSDv is the pipe diameter (m).
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Table 2.3 indicates how to determine the values of the friction factor coefficients C1, Cr n and
m to use in Equation 3-83.

Figure 3.2 shows the liquid fraction, HI = (1 a), as a function of the Martinelli
parameter, X (Equation 3-83). The curves plotted in Figure 3.2 represent the holdup equation
for the annular flow regime:

x_2
X( 10 HIJ (3-84)

which is the same as Equation 3-4 with the following assumptions:

* No entrainment (Ed = 0),
* Microgravity conditions or horizontal pipes (Ya _= 0).
* Friction factors for smooth-walled pipes:

fwl CIRel-n

f,'9 C Re,-mR and
* Xa=X.

The three curves shown in Figure 3.2 represent different assumptions about interfacial shear
between the gas and liquid phases. The assumptions are:

S* Smooth interface (Ca = 0 in Equation 3-7),Chen et al. model (Ca = 6.81, b = 0.39 in Equation 3-7). and* WaUis model (Ca = 75, b = I in Equation 3-7).

The smooth interface and Wallis (1969) models are limiting cases for most data. The Chen
et al. (1989) model provides the best estimate of the liquid fraction for thermal management
applications.

Figure 3.3 plots a two-phase multiplier for the annular flow regime as a function of the
Martinelli parameter, X. The two-phase multiplier is defined as the ratio of the frictional
pressure gradient in the annular flow regime to the equivalent pressure gradient as if
single-phase (vapor) flowed in the pipe. That is,

rdP]
TPg2 = 

(3-85)ý- jI g i- I 1 .

where (dP/dz)f., is the frictional pressure gradient in two-phase flow given by Equation 3-16
and the other parameters are defined above. Using Equations 3-16 and 3-85, with the same
assumptions given for Equation 3-84, the two-phase multiplier is:

-X2 X2 (3-86)
Hs I Hfl - (I - 5J7

* This is the basis of the Equation plotted in Figure 3.3. The same assumptions for the
interfacial shear modelling as Figure 3.2 are used.
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Once the frictional two-phase multiplier is determin.ed, the total pressure gradient is
•alculated by:

(dP/dz)ta -- 2 - + mgg((l - a)p1 + cepg](cos 0) (3-87)

This is the basic pressure gradient equation for a separated (two-fluid) flow. In Equation 3-87.
the first term on te right hand side is the frictional component, and the second term is the
component due to the body force (gravity).

Stratified Flow Regrime. The procedure for calculating the void fraction and the
pressure gradient in the stratified flow regime is the same as for the annular flow regime, only
the figures used to estimate the void fraction and the two-phase multiplier are different. The
procedure to calculate the pressure gradient in the stratified flow regime is:

1.) Calculate the dimensionless Martinelli parameter. X. in Equation 3-83,

2.) Obtain the void fraction, m. from Figure 3.4.

3.) Obtain the frictional two-phase multiplier, ý.2, from Figure 3.5.

4.) Calculate the total pressure gradient with Equation 3-91 (below).

With the same assumptions made for the void fraction equation (Equation 3-84) as in
the annular flow regime, the void fraction relationship for the stratified flow regime
(Equation 3-20) becomes:

[(Rg*Dg *)-(Rg [S 2 [S [.

X2= (3-88)
[Ri*Dj*" a(R I*)2(S */A,*)

The Martinelli parameter, X. is given by Equation 3-83. The "starred" parameters in
Equation 3-88 are the dimensionless geometric parameters for the stratified flow regime.
Table 2.2 summarizes these parameters as a function of the dimensionless liquid level and
shows how they are related to the void fraction. The values of the parameters n and m are
determined from the Reynolds numbers for the liquid and gas phases. Table 2.3 provides the
equaticns necessary to determine these values. This is the basis of Equation 3-88, which is
plotted in Figure 3.4.

Just as in the annular flow regime, the parameter (fi/fwg) represents the interfacial
friction, which is the key modelling parameter. Various empirical correlations have been
proposed for this relationship in the stratified flow regime, but most data lie between values of
1 and 10 for this parameter. In this design manual a constant value of (f/fw•) = 5 is
recommended for stratified flow. This selection is based upon extensive work by the authors
reviewing alternative modelling approaches and specific models representing the interfacial
shear in stratified flows at high gas densities. Figure 3.4 plots the void fraction for the limiting
and best estimate values of the interfacial friction.
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Figure 3.5 shows the two-phase multiplier for stratified flow. The two-phase multiplier

is defined as:

[ ( dP]
0g2= 1 (3-89)

Using Equation 3-89 and the equation fo- the frictional component of the pressure gradient
(Equation 3-22), the two-phase multiplier in the stratified flow regime becomes:

EM [ _ 1: X2(R.I,)2(S,*) + (R *)2(Sg*)j (3-90)

Since the dimensionless geometric 2)arameters R * R •, S * and S * are related to the void
fraction, which in turn is a functiua of the pardmeter X by Equation 3-88, this allows the
two-phase multiplier to be plotted as a funi-tion of the parameter X in Figure 3.5.

The dimensional equation for the total pressure gradient in the stratified flow regime is:

(dP/dz)f 4C g P g Djg] p [g jg2]

-Dr J 1-27J
+ mgg[(l - a•)p + cap 5](cos 0) (3-91)

which is derived from Equations 3-32, 3-33. and 3-34 using the definition in Equation 3-89.

Defining the two-phase multipliers for the annular and the stratified flow regimes in the
manner shown allows a comparison of the void fractions and the pressure drops in the two
regimes. Comparison of Figures 3.2 and 3.4 shows that the void fraction tends to be somewhat
greater in the stratified flow regime. Comparison of Figures 3.3 and 3.5 shows that the
two-phase multiplier, and hence the frictional pressure gradient, tends to be significantly
greater in the annular flow regime. (This is due to the increased interfacial area in the annular
flow regime.)

Slug Flow. Regime. The procedure to calculate the pressure gradient in the slug or
bubbly flow regime is:

1.) Calculate the dimensionless parameters X and p* in Equatiotis 3-92 and 3-93
(below).

2.) Obtain the void fr~ition, (x. from Figure 3.6.

3.) Obtain the two-phase multiplier, ,g2, from Figure 3.7.

4.) Calculate the pressure gradient with Equation 3-97 (below).

0
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First calculate the dimensionless parameters X and p* as follows:

X -- 2 •(3-92)

P* (PIp) (3-93)

where

Ji is the superficial velocity of the liquid phase (m/s),
Jg Ls the superficial velocity of the gas phase (m/s),
Pg is the density of the gas phase (kg/m 3), and
Pi is the density of the liquid phase (kg/rn 3).

Note that the parameter X in Equation 3-92 is similar to the Martinelli parameter in
Equation 3-83. By assuming that the friction factors for the gas and liquid phases are equal,
Equation 3-83 reduces to the simpler form in Equation 3-92. This simplification allows the
void fraction and pressure gradient in the slug flow regime to be presented in terms of
parameters similar to the annular and stratified flow regimes.

Figure 3.6 shows the void fraction in the slug flow regime as a function of these
dimensionless parameters. Assuming 1) microgravity conditions or horizontal pipes (mi n. 0 or
cos 0 = 0), and 2) no gas is contained within the liquid slugs (Es, 0), the void fraction
relationship in Equations 3-37 and 3-38 simplifies to:

a I I [+ l+- 1-] Cos I-1+ (3-94)

which is the equation plotted in Figure 3.6, using the recommended value Cos = 1.3. Lines for
a range of density ratios p* are included in this plot.

Figure 3.7 shuws the two-phase multiplier for the slug flow regime. The two-phase

multiplier in the slug flowv regime is:

rdPI

g2 4C 1[. (3-95)

Then the two-phase multiplier is:

02 [X2 . p*O. SX + p*(l - a) (3-96)

which is the equation used to plot the graphs in Figure 3.7.
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0
The pressure gradient in the slug flow regime is then evaluated from:

(dPfdzX. 1  og 4C g2'~ [Pg~lI-iz]fPg

+ msg[(l - cOpt + aps](cos 0) (3-97)

where the parameters C. and n are determined using Table 2.3. The first term on the right
hand side of this equation is the frictional component of the pressure gradient, and the second
term is the component due to body forces (gravity). Note that if the magnitude of the
acceleration becomes small, as it would under microgravity conditions, then only the frictional
component remains.

Figures 3.8 and 3.9 illustrate the modelling uncertainty for the slug flow regime. The
key uncertainty in the void fraction relationship of Equation 3-94 is the value of the parameter
Cos. The limiting case of Co, = 1.0 represents a homogeneous flow. This is the relationship
plotted in Figure 3.8. This limit maximizes the void fraction in the slug (or bubbly) flow
regime. Compared with the liquid fractions calculated for Co = 1.3 (Figure 3.6), the
homogeneous model predicts lower liquid fractions at low values of the Martinelli parameter,
X. For slug flow, X typically lies in the range I < X < 10. Figure 3.9 shows the
corresponding two phase multiplier. Void fraction values will be higher and the pressure
gradient will be lower using the homogeneous approach. The magnitude of the effect is about

* 30% on the void fraction and 30% on both pressure gradient components.

Bubbly Flow Regime. The procedure to calculate the pressure gradient in the slug or
bubbly flow regime is:

1.) Calculate the dimensionless parameters X and p* in Equations 3-92 and 3-93.

2.) Obtain the void fraction, ., from Figure 3.10.

3.) Obtain the two-phase multiplier, 0.2, from Figure 3.11.

4.) Calculate the pressure gradient by Equation 3-101 (below).

This procedure is very similar to the procedure for the slug flow regime.

Figure 3.10 plots the void fraction relationship for the bubbly flow regime as a function
of the dimensionless parameters X and p*. Assuming microgravity conditions or horizontal
pipes (mi n; 0 or cos 0 = 0), the void fraction relationship for the bubbly flow regime in
Equation 3-46 simplifies to:

a = Cob I+[= Cob[l+ - -".5 (3-98)

which is the equation plotted in Figure 3.10, using the recommended value Cob = 1.2. Lines
for a range of density ratios p" are included in this plot.

3
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Figure 3.11 shows the two-phase multiplier for the bubbly flow regime. The two-phase
multiplier in the bubbly flow regime is:

02= ___ J VP 1 (3-99)
Ag 2) J_*L

If P di pJ, then the two-phase multiplier can be written as:

OS2 = [X2 + p*O.eX] (3-100)

which is the equation used to plot the graphs in Figure 3.11.

The pressure gradient in the bubbly flow regime is calculated by:

(dP/dz)~, ( 4C51rpgDjg rP~i5g

+ msg[(1 - a)p1 + apg](cos 6) (3-101)

where the parameters C. and n are determined using Table 2.3. The first term on the right
hand side of this equation is the frictional component of the pressure gradient, and the second
term is the component due to body forces (gravity). Note that if the magnitude of the
acceleration becomes small, as it would under microgravity conditions, then only the frictional
component remains.

The key uncertainty in the drift flux relationiship of Equation 3-98 is the value of the
parameter Cob. Like the slug flow regime, the limiting case of Cob = 1.0 represents a
homogeneous flow, i.e. no drift flux. So Figures 3.8 and 3.9 represent the limiting case for
both the bubbly and the slug flow regimes. The void fraction and pressure gradient values
obtained from using Figures 3.8 and 3.9 in place of Figures 3.10 and 3.11 illustrate the range
of the uncertainty. In bubbly flow, the Martinelli parameter X is typicaily greater than 10.
The magnitude of the uncertainty is about 20% in the void fraction. This does not affect the
frictional component of the pressure gradient at all, but does affect the body force component
by 20%.

3.5 Validation with Microgravity Pressure Drop Data

This section validates the mechanistic pressure drop models by comparing calculations
with data from microgravity tests. Microgravity data Pre available for pipes from four
experiments. Data from two ground tests of spacecraft thermal management systems have
also been included in the comparisons. Section 2.4 presents flow regime maps and
comparisons for the experiments in which the flow regime has been observed. No
microgravity data are available at this time for pressure drops in elbows, tees, or fittings.
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3.5.1 Experimental Data

Completed Exneriments. Table 3.6 summarizes the experimenters, test geometries, and
range of data for tests-of gas-liquid flows for spacecraft thermal management systems. All of
the microgravity tests have been performed on aircraft which provide about 25 seconds of
acceleration at about 0.01g. No pressure drop data are available for long-term microgravity
conditions. Two ground tests relevant to spacecraft thermal management systems are
compared.

Pipe sizes in the experiments range from 6 to 40 mm. This is an appropriate size range
for two-phase thermal management systems at power levels from 2kW to 25 kW. Tubes in
directly condensing radiators might be somewhat smaller, probably only a few millimeters in
diameter. Section 6 includes pressure drop and heat transfer comparisons with condenser data
in these small tubes.

The test fluids include primarily air/water ("A/W" in Table 3.6) combinations and
several types of Freon refrigerants. No microgravity data are available for ammonia, which is
the heat transfer fluid most likely to be used for thermal management systems on radar
satellites or the space station, However, ground tests (Lee, 1991) with ammonia have now
been performed and are included in the comparisons here. With the fluids tested, the ratio of
the liquid density to the gas density ranges from 30 (R-12) to 1000 (air/water). This density
ratio is an important criterion in determining the flow regime and the pressure drop. For
comparison, ammonia has a density ratio of about 88 at room temperature.

TablIe 3.6. VALIDATION~ COi(PARISOMS FOR PRMUESS DROP IMI3ThW

I Test D L r P a'
Investigator Sponsor Vehicle (.0 Fluid ) (gas I P,

MICR00RAVIITY
EXTERIM..TS iI
i1. Chen et al. NASA JSC KC.135 15.8 1.83 R-114 337 643 0.01. 1 29

(1989)

2. Colin et al. CNES/ESA Zero C 40 3.17 A/MW 300 100 0.01. 1 860
I (1991) I
.3. DOkler et al. NASA/LeRC Learjet 12.7 1.06 A/iW 300 130 0.01. 0.17 860

(to be published) . A/Glycerine

.4. Hill & oest(19Q1); PL/STPP KC-135 8.7, 11.1 1.2 R-12 300 680 0.01. 1 33
I Reinarts et al. I
I (1991)

.5. Rezkallah and CSA KC-135 9.52 1.09 A/W 300 100 0.01, 1 1000
1 Mitchell (1991) I

GR0CN0 TESITS ONLY

:A. Crowley et al. PL/STPP Ground 6.34 1 1.0 1 R-I 350 460 1 51
(1991)

1. Lee (i991) NASA ISC Ground 15.8 3.048 Nh 294 88388
*117.9 4.572

21.1 5.791
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Effects of surface tension are not strong in the existing analytical models. Only a
relatively small range of surface tension has been studied experimentally - from 0.018 N/m
with Freon to 0.070 N/m with air and water. This range includes the surface tension of
ammonia, which is about 0.023 N/m,

Void Fraction Measurements. Because of the intimate relationship between void
fraction and pressure drop - which is different in each pipe flow regime - a better test of the
design methods would be to have simultaneous void fraction and pressure drop measurements.
Ongoing experiments at:

* University of Houston (Dukler et al.), and
0 University of Saskatchewan (Rezkallah et al.)

intend to provide void fraction data in the future. However, in all of the experiments reported
thus far and considered here, only the pressure drop data have been reported.

Microgravity Data for Fittings. No microgravity data in elbows, tees, or fittings is
available for data comparisons. However, ongoing experiments at:

* University of Saskatchewan (Rezkallah et al.), and
* NASA Lewis Research Center (McQuillen et al.)

are expected to provide some experimental data on pressure drop for these components.

Other_Exp4eriments. Other plans for experiments include: 9
Variation of fluid properties, such as viscosity (U. of Saskatchewan and U. of
Houston),

Collection of experimentwl data under long term microgravity conditions (Air
Force Phillips Laboratory, STARS Rocket flight test article), and

Collection of two-phase data in support of the space station Active Thermal
Control System Design (Texas A&M University, under sponsorship of NASA
Johnson Space Center and using the test facility built and tested by
Foster-Miller Inc.).

These experiments will provide additional opportunities to use and validate the pressure drop
methods presented in this section.

3.5.2 Comparisons with Individual Experiments

This section describes the comparisons between the design manual methods and the
experiments listed in Table 3.6. The MICROP software (Crowley et al., 1992) has been used
in the comparisons.
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Microgravity_ Experiments

Chen-et al.(1989). Chen et al. obtained flow regime data with Freon R-114 at a mass
flux of approximately 200 kg/m 2-s. The heat input was varied at this constant mass flux in
order to vary the quality from about 5% to 86%. These data illustrate the pressure drop in the
annular and the slug flow regimes in microgravity and in the stratified flow regime at 1g.

Figures 3.12 and 3.13 plot the experimental microgravity data and the analysis
comparisons in the annular and slug flow regimes, respectively. Chen et al. developed a
correlation for the interfacial friction factor ratio in the annular flow regime:

CHEN (f/fwg) = [ 1 + 6.81(1 - )0o. 39] (3-102)

which fits these data well, as shown in Figure 3.12. The limiting cases for a smooth interface,

SMOOTH (f/fwg) = 1 (3-103)

and a correlation by Wallis (1969),

WALLIS (f/fwg) = [ 1 + 75(1 - (3-104)

are shown for comparison. These models, which represent the range of uncertainty in the
pressure drop calculations, bound the data. The model with a smooth interface underpredicts
the pressure drop by about a factor of three. The Wallis model overpredicts the pressure drop
by about a factor of two. Figure 3.13 shows that the recommended design methods predict the
pressure drop well in the slug flow regime. Note that the reported accuracy of the transducer
used to make the pressure drop measurements is 0.33 kPa (0.05 psi), so that the pressure drop
data in the slug flow regime and at low quality in the annular flow regime have a large
uncertainty associated with them.

Chen et al. also provide complementary pressure drop data in the same facility at earth
gravity. At 1g, stratified flow occurs at all values of the quality. Figure 3.14 presents the lg
data in the stratified flow regime. Comparison with the data in the annular flow regime
(Figure 3.12) shows that the pressure drop is about a factor of two smaller in the stratified flow
regime. Figure 3.14 also compares these data with the recommended design methods for the
stratified Pow regime. The recommended model uses a value of f/fWg = 5 for the interfacial
friction factor ratio, which agrees well with the data. The figure also shows the limiting cases
of f/f w = 1 (smooth interface) and f/f = 10, which bound the experimental data. Note
again Lat the accuracy of the pressure cop measurements is about 0.33 kPa, so these data all
have a large uncertainty.

Colin et al. (1991). This comparison demonstrates that the homogeneous approach to
modelling the pressure drop in both the slug and bubbly flow regimes (Section 3.2.1) is valid
under microgravity conditions, The experiment addressed the bubbly and slug flow regimes
and the transition between them. Figure 3.15 plots a two-phase friction factor derived from the
experimental pressure drop measurements versus a two-phase Reynolds number. The
two-phase Reynolds number, Re,, is defined by Equations 3-40 and 3-48 in the design
methods for the bubbly and the slug flow regimes. The two-phase friction factor, f,•, is
equivalent to the friction factor derived by solving Equations 3-43 and 3-51. The analytical
line shown in Figure 3.15 is the Blasius correlation:

fw= 0.079Retm-0° 25  (3-105)
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The Zigrang-Sylvester model recommended here (Equation 3-41 o',' 3-49) compares within 2%
of the values predicted by Equation 3-105 when the roughness (e1ID) is equal to 0.

Hill and Best (1991). This comparison shows that the interfacial shear depends on
more than just the local void fraction. Hill and Best obtained microgravity data for
Freon R-12 flowing in 8.7 and 11.1 mm diameter tubes. The data lie primarily in the annular
flow regime under microgravity conditions, Many of the measured pressure drops in the
11.1 mm tube are about as large as the uncertainty of ±0.124 kPa estimated in Appendix E of
the reference. Since the measured pressure drops in the 8.7 mm tube are about three times
larger than in the larger tube and therefore bh ' less uncertainty, comparisons with those data
are presented here. In this set of data, the da,, are a random collection of flow conditions, so
no trends can be plotted with superficial velocity. mass flux, or quality. For that reason,
Figure 3.16 plots the data as a calculated pressure drop ve-rsus a measured value for the data
set. There are a few data points in the slug flow regime, which agree quite well with the
pressure drops calculated by the design method. Most ef the data lie in the annular flow
regime, however, and the calculated p."essure drop usin., the baseline model (Chen correlation)
for the annular flow regime underpredicts the pressure drop by about a factor of two.
Figure 3.17 shows that the pressure drop predicted using the Wallis correlation in the model
for the annular flow regime predicts these data much better.

In the reference, it is reported that test data in this facility have been obtained at the
same test conditions during the periods between microgravity parabolas, which are nominally
ig in level flight. Those data are in the stratified flow regime rather than the annular flow
regime, but it has been reported that the pressure drops are the same as the microgravity data.
Tabulated data for these tests are not included in the data files supplied with the reference.
However, if the pressure drop is calculated using the design methods for stratified flows, the
calculated pressure drops are about a factor of two smaller than the calculated values for the
annular flow regime plotted in Figure 3.16 and about a factor of four smaller than the
calculated values shown in Figure 3.17. Thus, the measured pressure drops would be about
two to four times larger than what would be expected. It is likely that body forces contributed
to these pressure drop measurements. Flow regime tests (Section 2.4.2) further support this
hypothesis that the aircraft and the test section were not level. The question can be resolved
with ground tests, which are currently being performed.

Rezkallah and Mitchell (1991). This comparison shows that the design methods scale
well to very high density ratios. The University of Saskatchewan has obtained microgravity
data with air and water (at about 75 kPa) in a tube 9.52 mm in diameter. Figure 3.18
compares the calculated and measured pressure drops for data in the slug flow regime and in
the intermediate flow regimes between slug and bubbly or slug and annular. (Data for the
flight series listed as Day 3 ;n the reference are shown.) The data in the slug flow regime
(solid squares) and the transition region between slug and bubbly flow regimes (symbol b)
agree very well with the pressure drops calculated using the design methods for the slug flow
regime. Data points in the transition region between slug and annular flow (symbol a) show
some pressure drops which are about 30% greater than the values calculated using the model
for the slug flow regime. Using the model for the annular flow regime, these data are
underpredicted by a factor of two. Thus, pressure drop data agree with the flow regime
observations that these data are between slug and annular flow regimes and that a fully
developed annular flow pattern has not been achieved.
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Figure 3.19 compares the few data points in the bubbly flow regime (open circles) and
the data in the transition region between bubbly and slug flow regimes (symbol b) with the
pressure drop model for the bubbly flow regime. Although the data are limited, the measured
data and the model agree very well.

Ground Tests Only

Crowley et al. (1991). Crowley et al. measured the pressure drop in a 6.34 mm
diameter tube with Freon R-11. At a mass flux of 175 kg/m 2-s, most of the data lie in the
annular flow regime, and Figure 3.20 compares the measured pressure drop with the
predictions by the various interfacial shear models, similar to the comparisons presented in
Figure 3.12. For the most part, the mea~sured pressure, drops lie between the predictions of the
model with the Chen and Wallis correlations for the interfacial friction. At a mass flux of
100 kglm2-s (Figure 3.21), the measured pressure drops are much smaller than at the higher
mass flux. Measured data tend to lie between the predictions of the Chen correlation and the
limiting case of a smooth interface (f/f• -" 1). Note however that these data have a large
uncertainty associated with them (_+0.2 kba). So, the data in Figure 3.20 might be considered
more reliable.

A few data points have also been obtained in the slug flow regime for each of the two
mass fluxes. These points occur at low quality (x < 0.10) and at low pressure drops.
Figure 3.22 shows that the limited data agree with the design methods for the stratified flow 5
regime.
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Le...1991). McDonnell Douglas Space Systems Co. is obtaining data to support the
design of Space Station Freedom. While only preliminary ground tests have been performed
thus far (at McDonnell Douglas in Houston, Texas), space experiments are planned for the
future. These data are particularly interesting because they have been obtained with ammonia
at pressures and temperatures typical of thermal management systems for spacecraft. These
experiments report only the measured pressure drop; no corresponding flow regime
observations or void fraction measurements are available.

Figure 3.23 calculates the flow regimes in these tests. The figure shows where the test
conditions lie on a map of predicted flow regimes in mass flux versus quality coordinates.
These test conditions correspond to pressure drops measured in a 15.8 mm pipe. The mass
flux is approximately constant at 90 kg/m 2-s, with the quality varied in the range of 0.09 to 0.9
by increasing or decreasing the heat input. Data points at x < 0.1 are predicted to lie in the
stratified Ilow regime.

Figure 3.24 plots the pressure drop data for the 15.8 mm pipe. On this plot, the
symbols for the data show the p iced flow regime on the map in Figure 3.23, since the flow
regime has not been observed. The measured pressure drops agree with the model for
stratified flow at a quality less than 0.4. The measured pressure drops agree with the annular
flow model (using the Chen correlation) for quality values greater than 0.6. A transition
region occurs in the range 0.4 < x < 0.6, where the pressure drop values lie between the two
models.

AMM4ONIA

0 - 15,75mm I ,g T - 294 K

L 3.048 m a = 90o P - 888 kPo
1000 Q.. , . . -- . - . • • . ..:
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Figure 3.23. PREDICTED REGIME W FOR LEE (1991)
TEST CONDITIONS AT D = 15.8 mi
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Figure 3.24. PRESSURE DROP COMPARISONS WIi1 LEE (1991)
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Figure 3.25 plots the corresponding flow regime map at a 21.1 mm tube size, which is
the largest size tested. The transition from stratified to annular flow is predicted to occur at
about twice the value of the quality as in the smaller tube (Figure 3.23). Also notice that the
mass flux of 65 kg/m 2-s lies very close to the predicted transition boundary between stratified
and annular flow regimes even at the highest value of the quality tested, about x = 0.7.
Figures 3.26 and 3.27 shows that the measured pressure drop data agree closely witih the model
for the stratified flow regime across the range of quality tested at both mass fluxes. These data
therefore suggest that the flow pattern is still much closer to the stratified than the annular
regime for all of these data, which is not surprising givea that the test conditions lie close to
the transition (Figure 3.25) and the transition boundary is somewhat uncertain.

The tests at these two pipe sizes illustrate the uncertainty and risk that accrues when
operating at conditions near the flow regime transition, such as between stratified and annular
flow regimes. Under microgravity conditions, all of the data would be in the annulax flow
regime (the stratified flow regime would effectively disappear), and therefore pressure drops
might be twice as large in the larger pipe than they are on the ground. (Compare the
predictions for the annular and stratified regimes in Figure 3.26 or 3.27.)

0
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3.5.3 Conclusions from Pressure Drop Comparisons

Table 3.7 summarizes the conclusions from the pressure drop compansons presented in
Section 3.5.2.

Annular Flow Regime. The experimental data show that the pressure drop in the
annular flow regime is predicted by the separated flow model in the range bounded by the
Chen et al. and Wallis correlations for the interfacial friction. The microgravity data of
Chen et al. and the ground test data with ammonia by McDonnell Douglas Space System Co.
support the Chen et al. model. Data from the experiments by Hill and Best with air and water
support the Wallis model. Data from the experiments by Crowley et al. lie between the two
models.

Slug Flow Regime. Experimental data show that the pressure drop in the slug flow
regime is predicted very well by the recommended drift flux model. The data from
Colin et al. and Rezkallah and Mitchell show excellent agreement with the predictions.

Bubbly Flow Regime. Experimental data show that the pressure drop in the bubbly
flow regime is predicted very well by the recomme.aded drift flux model. The data from
Colin et al. and Rezkallah and Mitchell also show excellent agreement with the predictions,
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StratifiedFlow Regime. In general, the model and the data correctly show that the
stratified flow regime does not occur under microgravity conditions - only in the ground tests.
Data lie between the predictions of the separated flow model with the recommended value for
the inteffacial friction (f/f, = 5) and a smooth gas-liquid interface. The data from Chen et al.
and McDonnell Douglas (discussed as examples in this report) support this conclusion, and it
is also true for many other ground tests in the stratified flow regime (e.g. Crowley and Sam,
1986).

The only disagreement is with the data reported by Hill and Best, where pressure drops
in the stratified regime are two to four times gr'oater than expected. However this discrepancy
is likely to be due to the fact that the aircraft was not actually in level flight during those tests.
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4 EVAPORATORS: Forced Convection Dominated Tubes

Evaporators are common components In two-phase spacecraft thermal management
systems, providing the sink for heat rejection by the thermal loads of spacecraft systems. This
section of the design manual considers evaporators based on forced convection dominated
tubes. In this type of evaporator, subcooled liquid enters at the inlet side of the tube and is
evaporated by heat transferred through the tube walls. Vapor or a two-phase mixture of vapor
and saturated liquid exit the tube. To make the evaporator insensitive to the acceleration level
of the spacecraft, the evaporator is designed so that heat transfer by forced convection
dominates nucleate boiling. Since the physical mechanisms of nucleate boiling (e.g., bubble
growth and detachment) can be sensitive to body forces and forced convection is not, a forced
convection evaporator will not be sensitive to the acceleration level of the spacecraft.

This section of the design manual presents methods for predicting the heat transfer and
pressure drop characteristics of forced convection evaporators. Methods focus on a single
evaporator tube. The wall temperature or heat flux, flow quality and void fraction, and
pressure drop components are computed over the length of the evaporator tube. The methods
described here are implemented in the companion FCEVAP software (Barry et al., 1992).

Section 4.1 discusses applications of the evaporator design methods, focusing on
predicting performance of different geometrical configurations.

Section 4.2 summarizes the analysis approach and methods. The calculation strategy is@ based on breakup of the tube into segments. For each segment, the methods predict heat
transfer and pressure losses for the appropriate flow regime.

Section 4.3 presents the overall calculation methodology, concentrating on the stepwise
procedure used to traverse the evaporator tube from entrance to exit.

Sections 4.4, 4.5, 4.6, and 4.7 give the detailed equations for the calculations. For each
regime, the equations for heat transfer coefficient, quality and void fraction, pressure drop,
regime transition, and critical heat flux are listed.

Dimensionless design charts are presented in Section 4.8. These charts may be used for
quick scoping calculations of evaporator heat transfer and pressure drop.

Section 4.9 describes validation calculations performed using the methods. Predicted
results for heat transfer and pressure loss compare well with available test data.

4.1 Applications

The design methods presented here apply to the fluid and thermal design of forced
convection evaporators. These evaporators may have various geometries depending on the
type and geometry of the heat source that must be cooled. The following paragraphs discuss
application of the design methods to:

* Straight tube evaporators,
* Spiral coil evaporators,
S* Helical coil evaporators,
* Tubes of noncircular cross section.
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The appl"caaion of the methods to interpretation of test data is also discussed.

General Design Consideraftiojs. Design of a forced convection evaporator involves a
number of important and sometimes conflicting tradeoffs. Typically the design proceeds in an
iterative fashion, with an initial set of design parameters undergoing modification as all of the
physical effects are accounted for. The methods described in this manual can predict these
effects.

In each of the geometries, the flow area A and hydraulic diameter of the tube, Dh, are
typicaliy fixed by the mass flux, G, and the total heat removal, q. Mass flux is usually
selected based on heat transfer, flow regime, and pressure drop considerations. As discussed in
Section 4.2, heat transfer by forced convection dominates nucleate boiling at sufficiently high
mass fluxes. For reduced gravity (low acceleration) applications, it is important to operate in
the forced convection dominated regime since nucleate boiling relies to some extent on body
forces. Sufficiently high mass fluxes also guarantee operation in non-stratified flow regimes
(see Section 2). so that operation is insensitive to acceleration in other components. High mass
fluxes, however, also result in larger pressure drops. A balance must be struck between
pumping requirements and insensitivity to acceleration.

An overall energy balance on the evaporator tube relates the flow area to the mass flux
and total heat removal by:

A -(4-1)

where Ax represents the change in quality over the length of the tube and hf8 is the latent heat
of vaporization. (Note that negative qualities are defined for subcocled liquids.) If a target
exit quality is known and a suitable mass flux has been selected, Equation 4-1 relates the flow
area, A, to the total heat load. q.

The tube diameter can be directly computed from the flow area A. The procedures for
noncircular tubes are discussed below.

Design of Straight Tube Evaporators. Figure 4.1 illustrates the straight tube evaporator
geometry. Straight tube geometries are common in many applications. In a multiple pass heat
exchanger design, for example, the design methods may be applied to individual straight
sections alone or as an approximation of the total tube length. Straight tube evaporators
frequently appear in experimental facilities due to their straightforward construction and
simpler modelling requirements.

With the diameter of the tube known from the overall flow rate and heat load, the
designer must specify the length of the evaporator to meet goals for temperature and size. The
length determines the heat flux and the wall temperature, since the diameter and heat load are
fixed. High heat fluxes reduce the size of the evaporator but result in higher wall temperatures
and may approach physical operating limits like critical heat flux. This design manual
provides methods for computing the heat transfer coefficient and wall temperature along the
length of the evaporator. Comparison of the maximum wall temperature to design limits is
one important design criteria. The design methods also predict the critical heat flux. If critical
heat flux is exceeded, heat transfer occurs by inefficient film boiling, resulting in high wall
temperatures.

4-2



DIAMETER D CONST CONSTD I M E E R Dq 11 O R T W

L.

Figure 4.1. STRAIGHT TUBE EVAPORATOR

The design methods also predict the pressure drop in the evaporator tube. Large
pressure drops result in large pumping power requirements, usually a scarce resource on
spacecraft. Pressure drops can be reduced by lowering the mass flux and/or increasing the
tube diameter.

Design of Spiral Coil Evaporators. Figure 4.2 shows an evaporator of the flat spiralcoil variety. This configuration is commonly found in cold plate applications. Heat transfer

surfaces are fastened to one or both sides of the flat coil. Subcooled liquid may be introduced
into either the inner or outer ends of the spiral. In practice, the inner-to-outer and
outer-to-inner flow directions may behave very similarly (Niggemann et al., 1985).

Design of the spiral coil evaporator is quite similar to the straight tube. The uncoiled
length of the evaporator tubing determines the heat flux. Note that for a spiral coil, the heat
flux is normally applied only to the faces (cold plates) of the coil In the design methods
presented here, the heat flux is defined at the entire tube periphery (as in a straight tube). This
heat flux is calculated from the cold plate heat flux by a simple geometry conversion. The
inner and outer radius of the spiral are determined primarily by mechanical and manufacturing
considerations. The bent tube must not have kinking or excessive distortion of the cross
section.

The design methods include a correction factor that accounts for the increased pressure
drop expected in a spiral coil compared to a straight tube of the same length. The methods for
heat transfer and fluid state remain the same as for a straight tube. The effects of flow
redistribution caused by the centrifugal forces are not considered. As shown by the data
comparisons of Section 4.9, this appears to be a valid approximation.

Design of Helical Coil Evaporators. Figure 4.3 shows a helical coil evaporator. Such
an evaporator could be used to "wrap" a heat source for example. Alternatively, two coils
could be intermeshed or a coil could be placed in a bath to form a fluid-fluid heat exchanger.

In the design raethods, a helical coil evaporator is treated in the same way as a spiral
* coil, i.e., a helix is treated as a degenerate spiral. The inner and outer radii are set equal, and

all of the same equations are applied. This is an approximation if the coils of the helix are
widely spaced along its axis. As with the spiral coil, flow redistribution due to centrifugal
forces is not accounted for by the methods.
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0
Noncircula Cross Sections. The design methods have been formulated to handle

noncircular tube cross sections in a simple and straightforward way. Two general types of
noncircular cross sections may be considered.

For many noncircular cross sections, the hydraulic diameter approach is valid. These
cases require no modification to the methods or to the companion software, only changes in
input parameters. The input to the calculations includes the flow area, heated perimeter, and
two hydraulic diameters. To apply the methods to a noncircular cross section, these
parameters must be calculated using the appropriate geometric formulas. Two hydraulic
diameters may be used: one for heat transfer and one for pressure drop. For heat transfer, the
hydraulic diameter is defined using the heated perimeter, H:

4ADht = 4A (4-2)

For pressure drop, the wetted perimeter, St, is used instead:
4A

Dte = 4t A(4-3)

The definiti3n of two hydraulic diameters improves the flexibility of the methods. In most
cases of interest, the two hydraulic diameters are equal, Dbt = Dpd. For simplicity, the
hydraulic diameter is referred to as simply Dh in the remainder of this section, with the
implicit requirement that the appropriate definition be applied in cases where the wetted and
heated perimeters differ.

In cases where the hydraulic diameter approach is not valid, the design methods are
formulated so that appropriate substitute correlations may be inserted.

Interpretation of Test Data. The design methods may be applied to intrpretation of
evaporator test data as well as evaporator design. The test article geometr: .i., test conditions
are used as the inputs, and performance of the test is predicted. Compariso'' i the predictions
with measured data may yield insights into the performance of the evapora-,: or the validity of
the design models.

4.2 Summary of Methods

The design methods described here predict the thermal and pressure loss performance
of forced convection evaporators. Typically, the key results of the calculations will bi.-
predictions for the wall temperature and pressure drop in the evaporator tube. Various
boundary conditions and heat transfer and flow regimes are included. The following
paragraphs outline the capabilities of the methods.

B.o d.n ! Conditis.. The design methods accommodate two general thermal
boundary conditior.s: constant wall heat flux and constant wall temperature. A constant wall
heat flux condition generally applies for constant heat loads that are independent of
temperature. such as the heat dissipation of electronic equipment or instruments. Constant

* wall temperature boundary condi,"-,ns typically apply in cases where heat is being transferred
from another fluid medium as in an interface heat exchanger.
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The design methods presented here are most accurate and robust for constant heat flux
boundary conditions. Section 4.3.1 discusses some of the potential difficulties involved in
using constant wall temperature boundary conditions.

The design methods require specification of the inlet mass flux, pressure, and quality
(or subcooling). A marching technique is used to calculate heat and momentum transfer along
the length of the tube to the exit. Outlet pressure and quality ate determined as part of the
problem solution.

Heat Transfer and-Flow Regimes. Heat and momentum transfer occur by several
mechanisms in the evaporator tube as the fluid quality increases along the tube length. The
flow rates of each phase along the tube depend on the heat transfer which, in turn, depends on
the flow regime. Figure 4.4 illustrates the various flow and heat transfer regimes along the
length oi an evaporator tube. The methods described in this manual consider the subcooled
liquid through annular flow regimes and heat transfer regimes from convective heat transfer to
singie-phase liquid to forced convective heat transfer through the liquid film. Beyond these
regimes, critical heat flux is likely.

Single-phase flow and heat transfer occur when the hiquid is subcooled and the wall
.emperature is too low to nucleate bubbles. Standard single-phase pressure drop and heat
transfer correlations apply. As the wall temperature increases, the onset of nucleate boiling
(ON'B) is reached, causing a transition to subcooled nucleate boiling heat transfer.

Subcooled nucleate boiling is divided into partially-developed boiling (PDB) and
fully-developed boiling regimes (FDB). In PDB, small bubbles nucleate but stay attached to
the wall, and there is no significant void fraction. Heat transfer correlations should account for
the enhanced heat transfer resulting from the nucleate boiling, but there is no net vapor -
generation and the pressure drop remains single-phase. As the bulk temperature of the liquid
becomes sufficiently large, the bubbles grow larger and detach from the wall, resulting in the
onset of significant voiding (OSV) and transition to FOB. In FDB. both the heat transfer by
nucleate boiling and the generation of vapor are modelled, and the pressure drop must be
calci,"-ied using two-chase methods.

he saturated nucleate boiling regime is reached when the bulk liquid temperature
rea,.uL,, saturation. Heat transfer occurs by combined forced convection and nucleate boiling
(although forced convection should dominate for well-designed evaporators). All of the heat
transferred generates vapor, and the press, re drop has large two-phase components.

In parallel with heat transfer regimes, flow regimes must be considered. In subcooled
conditions, of course, the fluid is singie-phase liquid. The PDB regime is similar to
single-phase liquid, perhaps with enhanced wall roughness due to the bubbles. At very low
quality, typically in the FDB regime, the flow is bubbly or slug and normally modelled as a
homogeneous vapor/liquid mixture. As the quality increases (in saturated boiling), the flow
regime rapidly becomes annular, with a film of liquid located around the periphcry of the tube.

In practice, the length of tube where single phase, PDB, and FDB take place are small,
with the bulk of the length operating in the saturated boiling regime. Similarly, the bulk of the
tube operates in the annular flow regime as well. As a fu-st approximation, an evaporator can
usually be modelled using only saturated boiling and annular flow correlations.
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Due to the dominance of saturated boiling and annular flow, the design methods couple
heat transfer and flow regimes, as shown in Table 4.1, Heat transfer regimes are calculated
from local conditions using methods described in Section 4.7. Then the corresponding flow
regimes are assumed to be those listed in Table 4.1. This approach simplifies the calculation
methodology significantly, while resulting in only minor modelling inaccuracy.

Depending on the heat flux level, some of the heat transfer regimes depicted in
Figure 4.4 may not occur in an evaporator tube. At heat fluxes which are high relative to the
liquid mass flux, various other regimes may occur, as described by Collier (1981). However,
these cases represent poor evaporator designs in which the tube walls dry out and reach very
high temperatures. The design methods are limited to well designed evaporators in which
two-phase forced convection is the major heat transfer mechanism.

Readers who wish further background in two-phase heat transfer should consult the text
by Collier (1981) or the report by Eastman (1985).

Two-Phase Forced Convection Heat Transfer. In saturated flow boiling, the fluid
generally flows in an annular pattern with a vapor core and a liquid film on the tube wall.
Vaporization occurs by two mechanisms: nucleate boiling in the liquid at the wall and
evaporation at the vapor/liquid interface. Annular flow is the dominant regime for practical
coolants because the void fraction is quite high even at low qualities, implying high vapor
velocities over most of the tube length.

A useful concept for describing heat transfer in saturated flow boiling is the
superposition principle. Heat transfer is treated as the sum of two components. One is due to
nucleate boiling at the wall, and the other is due to forced convection heat transfer to the
liquid film. Quantitatively, the total heat flux, q", is expressed as a sum:

q" = (hfc + hub) ATsat (4-4)

where hf, is the "forced convection" heat transfer coefficient, hb is the "nucleate boiling" heat
transfer coefficient, and AT,. is the temperature difference between the tube wall and the fluid
saturation temperature.

Table 4.1. HEAT TRANSFER AND FLOW REGIMES

Heat Transfer Regime Flow Regime

Single-Phase Single-Phase

Partially-Developed Subcooled Boiling Single-Phase

Fully-Developed Subcooled Boiling Two-Phase Homogeneous

Saturated Flow Boiling Two-Phase Annular
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The superposition principle is the basis for an important evaporator design criterion.
Since forced convection heat transfer is independent of gravity while nucleate boiling heat
transfer has an uncertain gravity dependence, a design criterion for evaporators in microgravity
is:

hfc >> htb (4-5)

In this way operation of the evaporator is assured regardless of the spacecraft acceleration.

As shown in Section 4.4, the superposition principle can he extended to the partially.
and fully-developed nucleate boiling regimes by appropriate selection of the temperature
difference and by adjustments in the calculation of hft and hnb.

Fluid State, Quality,. and -voidFraction. As the fluid in the evaporator is heated from
subcooled to saturated and then boiled, the fluid state changes. That is, the temperature,
quality, and void fraction evolve. The change in fluid state depends on the heat transfer and
flow regime.

In the single-phase and PDB regimes, the bulk fluid is subcooled, and any bubbles that
are present are small and remain attached to the wall. The increase in fluid temperature
represents the change in fluid state for these regimes. No significant voiding occurs; the
quality and void fraction are zero.

In the FDB Jýeginie, a significant volume of vapor may be generated even though the
bulk temperature oi the fluid remains subcooled. This behavior is accounted for by
partitioning the energy delivered to the fluid into two parts. One part of the energy goes to
raising the fluid temperature (i.e., sensible heat) similar to the single-phase and PDB regimes.
The other part of the energy generates vapor (i.e., latent heat), increasing the quality and void
fraction. The design methods specify how the energy is partitioned.

The picture simplifies again in saturated boiling. Here all of the heat transfer generates
vapor, and the bulk fluid remains saturated.

The relationship between void fraction and quality varies with the flow regime. In the
bubbly and slug flow regimes, the quality is low. The quality and the void fraction are treated
using a homogeneous model, i.e., there is no slip between the phases. As the quality rises and
the flow regime changes to annular, phase slip becomes significant, and an annular flow model
must be used to predict the void fraction.

Pressure Losses in Flow B3oiling. The pressure drop through an evaporator determines
the pumping power requirement. Generally, good heat transfer performance requires higher
pressure drops, so system level tradeoffs are necessary to balance component size and pumping
power.

Pressure losses in an evaporator tube are due to the phenomena illustrated in Figure 4.5,
which shows the forces acting on elemental control volume in the evaporator tube. The forces
are:

* Wall friction,
* Body forces, and
* Fluid acceleration.
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The total pressure drop in the evaporator is the sum of the pressure drops due to these three
components. Pressure drops due to wall friction and body forces are similar to the pressure
losses in a transport line (Section 3). The difference is that the fluid changes phase in an
evaporator so the effective fluid properties vary along the tube. The pressure drop due to fluid
acceleration is also caused by vaporization of liquid. Since the vapor is less dense than the
liquid, it must have a higher velocity. To accelerate the fluid into the vapor phase a force
must be exerted on the liquid. This force is the acceleration pressure loss in the evaporazor
tube.

Dimensionless Design Maps. This design manual presents dimensionless design maps
to calculate heat transfer and pressure losses in evaporator tubes (Section 4.8). The
aimensionless design variables provide physical insight and the maps are suitable for scoping
level design. These maps igno.e the less important heat transfer and flow regimes which
contribute minimally to the overall behavior of the evaporator. Instead, the maps focus on the
key regimes that dominate performance. More precise estimates of the evaporator
performance need to account for all the various heat transfer and flow regimes, and the design
equations are provided (Sections 4.4 through 4.7) which are suitU for detailed computer
calculations.
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4.3 Calculation Procedure for an Evaporator Tube

To first order, an evaporator tube can be designed assuming only one heat transfer
regime: saturated boiling. However, for final design calculations more precision is often
needed, and the detailed behavior of the coolant must be considered. These calculations
should consider all the possible heat transfer regimes and calculate the transition from one
regitue to the next.

This section presents detailed design relations. Procedures are given to generate design
maps for additional cases of interest or to program computerized calculations for forced
convection evaporators. The usual way to use these design relations is to first divide the
evaporator tube into a number of segments within which the fluid properties are approximately
constant. In each segment there are three basic calculations:

* Determine the fluid state at the segment exit,
* Calculate the wall temperature (or heat flux),
* Compute the pressure drop, and
* Check for heat transfer regime transition,

Tables 4.2 and 4.3 summarize the calculations in each of the heat transfer regimes and
the transitions between them. Figure 4.6 shows schematically the sequence for performing
these calculations. The sections which follow provide more detail.

The number of segments required for a design calculation varies. One hundred or so
segments are often sufficient for the evaporator calculation. In general, the designer should
increase the number of segments until the solution no longer changes. This assures that the
solution is not dependent on the number of segments.

4.3.1 Boundary Conditions

Thermal Boundary Conditions. Two types of thermal boundary conditions can be
prescribed: constant wall heat flux and constant wall temperature. The constant wall heat flux
boundary condition specifies the heat flux along the length of the evaporator, fixing the net
heat load on the evaporator. The heat flux boundary condition is often used and is robust, with
no iteration required for solution.

The constant wall temperature condition is somewhat less used and requires iteration in
order to converge to a solution. Due to this iteration and to the sensitivity of the
Gungor-Winterton (1986) flow boiling heat transfer correlation to wall temperature, the design
methods are less robust and more uncertain for constant wall temperature boundary conditions.

Figure 4.7 illustrates the behavior of the design methods during iteration for constant
wall temperatures. In the iteration, the heat flux is guessed, the heat transfer coefficient is
computed using this guess, then the heat flux is calculated from the heat transfer coefficient
and known wall temperature. If the heat flxes are the same, the calculation ends. Otherwise,
the newly calculated heat flux is used as a new guess and so on. The figure plots the behavior
of the solution as the heat flux is guessed and calculated. In the plot, the iterations converge
when the 450 line is reached.
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Table 4.2. SUMARY OF EVAPORA1IR CALCULATIONS

I Wall Heat Fluid Heating/ Void 1 Pressure* Friction Factor
Regime Transfer Vapor Generation Fraction Drop (24 Multiplier)

Single- Dittus- I Energy Balance ColebrookSPhase Soelter , (No vapor)

Partially- Gungor & Energy Balance -ý Colebrook
Developed Winterton (No vapor)
Boiling

Fully. Gungor & Energy Balance Homogenous Homogenous McAdams-
Developed winterton & Gregoria-Merlini 2 3A Colebrook
Boiling

Saturated Gungor & Energy Balance Annular Annular Wallis-
Boiling Winterton j (All Vapor) 12 2_ Colebrook

!*Srinevasan et al. Correction Applied for Coiled Tubes

Table 4.3. SUMMARY OF TRANSITION CALCUIATIONS

From To Transition Model

Single-Phase Partially- ONB Davis-
Developed Transition Anderson
Boiling

Partially- Fully- OSV Saha-Zuber
Developed Developed Transition
Boiling Boiling

Fully-Developed Saturated Saturation Tf = Tg
Boiling Boiling

Any Regime Post-CHF Critical Heat Flux Shah
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The two examples of Figure 4.7 indicate the strong sensitivity of the heat flux on the
wall temperature. Small changes in wall temperature result in large changes in heat flux. The
plot also shows the uncertainty involved. The computed heat flux depends strongly on the
convergence criterion selected, and the solution may not be single-valued. It is also easy to
specify a wall temperature that will not result in a convergent solution.

For these reasons, the constant wall temperature boundary condition should be used
cautiously. The results should be carefully reviewed, and sensitivity of the results should be
checked for each case. For some situations, the problem can be reasonably recast into constant
heat flux form.

Flow Boundary Conditions. The flow boundary conditions are set at the inlet to the
evaporator. These consist of the inlet pressure, mass flux, and the inlet temperature or quality.
For subcooled inlet flow, the temperature is specified (quality and void fraction are zero). For
two-phase inlet flow, the methods use the specified inlet quality to 1..ornpute the corresponding
void fraction. The temperature is set to saturated conditions. Note that the methods assume
that the flow is in the saturated boiling regime (annular flow) if the inlet quality is nonzero.

4.3.2 Segment Calculations

In each segment of the evaporator, a sequence of six calculations, is performed:

1.) Geometry parameters,
2.) Regime.
3.) Heat transfer,
4.) Fluid state,
5.) Pressure drop, and
6.) Regime transition.

The following paragraphs outline these calculations.

QGfto Iy P..wmt. rs. For all evaporator configurations, the distance from the inlet z
is incremented by the length of the segment. In spiral and helical coil configurations, the
methods aiso compute the position of the segment in the coil.

The total number of turns, Nt, ir, a spiral coil is:

= L (4-6)Nt="rir + ro)

where L is the total tubing length, ri is the inner radius of the coil, and ro is the outer radius of
the coil. (For helical coils, r1 = rt, and the equation reduces to the formula for circumference
of a circle. Recall that the design methods do not account for wide axial spacing of the helical
coils.)

The effective diameter of the coil, Dco0 ,, at any position, z, depends on the flow
direction. The effective diameter is used later in computing a factor that accounts for

* additional pressure drop in curved tubing. For the inner-to-outer flow direction,

Nt 2 rj2+{(r - i~z (4-7)
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and for the outer-to-inner flow direction,
Dco• 2ro2 • 0.5

Dc0  -= - -[- r~z0 (4-8)

Heal Tasfer/Flow Regime. The heat transfer/flow regime for the current segment is
determined by the inlet conditions for that segment. i.e., the outlet of the previous segment or
the inlet to the evaporator. The appropriate calculation sequences for heat transfer, fluid state,
and pressure drop are selected based on this regime. Regime transitions that occur in the
current segment set the inlet regime for the next segment.

Heat sfa. The wall temperature or wall heat flux is calculated using heat transfer
coefficient models and correlations for the appropriate regime. For the single-phase regime,
the Dittus-Boelter (1930) correlation is used. For all other regimes the Gungor-Winterton
(1986) model is applied, with appropriate definitions of the parameters. Section 4.4 presents
the detailed equations for these calculations.

For constant wall heat flux boundary conditions, the heat transfer coefficient may be
calculated directly. In constant wall temperature cases, the iteration scheme outlined in
Section 4.3.1 is required.

Fluid Stat&. Quality. andVoid Fraction. For segments operating in the single-phase and
PDB regimes, the design methods calculate the increase in fluid temperature based on the heat
flux for the segment, its length, and its heated perimeter. For the FDB regime, the energy
partition, fluid temperature increase, and vapor generation are calculated. Vapor generation
alone is computed for segments operating in the saturated boiling regime. The void fraction at
the end of the segment is computed using the appropriate flow regime model. Section 4.5 gives
the equations for fluid state, quality, and void fraction in each regime.

Pe•,,•u.f r . The pressure drop calculations for each segment include the
contributions of friction, acceleration, and body forces (i.e., gravity):

APevap = APf + APa + APg (4-9)

In spacecraft applications the pressure drop due to friction is usually the largest. For
single-phase and PDB regimes, single-phase friction factors are used to calculate APf. The
FDB regime uses a homogeneous model, and me saturated boiling regime implements an
annular flow model. The acceleration term results from the density decrease and velocity
increase that occurs in evaporators due to phase change. It will be most significant when the
vapor generation rate is large. The body force term depends on the acceleration magnitude
and direction.

Regime Transitions. Transitions between heat transfer/flow regimes are checked at the
exit conditions of each segment to determine the appropriate regime for the following segment.
Table 4.3 lists the regime transitions considered in the design methods.

The methods account for regime transitions in one direction only. That is, the methods
properly track the transitions from single-phase to subcooled boiling to saturated boiling, but
they do not follow potential reverse transitions such as PDB to single-phase. Such situations
would most likely occur for evaporators with nonuniform heat flux profiles. For instance, an
evaporator with a very large heat flux near the inlet, then a very low heat flux through the
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remainder of the evaporator, the flow could conceivably transition to PDB, then back to
single-phase convection. In general, this type of behavior would occur only within a narrow
range of operating conditions and is not considered by the design methods.

The methods do allow more than one transition to occur within a single segment. The
flow could pass from single-phase to saturated boiling within one segment length, for example.
Generally, however, the segments in most actual calculations are short enough to prevent
skipping of regimes.

Section 4.7 details the equations for the regime transition models.

4.3.3 Calculation of Entire. Evaporator Tube

Calculation of the entire evaporator tube consists of the sequential calculation of each
of the segments, proceeding from the inlet to the exit of the evaporator. Conditions in the first
segment are known from the evaporator inlet conditions and will usually be single-phase liquid
at a known pressure and subcooling. Exit conditions calculated for one segment become the
inlet conditions for the next. When the segment calculations are complete, the results include
profiles for:

0 Fluid temperature,
* Saturation temperature,

Wall temperature,
* • Pressure,
* Quality, and
* Void fraction.

Overall evaporator parameters such as pressure drop can be calculated from the inlet and exit
conditions or by integrating the segment results.

4.4 Heat Transfer Coefficients

The heat transfer coefficient is calculated using models which depend on the iocal heat
transfer/flow regime.

4.4.1 Single Phase Convection

The evaporator wall temperature and heat flux in the single-phase regime are related by
the single-phase heat transfer coefficient, hf,:

q h. (Tw - Tf) (4-10)

For turbulent flow, the Dittus-Boelter equation (Collier, 1981) yields the heat transfer
coefficient:

hi, = 0.023 (k /D,.) (GDWMIp) 0 .8 (Pri)0.4 (4-11)

where k, is the thermal conductivity of the liquid and .Pr is the Prandtl number of the liquid
(Pr = cp/k). 4-17



4.4.2 Partially-Developed Subcooled Boiling

A single heat transfer correlation is used for all three of the boiling heat transfer
regimes. Changes in the definition of the temperature difference are used to account for
differences in the driving forces in each regime. The correlation (Gungor and Winterton,
1986) is based on the superposition approach described in Section 4.2. Forced convection nnd
nucleate boiling heat transfer coefficients are combined using correlated enhancement and
suppression factois.

The general relation for heat transfer in flow boiling is:

q" = E hfe (T, - Tf) + S hnb (Tw - Tst) (4-12)

where E is the enhancement factor and S is the suppression factor. The forced convection heat
transfer coefficient is computed from:

h = 0.023 ~(-X)] 0.8 0.4 (4-13)

where x is the local quality. The nucleate boiling heat transfer coefficient is based on a pool
boiling correlation:

hnb =55 Pr~ 0.12 4og0(Pr)] -0'55 MW-0 5 q"0 .67  (4-14)

where Pr is the reduced pressure (P/Peti) and MW is the molecular weight of the fluid. The
heat flux (q") must be expressed in units of W/m 2 and the resulting heat transfer coefficient
has units of W/m2-K.

For subcooled boiling (PDB and FDB), the enhancement factor, E, is equal to 1. The
suppression factor, S. is computed from:

S = (4-15)

1 + 1.15x10- 6 E2 "GDh(l'x)1
L Ai• J

For some applications, buoyancy forces may be important. To account for these, the Froude
number. Fr, is computed by-

Fr G2 (4-16)

If Fr is less than 0.05, then the suppression factor (Equation 4-15) is multiplied by a factor of

FrO. 5.

4.4.3 Fully-Developed Subcooled Boiling

In this regime, the heat transfer coefficient is determined by the same method as for
PDB, using Equations 4-12 to 4-15.
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4.4.4 Saturated Boiling

The Gungor-Winterton correlation is again used in saturated flow boiling, but some of
the parameters are adjusted. The overall heat transfer relationship for saturated boiling is the
sazr as Equation 4-12. Since Tf = Tt, the equation becomes

q" = (E hfe + S hnb) (Tw- Tga) (4-17)

For saturated boiling, the enhancement factor, E, is calculated by:

E m I + 24,000 Bo1.16 + 1.37(1/Xtt)0 .8 6  (4-18)

where the boiling number, Bo, and Martinelli parameter, Xtt, are defined as:

Bo = • (4-19)
G4fg

xtt X)0.9 05 fal0.1 (-0
P [( 1 ' x 0] 1~ (4-20)

If the Froude number (Equation 4-16) is less than 0.05 and the angle between the flow
direction and the acceleration vector is about 90' (i.e., horizontal), the enhancement factor, E,

* (Equation 4-18) should be multiplied by this correction factor.

Fr(0,1 - 2Fr)

The forced convection heat transfer coefficient, hfC, nucleate boiling heat transfer
coefficient, hub, and suppression factor, S, are determined in the same way as for PDB and
FDB (Equations 4-13, 4-14, and 4-15, respectively).

4.5 Fluid State, Quality, and Void Fraction

The change in fluid state is calculated using methods which depend on the local flow
regime.

4.5.1 Single-Phase Convection

In the single-phase regime all of the heat is absorbed by the liquid as sensible heat.
Therefore the temperature rise, ATf, in a segment of length Az is calculated from a simple
energy balance:

ATf = H q"Az (4-21)Cp, A

0
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4.5.2 Partially-Developed Subcooled Boiling

In this regime there is no net vapor generation, so that fluid heating is the same as in
the single-phase regime, Equation 4-21.

4.5.3 Fully-lDvcloped Subcooled Boiling

In this regime there is a division of the heat flux between heating of the liquid towards
saturation (sensible heat) and vapor generation (latent heat). Gregorio and Merlini (1968)
suggest that the fractit., of the heat flux, Ef, which goes to heating the fluid is:

S-1l
E= I - I1 + (P, /Pj)cpi(Tat - Tf)/htgj (4-22)

In this case the quid temperature ise in a segment is:

AT H Az Ef q" (4-23)

Note that the bulk fluid temperature will not exceed the saturation temperature, Tat.
Once the Liquid reaches Tt, the heat transfer regime changes to saturated boiling, as
discussed below.

In FDB the flow is assumed to be homogeneous, and the void fraction is a simple P
function of the quality and phase densities:

a =_

a x (4-24)(1-x)(pý/F) + x 4-4

where x is a "pseudo-quality calculated for the fraction of liquid flow (1-Ef) which is assumed
to be saturated:

X H (z - z f d P) (I-EEL) ,(-5
SA hfg(4-25)

4.5.4 Saturated Boiling

In this regime, all of the heat flux generates vapor and increases the quality of the
two-phase mixture. The change in quality, Ax, in a segment of length of Az is:

Ax = H Q" Az (-6
Sf(4-2 6)

The flow regime in saturated boiling is assumed to be annular. If the interfacial shear
ratio, f/fw,, is known, the void fraction is related to the quality in annular flow by:

[1-.] 2 = X [l ] (ft /fwg) (4-27)

4-20



0
This equation can be solved iteratively for the void fraction if an expression for fi /fg is
known. Wallis (1969) recommends the following expression for the shear ratio in annular
flow:

f /fwX = [1 + 75(-ax)] (4-28)

Note also that the equation used to compute a (4-27) is valid only for constant friction factor
fwl.

4.6 Pressure Drop

This section presents pressure drop equations which can be used in doetMiled computer
calculations. Most of the pressure drop occurs in the annular flow regime with saturated
boiling. Here we use a separated flow model to calculate pressure losses. Homogeneous flow
is assumed for the less important FDB ,egimes. Further information is available in Collier
(1981) or Wallis (1969). Kakac (1988) has shown that this method works well for boiling
systems on Earth. Figure 4.6 shows a scheme for calculating the pressure losses during the
detailed heat transfer computation. Equations are provided for friction, body force and fluid
acceleration pressure drops in the various heat transfer regimes of an evaporator tube.

4..". 1 Single-Phase Convection

0 Frictional component. The basic equation for the pressure drop in a segment due to
wall friction is:

APfe = fwl (4 /Dh) (G2/2p1) Az (4-29)

in which fw, is a friction factor, (4/Db) is the perimeter to area ratio, and (G2/2p,) is the kinetic
energy per unit volume of the fluid. The friction factor, f,,, depends on the liquid-only
Reynolds number:

Re GDh (4-30)

For Re, less than 1500, the flow is laminar and the friction factor is calculated by:

fwj - 16 (4-31)

Generally, flows in practical evaporators have large Reynolds numbers and are turbulent. If
Re, is greater than 1500, the flow is considered turbulent, and the friction factor is determined
by solution of the Colebrook-White equation (1939):

1 = -4.0 loglo c /D + I [. 255 j] (4-32)

* where er is the wall roughness.
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Acceleration component. In single-phase flow, no vapor is erenerated, and acxeleration
Affects are negligible (AP,, -t 0).

Body force component. The pressure loss due to body forces depends on the
acceleration magnitude and direction. For single-phase flow, the "gravitational" loss term is:

APse - 1 a cose Az (4-33)

where a is the acceleration magnitude and 0 is the angle between the acceJr, ration vector and
flow direction.

4.6.2 Partially-Developed Subcooled Boiling

In PDB, no vapor generation is considered, and the methods for single-phase flow
(Equations 4-29 to 4-33) apply

4.6.3 Fully-Developed Subcouled Boiling

i:rictional cam= =. For two-phase flow, the expression for single-phase friction loss
(Equation 4-29) is moditied for two-phase flow as follows:

APE = fw 02 (1-x) 2 (4/Dh) (G2/2p,) Az (4-34)

Now the friction factor and kinetic energy terms are calculated as if the flow were single-phase
liquid. Two. phase effects are lumped into 02, which is the two-phase multiplier. The value of
02 depends on the fluid properties, the quaiity and the flow regime as described below.

In the FDB heat transfer regime, a homogeneous flow model is recommended to
estimate the pressure drop. This model assumes that the liquid and vapor have the same
velocity and that the two-phase fluid properties can be estimated by a quality-weighted average
of the liquid and vapor properties.

McAdams (1942) recommends this valut for the two-phase multiplier based upon a
quality-weighted viscosity for the two-phase fluid:

1/4

The friction factor is calculated as for single-phase liquid flow.

Acceleration component. Appreciable vapor is generated in FDB, rtsulting in an
acceleration pressure loss as the flow velocity increases. From Collier (1981), the acceleration
loss for homogeneous two-phase flow in a segment is:

AP, = G2 [L-.-- NAx (4-36)

where Ax is the change in quality over the length of the segment.
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S
Blodyforcecomponent. The basic equation for the pressure drop in a segment due to

body forces is:

APse -o Pt + (I-f) pla coso Az (4-37)

where a is the void fraction calculated with Equation 4-24. (The pressure J= is positive
when the inlet pressure is greater than the outlet pressure.)

4.6.4 Saturated Boiling

Frctional co ot,. This heat transfer regime is characterized by annular flow, and
the two-phase multiplier is (Collier, 1981):

12 (4-38)

where a is th'e local void fraction. Note that this expression for 02 differs from that used for
FDB. In FDH, a homogeneous model is used where the phase velocities of the gas and liquid
are equal. In the annalar flow model used here, the phase velocities are not equal, with the gas
flowing in a high speed core inside an annular liquid film. This fundamental difference in the
flow regime causes much larger pressure drops and analysi,; yields the expression for 02 given
in Equation 4-38.

Combining the annular flow multiplier with Equation 4-34, the pressure drop due to
friction in a short tube segment of length Az can be calculated using this expression:

APfe = • (1-x) 2 (4/Dh) (G2/2p,) Az (4-39)

Acceleration component. The basic equation for pressure gradient due to fluid
acceleration is (Collier, 1981):

(dP/dz) - G2 d [2 + ( 1 (4-40)

Thus the pressure drop in a pipe segment due to fluid acceleration is:

AP., = G x2 1 (1-x) 2 1 (4-41)

where the symbol "A" is used to represent the value of the bracketed quantity at the tube exit
minus the value at the inlet. (Once again, the pressure d.1 is- positive when the pressure
gradient is negative.) The pressure drop is independent of the segment length and depends
only on the fluid quality and void fraction at the inlet and outlet of the segment.

Body force component. For the body force term in saturated boiling, the same equation
is aplied as for the FDB regime, Equation 4-37.

4
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4.6.5 Correction Factor for Curved Tubes

A correction factor is applied to the friction pressure loss component to account for the
behavior in curved tubes, i.e., spiral coils and helical coils, so that:

=PCOi -- fcoil APre (4-42)

where APfe is the frictional pressure drop neglecting the effects of coiling, APcou is the
pressure drop including the coiling effect, and f.U is the correction factor.

To calculate fcil for turbulent flow, the following equation is used (Srinevasan et al,,
1968):

Sfco, = Re,[D•] 0.05
Gi e (4-43)

which is valid for:

Re, Dgg1  > 6

4.7 Regime Transitions

The three key regime transitions (ONB to OSV to saturated boiling) occur when the
calculated fluid or wall temperatures reach critical values. The possible transition to critical
heat flux is calculated using Shah's correlation (1987).

4.7.1 Onset of Nucleate Boiling

The single-phase heat transfer regime ends when the wall temperature reaches a critical
value, Toob, at which vapor bubble nucleation and subcooled nucleate hoiling begins. The
correlation of Davis and Anderson (1966) is recommended:

Twonb= Tsat + 8 a"Tt 1/2(4-44)L t f gic i P~s (444

The correlation of Frost and Dzakowic (1967), which is identical except that the second term
is multiplied by Pr1l/3, is an alternate .hoice.

4.7.2 Onset of Significant Voiding

Saha and Zuber (1974) recommend a model for the transition from partially to fully
developed subcooled boiling (PDB to FDB). This model expresses the fluid subcooling at the
transition as a function of the heat flux:
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(Tg-Tf)fdb (0.0022) q" DI/kI (4-45)

(when Re, Pr1 < 70,000), or

q"j

(Tw-Tf)fdb = (153.8) - (4-46)
GCp1

(when Re, Pr1 > 70,000)

4.7.3 Bulk Saturated Condions

The FDB regime ends when saturated flow boiling begins, as indicated by:

Tf = T,,t (4-47)

This transition depends on the fluid temperature rather than the flow regime. The
design methods also assume a transition from homogeneous to annular flow at this point (see
Table 4.1).

To be more precis. than this, one could calculate a transition to annular flow based on
the local void fraction, and this would represent the transition to two-phase forced convection. heat transfer, an event distinct from transition to saturated boiling. However, the transition
void fraction is exceeded almost immediately when the two-phase fluid achieves a significant
po.%. ve quality. So it is acceptably accurate and simpler to assume that the homogeneous
flow regime ends (and the annular flow regime begins) when the liquid reaches its saturation
temperature.

4 7.4 Cr-itical Heat Flux

Critical heat flux (CHF) describes a condition in which the heat transfer mechanisms of
two.phase forced convection and nucleate boiling have reached their limit. At higher heat
fluxes the physical processes responsible for efficient heat transfer break Jown, the heat
transfer coefficient becomes dramatically smaller, and the wall temperatu-es become
correspondingly much larger. The wall temperatures may rise to such a degree that actual
damage to the evaporator material results. This is why CHF is sometimes termed burnout.

CHF may occur under either single-phase or two-phase conditions, hence it provides an
upper limit on ev,.iorator performance regardless of the flow or heat transfer regime. Many
aspects of CHF are still incompletely understood. Measurement and correlation of CHF
behavior continues. The uncertainty in CHF prediction is substantial, and the designer should
provide significant safety margins for most evaporator applications.

S2=•= •• • • - •' •IP ='==='iP•- ='l=.25 •• - ,,
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The Shah CHF correlation (1987) is recommended for predicting CHF. This
correlation has the advantage of applying over a broad range of fluids and operating
conditions. Its key disadvantage is that it does not consider body forces. The dependence of
CHF on acceleration for flow boiling, however, is not well known at this time, and
comprehensive correlations considering this effect are not yet available.

The Shah correlation is based on a two part approach: an upstream conditions
correlation (UCC) and a local conditions correlation (LCC). Its application begins by
computing a number of parameters. First, the Peclet number, Pe, is:

Pe = G (4-48)

where cpt is the specific heat of the liquid. Next, an entrance effect factor is calculated:

Fe = 1.54 0. 0 3 21z (4-49)

where z is the distance from the inlet. If the value of F, calculated by Equation 4-49 is less
than 1, then F. is set equal to 1. Following this, the boiling number, Bo (Equation 4-19), and
Shah's correlating parameter, Y, are calculated:

Y = PeFe0 4 t-•0' (4-50)

where M, and ti are the liquid and gas viscosities respectively.

Next, the effective inlet quality, xiae, and effective distance from the inlet, zfr, are
calculated. For subcooled liquid at the inlet, the expressions for these are:

Xief I - Tf)Cl (4-51)

Zef = z (4-52)

For a two-phase mixture at the inlet of quality, xi., the values are:

xif = 0 (4-53)

zeff = z + x (4-54)

For the UCC. the critical heat flux, q"u%, is calculated by:

q'ucc 0.124 [z]089 [1&] (1 - xi.() G hf5  (4-55)
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where n is an exponent that depends on Y. For Y < 104, n 0. For 104 g Y < 106,

[n D 0 5 4  (4-36)

and for Y > 106,

n 0.12 (4-57)

(1 Xief)

The LCC value of the CHF is calculated by the following equation:

q"Ic, = F. F, Bo0 G hfý (4-58)

where F, is the entrance effect factor (Equation 4-49), F, is a quality factor, and Bo, is the
boiling number at x = 0.

The quality factor is calculated by the following equation for a two-phase mixture
(A greater than 0):

-0•29 1( - 0.)c

Fx = F3 1 + - ,)(P 0 ,6 ) (4-59)

where

c = for Pr 5 0.6

F3  = [l' 2 5XlOS] 0 8 3 3x (4-60)

Pr = critical pressure-ratio, PfPe(i6

For subcooled liquid (x < 0), the following expression is used for F,:

Fj = F, i - (- F).(P - 0.6 N]b (4-61)

where

b 0 for Pr 0.6
= 1 for Pr > 0.6

F1  = 1 + 0.0052(-x 0 '8 8 )Y0 .4 1 for Y 5 1.4x107

F1  = 1 + 4.425(-x 0 "8 8 ) for Y > l.4x10 7

F2  = FI"0 "4 2 forF 1 <4

F2  = 0.55 forF 1>4
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The criteria for selecting which of the correlations (UCC or LCC) to use is:

* Y : 106 use UCC value (q"cht'= q"uec),
S Y > 106 use the smaller of the two values

"= q'c1 or q"k.)

If the operating heat flux, q", exceeds the predicted critical heat flux, q"chf, the evaporator may
transition to post--CHF heat transfer and flow regimes (e.g., film boiling) that are much less
efficient The result may be large wall temperatures and possible evaporator failure.

4.8 Scoping Calculations and Dimensionless Design Charts

This section presents methods for scoping calculations of the evaporator size, heat
transfer, and pressure drop. It is assumed that the heat flux and the fluid conditions at the inlet
are known and that the primary design goals are to achieve a desired fluid exit quality and to
ensure operation independent of spacecraft acceleration. The basic procedure to meet these
objectives is:

* Estimate the evaporator tube length,
* Estimate the forced convection fraction,
* Check the significance of body forces,
* Check the design for maximum heat flux and tube wall temperature, and

Estimate the pressure drop.

Saturated boiling with annular flow is the dominant regime in an evaporator tube if the inlet
subcooling of the fluid is only a few degrees. The following discussion assumes that this
regime dominates the evaporator behavior. We also assume that the heat flux can be specified.
For detailed design all of the heat transfer regimes must be treated explicitly, and the detailed
analysis presented in Sections 4.4 to 4.7 is recommended.

The information needed in order to perform the scoping calculations includes:

Fluid Properties

A density of liquid phase (kg/m3)
Aj viscosity of liquid phase (kg/m-s)
cpl specific heat of liquid phase (Q/kg-K)
ki thermal conductivity of the liquid (W/m-K)
Pg density of vapor phase (kg/m 3)
99g viscosity of vapor phase (kg/m.s)
h~fg latent heat of evaporation (J/kg)
Punt critical pressure (Pa)
MW molecular weight of fluid (kg/kg-mole)
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Operating Conditions
q" heat flux (W/m2)
Tsat saturation temperature (K)
ATsb inlet subcooling (K)
G mass flux (kg/m2-s)
P evaporator absolute pressure (Pa)
XO evaporator outlet quality (-)
a acceleration magnitude (m2/s)
0 angle between acceleration vector and flow direction (-)

Geometry

H tube heated perimeter (m)
A cross-sectional flow area (M2)

4.8.1 Evaporator Tube Length

Figure 4.8 is a universal design map (independent of heat transfer regime) that shows
the required evaporator tube length in terms of the desired change in fluid quality and an
evaporator thermodynamic ratio, RPv, which is proportional to the heat flux divided by the
mass flux. A compact evaporator has a large thermodynamic ratio. Unfortunately, this
competes with design requirements for forced-convection dominance and low pressure drops.
The optimum Rev comes from a tradeoff between these objectives,

1000-

ZD AZ Ax

cc Dh Rev
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o 1 oo,0.9I
1 0 0 .8

ul 0.7
S, 0.6

-•J 0.2/ 0.5
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i • EVAPORATOR THERMOOYNAMIC RAT1O, Rev

Figure 4.8. DESIGN CHART FOR EVAPORATOR TUBE LENGTH
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The procedure to use this map includes three steps as described below.

1.) First, calculate the thermodynamic ratio, Rev, for the evaporator.

Rev M (4-62)

where q" is the heat flux, G is the mass flux, and hf, is the latent heat of vaporization,

2.) Next, determine the change in fluid quality, Ax, that the evaporator is to
produce. The inlet subcooling and exit quality, and thus the change in quality within the
evaporator, are determined as part of the overall system design. If fluid enters the evaporator
with a subcooling. ATub, and is to exit with a quality x,, then the change in enthalpy is:

Ah = cpAT!ub + xohfg (4-63)

The change in quality in the evaporator is calculated by:

Ax a Ah/hts (4-64)

3.) Select the line which corresponds to Ax in Figure 4.8 and locate the point with
the abscissa Rev. The value of the ordinate at this point is the dimensionless tube length, L*,
which will produce the desired exit quality. The required tube length is:

L = L*Db (4-65)

where L is the tube length (in meters) and Dh is the hydraulic diameter (4A/1).

4.8.2 Forced Convection Fraction

The evaporator design should ensure that forced convection is the dominant heat
transfer mechanism. The fraction of heat transfer due to forced convection in the saturated
nucleate boiling regime depends on the coolant properties, mass flux, tube hydraulic diameter,
heat flux, and quality. The procedures given in this section permit the designer to estimate the
forced convection and nucleate boiling heat transfer coefficients, as well as the enhancement
and suppression factors. Due to the multivariate character of most of the equations, the
calculations are presented primarily in terms of equations rather than design charts.

There are 9 steps to calculate the forced convection fraction:

1.) Select a representative fluid quality, x.
2.) Calculate the boiling number, Ho (Equation 4-66).
3.) Calculate the Martinelli parameter, Xtt (Equation 4-67).
4.) Calculate the enhancement factor, E (Equation 4-68).
5.) Calculate the two-phase Reynolds number, Retp (Equation 4-69).
6.) Determine the forced-convection heat transfer coefficient, hrc (Figure 4.9 and

Equation 4-70).
7.) Calculate the suppression factor, S (Equation 4-71).
8.) Calculate the nucleate boiling heat transfer coefficient, hnb (Equation 4-72).
9.) Calculate the fraction of the heat transfer due to forced convection, Ef,

(Equation 4-73).
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These steps are described in more detail below

1.) Select a representative fluid quality, x: The average flow quality in the channel
will do. This is simply one-half the exit quality,.

2.) Calculate the boiling number, Bo:

Bo = r-.,, (4-66)

3.) Calculate the Martinelli parameter, X,,:

Xtt X)1 x x)]0.9 0.5 10.1

~= [ ] [1 [11 J (4-67)

4.) Calculate the enhancement factor, E:

E = 1 + 24,000 Bo1" 16 + 1.37(1/Xto)0. 8 6  (4-68)

5.) Calculate the two-phase Reynolds number"

G(1-x)Db
Re, = - (4-69)

AI

6.) Determine the forced-convection heat transfer coefficient, hf. Use Figure 4.9
and read the value of the Nusselt number for forced convection (Nuft which corresponds to
the two-phase Reynolds number and the liquid Prandtl number (PrI -,ulcp 1 /k). Then calculate
the heat transfer coefficient:

Nuf, k,
hf, = (4-70)

Dh

7.) Calculate the suppression factor, S:

S = (4-71)

1 + 1.15x10- 6 E- Rep 1.17

8.) Calculate the nucleate boiling heat transfer coefficient. hub:

h,,b= 55 P,0.12 -log(Pb)]"055 MW"0'5 q 0.67 (4-72)

where Pr is the reduced pressure (P/Pit) and MW is the molecular weight.
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9.) Calculate the forced convection fraction: The fraction of the heat transfer due
to forced convection, Ef0, is:

E LEhr• + Sh~bi 4-3

This ratio should be near unity (Efr _> 0.9) fo, forced convection to dominate.

4.8.3 Significance of Body Forces

For evaporators which are nearly horizontal with respect to gravity (i.e.. angle between
flow direction and acceleration vector is 900), stratification of the flow may affect the heat
transfer. As a check, the effect of buoyancy can be evaluated by calculating the Froude
number:.

Fr = -474)

where a is the spacecraft acceleration. If the Froude number lies above 0.05. the effect of d
buoyancy is negligible. This should be the case for well-designed evaporators.
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4.8.4 Operating Limits

There are two limits which should be checked for evaporator design. One is
the critical heat flux and the other is the wall temperature. As noted in Section 4.8.2,
the forced convection fraction, Efr, should also be greater than 0.9 to ensure the
acceleration-independence of the heat transfer.

Wall Temjrature. The evaporator designer may be faced with temperature limits for
the tube material or components which are cooled by the evaporator. To estimate the wall
temperature, the designer needs the calculated heat transfer coefficients (hrc and hnb) and
factors (E and S) calculated in Section 4.8.3 for determining the forced convection fraction.
These are used with the heat flux to determine the wall temperature:

I,

Tw = Tsat + hf +S (4-75)

This estimate of the wall temperature corresponds to the expected wall temperature during
stable saturated boiling and should be compared with the mateiial and operating limits. Much
higher wall temperatures are associated with the phenomenon of critical heat flux discussed
next.

Crigical Heat Flu:,. Critical l..at flux (CHF) occurs when stable saturated boiling heat
transfer (forced convection plus nucleate boiling) reaches its physical limits. Vapor blankets

* the heating surface, resulting in poor heat transfer and high wall temperatures. In general, the
evaporator needs to avoid operating close to CHF to assure heat transfer performance and
prevent failure.

For CH9F prediction, the Shah (1987) correlation is recommended. The Shah
correlation is based on a two part approach: an upstream conditions correlation (UCC) and a
local conditions correlation (LCC). Its application ii complex, with many equations and
conditions to check. In this section a simplified version is presented, with restrictions on the
range of parameters. To accommodate situations outside this range of parameters, the designer
should consult the full correlation in Section 4.7.4.

To calculate the value of the critical heat flux, the following procedure is followed:

1.) Calculate the Peclet number, Pe (Equation 4-76).
2.) Calculate the entrance effect factor, F, (Equation 4-77).
3.) Calculate Shah's correlating parameter, Y (Equation 4-78).
4.) Calculate effective inlet quality, Xief (Equation 4-79).
5.) Detennine the boiling number for UCC, Bou, graphically (Figure 4.10).
6.) Determine the boiling number at zero quality, Bo, graphically (Figure 4.11).
7.) Determine the quality factor, Fx, graph'ciily (Figure 4.12).
8.) Calculate the boiling number for LCC, Bil, (Equation 4-80).
9.) Select the appropriate correlation and cltuate the critical heat flux, q"chf,

(Equation 4-81).

These steps are described in more detail below.
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1.) Calculate the Peclet number Pe; 0
Pe= (4-76)

2.) Calculate the entrance effect factor:

Fe = 1.54 - 0 ,0 3 2 .- (4-77)

where z is the distance from the inlet. If the value of F. calculated by Equation 4-77 is less

than 1, then Fe is set equal to 1.

3.) Calculate Shah's correlating parameter Y:

Y = Pe Fe0 '4 f-1I0'6 (4-78)

4.) Calculate the effective inlet quality x10 f:

Xie " (4-79)

5.) Determine the boiling number for UCC, Bou, from Figure 4.10. This plot is
only valid for Y < 104. For larger Y, the equations of Section 4.7.4 should be consulted.

6.) Determine the boiling number at zero quality, Boo, graphically froin
Figure 4.11.

7.) Determine the quality factor, Fx, graphically from Figure 4.12-a. First
determine the ordinate which corresponds to the correlating parameter, Y, and the local
quality, x. using the left-hand plot. Then modify the ordinate to account for the critical
pressure ratio (Pr) using the left-hand plot. Figure 4.12-b illustrates the procedure.

8.) Calculate the LCC value of the boiling number, Bol,,:

Bol., = Fe FX BoO (4-80)

9.) Select which of the correlations (UCC or LCC) to use, depending on the
value of Y:

Y : 106 use UCC value (BOhbf = Bout),
Y > 106 use the smaller of the two values

(BOcbf = Bouc or Bol,,).

Calculate the critical heat flux from the definition of the boiling number Bocbf:

q"chf = BOchf G hfg (4-81)

Compare to q",bf to the operating heat flux q". If q" exceeds q",, the evaporator may
transitior .o post-CHF regimes with adverse effects on performance or possible evaporator
failure.
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0
4.8.5 P ure Losses

This section presents design maps to estimate pressure losses in an evaporator tube.
These maps assume that the major pressure losses in the tube occur in the saturated flow
boiling regime, If there is a very large subcooling at the entrance to the evaporator, then there
may be a significant pressure loss in the single-phase liquid regime as well. Single-phase
methods can be used if that is the case.

The basic procedure to estimate the evaporator pressure drop is:

Estimate the pressure drop du: to friction in the two-phase region (Figure 4.13
and Equations 4-82 to 4-85).

* Estimate the pressure drop due to body forces in the two-phase region
(Figure 4.14 and Equation 4-86).

* Estimate the pressure drop due to fluid acceleration in the two-phase reg",,
(Figure 4.15 and Equation 4-87).

* Calculate the total pressure drop in the two-phase region (Equation 4-88).
* Estimate the pressure drop in the single-phase region (Equations 4-89 and 4-90).
* Estimate the total pressure drop in the evaporator (Equation 4-91).

The following sections describe the procedure to obtain a best-estimate calculation for tie
pressure drop in the evaporator. The main uncertainty in these calculations is the interfacial
friction between the liquid and vapor phases in the two-phase forced convection region of the
evaporator. The pressure drop can be bounded by choosing high or low values for the
interfacial friction.

Friction in theTwo-Phase Region. The procedure to calculate the frictional pressure
drop is:

1.) Calculate the ratio of the liquid phase density to the vapor phase density, P, /Pg.

2.) Locate the curve in Figure 4.13 which corresponds to this value of the density
ratio and locate the point on the curve which corresponds to the evaporator outlet quality. Call
the ordinate on the map at this point APfe* /4fwl.

3.) Calculate Re,,, the thermodynamic ratio of the evaporator:

4 q"
Rev = (4-82)G hfg

4.) Calculate fw,, the friction factor for liquid-only flow through the evaporator.
This friction factor is a function of Re,, the Reynolds number for liquid-only flow:

GDh
Re, = - (4-83)
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The liquid-only friction factor is:

1 for Re, < 1500fW1 

(4-84)L 0.046 Re'-' for Re, Ž 1500

5.) Calculate APfe, the pressure drop in the two-phase section of the evaporator due
to wall friction:

A :fe = 4f l L --/ p, A f (4-85)
. Rev.L4fw. ,

Body Forces in the Two Phase Region. The procedure to calculate the pressure drop
due to body forces is:

1.) Locate the curve in Figure 4.14 which corresponds to the liquid-to-vapor density
ratio, P, lPg. Find the point on this curve which corresponds to the evaporator outlet quality.V The ordinate of this plot is the dimensionless pressure drop APge
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2.) Calculate the dimensional pressure drop, AP,,:

Apse [sb~~][~eJ (4-86)

Acceleration in the.Two-Phse RCgion. The procedure to calculate the pressure drop
due to fluid acceleration in the evaporator is:

1.) Locate the curve in Figure 4.15 which corresponds to the ratio of liquid-to-
vapor density, p, llp. Find the point on this curve which corresponds to the evaporator outlet
quality. The ordinate is the dimensionless pressure drop APa*.

2.) Calculate the dimensional pressure drop, AP,,:

APae (APa*) (4-87)

Total Pressure Drop in Two-Phase Section. The total pressure drop in the two-phase
section of the evaporator, APt. is the sum of the frictional, body force, and fluid acceleration
components:

APtp - AP&e + APMe + AP,, (4-88)

Pressure Drop in the Sinle-Phase Liquid Section. This pressure drop will be
insignificant unless the subcooling is very high. There are only two components of the
pressure drop in the single-phase section: friction and body forces. The total pressure drop is
easily estimated using parameters already calculated in the procedure for the two-phase
section. The procedure is:

1.) Calculate L,,, the length of the evaporator tube in which single-phase li 4 'id
flows. For these scoping calculations it is sufficient to estimate L, using this equation:

[UA H q "L• _" T$U]4-89)

2.) Estimate AP.., the pressure drop in the single phase section:

AP,5  = 4fwt L - p1, L, a cosO (4-90)
L Db 2p

(Equation 4-90 can also be used for detailed calculations in which the evaporator is
subdivided into many short segments. L•, is simply the segment length (Az) and App is the
pressure drop in one single-phase segment.)

0
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Total Pressure-rop. The total pressure drop in the evaporator tube is the sum of the

pressure drops in the single-phase and two-phase sections:

APevap = APtP + APsp (4-91)

where APev,, represents the total pressure drop.

4.9 Validation with Evaporator Test Data

The design methods for forced convection evaporators have been validated by
comparison with experimental data from ground tests. For the validation ;alculations,
companion software FCEVAP (Barry et al., 1992) employing these methods was used.
Validation comparisons include data from both straight tube and spiral coil geometries.

In summary, the design methods compare well with available data. This should be
qualified by noting that none of the data represented steady microgravity conditions. Wall
superheat is predicted conservatively, within about 2 K over the operating range. The methods
underpredict pressure drop in most cases but by less than 0.5 kPa. All of the trends predicted
by the methods are in agreement with those observed.

Principal remaining areas of uncertainty include the effect of gravity on the nucleate
boiling contribution to forced convection boiling heat transfer and critical heat flux.

For the validation, three useful sources of data were identified:

* Creare straight tube ground tests (Crowley and Sam, 1991),
• Sundstrand spiral coil ground tests (Niggemann et al., 1985),
%P Foster-Miller straight tube ground tests (Hill and Best, 1991).

Comparisons were most extensive with the Creare and Sundstrand data, Only two data points
from the Foster Miller tests were usable. The following paragraphs discuss the validation
calculations in more detail for each set of data.

p reoieDa. Ground tests of the Creare flight test system (Crowley et al., 1990)
provide an extensive body of data for validation, with about 20 individual data points. The
system consisted of a complete two-phase loop, with a 0.9 m long, 6.35 mm diameter
evapo'ator. Working fluid was R-11.

Figure 4.16 compares wall superheats for three nominal mass fluxes. At mass fluxes of
175 and 100 kg/mLs, FCEVAP predicts superheats that are about I to 2 K larger (10 to 30%)
than the measured values. The dominant flow regime at these mass fluxes is annular flow.
Calculated superheats for a mass flux of 50 kg/m 2-s lie 2 to 3 K (up to a factor of two) higher
than the data. Note that at 50 kg/m 2-s. the majority of the data points are in the stratified flow
regime.

Figure 4.17 compares measured and computed pressure drops at the same three mass
fluxes. FCEVAP results again compare well with data at the higher mass fluxes, agreeing to
within 0.5 kPa or better over the entire operating range. At the 50 kg/m2-s mass flux,
predicted pressure drops are about half the measured values.
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In the tests, thermal losses from the evaporator were a significant fraction of the total
power level and were estimated as part of the tests. For the comparisons of Figures 4.16 and
4.17, the full, uncorrected power was used at the 175 and 100 kg/m2-s mass fluxes, while a
reduced power level (corrected for losses) was used at 50 kg/m2-s, Since FCEVAP
calculations generally overpredict wall superheat and underpredict pressure drop, a tradeoff has
been made. Use of the uncorrected power yields larger wall superheats (poorer agreement
with these data) and higher pressure drop (better agreement with these data). The opposite, of
course, occurs if the lower power values are used. At the two higher mass fluxes, either
choice yields reasonable results and acceptable comparisons. For the 50 kg/m2-s mass flux,
neither choice yields very good agreement with data.

In the Creare aircraft tests, the last 0.3 meter section of the evaporator operated in the
film boiling regime for many of the tests at high power. As illustrated in Figure 4.18,
FCEVAP predicts that critical heat flux (CHF) will be exceeded about 5 cm from the exit of
the evaporator. Note that given the 20% uncertainty expected from CHF correlations,
transition to film boiling at about z = 0.6 meters is entirely consistent with the FCEVAP
predictions.
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SundLs1rnda. The Sundstrand swirl flow evaporator (SFE) ground test data are
summarized in the report of Niggemann et al. (1985). The SFE uses a flat spiral coil of square
tubing to provide a two-sided cold plate. Tests were performed with R- 114 as the working
fluid.

Figure 4.19 shows wall and fluid temperature versus flow length along the coil.
FCEVAP calculations follow the fluid temperature very well. The predicted wall temperature
agrees with measured values to within about 2 K (40F' over the length of the evaporator. Both
the calculations and the data show that wall superheat is approximately constant. There is
little difference between the inner to outer and outer to inner flow directions in either the
calculations or in the data.

Figure 4.20 compares measured values of the pressure drop with those predicted by
FCEVAP. The calculated values lie within 30% of the data over most of the power range.
Note, however, that the pressure drop data were obtained by subtracting the absolute pressure
at two locations. Each transducer has an estimated uncertainty of 10 kPa. Thus, the
uncertainty bands on the data of Figure 4.20 are very large, easily covering the range
containing the FCEVAP predictions. The apparent differences in the data reported for the two
flow directions are therefore negligible.

Foster-Miller Data. The aircraft data of Foster-Miller (Hill and Best, 1991) offer little
meaningful comparison. In many of the tests the evaporators simply did not function and •
produced no data. The little data that appear to have been acquired is haphazardly organized,

* making it difficult to establish the actual operating conditions.

Nevertheless, calculations comparing wall heat transfer for two data points have been
run. The results are summarized in Table 4.4. The computed values of the wall superheat and
heat transfer coefficient lie within about 40% of the measured values. Given the uncertainties
in the data and the poorly characterized operating conditions, this appears to be very good
agreement.

It is important to note that the Foster-Miller data do not truly represent steady
microgravity or reduced gravity conditions. The evaporator used on this facility had a very
large thermal mass which damped the response of the evaporator to the changing operating
conditions.

Table 4.4. COMP•ARISON OF lCEVAP CALCUIATIOtNS
WITH FOSTER-MILLER DATA

Hea t Trans fe r
Wall Superheat Coefficient

AT (K) h (W/m2-K.)
Heat Flux

(kW/M2) Data FCEVAP Data FCEVAP

4.61 3.4 2.37 1350 1950
19.1 8.3 6.18 2300 3090
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5 EVAPORATORS: Droplet Impingement Cooling

This section of the design manual describes methods for sizing evaporators based on
the droplet impingement cooling (DIC) technique. Design calculations for estimating heat
transfer characteristics of the evaporator are explained. This manual does not include design
methods for the piezoelectric droplet generator.

Section 5.1 of this manual provides an introduction to the DIC process and presents an
overview of evaporator design. Operation of DIC evaporators is described, and an example
sizing procedure is reviewed.

The calculation methods for predicting the heat transfer characteristics of the
evaporator are presented in Section 5.2. Methods for calculating droplet spreading, heat
transfer coefficient, peak wall superheat, and critical heat flux are provided. These methods
are implemented in the companion DROPEVAP software (Barry, 1992).

Dimensionless design charts for quick estimates of DIC heat transfer are presented in
Section 5.3. These design charts do not require the designer to know in detail the theory
associated with DIC or to have software available which implements the methods.

Section 5.4 gives validation results, comparing predicted performance with test data.

O 5.1 Introduction to DIC Evaporators

The specific DIC technique discussed in this manual has been developed by Create for
NASA. These evaporators are designed for use in two-phase thermal management systems
where the gas and liquid phases are separated, i.e., where gas and liquid do not flow as a
mixture. Sul ,. :oled or saturated liquid is supplied to the evaporator, and saturated vapor is
produced. The DIC process provides very high heat transfer coefficients, enabling DIC
evaporators to be made lightweight and compact.

The DIC technique also has important applications to cooling of high heat flux
electronic components. The droplet generator may be designed to fire droplets directly at
discrete components, focusing the cooling capability precisely where it is needed. Dielectric
heat transfer fluids allow direct contact with electronic components.

5.1.1 DIC Process

Figure 5.1 illustrates the DIC concept Tiny liquid droplets are produced at a high
frequency by a piezoelectric transducer. The droplets strike the hot surface and spread out to
form a •ilm, then rapidly evaporate. After complete 6vaporation of the droplets. another set of
droplets is formed by the transducer and the process repeats. If the droplets are formed at too
high a frequency, evaporation of successive droplets is not completed and the solid surface
floods. In DIC, all of the droplets are formed and ejected simultaneously at well defined time
intervals in a fixed geometry. This is in contrast to the relatively random droplet distributions
(in time, space, and size) found in spray cooling. Since inertial forces on the droplets are
much larger than gravity forces, the DIC evaporator is insensitive to the acceleration (gravity)
level.
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Figure 5.1. DROPLET IMPINGEMENT COOLING CONCEPT

Figure 5.2 shows the process of droplet impact and evaporation. Very high heat fluxes
are achieved without nucleate boiling because the droplets form very thin films. Because the
films are so thin, heat fluxes can be achieved which are substantially above the critical heat
flux in flow boiling. The DIC technique breaks down when the heat flux becomes high
enough to cause nucleate boiling in the thin film. Bubble nucleation and growth disrupt the
thin film resulting in reduced heat transfer coefficients. For DIC, nucleate boiling is
equivalent to critical heat flux.

Due to the very high heat transfer coefficients and transient nature of the DIC process.
the conduction resistance and heat capacity of the solid surface must be considered in the
design of DIC evaporators. Figure 5.3 illustrates the transient behavior of the solid surface
temperature. The effective surface temperature is the extrapolation of the internal wall
temperature profile to the surface. The actual surface temperature oscillates around this value
as cold droplets impact the wall, then evaporate. The peak wall surface temperature
determines whether critical heat flux is reached.

Design variables for a DIC evaporator include the droplet diameter, droplet velocity,
and the time between droplets. The droplet diameter and velocity govern the spreading of the
,!roplet. The spreading of the droplet controls heat transfer. To prevent flooding of the hot
surface, a droplet must completely evaporate before the next droplet strikes. Thus, the droplet
evaporation time must be less than the time interval between droplets.
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The physical processes affecting heat transfer in the DIC evaporator include:

* Droplet impact and spreading,
• Film evaporation,
* Heatup of the solid surface between droplets,
* Critical heat flux (nucleate boiling).

Section 5.2 describes models for each of these processes.

5.1.2 DIC Evaporator Design

As shown in Figure 5.1. a DIC evaporator consists of several components. The droplet
generator is comprised of the piezoelectric transducer, driver electronics, and a nozzle plate.
Droplet diameter and velocity are determined by design of the generator. The droplets pass
through a vapor space, then strike the hot surface of the evaporator wall. As noted earlier, the
design methods presented here consider the droplet impact, spreading, and evaporation
processes affecting the heat transfer characteristics of the evaporator.

A DIC evaporator may be constructed in several configurations. as shown in Figure 5.4.
*_ Planar evaporators would be suitable for such applications as cold piates. Cylindrical

geometries might be more applicable to heat exchanger concepts such as fluid-fluid loop
interfacing. The DIC evaporator concept can also be applied to the cooling of individual high
heat flux components such as electronics components.
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5.1.3 DIC Evaporator Sizing

For a typical evaporator design, there are several known parameters:

* Working fluid,
* Operating pressure and temperature,
* Total heat load.

The designer usually needs to estimate the size of the evaporator (heat transfer area), trading
off the temperature difference, considering operational needs, and staying within technology
constraints.

The design methods described in this manual may be utilized in several ways. One
potential design sequence would run as follows. First, several parameters would need to be
specified:

* Working fluid, solid wall material, and operating pressure,
* Wall temperature (or wall-fluid temperature difference),
* Droplet velocity and diameter from droplet generator.

Next, an estimate or guess of the time interval between droplets is made. Based on this guess,
the following items are calculated using the methods described in Section 5.2:

* Droplet spreading,
* Heat transfer coefficient and heat flux,
* Droplet evaporation time,
* Peak wall superheat,
* Maximum heat flux.

Using these results the designer (or the design software) needs to make several checks:

* Droplets are spreading (not splattering).
* The time interval between droplets is greater than the evaporation time,
* The peak wall temperature does not exceed the critical heat flux criterion.

If any of these items are not true, then operating parameters must be adjusted. Droplet
spreading is governed by the droplet diameter and velocity. The time interval between drops
should be lengthened if it is too short to prevent flooding. If critical heat flux is exceeded, the
effective wall-fluid temperature difference or tne droplet parameters should be adjusted.

If the checks are successfully passed, then the designer can compute the evaporator
size. The droplet spreading can be used to predict the minimum spacing between droplet
nozzles and coverage of the hot wall by the liquid film. For less than perfect coverage
(depends on nozzle spacing), the actual average heat flux is adjusted by the area ratio. Then,
using the known total heat load, the evaporator area can be calculated. Various energy and
flow balance checks would also be advisable.

Performance of the evaporator can be improved or the size can be reduced by
increasing the droplet spreading or by tuning the time interval between droplets to be. exactly
equal to the droplet evaporation time.
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5.2 Design Methods

The heat transfer performance of DIC evaporators can be predicted by the design
methods given in this section. These methods are implemented in the companion software,
DROPEVAP. Equations are provided for computing the droplet impact and spreading, film
evaporation, transient heatup of the solid surface, and critical heat flux. The limitations of
these equations are also noted.

5.2.1 Equations for DIC Heat Transfer

Droplet Impact and Spreading. The spreading of a droplet into a thin film is expressed
in terms of the droplet spread ratio, 3, by:

D (5-1)

where d is the diameter of the droplet and D is the diameter of the thin film spot. The initial
film thickness prior to evaporation, 6o, is obtained from a straightforward geometric
calculation:

2 d
so 2 I (5-2)

To compute 3, a theoretical model developed by Kurabayashi (1967) and modified by
Yang (1975) is applied. This model relates the droplet spread ratio to the Weber and Reynolds
numbers for the droplet and to the fluid viscosity evaluated at the droplet temperature (h1) and
at the wall temperature (gOw).

302e 1 0.14 ln -- (5-3)

Here the Weber number, We, and Reynolds number, Red, are defined as:

We = jVd (5-4)

Red dVpl (5-5)

The experimental data of Toda (1974) indicate that the Weber number for the droplet should
be below 2160 or else the droplet may shatter on impact instead of spreading.

Spatial Averaging. To arrive at the average heat transfer on the cooled surface, the"packing" of the thin film spots must be considered. Figure 5.5 illustrates two packing
arrangements, a triangular and a square lattice. The wetted area fraction, y, immediately
following droplet impact can be calculated from:

* area covered by f i lm 15-o)
[total area of the wall]
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For the extreme case of the thin film spots just touching, y = 0.905 for the triangular lattice
and y= 0.785 for the square lattice. In general, the designer will leave some margin between
thin film spots to allow for non-uniformity and tolerances. If the thin film spots overlap, the
film may not completely evaporate before the arrival of the next droplet, and the surface may
flood.

Evaporation Time. The evaporation time, t,,ap. is the time required for the film to
evaporate from the hot surface. It is an important parameter because it determines the
minimum time interval between successive droplets that will not flood the surface. If the
effective wall superheat ATe, and the initial film thickness, • are known, the evaporation
time for the film can be estimated by:

2q
tevap = I + +A r) (5-7)

The time-averaged heat flux will be calculated using the ratio of the evaporation time to the
time between droplets 71:

tevap
t" d t ro p (5-8)

Heat Transfer Coefficient Three heat transfer resistances govern the heat transfer in
DIC evaporators: conduction resistance in the liquid film, evaporation resistance (kinetic

* transport at the liquid-vapor interface), and conduction resistance in the solid. The relative
strength of these three resistances can be evaluated in terms of ratios. The ratio of the
characteristic thermal resistance of the solid to the initial thermal resistance of the liquid film
is:

A, k@p{h f• (½5-9)
= ksp,cA_1'efj

and the ratio of the evaporation resistance to the initial thermal resistance of the liquid film is:

Br M[k Revap (5-10)

31 05
Revap iTs 3/2(2n)O h f 521

The effect of the liquid and evaporation resistances can be incorporated into an
equation for the heat transfer coefficient:

hd~c = Yn +---1. 2  (5-12)

Here yand rj represent the spatial and temporal averaging. Note that in the limit of a very
small evaporation resistance, B, goes to zero and the heat transfer coefficient becomes solely a

* function of the liquid film resistance. Typically the solid resistance is small (Ar much less
than 1). and it is reasonable to neglect it. If the soid resistance is important, a transient
conduction solution must be carried out (see peak wall superheat below).
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Average Heat-Flux and Wall Temrprature. Two heat transfer boundary conditions may
be considered in design of the DIC evaporator, constant wall temperature and constant wall
heat flux. The two representations are closely related by the heat transfer coefficient:

'I

T,, AT+ff+Tun = +T5 1 L (5-13)

q"= hdic ATeff = hdir (Tw - TuJ (5-14)

Note that botii the heat transfer coefficient and heat flux are spatially and temporally averaged.
With the effective wall superheat, these form a self-consistent set of average parameters.

Peak Wall Superheat As shown in Figure 5.3, the wall surface teznperature is not
constant with time but fluctuates with the arrival and evaporation of droplets. In evaluating
whether the critical heat flux is exceeded, the peak wall superheat ATpek must be estimated.
A transient solution to the conduction equation must be carried out.

Figure 5.6 illustrates the solution strategy. The time-dependent conduction equation for
one-dimensional heat transfer is:

d2T = 0-T (5-15)

where c5 is the thermal diffusivity of the solid wall material. This equation is solved
numerically subject to boundary and initial conditions. A distance L. is selected that is
sufficiently deep in the solid so that the temperature is steady at that point. At the liquid-solid
interface, the heat transfer resistance of the liquid film and of evaporation is coupled to the
solid wall model. The time-dependent film thickness, S, is computed by:

,96i = I[ T(0) - TSt A (5-16)

where I,,., is the evaporation resistance.

The initial temperature profile is guessed (usually a linear variation), then the equations
are solved for a series of droplet impacts. After a sufficient number of droplet impacts have
been modelled, the temperature field in the solid well away from the surface reaches a steady
state (i.e., at L. or beyond), and the temperature field near the surface assumes a stable,
repeating, oscillatory behavior.

Critical Heat Flux. The critical heat flux for a DIC evaporator occurs when bubbles
nucleate, grow. and disrupt the film. This mode of heat transfer is inherently less efficient
than simple film evaporation and reduces the performance of the device. The wall superheat
at critical heat flux is calculated from the model of Davis and Anderson (1966):

ANTc 8oq"T2,t 0.5
= (5-17)
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When this superheat is reached, the heat transfer prediction methods outlined above become
invalid, since film disruption is not considered. In general, the DIC evaporator should be
designed so that this limit is not exceeded. As shown in the experimental data in Section 5.4,
however, the evaporator performance appears to degrade gracefully rather than catastrophically
when this limit is exceeded. Thus, performance near the limit may not be dangerous for many
applications.

Maximum Heat Flux. The maximum attainable heat flux in the DIC evaporator may be
calculated from:

q"_x= h&, AT,, [rAL]-. (5-18)

This equation predicts the maximum heat flux based on the margin between the effective and
peak superheats. Implicit in this equation is the assumption that the evaporator is already
running with the droplet interval equal to the droplet evaporation time (rj = 1). Note that the
performance can also be improved by maximizing the fraction of wetted area (y) consistent

* with avoiding droplet interaction and surface flooding.
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5.12 UritAtid os

The design equations of Section 5.2.1 are based on several simplifying assumptions.

0 The droplet spreads instantaneously on impact. In general, spreading is an order
of magnitude faster than evaporation.

S iThe droplet spreads to form a thin even film. not a lens-shaped drop.
Lens-shaped droplets require much more complex analysis due to
multi-dimensional effects.

* The thermal capacity of the droplet (sensible heat addition) is negligible

compared to its latent heat.

* Heat transfer in the solid and liquid are one-dimensional.

* The thermal resistance of the solid is neglected in calculating the heat transfer
coefficient. A method for transient calculation of the solid resistance is
outlined, however.

5.3 Dimensionless Design Charts

The DIC evaporator design calculations can be performed using dimensionless charts
for estimating key parameters. The following information is needed in order to use the
dimensionless charts:

Fluid Properties

* p, Liquid Density
* Pi Liquid Viscosity
* p.• Liquid Viscosity (at Wall Temperature)

k, Liquid Thermal Conductivity
* P9 Gas Density
* k5  Gas Thermal Conductivity
* RIg Gas Constant

h hf• Heat of Vaporization
* a Surface Tension

Droplet Parameters

* V Droplet Velocity
* d Droplet Diameter

Wall Superhat or Heat Flux

* ATdf or q" Effective Superheat or Average Heat Flux

The beat transfer performance of the evaporator can be predicted using the above information,
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DropletSpreading. Figure 5.7 plots the droplet spread ratio13 (Equation 5-1) as

functions of the Weber number (Equation 5-4), Reynolds number (Equation 5-5), and viscosity
ratio. If the Weber number exc ;eds 2160, droplets will tend to shatter rather than to spread
into an even thin film, and the heat transfer analysis will not apply.

The thin film spot diameter D and initial film thickness 80 are calculated from the
droplet spread ratio using Equations 5-1 and 5-2 respectively. The average wetted area
fraction, y, will depend on the geometry of the evaporator and droplet generator. Note that the
thin films created by the individual droplets, should not overlap or the surface may flood.

Evaporation Time and Wall Heat Transfer. Figure 5.8 gives the droplet evaporation
time as a function of the ratio of solid to liquid resistance. Ar (Equation 5-9), and the ratio of
evaporation to liquid resistance, Br (Equations 5-10 and 5-11). The dimensionless evaporation
time, eevap, is defined as:

oevap = t (5-19)
P I llf96o2

Wall heat transfer is calculated using Equations 5-12 and 5-13 or 5-14.

Peak Wall Superheat Figure 5.9 shows the ratio of peak to effective superheat as a
function of the ratio of solid to liquid resistance, A, (Equation 5-9), and the ratio of
evaporation to liquid resistance, Br (Equations 5-10 and 5-11), for conditions where the droplet
interval is equal to the evaporation time ('n = 1).

5.4 Validation

Only one set of heat transfer data currently exists for a DIC evaporator. These data are
from proof-of-concept tests performed at Creare using water as the working fluid (Valenzuela
and Drew, 1987). Comparison calculations have been performed using the companion
DROPEVAP software, which implements the design methods described in Section 5.2.

Figure 5.10 compares the calculated heat fluxes with measured values from the tests at
various superheats. DROPEVAP correctly captures the trend in the data, but over predicts the
heat transfer coefficient by up to a factor of two. For this set of tests, the parameter Ar is
,,pproximately 0.2, indicating that the solid resistance is small. The test report does mention
that the nozzle on the droplet generator tended to discharge several small droplets rather than
one larger droplet. The total volume of the multiple droplets was used to predict the effective
droplet diameter of 91 microns used in the data comparisons. This represents one possible
cause for the overprediction of the heat transfer.

In Figure 5.10, the data indicate that bubble nucleation (critical heat flux) occurs at
wall superheats of 30 to 40 K with an attendant reduction in heat transfer. The models of
DROPEVAP predict critical heat flux at a wall superheat of approximately 40 K, in good
agreement with the data.

Future tests for a prototype DIC evaporator are planned, but data are not currcntly
* available for validation.
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S6 CONDENSERS: Vapor Shear

Condensers transfer heat between two-phase heat transport systems and spacecraft heat
rejection systems such as radiators and interface heat exchangers. The condenser allows for
controlled condensation of the two-phase working fluid so that heat can be efficiently and
reliably removed from the two-phase loop. The condenser should be small and lightweight,
have small pressure losses, and operate regardless of the spacecraft acceleration. In a shear
condenser tube, shear forces due to high velocity vapor flow are much larger than body forces.
Vapor shear propels the condensate through the condenser.

This section of the design manual provides heat transfer and pressure drop design
methods for shear condenser tubes. Heat transfer design cnsures that the liquid is completely
condensed and exits the tube with the proper subcooling. Pressure drops must be calculated to
size the capillary evaporators for mechanical pumps which circulate the fluid in the two-phase
loop. The methods described here are used in the MICROCON program (Izenscn, Martin, and
McDonald, 1992).

These methods focus on the heat transfer and pressure drop within a single shear
con.denser tube. Heat transfer outside the tube is modelled in a simple and general way to
simplify the design data requirements. Convective or radiative boundary conditions are both
possible.

Section 6.1 describes the applications of the condenser design methods. These are
primarily condensing radiators and interface heat exchangers in thermal control systems on
spacecraft.

Section 6.2 summarizes the analysis approach and the design methods. A condenser
tube is broken into a large number of segments. In each segment the flow regime is calculated
from the known inlet conditions. The flow regime determines the constitutive relations to be
used for heat transfer, pressure drop, and void fraction in that segment.

Section 6.3 presents the overall calculation method used in MICROCON to calculate
the heat transfer and pressure drop in a shear condenser tube. A step-by-step procedure
describes the sequence of calculations to march through a condenser and calculate the
performance in each segment.

Section 6.4 presents the detailed equations for calculating the heat transfer coefficient
in a shear condenser. Methods are presented for each flow regime which occurs in the
condenser tube. Condensation in the annular flow regime is a key phenomenon which affects
the condensing length and the pressure drop. Several alternative models are presented for the
annular flow regime, along with recommendations based on model validation against
experimental data.

Section 6.5 gives the detailed equations for calculating the void fraction in each flow
regime. The interfacial friction factor is a key parameter for calculating the void fraction in
the annular flow regime.

Section 6.6 presents the detailed equations for calculating the pressure drop in a shear
condenser. The pressure drop calculation also depends on the flow regime in the segment. A
key parameter is the interfacial friction factor in the annular flow regime. Several alternative
methods are presented for calculating the interfacial shear ratio in the annular regime, along
with recommendations based on validation against experimental data.
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Section 6.7 presents dimensionless design maps for heat transfer and pressure drops in
shear condensers. These maps allow a user who is unfamiliar with details of the theory to
quickly calculate the condensing length and pressure drop by hand. An example illustrates
how to model heat transfer in a condensing radiator.

Finally, Section 6.8 compares heat transfer and pressure loss calculations with data
from various condenser tests. Data from several sources validate the MICROCON analysis.

6.1 Applications

The design methods provide key calculations for the development and design of shear
condensers for thermal management of spacecraft. The primary applications are:

* Design of condensing radiators,
* Design of interface heat exchangers,
* Interpretation of test data.

Flexible boundary conditions permit solution of a range of design problems.

Design of Condensing Radiators. Figure 6.1 is a schematic of one tube in a shear
condenser with attached fins which radiate heat directly to space. High quality vapor enters
the tube from the left and subcooled liquid exits the tube to the right. As vapor condenses
inside the tube, it gives up the heat of vaporization to the surrounding structure, in which it
travels by conduction to the radiating surface, The heat leaves the spacecraft by radiation
from the surface.

The condenser design methods calculate the heat transfer and pressure loss within the
radiating shear condenser. For a condensing radiator the problem is solved with a radiation
boundary condition and a heat sink temperature which is appropriate for the radiator's
orientation (facing deep space, the sun, etc.). The designer must provide an effective "wall
thickness" and thermal conductivity to model in one dimension the temperature drop from the
condensing surface, through the radiator structure, to the radiating surface. These design
methods do not include the radiating fin efficiency or view factor. Those effects are lumped
into the effective thickness, as explained in Section 6.3.1. Given a specified mass flow rate,
the designer uses the methods presented in the following sections to calculate the heat transfer
and pressure drop in the condenser tube. Or, if the available pressure drop is specified,
methods are presented to calculate the heat transfer and mass flow rate through the tube.

Design of Interface Heat Exchangers. Figure 6.2 is a schematic of an interface heat
exchanger in which the condensing fluid in a two-phase thermal bus transfers heat to
evaporators in the heat rejection system. In this case, secondary temperatures are constant and
the heat flux varies along the length of the tube. The secondary evaporators are typically parts
of heat pipe radiators (see Fredley and Warren, 1990). The design methods presented here
apply to the condenser tube in this system as well. The designer specifies a secondary coolant
temperature equal to the saturation temperature in the evaporator, and a secondary heat transfer
coefficient which accounts for the superheat required to evaporate the secondary fluid. As in
the case of the radiating condenser, the designer must provide effective values for the thermal
conductivity and thickness of the condenser wall Lo model, in an equivalent one-dimensional
fashion, the temperature losses in the heat exchanger structure.
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High shear condensers are still at an early stage of development and most of the
available data come from tests conducted on the ground. In these tests, the condenser is
typically cooled by a single-phase heat exchanger with a high capacity rate, which
approximates a constant-temperature boundary condition. In MICROCON, secondary heat
transfer can be modeled with a constant secondary temperature and a single-phase heat transfer
coefficient.

Interpretation of Test Data. Detailed results of the design calculations are useful for
interpreting the results of shear condenser tests. For example, the designer can easily perform
calculations using several different constitutive models for the interfacial vapor/liquid shear
stress of the heat transfer coefficient in the annular condensing film. Comparing the calculated
results with test data can show which constitutive models are most appropriate to calculate
condensing length and pressure drop for that condenser. The calculations can be used to
extrapolate from ground tests to a space environment, indicating whether condenser
performance is the same in both cases. Calculated values of the quality and void fraction
along the length of the tube provide detailed information to supplement experimental data.
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General Requirements. The design methods for shear condensers apply if the following
conditions are met:

* Operation is steady state,
* The spacecraft acceleration is less than 2 g,
* The secondary temperature is constant,
* Heat rejection is by radiation or convection,
* The tube has a constant diameter or constant rate of taptr,
* The concentration of non-condensable gases is negligible.

The condenser tube may be one of many, parallel tubes, as in a condensing radiator
panel. However, the methods presented have do not address flow distribution in the inlet and
outlet plena or potential flow instability due to parallel channel effects.

6.2 Summary of Methods

The design methods are based on a mechanistic analysis of the heat transfer and flow in
a shear condenser tube. Typically the condensing fluid experiences a sequence of flow
regimes (annular, slug, etc.) as it flows from the inlet to the outlet of the condenser. The flow
regime depends on the flow quality which, in turn, depends on the amount of heat transfer.
The processes which govern heat and momentum transfer are different in each flow regime.
The design methods can be used in a numerical procedure (such as the MICROCON program)
to calculate the heat transfer in a shear condenser tube. Or, the analysis can be simplified for
several important cases to create dimensionless design maps which allow quick hand
calculations.

Boundary Conditions. Condenser design requires boundary conditions for heat transfer
and fluid flow. There are two basic options for each type of boundary condition which may be
used in any combination.

There are two possible heat transfer boundary conditions:

* Convection to secondary coolant at temperature T2 , or
* Radiation to a heat sink at temperature T2.

Convective boundary conditions apply for the design of interface heat exchangers on
spacecraft and are also commonly used for ground tests of shear condensers. The heat transfer
model iii this case includes temperature drops due to condensation heat transfer inside the tube,
conduction heat transfer in the solid heat exchanger structure, and single-phase convective heat
transfer to the secondary coolant. Radiation boundary conditions apply to condensing radiators
on spacecraft. The heat transfer model for these boundary conditions includes temperature
drops due to condensation, conduction through the solid structure, and radiation from the outer
radiator surface.

For the flow boundary conditions, there are two possibilities:

* Specified mass flow rate, or
* Specified total pressure drop.
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In a problem with a specified mass flow rate, the condenser performance is calculated using a
straightforward "marching" scheme. The condenser is broken up into a large number of
segments. Heat transfer and pressure loss are calculated in each segment, and the exit
conditions from one segment become the inlet conditions for the next. The overall inlet
conditions to the condenser are the inlet conditions to the first segment.

Iterative calculations are required for the case of a specified pressure drop. Iterations
begin with a first estimate for the mass flow rate based on some simplifying assumptions.
Then the pressure drop is calculated by marching through the condenser once using the same
procedure as for a specified flow rate problem. The calculated pressure drop is compared to
the specified pressure drop. The mass flow rate estimate is modified based on this comparison
and the pressure drop is calculated again. Iterations continue until the calculated and specified
pressure drops agree to within 0.1%.

Flow Regimes in Shear Condensation. Figure 6.3 illustrates one tube in a shear
condenser. High quality vapor enters one end, condenses inside the tube, and leaves as
single-phase liquid. The vapor flow decreases and the liquid flow increases from the inlet to
the outlet due to condensation. As a result, the flow regime changes as the local flows pass
through critical transition points along the length of the tube.

In general, the sequence of flow regimes from the condenser inlet to the outlet will be:

1. Annular,
2. Slug,
3. Bubbly, and
4. Single-phase.

LARC 'V YAR BUBBLES

BREAK -wJ ,NTO SMALL
BUBBLES

LIQUID WAVES ---. ,

HIGH ,'APCR VELOCITY BRIDGE PIPE

CAUSES ANNULAR FLOW AND FORM LUGS / VAPOR
-, • " / ULLY

CCNDOENSED

CONDENSATION S
ON WALLS Li ~-LOW 'U'

REG;LE: ANNULAR FLOW ,G
: GME: l

.u
8,.U

SINGLE-PHASE •

Figure 6.3. A SINGLE TUBE IN A SHEAR CONDENSER
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* Most of the condensation and pressure losses occur in the annular flow regime, so shear
condensers can be characterized as operating mainly in annular flow. The lengths of the slug
and bubbly regimes are typically very short compared to the overall tube length. The length of
the single-phase section depends on the degree of outlet subcooling which is desired. High
subcooling requires a long single-phase section.

The flow regime describes the physical configuration of the vapor and liquid in a
two-phase flow. In annular flow, vapor flows in the center of the condenser and liquid flows
in an annular film on the tube wall. Annular flow occurs at high qualities and void fractions.
When there is too little vapor to support annular flow, slug flow begins. In slug flow, vapor
flows in bullet-shaped bubbles in the center of the tube, separated by liquid slugs. As more
vapor condenses, the bubbles grow shorter and the slugs grow longer. Eventually the large
bubbles break up, and the bubbly regime begins. Ultimately all the vapor condenses and
single-phase liquid remains.

The flow regime within a segment is calculated by a set of simple criteria based on the
local void fraction. These approximate regime calculations are accurate for spacecraft
accelerations less than 0.01 g or small diameter tubes operated horizontally on the ground
(see Section 1 for methods to calculate the transition to stratified flow, where the condenser
methods are no longer valid). The flow regime determines the basic configuration of the vapor
and liquid phases. As a result, the heat transfer, pressure drop, and void fraction calculations
all depend on the local flow regime.

Condensation Heat Transfer. The rate of heat transfer from the condenser tube depends
on the local flow regime, quality, and void fraction, as well as the external boundary
conditions. The design methods incorporate different relations for the beat transfer rate
depending on the local flow regime. The design methods include more than one option for
calculating the heat transfer in the annular flow regime (along with a recommendation based
on comparison with experimental data). The optional methods allow the designer to assess the
sensitivity of the dcsign to the choice of the heat transfer model, and enable comparison with
multiple models when evaluating test data.

The relative amounts of liquid and vapor flow at any position along the condenser tube
are described by the thermodynamic quality. The quality is defined as the ratio of the mass
flow rate of the vapor phase, measured at a particular point along the condenser tube. to the
total mass flow rate through the condenser:

X r'vap/r tot (61)

where x = the quality,

m,,p = mass flow rate of vapor (kg/s),

Mtot = total mass flow rate (vapor + liquid) (kg/s).

The quality is a measure of the amount of energy removed from the fluid by condensation. An
energy balance between any two points in the condenser tube relates the change in quality to
the linear heat transfer rate from the condenser:

q = (6-2)
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where q' = heat transfer per unit length (W/m),
S--- latent heat of evaporation (J/kg),

Ax - change in quality over length Az.
Az = a distance along the condenser tube (m).

Figure 6.4 shows typical results of heat transfer calculations for a shear condenser tube,
illustrating the variation in fluid quality along the length of an ammonia condenser.
Decreasing quality along the lergth of the tube indicates increasing liquid flow due to
condensation. Negative quality at the exit indicates subcooling. The figure also shows the
void fraction, which decreases with the quality and determines the flow regime in the
condenser. The rate of change of quality along the length of the tube depends on the local
heat transfer coefficient, which depend,, on the local flow regime.

In the annular flow regime, the Nusselt number for condensation may be calculated by
any one of three methods:

* Rohsenow, Webber. and Ling (1956),
* Soliman, Schuster, and Berenson (1968),
* Shah (1979).

Based on comparison of model results with experimental data, we recommend the method of
Rohsenow, Webber, and Ling. This method contains a mechanistic treatment of heat transfer
through a turbulent liquid film. The method of Soliman, Schuster, and Berenson and the
method of Shah include empirical corre!ations for the local heat transfer coefficient.

1 .0
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Figure 6.4. QUALITY AND VOID FRACTION PROFILES IN A SHEAR CONDENSER
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In the slug flow regime, heat transfer is calculated based on a mechanistic analysis of
heat transfer to alternating liquid slugs and the liquid film surrounding the Taylor bubbles. An
empirical "mixing coefficient" is incorporated to match the high heat transfer rates observed in
the slug regime during ground tests.

Bubbly condensation is modelled as a homogeneous flow. The heat transfer coefficient
is calculated using single-phase correlations, except that the fluid properties used in these
correlations are weighted averages of the vapor and liquid properties.

VioiVira, ion. The void fraction is a key parameter which is equal to the local,
time-averaged area fraction of tý.:. condenser tube occupied by the vapor phase. Heat transfer
and pressure losses depend strongly on the void fraction. The voi" fraction calculation, in
turn, depends on the local flow regime.

In the annular regime, the void fraction is calculated by balancing the pressure losses in
the vapor core and the liquid film. T",e key parameter in this calculation is the friction factor
ratio, (f,/f, ), which is equal to the ratio of interfacial shear stress to the wall shear stress
which would occur if the vapor phase were flowing alone in the condenser. The friction factor
ratio is calculated using empirical correlations which depend on the local void fraction. The
method of Chen (1989) has been found to give best agreement with pressure drop
measurements in microgravity tests of shear condensers (see Section 6.8). Designers may also
wish to compare results with Wallis's correlation (Wallis, 1969) or with bounding calculations
in which fVfwg is set to a constant value.

The void fraction in the blug regime is calculated using a drift-flux model. A
homogeneous model is used in the bubbly regime. Section 3.2 of the manual describes the
drift flux model in detail.

Pressure Losses in Condensation. The total pressure drop through the condenser is the
sum of pressure drops due to friction, liquid deceleration, body forces, and taper (if any).
Friction is usually the largest contributor to the total pressure drop, and the amount of friction
depends strongly on the local flow regime. The design methods call for different methods to
calculate the frictional pressure loss in each regime. Pressure losses due to fluid Leceleration
and body forces depend on the local void fraction, and thus these calculations will vary
depending on the model chosen for void fraction in the annular regime (see below).

Figure 6.5 shows pressure drop profiles calculated for an ammonia condenser tube. In
this case (simulating a ground test of a horizontal tube) the body forces are negligible, the tube
has no taper, and the pressure drop is mainly due to friction in the annular flow regime. Fluid
deceleration reduces the pressure drop by about 15% from the amount calculated from friction
alone.

Generally, in shear condensers the frictional pressure drop dominates and occurs
primarily in the annular flow regime. The frictional pressure loss in the annular flow regime is
calculated based on analysis of the forces acting on the gas phase of the fluid. A key
parameter for this calculation is the ratio of the interfacial friction factor to the wall friction
factor for single-phase gas (f/f, ). This factor is calculated using correlations which depend
on the local void fraction. The aesign methods software recommends a correlation and allows
the user to use other correlations as well, as described below.

'As the vapor condenses into liquid, its velocity decreases because the liquid density is
so much higher than the vapor. This fluid deceleration gives rise to a pressure recovery in the
condenser tube which decreases the total pressure drop. The pressure recovery in a segment
depends only on the quality and void fraction at the inlet and exit.
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Pressure losses due to body forces are generally negligible if the spacecraft acceleration
is less than 0.01 g or if the tube operates horizontally on the ground.

Dimensionless Design Maps. Dimensionless design maps are useful because they show
the general dependencies and scaling relationships for condenser desigt. The maps allow
quick hand calculations for scoping analysis or verification of computer code results.

The design methods include dimensionless design maps for heat transfer and pressure
losses in the annular flow regime. Methods are presented for modelling a condensing radiator
using MICROCON. The heat transfer maps allow quick calculation of the condensing length,
and the pressure drop maps enable estimation of the total pressure drop. Because turbulent
film condensation depends on many fluid parameters (inlet Reynolds number, Prandtl number,
and liquid/vapor ratios of viscosity and density), the dimensionless maps are provided for
several specific fluids which are of pririe interest for spacecraft thermal management.

6.3 Calculation Procedure for a Shear Condenser Tube

This section describes the overall procedure for calculating heat transfer and pressure
drop in a shear condenser tube.

The calculations described here make up a numerical procedure in which the tube is
broken up into a iarge number of small segments, which are analyzed in sequence. The
MICROCON program performs these calculations. The basic sequence of calculations is:

- Determine the inlet conditions to a segment.
* Calculate the flow regime in the segment,
*• Calculate heat transfer in the segment,
* Calculate the void fraction at the exit of the segment,
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O • Calculate the pressure drop in the segment,
Proceed with the next segment.

The inlet conditions to each segment are known from the condenser inlet conditions or from
the previous segment calculation. Flow regime is calculated from the inlet conditio..s. Heat
transfer and pressure losses in the segment are calculated using the problem boundary
conditions and constitutive relationships for the appropriate flow regime.

Figure 6.6 is a flow chart which details the steps in a condenser tube calculation. The
basic calculations for each segment appear in the center of the flow chart. The segment
calculations are sequenced end controlled by two program loops, The inner loop performs
segment calculations in sequence from the inlet to the exit of the condenser tube. passing exit
conditions from one segment as inlet conditions to the next. The outer loop performs iterative
calculations for the entire tube for problems in which the flow boundary condition is a
specified pressure-drop.

The remainder of this section describes the calculation procedure in detail.

6.3.1 Boundary Conditions

Design methods are provided for several different thermal and flow boundary
conditions. Heat transfer calculations can use either convective or radiative boundary
conditions. Either the mass flow rate or the total pressure drop across the condenser tube may
be specified.

Thermal Boundary Conditions. Table 6.1 summarizes the thermal boundary conditions
for the shear condenser analysis. Most of the parameters required for the two cases are the
same, except that in the radiative case the secondary coolant temperature is replaced with a
heat sink temperature, and the secondary heat transfer coefficient is replaced with the
emissivity of the radiating surface. The user has the option of including a value for absorbed
orbital average heat flux (q,,,,) if the sink temperature does not already account for it. If T2

does account for the absorbed heat flux. ther, use qe'n, = 0.

Table 6.1. THERMAL BOUNDARY CONDITIONS .FOR SHEAR CONDENSER ANALYSIS

BOUNDARY REQUIRED
CONDITIONQ PARA-MTRS llN1IO

CONVECTION T2 Secondary coolant temperature K
h2  Secondary heat transfer coeff. W/m2-K
PX Tube external perimeter fr

tw Tube wall equivalent thickness m
k, Tube wall thermal conductivity W/m-K

RADIATION T2  Heat sink temperature K
e Emissivity of radiating surface ---
PX Tube external perimeter m
tw Tube wail equivalent thickness m
kw Tube wall thermal conductivity W/m-K

Iqe Absorbed orbital average heat flux W/m2

6-11



S

-
0
ARAYE,•qS -

OR'DR L--- - -- --- OUTS

OAZ'.A P RCERTf A RAC 7R -L -I REACPR
I CAT ý 'L/

S CA-LCU LATE N OET ; ~•
VC.D -RAC- O.N

Y S ,6 - -- ,40 I 'ALCU..AT ,V':AL_ S_ _ ._ .F , 7V YASS r W £S• YATE -R'LU,_

I StG E. .

SPE^-:E')T m =A

L SEGMENT '. , i

C A L C U L A ' E - -.. . . -. . . . ,- - - - - - .- C SS POPERTiES -

SCALCULATE :C;7o - - - .-
;'ACTORS;

St A
I RE i . _

CA.C LAT •EA' T MASS
SA N J,- E EI SAE _I

E i~

:..c. . %J ..p. ' .

AEl
:PRESSiRrE -:cpm- ",

--E - --- --- - -

Figure 6.6. STEPS IN A CONDENSER TUBE CALCULATION

6-12



The equivalent wall thickness, t,, requires some explanation. tw is the thickness for
which a one-dimensional calculation of heat transfer across the wall at a given temperature
drop produces the same result is a more precise calculation. It is equal to the actual wall
thickness if the condenser Is a thin-walled tube. For complex two-dimensional structures, the
designer must first calculate the conduction heat transfer from the inside of the condenser tube
to the heat removal surface. Then tw is calculated by:

tw kw P ATW (6-3)
q -

where kw = thermal conductivity of the wall structure (W/m-K),
P, = internal perimeter of the condenser tube (m),
ATw = temperature drop across the wall in the 2D calculation (K), and
q -= heat transfer rate per unit tube length (W/m).

For a spacecraft radiator, AT, is the difference in temperature between the wall inside
temperature and the effective, average radiating temperature, T,. T, should account for the
radiating fin efficiency and the view factor of th3 radiator panel. Section 6.7 shows how to
model the boundary conditions of a condensing radiator.

Flow Boundary Conditions. Table 6.2 summarizes the possible flow boundary

conditions. Either the mass flow rate (ri) or the total pressure drop (APto,) may be specified.

S 6.3.2 Preliminary Calculations

Before beginning the calculations for successive segments in the condenser, several
global parameters must be calculated. Note that for cases in which the condenser geometry is
not constant, such as a tapered-tube condenser, these parameters must be recalculated for every
segment.

Hydrauiic Diameter. DQ. The hydraulic diameter is defined as:

Dh S 4A (6-4)

where A = cross sectional area for fluid flow (m2),
Pj internal perimeter of the condenser tube (mn).

Table 6.2. FLOW BOUNDARY CONDITIONS FOR SHEAR CONDENSER ANALYSIS

BOUNDARY REQUIRED
CONITIN ARAMETERS DESCRIPTIN U

FLOW RATE m Mass flow rate kg/s

PRESSURE DROP APtot Total pressure drop Pa
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Dimensionless Segment Length.Az. The dimensionless segment length is the actual

segment length, Az, divided by the hydraulic diameter of the tube:

z* = (6-5)

Mass Flux.Ratio. R,. The mass flux ratio is a dimensionless number which
characterizes the condensation. It is proportional to the ratio of condensing mass flux to the
mass flux flowing through the tube,

Rc = 4(T " 2(6-6)

where T =at saturation temperature (K),
T2  secondary temperature (K),
kt = thermal conductivity of liquid (W/m-0 C),
G = mass flux through condenser (kg/m2-s),
hts = heat of vaporization (J/kg).

Liquid-Only Reynolds Number. Re&. This is the Reynolds number calculated as if all
fluid in the tube were in the liquid phase.

Re1o - (6-7)At

where I = viscosity of the liquid phase (kg/m-s).

Liquid Prandtl Number. Pr1 . This is the Prandtl number of the liquid phase.

Pr1 = D (6-8)

where cp1  = specific heat of the liquid phase (J/kg-K).

Liquid-Only Nusselt Numaber. NuM. 'I his 'Is the Nusselt number calculated as if all
fluid were in the liquid phase.

0.023 Re 1 0o. 8 Pr1 O., (Re1 1> 1500)
Nulo = (6-9)

3.66 (Re1 0 < 1500)

6.3.3 Segment Calculations

Within each segment there are four basic calculations:

* Flow regime,
* Heat transfer,
* Void fraction, and
* Pressure drop.
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* This section covers the general procedure for calculating the change in fluid quality and
pressure within each segment. The detailed constitutive relationships which are used to
calculate the heat transfer coefficient, pressure drop, and void fraction depend on the flow
regime in the segment. These regime-dependent calculations are covered in Sections 6.4
(condensing heat transfer coefficient), 6.5 (pressure drop), and 6.6 (void fraction),

E.j1Regim. The flow regime is calculated at the inlet of each segment, The
simplified flow regime criteria, applicable for spacecraft accelerations ess than 0.01g, or
small-diameter, horizontal tubes, are:

0.80 !5 a < 1.00 => ANNULAR
0.45 < a • 0.80 => SLUG
0.00 < a _ 0.45 => BUBBLY

5 < 0.00 -> SINGLE-PHASE

HeatlTransfer. Heat transfer in a segment is calculated with the following procedure:

1. Calculate the Nusselt number,
2. Calculate the fluid temperature,
3. Calculate the change in fluid quality.

1.) Calculate the Nusselt number. The Nusselt number calculation depends on the
local flow regime in the segment, as well as the choice of constitutive model. This calculation
is detailed in Section 6.4. The result of this calculation is the Nusselt number for
condensation, Nu.: ,

Nuc -= (6-10)

where hc = heat transfer coefficient for condensation (W/m2-K),
Dh = hydraulic diameter of the condenser tube (m),
k, = thermal conductivity of the liquid phase (W/m-K).

2.) Calculate the fluid temperature. The fluid temperature is equal to the saturation
temperature if vapor and liquid are both present in the segment. After the vapor has
completely condensed, the temperature of the single-phase liquid drops due to further cooling.

Calculate fluid temperature by:

Tr (P) x >_ 0.0
Tf= T (6-11)

Tsat(P) +

Where Tf = local fluid temperature (K),
Tsat saturation temperature corresponding to local pressure (K),
p = local pressure (Pa),
x = fluid quality at the inlet to the segment (-),
hfg = latent heat of vaporization (J/kg),
cPl = heat capacity of the liquid phase (J/kg-K).

* When the quality is negative, the second equation in 6-11 produces a subcooled temperature.
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3.) Calculate the-chane in-fluid Quality. The change in fluid quality in a segment
depends on the amount of heat transfer. The heat transfer calculation depends on whether the
boundary condition is convective or radiative heat transfer.

For the convective boundary condition, the change in quality is calculated by:

Ax R A1 - T -T (6-12)

The denominator of the first term contains three terms, corresponding to the heat transfer
resistances in the condensate film, tube wall, and external heat transfer. The second term in
Equation 6-12 is equal to 1.0 in the two-phase region of the condenser and decreases in the
single-phase region as the liquid becomes subcooled and approaches the secondary
temperature.

The radiative boundary condition leads to a non-linear equation for the heat transfer
rate, so calculating the change in quality is not as simple. Two equations must be solved
simultaneously to calculate the heat transfer by equating the heat transfer inside the condenser
to the heat removed by radiation. The heat removed by radiation is:

q' " P2 Oco e (TX4 - T24) - P2 q"nv (6-13)

where q' heat transfer per unit length of condenser (W/m),
0q•,v= absorbed orbital average heat flux (W/m 2),

P2  - total perimeter for radiation (m),
,o = Stefan-Boltzmann constant (5.67x10- 8 W/m2-K4),

e = emissivity of the radiator surface (-).
Tx = average effective temperature of the radiator surface (K).

The heat removed by condensation inside the condenser tube and conduction through the
surrounding structure is:

q =t (6-14)

The only unknowns in Equations 6-13 and 6-14 are q' and Tx, the average effective
temperature of the radiator surface. These two equations must be solved for these two
variables. In the MICROCON program, an initial estimate for q' is calculated using
Equation 6-13 assuming that T, is equal to Tf. Then a bisection search is used to calculate the
value of q' for which T,, calculated from both equations is equal.

Once q' has been calculated for the radiator, the change in quality is:

6x = q z (6-15)

th hfg

where Az segment length (m).
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oid Fracion. Once the quality at the segment exit Is known, the next step is to
calculate the void fraction. The exit quality is calculated by subtracting the change in quality
(Ax) from the inlet quality. The void fracLion at the segment exit is then calculated from the
exit quality depending on the local rolw regime. The regime-dependent methods for
calculating the void fraction are detailed in Section 6.5

Prss= Drag. The pressure drop in the segment is now calculated based on the
average quality and void fraction. The results of these calculations are four pressure drop
components which are summed to yield the overall pressure drop in the segment:

AP -= APf + AP, + AP + APt (6-16)

where AP - total pressure drop in the segment (Pa),
APf pressure drop due to friction (Pa),
APa = pressure drop due to fluid deceleration (Pa),
Al -• pressure drop due to body forces (Pa),
APt - pressure drop due to taper of the condenser tube (Pa).

Calculation of each component of the pressure drop depends on the local flow regimc. These
calculations are detailed in Section. 6.6.

6.3.4 Calculation of the Entire Condenser Tube

Segment calculations are performed in sequence to calculate the performance of an
entire condenser tube. There are two basic steps in the tube calculation:

1.) Calculate inlet conditions to the first segment,
2.) Calculate each segment in the condenser.

Inlet conditions for the entire tube are calculated from program inputs such as the inlet quality
and mass flow rate. The inlet conditions for each segment are either the tube inlet conditions
or the exit conditions from the previous segment.

Number of Segments. We recommend that the condenser be modeled with at least
100 segments so that the conditions in each segment are relatively constant.

InleltCondtolns-n.to the Condenser Tube. The total mass flow rate and the quality at the
inlet of the condenser tube are known inputs to the problem. (See Table 6.1). The void
fraction at the inlet is calculated assuming annular flow. Fluid properties at the inlet are
calculated for saturated liquid and vapor at the inlet pressure.

Calculate Each Segment in the Condenser. Once the inlet conditions to the condenser
tube have been calculated, each segment is calculated in turn. Fluid properties are recalculated
at the inlet of each segment. The flow regime and heat transfer in the segment are evaluated
based on the inlet quality and void fraction. Next the exit quality is calculated from the
amount of heat transfer. The void fraction at the exit of the segment is then calculated based
on the exit void fraction and the local flow regime. The average quality and void fraction in
the segment are calculated based on the inlet and outlet values, and the pressure drop in the

* segment is calculated based on these average values.
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6.3.5 Mass Flow Rate Iterations for Specified Pressure Drop

MICROCON contains procedures to calculate the mass flow rate through a condenser
tube with a specified pressure drop. This iteration contains three basic steps:

1.) Estimate the mass flow rate,
2.) Calculate the pressure drop,
3.) Modify the mass flow rate.

A rough. initial estimate of the mass flow rate is made from the specified pressure drop based
on some simplifying assumptions about the flow. Then the pressure drop through a condenser
tube is calculated using the standard MICROCON procedures described in the previous
sections. The calculated pressure drop is compared to the specified pressure drop. The mass
flow rate is modified based on this comparison, and iterations continue until the calculated and
specified pressure drops agree.

First.Estimate of the Mass Flow Rate. The initial estimate of the mass flow rate is
based on a simplified analysis of the pressure drop which assumes that:

* The void fraction is constant over the entire tube,
* The void fraction is equal to the inlet void fraction,
* Frictional pressure drop can be calculated with a simplified liquid-phase

momentum balance, and
The tube has no taper.

Under these assumptions, the friction pressure drop is:

APf = 4 f (-, " L ,-X= F)G 2  (6-17)

where ft = liquid-only friction factor, assume f, = 0.005.
L = total length of the condenser tube (m),
Xin = inlet quality,
Xi,, =void fraction at the inlet,

G = total mass flux (liquid and vapor phases) (kg/m2-s)
Ff 4f IX)

The pressure drop due to body forces is estimated by:

APg = - [ (1-a•n)pj + ac.pg ] L a cosO (6-18)

where a = spacecraft acceleration (m/s 2),
0 = angle between flow and body force vector vectors (rad).

The pressure drop due to fluid deceleration is calculated by:

AP. _ [ _2_P " T = FaG2 (6-19)
O~n P98 -'Yin PI

where F, [v n P9 (6-20)
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Then the mass flow rate is first estimated by:

GO [I (Ap FAp (6-21)

where Ff and Fa are the frictional and acceleration pressure drop factors defined in
Equations 6.17 and 6.20.

Calculate the Pressure Drop. Calculate the heat transfer and pressure drop along the
entire condenser tube with a mass flux of G,3 t as described in Sections 6.4 through 6.6. The
components of the pressure drop calculated in this procedure are APf,,,,t (friction), APaest (fluid
deceleration), APs,eit (body forces), and APstap (taper). The total estimated pressure drop is
APtoi,est.

Modify-the Mass Flow Rate. Calculate an improved estimate for the mass flux based
on the pressure drop calculations. The calculation is based on the ratio of the pressure drop
components calculated from the last estimate for the mass flux to the total pressure drop
specified for the condenser tube:

S= G [APL Alest - APagstl (6-22)L. AP9et,,•,+Pt,,est J 6-2

S ,It . When the estimated pressure drop (APoest) is within 0.1% of the
specified pressure drop, stop the iterations. The last value for G,,t is the mass flux through the

O condenser tube.

6.4 Condensing Heat Transfer Coefficient

The change in quality in a segment (Section 6.3.3, equation 6-12 or 6-15) depends on
the Nusselt number for condensation. A high Nusselt number corresponds to a large heat
transfer coefficient and implies very effective heat transfer. The Nusselt number depends on
the flow regime, since the heat transfer depends on the relative locations in a segment of the
liquid and vapor phases. This section presents the methods used to calculate the Nusselt
numbers for each flow regime in a shear condenser.

6.4.1 Annular Flow

Most heat transfer usually occurs in the annular flow regime because the vapor is much
less dense than the liquid. As a result, the void fraction remains high even at low values of the
quality. Because the annular regime is key to designing the condenser, the design methods for
the annular regime are more detailed than for the other regimes. The first step is to calculate
the dimensionless thickness of the liquid film. Thin films are laminar, while thick films are
turbulent.

If the film is laminar, then the Nusselt number is calculated by a simple analysis of
heat conduction across the liquid film. If the film is turbulent, then there are three options for
calculating the condensing Nusselt number:

0 Method of Rohsenow, et al. (1956),
0 Method of Soliman, et al. (1968),
* Method of Shah (1979).
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The method of Rohsenow, et al,, is recommended and the alternate models are useful for
sensitivity studies or detailed analysis of test data. The following paragraphs detail the
calculations according to each method.

Dimensionless Film Thickness. The first step is to calculate the dimensionless film
thickness, which characterizes the liquid flow. First calculate 8, the actual film thickness:

S= D (I(6-23)

where 8 - film thickness (m).
Dh = hydraulic diameter of condenser tube (m),
(X = local void fraction.

Next calculate the local velocity of the vapor:

u G x (6-24)

where u = velocity of the vapor (m/s),
d total mass flux (kg/m2 -s),
x local thermodynamic quality (-).

Next calculate f./fw, the ratio of the interfacial friction factor to the friction factor cilculated
as if all fluid were vapor:

f,/f, = A aB + C (l-a)D (6-25)

where A, B, C, and D are empirical coefficients. The values of the coefficients depend on the
model selected for the interfacial shear. Table 6.3 presents values for the empirical
coefficients for several interfacial shear correlations. The method of Chen is recommended
generally for design calculations if more accurate data is not available.

Calculate the Reynolds number for the vapor phase alone:

Re. - G x Dh (6-26)

Table 6.3. EMPIRICAL COEFFICIENTS FOR fi/fwg

I Coeff;cient for 'i/fwg = AoB + C(I - a)D

Correlation A B C D

Chen 1 0 6.8 0.39
Wallis 1 0 75 1
Duschatko 1 0 2.5 0.39
Smooth film 1 0 0 0
Rough film 10 0 0 0
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Next calculate fws, the friction factor calculated for the vapor phase alone:

f 0.046 Reg 0.2 (Reg> 1500) (6-27)
Sl"Reg (Reg <- 1500)

Then calculate the wall shear:

"tw= fg(f/fwg) • (6-28)

where r, wall shear (Pa).

The dimensionless film thickness is:

V1  Pi (6-29)

where v1  = kinematic viscosity of the liquid (m2/s).

The value of 3 indicates whether the liquid flow is laminar or turbulent:

6+ < 6 => laminar film, (6-30)

5+ > 6 -> turbulent flnm. (6-31)

If the film is laminar, calculate the Nu.'selt number according to the laminar film
section below, If the film is turbulent, calculate tht• Nusselt number according to one of the
three turbulent film models detailed in the paragraphs following the laminat film discussion.

NusekILtumaber for Laminar Films. In a laminar liquid film, heat transfer is
accomplished by conduction across the film. In this case. the Nusselt number is calculated by:

Nuc = D (6-32)

Method of Rohsenow. The method of Rohsenow is recommended for turbulent films.
It is the most mechanistic of the three annular condensation models and has been qualified
through comparison with condenser test data. In this method, the Nusselt number depends on
the dimensionless film thickness.

First calculate the factor F2, which depends on 6+. For low values of & (between 6.0
and 30), use this equation:

F2 = 5 Pr1 + 5 In[l +Pr,( -1)1 (for6• 5+< 30) (6-33)

where Pri is the Prandtl number of the liquid phase.
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For high values of &, use this equation:

F2 = 5 PrI + 5 1n(l + 5Pr) + 2.5 ln(3) (for & 30) (6-34)

Next calculate the condensing Nusselt number:

Nu, = & P--- r (6-35)

Rohsenow et al. (1956) provide a detailed analysis leading to these equations.

Method of Soliman..etal, In this method there is a single equation to calculate the
condensing Nusselt number:

Nu, = 0.036 6+ & Pr1 O. 65 (6-36)

Soliman et al. (1968) explain the analysis and derive this equation.

Method ofiLSha. Shah's correlation is the most empirical of the three methods for
turbulent liquid films. The equation for the Nusselt number is:

Nu. = Nul0 [(l-x).0 3 +_3.8x]O. 76(.x)O. 041 (6-37)1(1piFer it.8 d 6-7

where x = local thermodynamic quality,
P = the local fluid pressure (Pa),
Petit = the critical pressure of the fluid (Pa),
Nul =- Nusselt number calculated as if all flow were liquid (Equation 6-9).

6.4.2 Slug Flow

Slug flow typically follows the annular regime. In slug flow the vapor phase forms
elongated bubbles which are located centrally in the pipe. The liquid phase forms slugs which
separate the bubbles and also a film surrounding the bubbles. The design methods include an
ad-hoc model for heat transfer in the slug flow regime. Heat transfer is modeled as a
time-averaged combination of single-phase heat transfer from the liquid slugs and
cond-nsation of the vapor bubbles. An empirical enhancement factor is recommended to
model developing flow effects which greatly increase the rate of heat transfer to the slugs.

Figure 6.7 illustrates the vapor and liquid flow pattern in the slug regime. Bubbles of
length Lb are separated by slugs of length L,. The total length of a slug plus a bubble is Ltot.
As vapor condenses, the bubbles grow shorter. The average velocity of the liquid in the slugs
is the total volumetric flux, j. The bubbles are surrounded by a liquid film which is essentially
motionless because there is almost no shear acting on it (the pressure drop in a bubble is close
to zero). Thus the bubble velocity ub is equal to j(l-m), where m is the area fraction of the
liquid film.

Heat transfer in the slug regime is controlled by convective heat transfer from the
liquid slugs. Heat transfer from the slugs is quite efficient because the slugs are dominated by
turbulent mixing and convective heat transfer. As a slug flows through the condenser tube, it
continually "scoops up" the liquid film which surrounds the bubble in front of the slug. This
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film has been warmed by condensation from the bubble, and when it is scooped up. it is mixed
with the liquid in the slug. Convective mixing due to developing flow leads to high rates of

* heat transfer which lower the temperature of the slug. Thus the film which trails off the back
side of the slug is subcooled and causes condensation of the bubble behind the slug.

The procedure for calculating heat transfer in the slug flow regime is:

1.) Calculate the ratio of bubble to slug length,
2.) Calculate the Nusselt number for the slugs,
3.) Calculate the Nusselt number for the bubbles.
4.) Calculate the average Nusselt number.

These steps are explained in detail below.

1.) Calculate the ratio of bubble to slug length. The ratio of the bubble length to
the total length of a bubble plus an adjacent slug depends only on the local flow quality and
the vapor/liquid density ratio:

L x (6-38)
Eto x + x (1 -X)

2.) Calculate the Nusselt number for the slugs. First a Nusselt number is calculated
as if the flow in the slug were fully developed. Later this Nusselt number will be increased by
an empirical factor to account for flow development and mixing effects which significantly
increase the heat transfer. First calct,' the total volumetric flux:

*j = G [-- + - (6-39)

where G = total mass flux (kglm2-s).
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Next calculate the Reynolds number for the liquid in the slug:

Re, = G(l-x)Dh (6-40)
AlI

Then the Nusselt number for the liquid slug, calculated as if the flow were fully
developed, is:

{-0.023 Reo -8 Pr1o. 4  (Res > 1500)

Nu, = (6-41)
3.66 (Res < 1500)

3.) Calculate the Nusselt number for the bubbles. The heat transfer from the
"bubblps" in the slug regime is typically much less than fromra the liquid slugs. Since the vapor
does not touch the wall of the condenser tube, heat transfer occuLs from the liquid in the film
which surrounds the bubble. These films are almost always in laminar flow and heat transfer
is governed by conduction through the film. As a result, heat transfer in the film is not very
efficient.

Heat transfer in the liquid film depends on the cross-sectional area occupied by the
liquid film. The ratio of film area to total area is denoted "in" and is almost always equal to
0.16:

Nm = 0.16 (6-42)

More precise methods for calculating m can be found in Wallis (1969). Put since the heat
transfer to the film has little effect on the overall rate of heat transfer, we recommend using
the constant value.

The Nusselt number for heat transfer from the tilm is then calculated as if the film
were a steady, fully developed flow:

Nub = 2- -mTJ.3 (6-43)

4.) Calculate the average Nusselt number. Heat transfer from the condenser tube is
dominated by the convective heat transfer from the liquid slugs. Thus the overall Nusselt
number for condensation in the slug rcgime is calculated by weighting the slug heat transfer
coefficient by the ratio of slug length to the total length of the slug plus a bubble.

Nu - + Nu t (644)

-2 is an empirical constant which acc)unts for the effects of flow development and mixing.
We recommend:

02 (6-45)

Heat transfer data from slug ccndensation in ground tests (Crowley and Sam, 1991) indicate
that condensation in the slug regime occurs much more quickly than can be calculated based
on fully developed flow, in the slugs. Calculations with an empirical factor of 12 match the
condensing lengths mesured in these experim)ents.
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6.4.3 Bubbly Flow

In the bubbly flow regime, the flow is modeled as homogeneous. Heat transfer is
calculated using single-phase relationships with the fluid properties modified to account for the
presence of vapor bubbles in the liquid.

Calculate Average Fluid Properties. The density and viscosity of the two-phase bubbly
mixture are calculated as weighted averages of the single-phase vapor and liquid values. The
two-phase density is:

p= ap + (1-a)P, (6-46)

The two-phase viscosity is calculated by:

AM 1-x L -t (6-47)

Ca1ufl1\te the Two-Phase Reynolds-Number. The two-phase Reynolds number is based
on the total volumetric flux and the average density and viscosity. The total volumetric flux
is:

G + l-x (6-48)

The two-phase Reynolds number is:

Re,, = •.P (6-49)
PM

Calculate the Two-Phase Nusselt Number. The two-phase Nusselt number for
condensation is now calculated with standard relations used for single-phase heat transfer:

0.023 Reno. 8 Prjo.4 (Rem,> 1500)

Nu =. (6-50)
3.66 (Rem:5 1500)

6.4.4 Single-Phase Liquid Flow

Heat transfer from subcooled, single-phase liquid is calculated using standard relations
from Lte literature.

J 0.023 Re1,0o 8 Pr1O.'4 (Re,( > 1500)
Nu, - (6-51)

3.66 (Re1 , 5 1500)
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65 Void F=action

The void fraction is equal to the fraction of the condenser tube cross section which is
occupied by vapor, It is a key parameter because it determines the velocities of the liquid and
vapor phases, Calculation of the void fraction depends on the local flow regime.

6.5.1 Annular Flow

In the annular flow regime, the void fraction is calculated based on a momentum
balance between the vapor and liquid phases. The quality in a segment is known from heat
transfer calculations, Based on the quality, the volumetric fluxes of both the liquid and vapor
phases are known, so liquid-only and vapor-only friction factors can be calculated. Then the
void fraction can be calculated from these known quantities.

The first step is to calculAte the vapor-only friction factor, First calculate the Reynolds
number based on vapor-only flow in the segment:

Re = G x _Dh (6-52)

where x is the average void fraction in the segment (in MICROCON, the value of the quality
at both the inlet and exit are known before beginning the void fraction calculation).

Next calculate the friction factor based on vapor-only flow:

[ 0.046 Re--o. 2 Re 1500 (6-53)

L 16/Reg Re, < 1500

The second step is to calculate the friction factor for liquid-only flow. Calculate the
liquid-only Reynolds number by:

Re, G (I-x) Dh (6-54)
41=

where x is the average void fraction in the segment. Next calculate the friction factor based on
liquid-only flow:

0.046 Re1 -0.2  Re, > 1500
fw| = .(6-55)

16/Re1  Re, < 1500

Finally, the void fraction is calculated with the pressure balance relationship for annular
flow. By setting the pressure loss due to liquid friction on the condenser wall equal to the
pressure loss due to vapor friction with the liquid interface, a relationship can be derived
between the void fraction and the quality. The void fraction is calculated by solving this
relationship for a:.

I (I -- ) 2  f X] If XP (6-56)
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where x - the local quality,
Pt 1 density of the liquid phase (kg/M3),
ps = density of the vapor phase (kg/m3),
a = the local void fraction, and
f. = the interfacial shear ratio.

Note that the left-hand side of Equation (6-56) depends only on the local void fraction, since
fvfwg is typically correlatud as a function of the void fraction only. In MICROCON, fVfW8 is
calculated by:

f/fWg = A aB + C (l-a)D (6-57)

where A. B, C, and D are empirical coefficients. There is a single value of a between 0 and
1.0 which satisfies Equation 6-56.

Since Equation 6-56 is nonlinear, there is no explicit solution for the void fraction as a
function of the quality. In MICROCON. z is determined iteratively using a bisection search.

6.5.2 Slug Flow

In the slug flow regime, the void fraction is calculated based on a drift-flux model for
the flow. Wallis (1969) explains the derivation of these models in detail: here we simply

* present the calculations recommended for condenser design. In the drift flux model, there are
two empirical coefficients, CO, and k,. For these regime calculations, C., is approximated as a
constant. The k, coefficient depends on body forces which may be acting on the condenser:

C., = 1.3 (6-58)

0.35 0 > yd2
ks= 0.0 0 = i2 (6-59)

-0.35 0 > 1d2

where 6 is the angle (measured in radians) between the flow vector and the body forces vector.
Figure 6.8 illustrates these two vectors.

DRE.CT ON OF

O92Y FCRC-S

Figure 6.8. ANGLE BETWEEN CONDENSING FLOW AND BODY FORCES
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Next calculate the ratio of vapor to liquid volumetric fluxes. M:

M 0 -x),0S (6-60)x PI

Then calculate the volumetric flux of the vapor phase, ij:

j, = G x (6-61)
pg

Calculate a Froude number based on the volumetric flux of the vapor phase, F,:

F _ J- (6-62)
[a Dh(pj-pZ)]o. I

Finally, calculate the void fraction with this equation:

1

(6-63)
Cos(l+M) +

6.5.3 Bubbly Flow

The void fraction in the bubbly flow regime is also calculated based on a drift flux
model for the flow. The two empirical coefficients have different values in this regime:

Cob = 1.2 (6-64)

1.4 9 > /2
kb = (6-65)

0.0 0 s ir/2

where 0 is the angle between the flow vector and the body forces vector.

First calculate ratio of volumetric fluxes (M) and the vapor volumetric flux 0i):

M = (1-x)Pk (6-66)
X PI
Gx

jg x (6-67)

(These are the same relations used in the slug flow regime).

Next calculate a Kutateladze number based on the vapor volumetric flux:

K [ a g P60P) (6-68)
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0 Finally, calculate the void fraction:

1
a• = . . .... .. .. (6-69)Cob(l+M) + (-9

6.5.4 Single-Phase Liquid Flow

In the single-phase liquid flow regime, the void fraction is always zero.

6.6 Pressur Drop

This section presents the detailed relations for calculating the pressure drop in each
segment of a shear condenser. There are four contributions to the pressure drop:

* Friction,
* Fluid acceleration (or deceleration),
o Body 1 )rces, and
* Taper of the condenser tube.

Calculation of the pressure drop due to friction depends on the local flow regime. Pressure
drops due to deceleration, body forces, and tube taper are calculated the same way regardless
of the flow regime, The total pressure drop in each segment is the sum of the four component
pressure drops.

6.6.1 Total Pressure Drop

Calculate the total pressure drop in a segment by summing the four components of the

pressure loss:

AP = APf + APg + APa + APt (6-70)

where AP = total pressure drop (Pa),
APf = pressure drop due to friction (Pa),
APB = pressure drop due to body forces (Pa),
APa = pressure drop due to fluid acceleration (Pa).
A•l' = pressure drop due to taper of the condenser tube (Pa).

The following sections provide the detailed equations for calculating the pressure drop
components.

6.6.2 Pressure Drop Due to Friction

Friction is usually the largest single component of the pressure drop. It is also highly
dependent on the flow regime. The following paragraphs present the equations to calculate the
frictional pressure drop in the annular, slug, bubbly, and single-phase liquid flow regimes. In
MICROCON the frictional pressure drop in each segment of the condenser is calculated basedon the average void fraction in the segment.
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Frictional Pressqre Drop in Annular Flow. The frictional pressure drop in the annular
flow regime is typically the largest single contribution to the total pressure drop in the
condenser. This is because the gas velocity in the core is highest in this regime. Pressure
drops are calculated using the vapor-phase momentum equation,

First calculate the Reynolds number for the vapor phase:

Re 1  G x Dh (6-71)

where x is the average void fraction in the segment (in MICROCON, the value of the quality
at both the inlet and exit are known before beginning the pressure drop calculation).

Next calculate the friction factor based on vapor-only flow:

I 0.046 Res-0 -2  Re, >_ 1500
fw=- (6-72)

16/Reg Reg < 1500

The pressure drop in annular flow depends on the frictional shear stress between the vapor
phase and the liquid phase, which depends on the interfacial friction factor, fi. The interfacial
friction factor is calculated by multiplying fw, by the ratio of interfacial to vapor-only friction
factors, f/f,,. In MICROCON the ratio of triction factors is calculated based on the void
fraction:

f/fWS = A 0B + C (lqa)D (6-73)

where A, B, C, and D are empirical constants. Table 6.3 lists values for the constants
determined by several researchers for several correlations and bounding approaches. We
recommend the Chen correlation for designs when more specific data are not available.

Compute the frictional component of the pressure loss in the segment using this
equation:

4 f.x 2 G32

APf = f fwg i X G Az (6-74)

Frictional Pressure Drop in Slug and Bubbly Flow. Frictional pressure losses in the
remaining regimes are usually quite small compared to the annular regime. Most condensation
has already occurred, and the velocity of the remaining vapor is small. Pressure drops are
calculated using homogeneous flow models for the liquid-phase momentum equation.

First calculate the Reynolds number for the liquid phase:

Re, = G (l-x) Dh (6-75)
911

where x is the average void fraction in the segment (in MICROCON, the value of the quality
at both the inlet and exit are known before beginning the pressure drop calculation).

6-30



Next calculate the friction factor based on liquid-only flow:

0.046 Ret-o. 2 Re, 1 - 1500
fw, = -(6-76)

16/Rej Re1 < 1500

Calculate the two-phase multiplier based on a homogeneous flow model:

1 +X(PI//P - 1)
LI+(MjL8  i)]O-2 (6-77)

Calculate the frictional pressure drop:

APf = 4 f,,, 2 (l-x)2 G2 (6-48)

Frictional Pressure Drop in Single-Phase Liquid Flow. For subcooled liquid, the

frictional pressure drop is calculated using standard techniques for single-phase flow.

First calculate the Reynolds number for the liquid flow:

Re, GDh (6-79)

Next calculate the friction factor for the liquid flow:

0.046 Re1-0o 2  Re, 2! 1500
f { 6 = e (6-80)

16/Rej Re, < 1500

Finally calculate the pressure drop:

= 4 -- Az (6-81)

6.6.3 Pressure Drop Due to Body Forces

Pressure losses due to body forces may arise if the spacecraft undergoes a significant
acceleration. The pressure loss depends on the magnitude and direction of the acceleration,
the liquid and vapor densities, and the void fraction.

The direction of acceleration is defined by the angle between the body force vector and
a vector which points in 'he direction of flow in the condenser. Figure 6.8 illustrates the two
vectors and the angle, 0. On a spacecraft, the body force vector points in a direction opposite
the spacecraft acceleration. For 6 = 0, the flow is with the body force, and there is a negative
pressure drop. Thus the pressure drop due to body forces is proportional to -cosO.

0
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The pressure drop due to body forces is calculated based on the local void fraction:

APS = - [ ct p, + (1-ct) p ] a cos0 Az (6-82)

where a is the average void fraction in the segment.

6.6.4 Pressum Drop Due to Fluid Acceleration

As fluid condenses, its velocity decreases. and there is a pressure recovery. The
pressure recovery is equal to the difference between the momentum fluxes leaving and
entering the segment. The calculation depends only on the total mass flux, liquid and vapor
densities, and the void fractions and qualifies at both ends of the segment.

The pressure drop due to fluid acceleration is:

AP. = G2 [ -x2 +(1 X))2 .X2 -xi) 21 (6-83)
L aoPg ottPg (IdilJ

where Xo = quality at the segment exit,
uot, = void fraction at the segment exit,
xi = quality at the inlet to the segment, and
Cq = void fraction at the inlet to the segment.

6.6.5 Presaure Drop Due to Taper of the Condenser Tube

Some condensers may have a taper which results in additional pressure losses. A
tapered tube has dimensions which decrease in the direction of condensation. The purpose of
the taper is to maintain high vapor velocities, which increase the shear on the liquid film to
keep it thin and enhance heat transfer. Taper has been found to have only marginal heat
transfer benefits, nevertheless MICROCON has an option to calculate pressure losses in a
tapered condenser tube.

The degree of taper in the tube is described by an input parameter to the MICROCON
code. The input parameter is the rate of change of flow area per unit length of condenser tube,
dA/dz.

In tapered condenser tubes each segment has a different cross-sectional area. In
MICROCON, the local flow area, mass flux, and tube perimeter are recalculated in each
segment. The pressure loss due to the taper is calculated based on the local value of the mass
flux.

AP+ = G2 [+ L X d] ] Az (6-84)

where G = the local mass flux (kg/m 2fs),
x = average quality in the segment,
o = average void fraction in the segment,
dA
T" - the degree of taper, rate of change of flow

area per unit length (m), and
Az = length of the segment.
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O 6.7 Dimensionless Design Charts for Condensing Radiators

This section presents design charts to solve three common design problems for
condensing radiators:

1.) Calculate the effective one-dimensional wall thickness for a radiator
panel,

2.) Determine the tube length required for condensation and subcoling in
the radiator, and

3.) Calculate the pressure drop in a condensing radiator.

The design charts are based on simplified models of condenser behavior and are presented in
dimensionless form. The charts are useful for obtaining quick estimates and to verify
numerical calculations,

6.7.1 Modelling Condensing Radiators with NICROCON

The external boundary conditions used by these design methods are flexible enough to
model heat transfer in a condensing radiator panel. This example shows how to calculate the
effective wall thickness, teff (Eq. 6-3), which simulates a radiator panel.

Renuired PAa tr. Figure 6.9 illustrates a section of a condensing radiator panel and
the key geometrical parameters. To calculate the effective one-dimensional wall thickness for

* a radiator panel, you will need to know:

• Tsar, the saturation temperature of the condensing fluid (K),
* T2, the effective heat rejection temperature (K) (including effects of absorbed

heat flux),
a Pi. the internal perimeter of the condenser tube (m),
• kf, the thermal conductivity of the condensing liquid /WIr-K),
* krm, the thermal conductivity of the radiator fins (W/m-K),
* tLm, the effective thickness of the radiator fins for heat conduction (m),
0 b, one-half the pitch between condenser tubes (m),
9 n, the number of actively radiating sides (I or 2),
0 F. the view factor for the radiator, and
* e, the emissivity of the radiating surface.

Note that for this analysis, the effective heat rejection temperature (T2) must account for the
absorbed orbital average heat flux. So for these calculations we assume q'n = 0.

Calculation Procedure. There are five steps to calculate teff:

1.) Calculate the fin parameter, B,
2.) Calculate the fin efficiency, T1,
3.) Calculate the linear heat transfer rate, q'.
4.) Calculate the effective average panel temperature, T•,
5.) Calculate the effective one-dimensional wall thickness, tef.

Calculate the fin parameter B with this equation:

B (6-85)
t f inkfin
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Figure 6.9. SECTION OF A CONDENSING RADIATOR PANEL

Then the fin efficiency, rY, is:

tanh (bB) (6-86)

The fin efficiency is then used to calculate the linear heat transfer rate:

q' = 2nbFiaqe(Tat4-T 24) (6-87)

Next calculate T,, the effective average temperature on the surface of the radiator:

Twx = [ 0 + T24] 0 2 (6-88)

(The view factor, F. does not appear in this equation because MICROCON does not include a
view factor in its calculations.)

Finally. use the average panel temperature to calculate the effective one-dimensional
wall thickness, tLff:

teff = kfln 4 (Tsa - T11) (6..89)
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E.ampic. Calculate the effective one-dimensional wall thickness for the condensing
radiator sh,.wn in Figure 6.9. The condenstng fluid is ammonia at q temperature of 300 K.
The radiating condenser has the following parameters:

S Tsat- 300 K.
* T2 = 233 K,
* Pi = x•x 2.36x10-3 m = 7.414x10- 3 m,
• kr, 220 W/m2-K (corresponding to aluminum),
• tn 2x0.25 mm = 0.50xl0-3 m,
* b = 0.06m,
* n=2,
• F 1.0
* e= 0.80.

The effective thickness of the radiator fins (tna) is twice the thickness of a single fin. This
would be true even if only one side of the panel were actively radiating, because both sides of
the panel would still contribute to heat conduction from the condenser tube.

B - 34F1-•Ta3 0.5

.t f ikfin J

4(1.0)(5.67x10-4W/m2-K4 ) (0.8)(300K)31]0.5
- L (o.U5oX -3 m) (220 W/n-K) J

- 6.673 rnm-

tanh_(bB)

tanh[(0.06 m)(6.673 m-i)]

= 0.950

q' = 2nbFrlo0 o&(Tat4-T 24)

= 2(2)(0.06 m)(l.0)(0.950)(5.67x10- 8 W/m2-K4)(0.8) [(300 K) 4 - (233 K)4]

= 53.3 W/m

T,,x + T24]0 .2 5

2'(2)(0.06-m)(5.67x 10+ (233 K)4 o.

=. 297.594 K
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teff = kf ( sw - TV)

7.414×I0- 3 m
- (220 W/m-K) 73"3W "3M ( 300 K - 297.594 K)

So to use MICROCON to calculate condensation in the fin shown in Figure 6,9, use these
input parameters:

* Radiation boundary condition,
* Heat sink temperature of (T2) 233 K,
* Panel emissivity of 0.8,
* Secondary perimeter (F2) = 2nb = 0.24 m,
* Wall conductivity of 220 W/m-K, and
* Effective wall thickness of 0.0736 m.

Anaaly.ti.cl Basis. The rate of heat transfer per unit length of the condenser tube (q') is
determined almost entirely by the radiation and conduction resistance of the radiator panel.
The thermal resistance of the panel is summarized by the fin efficiency, rl. The heat transfer
resistance due to condensation is insignificant compared to the thermal resistance of the panel
(typically no more than 5%, even for tube diameters down to 2 mm). As a result, q' is very
nearly constant throughout the two-phase section of the condenser.

Figure 6.10 illustrates analysis of heat transfer in the radiator panel. The temperature
inside the condenser tube is equal to Tsar. The temperature at the end of the fin farthest from
the condenser tube is somewhat less, depending on the balance between heat conduction in the
fin and radiation heat transfer from the surface. This temperature gradient is accounted for in
the thennal model through the fin efficiency, r1. Equation 6-86 for the fin efficiency is derived
from a linearized analysis of the differential equation which describes the heat transfer in the
fin:

d2T na= (T4-T2 4) (6-90)

in which x is the distance from the condenser tube and T(x) is the local temperature in the
radiator panel. So if the thermal resistance of the condensate film and the condenser tube
itself are negligible (which is the case for 300 K radiators), the linear heat transfer rate is given
by:

q' = 2nbFrlo,'E(Ta,4-T 24) (6-87)

in which "2nb" is the total external perimeter for radiation, F is the view factor, and fl
accounts for the temperature drop in the panel.
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Since q' can be calculated from known radiator parameters, the problem is to calculple
the effective. one-dimensional wall thickness which simulates the radiator panel for
MICROCON. We use Equations 6-13 and 6-14 from these design methods:

q' = P20Vo (Tw.4-T2 4) (6-13)
qA = -k Pi (Tr - Tx) (6-14)

Lw

where t,, is the same as teff in this discussion. q",,v is zero, and we have neglected the internal

resistance of the condensing fluid. The thermal conductivity in Equation 6-14. kw, is equal to
the [in conductivity, kr,,,. These are the equations which MICROCON uses to calculate q' for
problems with a radiative boundary condition. T,,, is the average effective temperature of the
radiator panel. Since q' is known, we can solve Equation 6-13 for T,,,,:

TVX = [6,e+ T2 4

where P2 is equal to 2nb. Then use Equation 6-14 to solve for t~ff, assuming that T,,., Tsar:

Sto.f = t. = kfin -4(Tat -Tw,,) (6-91)
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6.7.2 F-Wnates fr' Condensing Length

In condensing radiators which operate near 300 K, the largest resistance to heat transfer
is usually the one due to thermal radiation outside the condenser. In this case the heat transfer
rate is constant along the length of the condenser and independent of the condensatior
phenomena inside. Thus the designer can easily determine the tube length required to
condense and subcool the fluid.

Required Parameters. To calculate the tuoe length for condensation and subcooling,
you will need to know:

* it, the fim efficiency calculated using Eq. 6-86,
* xi. the qualty at the inlet to the condenser tube.
• rti, the mass flow rate through the condenser tube (kg/s),
• hfs, the heat of evaporation of the fluid (J/kg),
* c the specific heat of Lhe liquid (J/kg-K),
* P•2, the radiating area per unit length of the condenser tube (m),
* e. the emissivity of the radiating surface,
* Tsar, the temperature of the condensing fluid (K),
• Tub,, the subcooled temperature at the condenser exit (K), and
* T 2 , the ultimate temperature for heat rejection (K).

Total Condenser Length. The condenser must be long enough to condense all the
vapor and produce liquid with a specified subcooling. The total length is the sum of the length
required for condensation and the length required for subcoolLng:

Ltot - Lc + Lsub (6-92)

where Ltot = total condenser length (m),
LC = condensing length (m), and
LSb = subcooling length (m).

The paragrar" v *oh follow provide equations to calculate the condensing and subcooling
lengths.

Condensing Length. The condensing length, Lc, is the length of condenser tu-e
required to reduce the fluid quality from xi to 0. The condensing length is calculated by:

tthfX (6-93)L--r1P2C~oC: ( Tsar4 .T124) (-3

This equation is derived from an energy balance on the condenser, in which the heat rejection
dwv to radiation is balanced by the energy lost by the fluid in condensation. Temperature
drops due to uondensation and conduction through the radiator structure are assumed to be
negligible.

Subcooling Leagth. The additional tube length required to subcool the single phase
liquid. Lsub. is esutmated by:

LSUb rt I- [T -T7] (6-94)
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S This equation is derived from an energy balance on a differential length of the condenser, in
which the heat rejection d&, to radiation is balanced by the sensible heat lost by the subeooled
liquid. The differential relation is integrated from the saturation temperature to the desired
subcooiing to obtain the subcooling length. For this simple estimate we assume that the
temperature for ultimate heat rejection is small compared to the radiator temperature so that
neat radiated into the condenser is much less than the heat radiated away. If T/I'Iub :- 0.56,
then subcooling lengths calculated this way will be accurate to within 10%.

ExarnIl. Suppose we wish to calkulate the tube length required to fully condense a
vapor stream entering die condensing radiator shown in Figure 6.9. The condenser has the
following operating conditions and fluid properties:

* =- 0.95,
S Xi = 1.0,

* = 5x10-S kg/s,
* hg = 1.16x106 Jkg,
S c = 4838 J/kg-K,

* T, = 0.24 m,
E = 0.80,

* Tlt = 300 K,
* Tsub = 290 K, and

T2 = 120 K.

The condensing length is:

Lc S h ( Tr X 4) (6-95)

(5x10-Skg/s) (I. 16x 106J/kg)(1. 0)

-(.95)(024 "m) (5.67x 10--Wmz- K4)(0.8)L(300K) 4-(120K)'j

S.,I.nm

The subcooling length is:

1 uil c (6-961Lsub f- [T-o-7" (6-96)

(5x10-5 kgis)(4838 J/k" °-C) [ I I ]
T (M.95)(0.24"m) (5.67X10-5WlMz-K4)(0.8) 27R -TIOKJ

= 0-023m

So the total required condenser length is:

Ltot = -. c + Lsub = 0.711 m + 0.023 m = 0,731 m (6-97)
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6.7.3 Design Chart for Pressure Drop

This section presents universal design charts to estimate the pressure drop in a shear
condenser. Since the heat transfer rate from a condensing radiator is fixed by the temperature
and ratio of radiating to internal heat transfer areas, the main problem in condenser design is
estimating the pressure loss in a condenser tube.

The main component of the total pressure drop is typically the frictional pressure loss
in the annular condensation regime. Only in this regime does the vapor have high velocities
resulting in a high pressure gradient.

The method presented in this section applies only to non-tapered condenser tubes.

RrireLParameWrs. The pressure drop depends on a large number of parameters. To
simplify the design charts, we have eliminated explicit dependence on fluid properties and
present charts which are specific to several fluids which are of most interest for spacecraft
thermal management. Four design charts are provided to estimate pressure drop for the
following fluids:

* Ammonia (NH 3),
* Rll,
* R114, and
* R22.

These refrigerants have good heat transfer properties at a temperature of 300 K and are the
most likely candidates for spacecraft systems or ground testing.

You will also need to know:

S ii, the mass flow rate in the condenser (kg/s)
* LL, the condensing length (m), calculated for an inlet quality of 1.L,
* Ps. the vapor density (kg/M3),
• A. the viscosity of the vapor (kg/m-s),
* hf. the heat of condensation of the fluid (J/kg).
* A, the cross sectional arn., of the condenser tube (in 2), and
* Dh, the hydraulic diameter of the condenser tube (m).

The condensing length, L, should be calculated using the methods described in the previous
section (Equation 6-93).

Finally, select a method for calculating the ratio of interfacial to wall shear, f/fw8 .
Design curves are presented for five methods:

* Correlation of Wallis: fivfwg = I + 75(1-a).
* Correlation of Chen. fvf,, 1 + 6.8(1- a)O. 39,
* Correlation of Duschatko: f/fw- 1 + 2.5(1- a)o 39,
* Constant high shear: f/fw8 = 10, and
* Constant smooth interface: f /fw8 = 1.0.

0
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Calculation Procedure. First calculate G. the total mass flux through the condenser
tube:

G I= (6-98)

Next calculate Re,, the Reynolds number for vapor flow at a quality of 1.0:

Re8 = Dh (6-99)

Next refer to Figures 6.11 (a) through (d). Select the figure corresponding to the desired
condens'ing fluid. Locate the design curve on this figure which corresponds to the desiredl
method to calculate f/f.ws. Locate the y-coordinate of this point, which is denoted AP'.

Finally, calculate the actual pressure drop:

AP= G2  L AP (6-100)

Fxamrnp. Estimate the pressure drop in the ammonia radiator. Use all the input values
from the previous examples, plus values or the flow area in the condenser tube and the
density and viscosity of ammonia vapor at 300 K:

* A = rd4 x (0.00236 M)2 = 4.37x10--6 m2,
P9 p 8.26 kg/m3,
As = 1.02x10-5 kg/m-s.

First calculate the mass flux, 0:

G = _ =Ls = 11.4 kg/m2-s (6-101)

Next calculate the Reynolds number for all-vapor flow:

Re= GDh = (ll.4kg/M2-s)(0,00236 m) 2638 (6-102)g0 LX gm-s t 2638 6-102)

Next refer to Figure 6.11. Using the Chen correlation for f/fwg, locate the
dimensionless pressure drop corresponding to a vapor-only Reynolds number of 6245. The
result is:

AP' = 0.065 (6-103)

Finally, calculate the actual pressure drop:
G2

AP L AP" (6-104)

(11.4 kg/2-s)2. 0.711 m x 0.065=2' (8.26 kg/m-i) × 0.7× 0.06

= 7.87 Pa x 301 x 0.065

14A.Pa
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Selection of the fjfW correlation is a key choice in the condenser design. Chen's
correlation for f/f leads to a predicted pressure drop of 154 Pa for the ammonia radiator.
Table 6.4 presents (he results of this calculation using alternate correlations for f/fwg, For this
problem, the Duschatko correlation may be more appropriate, since it was derived from
ammonia condensation tests in small-diameter tubes. The Duschatko correlation leads to a
predicted pressure drop of only 73 Pa. Since f,/fwg has such a strong effect on the calculated
pressure drop, and mechanistic methods are not available to calculate f/fwj, the designer is
cautioned to choose carefully. Ideally the correlation for f /fw8 should be 5ased on data from
tests which closely approximate the design problem.

Analytii LLis. The calculation for the frictional pressure drop is based on the
vapor-phase momentum equation for annular flow. The pressure drop due to friction in the
vapor phase is equal to the dynamic pressure of the vapor (p u.2/2) multiplied by an interfacial
friction factor (fi) and the ratio of vapor cross sectional area to interfacial perimeter (4/Di,
where Di is the diameter of the vapor core):

dP 4 ~zfi(6-105)

where us ± the vapor velocity (m/s),
fj = the interfacial friction factor, and
Di = diameter of the vapor core (m).

In annular flow, the vapor core diameter is equal to the total tube diameter multiplied by the
*• square root of the void fraction:

D = Dhf (6-106)

Also, the vapor velocity is equal to the vapor superficial velocity (j5  C3Gx/p) divided by the
void fraction:

u= G x (6-107)

Table 6.4. CAILkW•I'M PRESSURE DROP DEPENDS
STRONIGLY ON fil fWs

CORRELATION CALCULATED
For fj/ fg PRESSURE DROP

Chen 154 Pa

Duschatko 73 Pa

Wallis 30 Pa

fj/fws = 10 355 Pa

fjifwg = 1.0 36 Pa
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The interfacial friction factor is equal to the product of 1) the friction factor for vapor-only
flow (fs), which is calculated using single-phase relationships and the vapor superficial
velocity (i1 - Gx/p 5 ), multiplied by 2) the ratio of interfacial to wall shear (f,/fws):

fi = fwg X fi/fWS (6-108)

Substitute Equations 6-106 through 6-108 into Equation 6-105 to obtain:

dP 4  f. x 2  G2
z -- f• Wr'_ an -- 7 P(6-109)

Multiply by dz/dx, the tube length required per unit decrease in quality:

dP dz dP 4 f f. x2 G2 dz (6a10)-Uh r- ("11o r

dzldx is calculated from the condensation length:

dz -L(6a = - -L c( 6 1 )

since Lc for this analysis is calculated for xi 1.0. Substitute Equation 6-111 into 6-110 and
rearrange to obtain:

dP f. x2
S = 4Lfw dx (6-112)

Finally, integrate this equation from the inlet quality (xi 1.0) to the quality at which the flow
regime changes to slug (xt):

AP' FXtf. x2

AP* = 4j fwgf-.X2--dx (6-113)

This is the same as Equation 6-100 used to calculate the frictional pressure drop. Note that the
entire integrand is a function of only the quality, the liquid/vapor density ratio, and the inlet
Reynolds number. The integral has been evaluated numerically and the results are displayed
graphically in Figure 6.11.

6.8 Validation of Methods

The design methods have been validated through comparison with tests of a shear
condenser at Creare and published experimental data. Five experimental systems have been
modelled using MICROCON, and the results have been compared with the test data. Four c'
the tests were run under Earth normal gravity with heat transfer, and the fifth is an adiabatic
test in microgravity. There are no data from microgravity tests with heat transfer that are
suitable for comparison.

0
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S6.8.1 Overal Conclusions for Validation

* Pressure drop calculations agree with reported pressure drops wiohih
experimental uncertainty for all cases where annular flow dominates.
The pressure drops calculated for one case with very short or nonexistent
annular flow sections (and a very low overall pressure drop) show larger
errors.

* Heat transfer results agree very well with Creare ground test data and are
within 20% of data from Bae.

Heat transfer in the slug and bubbly regimes is higher than current
analytical models predict. MICROCON includes an empirical
coefficient (2) to simulate high heat transfer coefficients for slug
condensation. (See Section 6.4.2)

6.8.2 Experiments Used for Validation

Test results from five experiments are used to qualify the MICROCON program:

* LTV (heat transfer, 1-g),
* Sundstrand (adiabatic, microgravity),
* Creare (heat transfer, l-g),
* Bae (heat transfer, 1-g),

S• GE Astro Space (heat transfer, l-g).

Table 6.5 lists the primary test parameters in these experiments. Note that all these tests have
a convective heat transfer boundary condition. However, the LTV tests have a very large
external resistance to heat transfer which simulates the heat transfer in a condensing radiator.

LTV. 1-CG Condensation of Ammonia. LTV Aerospace and Defense Co. tested shear
condenser tubes with ammonia as part of the effort to develop condensing radiators for Space
Station Freedom (Duschatho, 1991). Figure 6.12 is a schematic of the test facility. Saturated
ammonia vapor enters the tube from the left and condenses inside the tube. Liquid ammonia
exits to the right. Cooling is provided by trichloroethylene flowing at a high velocity through
a large-diameter cooling tube.

Figure 6.13 is a cross-section of the condenser and cooling tubes. The tubes are
coupled by metal standoffs which provide a high, fixed thermal resistance between the
ammonia and the coolant. Since the coolant flow rate is very high, its temperature changes
very little. Heat transfer is controlled almost entirely by conduction through the standoffs,
which have a much higher thermal resistance than the internal resistance of the condensing
ammonia. Thus, these tests are characterized by a constant rate of heat transfer along the
condenser tube, which simulates a radiation boundary condition at a temperature of 300 K.

Key test measurements are: ammonia flow rate, condenser tube temperature, and
overall pressure drop in the condenser tube. The ammonia flow rate is measured by a liquid
flow meter located downstream from exit of the condenser tube. The temperature of the
condenser tube is measured by thermocouples located along the length. The condensing length
is indicated by the position of the thermocouple which first detects a subcooled temperature.
A differential pressure transducer measures the pressure drop from the inlet to the exit of the
condenser tube.
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Sundstrand. Microgravity- Data With No Condensation. The only microgravity data
suitable for comparison comes from an adiabatic experiment performed by Sundstra-d (Chen,
et al., i989). The experiment was flown aboard the NASA KC-135 under reduced gravity
conditions during Keplerian flight trajectories. Figure 6.14 shows the experimental apparatus
used for the tests. Saturated, two-phase Refrigerant- 114 flows through a 72-inch straight
section. There are pressure taps at each end of the test section, The difference between the
pressures measured at each end of the test section is reported, along with the mass flux, vapor
quality, pressure, and average acceleration for each test run. Most of the Sundstrand data were
taken during annular flow. Slug flow, however, was observed at qualities from 0.05 to 0.10.

Creare.Condensation-of R-I at _-&. Create tested a high shear condenser to
demonstrate two-phase thermal management components for spacecraft (Crowley and Sam,
1991). This facility was operated both on the ground and aboard the KC-135 aircraft, but the
data from the aircraft tests are dominated by transient effects and are not suitable for validating
the MICROCON design methods. Figure 6. 15 is a schematic diagram of the facility.
Refrigerant- 1 flows inside 0.634 cm (inner) diameter pipes with cooling water flowing on the
outside. Condensation occurs in six scgments (condensers and subcoolers) for a total length of
1.8 m (5.9 feet).

The average temperature of the cooling water in each of the segments is recorded
independently. The pressure drop is measured across the first three segments and across the
second three segments. The quality at the outlet of each section is also reported, derived from
the heat transfer measured in the coolant motor.

Ba•..ondensation of R-22 at 1-g. Bae, et al., performed experiments in 1-g similar to
the Creare tests (Bae, et al., 1969). Figure 6.16 is a diagram of the experimental system.
Two-phase Refrigerant-22 flows through a condenser with six sections, for a total length of
5.49 m (18 feet). The R-22 flows inside pipes, with cooling water flowing on the outside of
the pipes. The mass flux and saturation temperature are recorded for each tests. The R-22
temperature is measured at the inlet to each section and the cooling water temperature is
measured at the outlet of each section. The pressure drop across each section is measured and
reported as well.

GE Asto Space. Condensation of Ammoniaat..lg. Fredley and Warren (1990) present
ground test data for an ammonia interface heat e.xchanger. Figure 6.17 shows the
configuration of the condenser. The ammonia condenser consists of a helical flow path
wrapped around the evaporator of a cylindrical heat pipe. Vapor with a quality of
approximately 1.0 enters from the left, flows through the helical condenser path, and
condenses as heat flows to the heat pipe evaporator. Subcooled liquid exists from the right.
During ground tests, the axis of the condenser helix was horizontal, and condensate puddled at
the bottom of the heat exchanger.

The reported test data consist of temperature measurements from thermocouples
fastened to the outside walls of the condenser. Thermocouples were located on both the top
and bottom of the heat exchanger to detect differences in temperature which indicate puddling.
The measured pressure drops are not reported.
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6.8.3 Comparison of Data Witt, MICROCON Calcuations i

MICROCON calculations agree well with the experimental data. Pressure drops are
generally accurate to 15% for the cases of most interest, and outlet qualities are predicted to
within 15% (with one exception). These results are achieved using various models for the
interfacial shear ratio and the default model (Rohsenow's) for the Nusselt number. Table 6.6
summarizes the comparisons between MICROCON calculations and the test data. When the
MICROCON predictions are not within 20% for the pressure drop, they are still within the
error bands on the experimental data.

LTV 1-g Condenser _xperiments. These tests validate the pressure drop models for
condensation under conditions which are prototypical for spacecraft radiators. Predictions are
accurate for a range of tube sizes, mass flow ,ates, and condensing lengths in which the
pressure drop varies by over two orders of magnitude. Overall level of igreement is within
20% for smaller tubes with higher pressure drops (up to 10 psid). Agreement is within 35%
for tests in larger diameter tubes in which the pressure drop is only a few inches of water.

Figure 6.18 shows comparisons between measured pressure drops (symbols) and
MICROCON calculations (solid and dashed lines). Pressure drops are compared as a function
of the mass flow rate for condensers with diameters of 1.1 mm, 1.8 mm, and 2.4 mm with
condensing lengths of 1.8 and 3.0 meters. The condensing lengths are fixed in these tests by
adjusting the subcooling of the secondary coolant.

For the MICROCON calculations we used LTV's recommended dependence of f/fwa on
the local void fraction (Duschatko, 1991). However, we did not vary the fVfwg correlation writh
the size of the condenser tube, which LTV also recommends. Even without this refinement the
agreement between test data and calculated pressure drops is good.

Sundstrand I-g Adiabatic Experiments. These tests validate pressure drop models for
annular flow in microgravity. In Section 3 of this manual we have already compared data
from this experiment with the pressure drop methods in MICROP, but here we compare with
the methods in the MICROCON program. In the experiment there is no heat transfer, so
MICROCON was run with no secondary subcooling. The Chen correlation is used for the
interfacial shear ratio (f,/fw). Pressure drops for the experiment have been calculated for a
number of different inlet qualities. Figure 6.19 shows the measured and calculated pressure
drops as a function of the inlet quality. Very good agreement between the calculations and the
measurements is achieved, with all calculated pressure drops falling within the error bands on
the measured data.

Creare- 1-g Condenser Experiments. The Creare tests provide data to validate heat
transfer and pressure drop models over all flow regimes. Figures 6.20 and 6.21 compare
MICROCON calculations with heat transfer and pressure drop data reported by Crowley and
Sam (1991). In these tests, the internal convective resistance in the condenser controls the rate
of heat transfer. Figure 6.20 compares the measured and calculated thermodynamic quality
along the length of the condenser tube. With the Wallis model for interfacial shear and
Rohsenow's model for condensation heat transfer, the condensing length is predicted to within
20% for Run 30, in which the inlet quality is high (0.80). However for Run 4, in which the
inlet quality was only 0.20, the condensing length is over predicted by about 40%.
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Figure 6.21 compares pressure drop as a function of the inlet quality to the condenser.
Model predictionsw (filled circles) match the test data (open circles) well, particularly at high
inlet qualities, which are of most practical interest.

It is these tests which show extremely high rates of heat transfer in the slug
condensation regime. Observations during the tests indicate thet the complete transition from
annular to single-phase flow occurs within a single 30-cm condenser segment. The heat
transfer rate must have been extremely high due to efficient mixing in the liquid slugs, Based
c,- this data, an empirical factor is included for calculating heat trasfer in the slug regime.
'I :.e factor Increases the heat transfer coefficient (calculated for fully-developed flow) to
account for developing flow and mixing in the liquid slugs. Section 6.4.2 explains this
calculation in detail.

Bae 1-gCondenser Experiments. These data validate pressure drop and heat transfer
models for the annular flow regime. Bae, et al., conducted condensing experiments with R-22
in horizontal pipes with annular flow (Bae, et al., 1969). Figures 6.22 and 6.23 show thb,
quality as a function of position along the pipe for, respectively, the experiments designated
Run 2 and Run 6. The calculated quality correlates well with the measured quality.

There are six sections to the condenser, The temperature of the primary fluid is
measured at the beginning of each section. Secondary coolant temperature and flow rate is
measared at the outlet of each section, and the temperature difference of the secondary coolant
is measured for each section. The pressure drop in each segment is also reported.

The secondary coolant temperatures yield an estimate of the average secondary
temperature for each segment. The secondary heat transfer coefficient for input to
MICROCON is taken from Bae's report.

Since the parameters are known for each segment separately, and since the secondary
coolant temperature changes between the segments, the MICROCON code solves each
segment separately, with the calculated output quality of one section used as the input quality
for the next s-ction. Chen's correlatior, for f/fwg and Rohsenow s model for heat transfer are
used in the calculations.

GE Astro Space 1-g Ammonia Condenser. Figure 6.24 compares MICROCON
calculations with data reported by Fredley and Warren (1990). To calculate the wall
temperatures from the MICROCON results, the local condensation (dx/dz) was used to
calculate a local heat flux. The local heat flux was then used to estimate the wall temperature
using the heat transfer coefficient for the heat pipe evaporator. Calculations predict the
general trends in the wall temperature, but over predict the condensing length by 50%. The
analysis under predicts the heat transfer in these tests because of liquid puddling in the low
elevations of the condenser. Cooler temperatures measured on the bottom wall of the
condenser indicate a puddle of condensate. Since the vapor must flow through the stagnant
liquid. Qt!- heat transfer efficiency of the tube is enhanced compared to the calculations, which
do not model the liquid pool.
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7 CONDENSERS: Capillary Grooves

Capillary condensers are heat rejection elements for heat pipes or thermal management
systems such as capillary pumped loops. The condensation rate for a capillary surface depends
on the amount of liquid that can be pumped from the surface. The heet transfer coefficient
depends on the shape of the condensate film which covers the surface, and the conduction heat
transfer through the film. These processes occur at the scale of the capillary microstructure,
which is typically 10 to 100 microns (0,5 to 5 thousandths of an inch).

This section of the design manual provides methods to calculate the performance of
capillary condensers. There are three calculation methods:

* Methods to calculate the friction factor in liquid-filled grooves,

* Methods to calculate the capillary area needed for a given application,

Methods to ca!culate the condensation heat transfer coefficient on a grooved
surface.

The friction factor in a capillo-y groove must be calculated to find the pressure
gradient, which can be integrated over the length of the groove to yield the flow (or heat
transter) capacity. The condensation heat transfer coefficient relates the temperature drop
across the condenser to the heat flux. This temperature drop is often a major contribution to

* the thermal resw-'ance of a heat pipe.

7.1 Introduction

"Tlfe heAt transfer ,,oefficient for capillary condensation is determined by heat
conduction a,-ross tf-2 liqaid condensate film which coats the surface. Figure 7.1 shows a
sectional view of condensation in a rectangular capillary groove. Liquid in the groove is under
suction which .iraws the condensate in from adjacent crests. The film is thinnest at the corner
of the crest, and this is where the heat transfer resistance i3 the lowest and the condensation
rate is the highesL The heat flux in the comer is much greater than the average heat flux,
resulting in a significant temperature drop. This temperature drop determines the heat transfer
coefficienL

The detailed shape of the capillary groove can strongly influence the performance. For
example, Figure 7.2 shows th't a deep rectangular groove has approximately a constant
friction factor, because changing the meniscus angle does not much affect the overall flow. In
contrast, the flow area in a shallow groove depends strongly on the meniscus angle. Large
suction results in a small meniscus angle which increases the pressure gradient and reduces the
flow capacity. For each set of methods, detailed descriptions are given for determining the
performance of surfaces with rectangular, trapezoidal, and triangular grove cross-sections. In
addition, the performance of a contoured fin condenser is also modelled.

Section 7.2 gives the methods for calculating the pressure drops in rectangular.
triangular, and trapezoidal grooves. Sections 7.3 through 7.4 give methods for calculating the
heat transfer coefficients on rectangulax and contoured fEns. Sections 7.5 and 7.6 give the
methods for sizing capillary condersers.
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762 Pressure Gradient in Capillary Grooves

Calculations of the flow in a grooved surface condenser require a prediction of the
pressure gradient in the fluid inside the grooves. This gradient is a function of the fluid
properties, groove geometry awd the meniscus shape. As an example, the rectangular gecmetry
is shown in Figure 7.3. The relevant parameters for this geometry are:

0 Groove half width (W). This is the characteristic length used to normalize
other geometrical dimensions,

* Groove depth (d),
* Groove aspect ratio (a a d/2W),
* Groove longitudiai coordinate (z),
* Reduced area due to the meniscus curvature (Am),
* Flat meniscus area (A.),

Meniscus contact angle (y),
* Fluid dynamic viscosity (p),
* Flow velocity averaged over the nominal groove area (Vo).

Calculation Procedure. The friction factors in capillary grooves were obtained by
solving numerically the Navier-Stokes equations for laminar flows in grooves of different
geometries. The three geometries considered here are: rectangular grooves, triangular grooves
and trapezoidal grooves. Figures 7.4 through 7.6 show calculated dimensionless velocity
contours for three sample grooves. The dimensionless velocity is given by:

v = . (7-1)

(dP/dz) (W2/gi)

The volurfietric flow rate of the condensate over the groove cross-section was obtained by
integrating the flow velocity over the cross-section area bounded by the wetted perimeter and
the meniscus curve. The results are expressed in terms of a dimensionless pressure gradient
defined as:

S[dP] = (dP/dz) (7-2)

where VO and Dg are the averaged liquid velocity and hydraulic diameter for a nominal groove
with a flat meniscus. The results can also be expressed in terms of a friction factor, K, defined
from:

dP K V(73)

z - 2ReDh V

where Dh and Vg are the actual hydraulic diameter and averaged liquid veiocity and Re is the
Reynolds number for the liquid flowing in the groove.
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0
Using the relationships above, the pressure gradient may also be expressed as:

dPd- (7-4)

In these methods, we focus on the dimensionless pre!sure gradient, rather than the
friction factor. The local pressure gradient may be expressed either as a function of the
friction factor, the local Reynolds number and the local hydraulic diameter, or as a function of
the dimensionless pressure drop and the channel-averaged liquid velocity and hydraulic
diameter. Since these channel-averaged or nominal (flat-meniscus) values may be calculated
easily, the dimensionless pressure gradient gives the local pressure drop with only a single
table lookup.

Since the friction factor and average flow rate are a function of the groove
cross-section shape, a two-dimensional boundary-fitted general coordinate code was written to
solve the normalized Poisson equation to obtain the factors. The resulting friction factors, K.
were built into a computerized data base. This data base is part of the MICROCAP software
suite, and is contained in the files RECTNG.DAT, TRIANG.DAT, and TRAPZDL.DAT.
These data are functions of groove aspect ratio (a) and the meniscus contact angle (-4. For
given (a,, a bicubic spline is used to interpolate the corresponding friction factor.

7.2.1 Pressure Gradient in Rectangular Grooves

This section describes the procedure for calculating the local pressure gradient in
rectangular grooves with a uniform curvature vapor-liquid interface. The rectangular geometry
is shown in Figure 7.3. The relevant parameters are:

Groove half width (W). This is the characteristic length used to normalize
other geometrical dimensions,

* Groove depth (d),
* Groove aspect ratio (a = d/2W),
* Groove longitudinal coordinate (z),
* Area reduction due to the meniscus curvature (A.),
* Flat meniscus area (A0),
• Meniscus contact angle (7)
* Fluid dynamic viscosity (ji),
* Flow velocity averaged over the nominal groove area (Vo).

The overall procedure is summarized as follows:

1) Calculate flat meniscus groove area:

Ao = 2Wd (7-5)

2) Calculate flow area reduction due to meniscus curvature:

Am =W2[ 7~z - tan(p ~ (7-6)0
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3) Calculate flow area:

A = Ao- Af (7-7)

4) Calculatw hydraulic diameters:

DR = (7-8)

Dh = 2A (7-9)

5) Use a bicubic spline to interpolate the friction factor K from the rectangular
groove data base.

6) Calculate normalized pressure gradient:

P K f(R1 (7-10)

Results of these calculations are presented in Figure 7.7.

The predictions of this section may be directly compared with other solutions presented
in the literature for the imiting case of a y filled groove. For this case, the rectangular
groove solutions from Kays and London (1984) may be used. For the case of an open channel
flow, the friction factor must be compared to that of a channel with twice the height, so the
free surface of the open channel and the symmetry line of the closed channel have the same
boundary condition. Figure 7.8 shows the good agreement between the solutions in Kays and
London and those obtained using the methods of this section. Nore that, in accordance with
Kays and London, this figure gives the Fanning friction factor, rather than the Darcy friction
factor used in our results. The Darcy friction factor, when multiplied by four, gives the
Fanning friction factor.

In addition, these methods were compared to the calculations from Hwangbo and
McEver (1987). The authors of this paper expressed their results in terms of a groove

hydraulic factor 21U/K. Comparison of their results to those produced using the methods of

this section show good agreement between the two solutions.

7.2.2 Pressure Gradient in Triangular Grooves

This section describes the procedure for calculating the local pressure gradient in
triangular grooves with a uniform curvature vapor-liquid interface. The triangular geometry is
shown in Figure 7.9. The relevant parameters are:

* Groove side length (W). This is the characteristic length used to normalize
other geometrical dimensions,

* Groove depth (d),
Groove half angle (a),

* Groove longitudinal coordinate (z),
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Figure 7.9. GEOMETRY FOR A TRIANGULkR GROOVE

"* Area reduction due to the meniscus curvature (A.),
a Flat meniscus area (Ak),
"* Meniscus contact angle (y),
* Fluid dynamic viscosity (j),
* Flow velocity averaged over the nominal groove area tVo).

Calculation Procedure. The procedure for calculating the frictional pressure drop is the
same as that in the rectangular groove. The same computer code was used to solve the
normalized Poisson equation and obtain the friction factors to build up the data base. We also
compared our results with those obtained from a semi-analytical solution by Ayyaswami, et al.
(1981). The agreement is within 0.3%. These data are functions of groove half angle (a) and
the meniscus contact angle ()). For given (ary5, a bicubic spline is used to interpolate the
corresponding friction factor. The overall procedure is summarized as Follows:

1) Calculate the groove height:

d = W cos(ax) (7-11)

2) Calculate flat meniscus groove area:

0 A0 = d2tan (a) (7-12)
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3) Calculate flow area reduction due to meniscus curvature:

Am = d~a2c)-- tn(+W (7-13)
Cos 2(y + (X)

4) Calculate flow area:

A- At-Arn (7-14)

5) Calculate, hydraulic diameters:

Dt 2Aocos(a) (7-15)

Dh 2A cos(a) (7-16)

6) Use bicubic spline to interpolate the friction factor K from the triangular groove

data base. K is a function of a and y.

7) Calculate normalized pressure gradient:

dP LI * Dj7-17)

Results of thtse calculations aie shown in Figure 7.10 which illustrates (he
dimensionless pressure gradient in triangular grooves of various aspect ratios.

7.2.3 i.essure Gradient in Trapezoidal Grooves

This section describes tie procedure for calculating the local pressure gradient in
trapezoidal grooves wui a uniform curvature vapor-liqnid ir'.erface. The geometry is shown in
Figure 7.11. The relevant parameters are:

Groove base half width (W). Yhis is the charactensit. length used in the
subroutine to normalize other geometrical dimensions,

* Groove depth (d),
* Groove aspect ratio (a - d/2W),
* Groove base angle 6 = tan-i(1/4),
* Grocve longitudinal coordinate (z),
* Area reduction due to the meniscus curvature (A),
* Flat meniscus area (A,).
* Meniscas contact angle (y),
, Fluid dynamic viscosity (,u),
• Flow v.elocity averaged over the nominal groove area (Vo).

71
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Calculation Procedure The procedure for calculating the frictional pressure drop is the
same as that for the rectangular groove. The normalized Poisson equation was first solved and
the solution used to obtain the friction factor K to build up the data base. The data are
functions of groove aspect ratio (c) and the meniscus contact angle (y. For given (X,)), a
bicubic spline is used to interpolate the corresponding friction factor. The overall procedure is
summarized as follows:

1) Calculate groove height:

d = 2aW (7.18)

2) Calculate flat meniscus groove area:

At = 2Wd[l + c: tan (0)] (7-19)

3) Calculate flow area reduction due to meniscus curvature:

NO [. (+ 2a taD(0)) ]2 CfA m s i n ( I t -7 - )

- W2[1 + 2a tan (0)]2 cot (X.y,6] (7-20)

4) Calculate flow area:

A = Ao-Am (7-21)

5) Calculate hydraulic diameters:

D•= 2A°
g W(7-22)

w+Cos-'-0

2ADb= d (7-23)

6) Use bicubic spline to interpolate the friction factor K from the triangular groove

data base. K is a function of a and y.

7) Calculate normalized pressure gradient:

CdP 1 K [FD2 1-3  (7-24)

Results of these calculations are shown in Figure 7.12 which shows the dimensionless
pressure gradient in trapezoidal grooves of various aspect ratios.
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7.3 Heat Transfer Coefficients on Rectangular F'ms

This section describes the procedure for calculating the local heat transfer coefficient
on a rectangular fin. The fin gecmetry is shown in Figure 7.13. The fin is assumed to have
infinite thermal conductivity. The relevant parameters are:

• Groove half pitch (W).
• Vapor temperature (Tv),
• Wall temperature (Tw),
* Fluid conductivity (kj).
• Fluid kinematic viscosity (v),
* Fluid surface tension (a'),
0 Latent heat of fluid (hfg).
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Figure 7.13. GEOMITRY FOR A RAT "OP FIN

Calculation Procedure. To determine the condensation heat transfer coefficient, we
make the following approximations:

* The film surface is at the saturation temperature of the vapor, TV,
* Acceleration forces may be neglected,
* The meniscus shape is in the form of two circular arcs,
* Heat transfer through the film is one-dimensional,
* The fin has infinite thermal conductivity.

With these approximations, the solution strategy is to guess a film mininum thickness
rt, calculate the condensation mass flux, and determine the total pressure drop from the fin top
center to the center of the groove. This pressure drop is compared to the local capillary head
available, and the minimum film thickness varied until the calculated pressure drop matches
the capillary head.

The solution procedure for a given meniscus angle begins with a guess of the minimum
film thickness. The meniscus angle and the film thickness are used to calculate the meniscus
geometry under the assumption that both meniscii are circular arcs. Beginning at the fin top
center, two equations are integrated to find the local pressure ana mass flow at various points
along the fin top and side. These equations account for the mass addition due to condensation:

dl kg(Tw" TV) (7-25)

and the local pressure gradient in the film:

dP - vm (7-26)
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The equations are integrated from the top center of the fin arou~id the '-zorner to the
bottom of the meniscus in the groove, The pressure difference between these two points is
calculated and compared to the available capillary head,

=P C 4+ -.- (7-27)

"T 2

where R, and R2 are the radii of curvature on the fin top and in the groove. The result of this
comparison is fed into a root-finding routine and used to modify the guess for the minimum
film thickness until a match is achieved between the pressure drop calculated from the film
flow equations and that calculated from the surface tension forces. These calculations can be
repeated for a number of meniscus angles to determine the local heat transfer coefficient over
the entire length of the condenser.

Figure 7.14 shows the heat transfer coefficient in ammonia versus fin pitch for various
sub-coolings (from a 3bo meniscus angle). Figure 7.15 shows the variation of heat transfer
coefficient with meniscus angle for the same conditions.

Heat Transfer Coefficient
vs pitch
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Figure 7.14. FLAT TOP FIN HEAT TRANSFER COEFFICIENT VERSUS FIN PITCH
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Limitations of the Method. The assumptions used to derive these equations do not hold
when the film thickness is large. This occurs on the fin top at small meniscus angles, and on
the fin side at large angles. However, the condensation rate in these areas is small due to the
large film thickness, so the error in the total condensation rate is also small. Nonetheless, the
methods of this section are of greatest accuracy at intermediate angles.

For angles near 45°, the film thickness at the fin corner becomes only a few tens of
microns. For these small film thicknesses, most of the heat transfer occurs at the fin comer,
leading to very high temperature gradients in this area. Near the fin comer, the thermal
resistance of the fin itself may become comparable with the film resistance. For these cases, a
more accurate model would take into account.the conduction resistance in the fin.

Local condensation heat transfer coefficients are difficult to measure accurately, and
few are reported in the literature. Our results are consistent with the heat transfer coefficients
reported in Alario, et al. (1981).
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7.4 Heat Transfer Coefficients on Contoured Fins

This section describes the procedure for calculating the local heat transfer coefficients
on a contoured fin. In this approach, the condensate is driven from the top of the fins to the
troughs between the fins by capillary forces resulting from a gradual increase in the radius of
curvature of the fin surface. The fin geometry is displayed in Figure 7.16. The fin surface
contour is given by:

+ = cosh (--.]-1 (7-28)

with the fin half pitch L = 1.32H. As described by Valenzueia and Drew (1989), this
geometry provides a good compromise between performance and manufactrrability of the
condenser surface. The relevant parameters are:

* Fin half pitch (L),
* Fin height (H),
* Vapor temperature (Tv),
* Wail temperature (Tw),
* Wall conductivity (kw),
* Fluid conductivity (k1),
* Fluid kinematic viscosity (v),
* Fluid surface tension (a),

S* Latent heat of fluid (hO).

1 Y c:osh -
H y ,H H

L = 1.38 H

6 = FILM THIKNESS

Figure 7.16. GEOUMEIY FOR TOE COKOID FIN
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Calculation Procedure. The calculation procedure is based on the model described by

Valenzuela and Drew (1989). They obtained an analytical solution for the condensation on the
contoured fin under the assumption of constant wall temperature. The effect of the wall
conduction resistance was then estimated using a I-D conduction solution. Their solution can
be implemented by the procedure given below:

1) Calculate the uniform wall temperature heat transfer coefficient:

h,,= 1.06 [4-1.]' W-- , °' (7-29)

2) Calculate the fin efficiency:

4 1.32 dx (730)

3) Calculate the I-D conduction heat transfer coefficient:

hcb = trlh (7-31)

4) Calculate the actual heat transfer coefficient:I0
hb = j{hcb + hf,] (7-32)

5)- Calculate the Nusselt number:

Nu = L •(7-33)

6) Calculate the curve length of the contoured surface:

S = H sinh(--•-] (7-34)

7) Calculate the condensate thickness:

35 = -S (7-35)

Figure 7.17 shows the calculated heat transfer coefficient in ammonia versus fin pitch
for various sub-coofings.
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7.5 Internally Drained Condenser (IDC=

This section describes the procedure for calculating the local performance and
geometry of an internally drained condenser. This high performance capillary condenser was
developed at Creare under contract NAS9-17989. The geometry is illustrated in Figure 7.18.
The internally drained condenser consists of a series of shaped fins separated by thin liquid
drainage grooves. The tin shape has a constantly varying curvature, with the radius of
curvature increasing monotonically from the crest of the fin to the drainage groove. Vapor
condenses on the fins, forming a thin liquid film which has approximately the same radius of
curvature as the fin surface. The varying curvature of the vapor-liquid interface produces a
surface pressure gradient from crest to trough, moving the liquid in that direct on. The
relevant parameters are:

0
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Figure 7.18. GEOMETRY FOR AN INTERNALLY DRAINED CONDENSER

* Condenser length (La),
* Fin half pitch (L),
* Drainage groove half base width (W),
• Drainage groove depth (d).
* Drainage hole diameter (D),
* Vapor temperature (T,,),
* Wall temperature (Tw),
* Total condensation rate (Qd),
* Wall conductivity (kw),
* Liquid conductivity (k1 ,
• Liquid kinematic viscosity (v),
* Liquid surface tension (a),
* Latent heat of fluid (hfg).
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Calculation Procedure. The calculation procedure is based on the model described in
Valenzuela and Drew (1989). The model accounts for temperature drops in the condensate
film and in the wall portion above the bottom of the drainage grooves. The temperature at the
bottom of the drainage grooves is assumed to be uniform throughout the surface of the
condenser. The drainage network is sized to fully utilize the available capillary pumping. The
model can be implemented using the procedure given below:

1) Assume the fin base temperature is equal to the wall temperature:

Th = Tw, (7-36)

2) Calculate the heat transfer coefficient, hb, on the contoured fin, as described
above.

3) Calculate heat flux:

q" = hb(Tv - Tb) (7-37)

4) Calculate the drainage hole pitch:

S[ "a1 2 + (a•2 + 4ala)1/2

P 12 13)(7-38)

where
3Laq" (7-39)a,, W3phfgd

20. 37 L~cq" (7-40)

12 = f (7-40)

a'3 = O.134cr/W (7-41)

5) Calculate the fin base temperature:

Tb = Pq+ Pa"d. (7-42)Tb =Tw+kw(P + U)

6) Iterate steps 2 to 5 until the fin base temperature converges to 0.1% of
sub-cooling.

7) Calculate the condenser area and width:

- L +(7-43)

W = AjL_ (7-44)
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7.6 Grooved Surface Condensers

The procedures given in this section allow the design of grooved surface condensers
with three different groove cross-sections: rectangular, trapezoidal and triangular.

The first step in the procedure is to estimate the maximum available capillary head.
The maximum capillary head is obtained by varying the meniscus from the user-specified
initial meniscus contact angle to zero degrees, followed by receding the meniscus height down
to certain limits. There is no gain in the total capillary head for a rectangular groove as the
meniscus recedes, therefore meniscus receding is necessary only in triangular and trapezoidal
grooves. For these calculations, the designer specifies the total pressure drop in the grooves as
a fraction of the maximum available capillary head.

7.6.1 Rectangular Grooves

The relevant parameters for the rectangular groove are:

• Condenser length (Lý),
* Fin half pitch (L),
* Drainage groove characteristic length (W),
* Drainage groove aspect ratio (a),
* Vapor temperature (T,),
• Wall temperature (Tw),
• Total condensation rate (Q.), 0
* Fluid kinematic viscosity (v),
• Fluid surface tension (a'),

• Latent heat of fluid (hkf),
Initial meniscus angle (yo),

* User-specified initial meniscus angle (yo),
* Terminal meniscus angle (yf),
* User-specified ratio of maximum pressure drop (RP).
* User-specified heat transfer coefficient (hb).

Calculation Procedure. The model assumes that the rate of condensate flowing into the
groove is not influenced by the change of meniscus angle. and the temperature difference T, -
T, is constant throughout the length of the groove, the groove is sized to utilize the available
capillary pumping head by a ratio of Rp (0 < RP < 1). The model can be implemented
following the procedure given below:

1) Calculate or specify the heat transfer coefficient, hb (see Sections 7.3 and 7.4).

2) Obtain the condensate flow rate per unit groove length:

- 2hb(W + L)(Ty - Tw) (7-45)
hfg
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3) Calculate the maximum available capillary head for the given initial meniscus

angle, yo:

APm = w-. [(1 -cos (Yo)] (7-46)

4) Calculate the terminal meniscus angle:

Yf = cos-t[Rp(1 - cos no) + cos n0] (7-47)

5) With initial condition z = 0 at y,= yo, solve the following differential equation to
obtain the desired groove length z = Lc at y= yf:

d(Z2) 2 -(7 2 c7 * sin(*o (7-48)

In the equation is a dimensionless hydr aulic factor. It is a function of
a and y. A fairly comprehensive data base has been calculated and built into a
lookup table. This table is part of the MICROCAP software suite, and is
contained in the files RECQV.DAT, TRIQV.DAT, and TRAPQV.DAT. In the
course of solving the differential equation given above, the corresponding
hydraulic factor at each (a,• is obtained through a bicubic spline interpolation.

6) Calculate the condenser area and width:

WC = 2 f (L +W) (7-49)
mfga Lc

Ac = LW, (7-50)

Figure 7.19 shows the maximum dimensionless heat transfer per fin for a rectangular groove.
This curve is calculated by setting the allowed pressure drop to the maximum available in the
groove.

7.6.2 Triangular Grooves

The relevant parameters for tLe triangular groove are:

* Condenser length (L,).
* Fin half pitch (L),
* Drainage groove characteristic length (W),
* Groove half angle (a).
* Vapor temperature (T,),
* Wall temperature (T,),
* Total condensation rate (Qj),
S• Fluid kinematic viscosity (v),
* Fluid surface tension (a),
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* Latent heat of fluid (hfg),
• Initial meniscus angle (y,),
* User-specified initial meniscus angle (',),
• Terminal meniscus angle (yf).
o User-specified ratio of maximumt pressure drop (R&.
* User-specified heat transfer coefficient (hb'.

Calculation Procedure. The assumptions are the same as those for the rectangular
groove. In the triangular groove, we allow the meniscus to recede down to one-tenth initial
groove side length. The calcuiation procedure is summarized as follows:

1) Calculate or specify the heat transfer coefficient, hb (see Sections 7.3 and 7.4).

2) Obtain the condensate flow rýte per unit groove length:

M = 2hb(L + W sin aXLT -Tw (7-51)
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3) Calculate t, the pressure ratio which indicates the meniscus has receded:

-= 10sin(! - a) - sin(- - a - y)

4) If RP < P, the desired pressure drop can be achieved without meniscus
receding. In this case. the calculation procedure is:

Calculate. the terminal meniscus angle:
I€

If = - a - sin'-(ctt) (7-53)2

C11 = Sin - (7-54)

With initial condition z = 0 at 7-- y, solve the following differential
equation to obtain the desired groove length z = L. at y = yf:

* j(Z2) ,_W -- ) *w (-~ ( a -- ) (7.55)'K ) o
The dimensionless hydraulic factor for triangular grooves
at the corresponding (mp is obtained from the iookup table during the
course of integrating the above differential equation.

Go to step 6 to calculate the condenser size.

5) If RP > r,,, in addition to varying y from y0 to 0, meniscus receding is also
required to achieve the desired pressure drop. In this case, the calculation
procedure is:

Calculate the terminal groove side length Wf:
w
-- (7-56)

sin -c17 I OR, +(I- R,) i- (7-57)
sin 2

* Set yf = 0. then solve Equation (7-55) by marching the meniscus angle
from 10 to yf, while W remains fixed.
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Solve the foUowing differential equation to obtain the final groove
length L. by receding the groove side length from W to Wf, while
holding yf = 0:

d (Z 2) = ( f (2AD2V sin~ W2 (7.58)
dW vrh sin(a))k K j 2/

6) Calculate the condenser area and width:

,=2(.Q0 )(L + W sin(ca)) (7.59)

A, = L. W. (7-60)

7.6.3 Trapezoidal Grooves

The relevant parameters for the triangular groove are:

0 Condenser length (L),
* Fin half pitch (L),
• Drainage groove characteristic length (W).
a Groove aspect ratio (a),
* Vapor temperature (T,,),
* Wall temperatur (Tw),
* Total condensation rate (Q,).
• Fluid kinematic viscosity (v),
* Fluid surface tension (a),
• Latent heat of fluid (hf)
• Initial meniscus angle Nyo).
* Terminal meniscus angle (yf),
* User-specified initial aspect ratio (a,).
• User-specified initial meniscus angle (y.),
* User-specified ratio of maximum pressure drop (Rd),
* User-specified heat transfer coefficient (hb).

Calculation Procedure. The assumptions are the same as those in the rectangular
groove. In the calculation, the terminal aspect ratio is set to be 0.625 where the trough of the
meniscus is very close to the groove base. The calculation procedure is given below:

1) Calculate or specify the heat transfer coefficient, hb (see Sections 7.3 and 7.4).

2) Obtain the condensate flow rate per unit groove length:

m = 2hbt(L + W(_ + 0.5a)1(Tr - .Tw) (7-61)
h72
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3) Calculate RP, the pressure ratio which indicates the meniscus has receded:

sin(+ . - 0)_- Sin(- )- 0 ) (i(7.62)

4) If RP < the desired pressure drop can be achieved without meniscus

rece'iing. In this case. the calculation procedure is:

a Calculate the terminal meniscus angle:

- - 0 - sin-(c 2•) (7-63)2

c2l = (1-R,)sin((2 -- ,) (7-64)

+ Rpsin (-o) (I + 2c tan )

* With initial condition z = 0 at y- yo, solve the following differential
equation to obtain the desired groove length z = Lc at y 'f:

d (Z2) (d-y
((7(2

The dimensionless hydraulic factor[12.--XARLgA for trapezoidal grooves

at each corresponding (ay) is obtained from the lookup table during thecourse of integrating the above differential equation.

• Go to step 6 to calculate the condenser size.

5) If RP > ft,, in addition to varying y from y,, to 0. meniscus receding is also
required to achieve the desired pressure drop. In this case, the calculation

procedure is:

Calculate the terminal aspect ratio at:

2 2(,- I) (7-66)
1V- ) [ sin( 9 (7-67)

1 l.3125 + \l tan 0 sin(t- .

* Set yf = 0, then obtain the groove length Kj by integrating
Equation (7-66) over the meniscus angle from Yo to yf, while z3 remains
fixed.
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With initial condition z = LeI at a = ax and y- 0, solve the following
differential equation to obtain the final groove length L, by receding the
groove aspect ratio from a, to a., = 0.625:

d(z2) (7.68)
d*

4( W (2ADI)K 2i - (1 ) + 2atamG)2

6) Calculate the condenser area and width:

W,- 2( Q,c L) [+ W I+ o), (7.69)

A. = (7-70)

Figure 7.20 shows the dimensionless heat transfer rate per groove for a trapezoidal
groove. This curve is calculated by setting the allowed pressure drop to the maximum
available in the groove.

Dlmensionless Heat Transfer per Groove 5
for Trapezoidai Grooves

0.60 -

Figure 70.20.DENONSSEA ANFRRhPR
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Figure 7.20. DIIMEIONIL.SS HEAT TRANSFER RATE PER

GROOVE FOR A TRAPEZOIDAL GROOVE
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8 PUMPS: Two-Phase Degradation

This section of the Design Manual discusses methods used in predicting centrifugal
pump performance, including degradation resulting from two-phase operation. These methods
can be used for predicting steady-state pump performance under a variety of operating
conditions. Transient pump performance may also be predicted,

Much of the work concerning pump two-phase performance stems from studies
conducted for the nuclear industry. A primary concern in these studies was assuring that
sufficient cooling capability be provided for the reactor core, even during
loss-of-coolant-accidents (LOCAs). These postulated events involve a break in the primary
reactor cooling loop. This could lead to water flashing to steam and thus the possibility of
two-phase conditions at the primary coolant pump. The pump itself would also affect the rate
of system depressurization by retarding the blowdown flow rate.

This work may also be applied to any system in which pump behavior can affect
overall system performance, including spacecraft two-phase thermal management systems.
The Air Force is developing a mechanical pump for a pump-assist capillary loop for example,
This could include instances in which the pump behavior would directly impact the system, for
example, a loss of pump power. Changes in system operating conditions such as a change in
spacecraft acceleration or the system heat load can directly impact the pump performance.
The use of these methods in a transient calculation could then predict the impact of these
changes on overall system performance.

Section 8.1 will present an introduction to pump performance, including an introduction
to pump performance parameters and a discussion of two-phase effects.

Section 8.2 will introduce the calculation methods used to predict pump performance.
The design methods rely heavily on empirical data from two-phase pump performance tests.
Homologous relationships and "dcgradation multipliers" are used to scale the empirical data to
predict two-phase performance.

The use of the dimensionless, homologous relations for predicting pump performance
will be outlined step-by-step in Section 8.3. This discussion follows the same steps utilized in
the accompanying computer code. This will allow the designer either to make a quick check
without the need for computer modelling, or can serve as a means of verifying computational
results.

Section 8.4 gives validation results, comparing transient two-phase pump data with the
pump performance as calculated using these methods.

8.1 Introduction

During a system transient the flow through a pump may change direction. The rotating
speed and torque may also reverse in some cases. Fluid entering the pump may contain vapor
which decreases the head and torque. Design methods for transient operation must encompass
all possible combinations of these operating conditions.

8
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8.1.1 Four Quadrant Operation

The important parameters describing pump performance are:

0 Rotational speed, N,
* Volumetric flow rate, Q,
* Head, H,
* Hydraulic torque, T.

Typically, speed and flow rate are used to predict both head and torque. During pump
operation any of the quantities may be either positive or negative. Positive values are used for
normal pump operation. This implies four modes (or quadrants) of operation with speed and
flow rate being both positive and negative. These four quadrants are shown quantitatively by
Swift (1982) in Figure 8.1. A more qualitative representation is given by Fox (1977) and is
shown in Figure 8.2. A brief discussion of each of these operating zones follows.

Quadrant 1 is referred to as the normal pumping quadrant. Both direction of rotation
and flow rate are positive. Pump torque and head are typically positive (Shown as Zone P1 in
Figure 8.2). Pump head and torque can also become negative (Zones Dl and TI).

Quadrant 2 is the energy dissipation quadrant. The flow rate reverses, while the
direction of pump rotation remains positive. Both head and torque are positive in this quadrant
(Zone D2).

Quadrant 3 is the normal turbine quadrant. In this zone both flow rate and rotation are
reversed. Typically in this quadrant, both torque and head are positive (Zone T2). Torque
may also be negative, shown as Zone D3.

Finally, Quadrant 4 is referred to as the reverse pump quadrant. Torque is always
negative in this quadrant. Pump head may be either positive (Zone P2) or negative (Zone D4).
Pump operation in the fourth quadrant is rarely seen.

8.1.2 Two-Phase Effects

The general effect of two-phase flow on pump performance is to produce a significant
degradation in both head and torque with increasing void fraction. The fluid mechanics behind
two-phase flow behavior are quite complex and not fully understood. This has led to the use
of empirical data to predict two-phase behavior. Runstadler (1976) does provide a detailed
discussion of many of the factors which do influence two-phase performance. In summary,
some of the more important factors are:

Phase slip; that is, differing superficial velocities between the gas and liquid
phases.

Flow regime effects, for example, the dispersed bubble regime exhibits no slip
between gas and liquid phases, whereas the annular regime exhibits large
differences between the phase superficial velocities.

The low acoustic velocity in a two-phase fluid implies that shock waves and
flow choking may become important factors. 0
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0 The three-dimensional pressure field within the impeller passages acting along

with body forces from centrifugal and Coriolis effects produce regions of flow
stall and separation, which in turn affects the flow regime at pump discharge.

Due to the complexity of the underlying physics of this problem, a mechanistic model
is unavailable. The methods presented in the following section employ empirical data to
predict both head and torque degradation. The flow is assumed to be homogeneous; that is,
flow regime effects will not be considered. By making this assumption, void fraction alone is
sufficient to describe the two-phase fluid state.

8.2 Design Methods for Pump Two-Phase Performance

Pump analytical models employ homologous flow relationships to predict head and
torque behavior from empirical data given the pump speed and flow rate. Empirical data are
required for both single-phase and fully-degraded two-phase operation. Two-phase
performance predictions are based on the void fraction of the flow entering the pump, which is
then used to determine both head and torque degradation factors.

8.2.1 Pump Scaling Relationships

The performance of geometrically similar pumps follows a well-known set of pump
* scaling relationships (Runstadler, 1976). The acquisition of empirical data for pump behavior

has typically relied upon testing of model pumps. These scaling, or similarity, relations are
then used to predict the performance of full-size pumps. Table 8.1 shows the basic scaling
relationships. D can be used to represent any pump linear dimension (usually the impeller
diameter), and the subscripts 1 and 2 refer to different pumps. Alternatively, the subscripts
can designate the same pump at different operating points. When used to predict operating
points for a single pump, the dimension, D, drops out of the equation.

Table 8.1. SCALING RELATIONSHIPS FOR CENTRIFUGAL PUMPS

Q1  NID 13
Flow Rate Q: Q N2D2 3 (8-1)

H, N1 2D12
Head H: H - N2 2D2 2 (8-2)

T, N12D15
Torque T: T2 NT 2D25 (8-3)

Specific Speed: Ns N FQ (8-4)

(gH)3/4
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The pump specific speed has no fundamental physical significance. It does serve as a
useful index of pump type. Geometrically similar pumps which obey these scaling
relationships will have the same specific speed, implying that characteristic data from a given
pump can be used to predict the performance of other pumps with the same specific speed.

In the recommended methods, pump performance parameters are normalized. The

normalized performance parameters are:

Pump Speed, N: co = N/Nr (8-5)

Flow Rate, Q: q = Q/Q, (8-6)

Head, H: h =H/Hr (8-7)

Torque, T: (3 = T/T, (8-8)

The subscript "r" refers to rated pump conditions.

8.2.2 Pump Dimensionless Homologous Relations

Figure 8.1 presented curves of dimensionless pump performance. From a
computational viewpoint, this is a rather unwieldy representation. To further simplify pump
characteristic data, the similarity relations (Equations 8.1 through 8-4) given above can he
combined to collapse the information in Figure 8.1 into four curves, one for each quadrant of
pump operation. This procedure can be used in describing both pump head and torque.
Figures 8.3 and 8.4 present data in terms of the following dimensionless, homologous
relations:

h/q2 vs. aiq or h/o2 vs. q/wo and, (8-9)

j3/q 2 vs. a'q or Otow2 vs. q/lo. (8-10)

These data curves show the measured performance of a primary coolant pump in a
50 MW LOFT pressurized water reactor test facility (Los Alamos National Laboratory. 1986).

8.2.3 Two-Phase Multipliers

As previously noted, the physics involved in two-phase pump operation is quite
complex and not fully understood. The recommended design methods use pump characteristic
data for two extreme operating conditions: fully degraded two-phase and single-phase
operation. Fully degraded operation refers to poor pump performance which is observed for a
wide range of void fractions between 0 and 1.0. Single-phase operation occurs when the void
fraction is equal to 0.0 or 1.0. These data will he combined through the use of "degradation
multipliers" to produce two-phase performance characteristics as a continuous function of void
fraction. This approach works well for first quadrant pump operation. Data on two-phase
pump performance outside of the normal pumping quadrant is limited, and results of this
analysis outside of that quadrant should be avoided when possible.
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The same homologous relations described above are used for fully degraded two-phase
pump operation. These curves describe the "worst case" scenario, i.e., that point at which
pump head and torque have been completely degraded. For ether values of void fraction, the
actual pump performance falls somewhere in between the results for single- phase and fully
degraded two-phase performance. This performance can be quantified through the use of
degradation multipliers as follows:

h hlo- Mb (hlo- h2 €), and (8-11)

The multipliers, Mb and N5, are defined as functions of void fraction and are required
data for this analysis. Figures 8.5 and 8.6 present degradation multiplier curves measured for
the LOFT pump, whose head and torque characteristics are shown in Figures 8.3 and 8.4.

8.2.4 Transient Calculations

These models may also be used to describe transient pump operation. At any instant,
steady-state characteristics represent the transient behavior. That is, at any point in time, pump
speed and flow rate (along with void fraction if two-phase) can be used to find the pump head
and torque at that time.

Pump transients may also involve the calculation of the rate of change in pump speed.
For example, the coast-down transient may be of interest on drive motor trip. As the input
torque from the motor goes to zero, the pump is slowed by the action of the hydraulic torque
along with friction and the bearing and windage torques. This is shown pictorially in
Figure 8.7. This analysis lumps the bearing and windage torques together as Tb and considers
the frictional torque as Tf. Both of these torques are proportional to the square of the pump
speed. Proportionality constants, Cf and Cb, (obtained from pump manufacturers) are then
used to calculate the resulting torques:

Tf = CfN I NI
Tf = NZ (8-13)

Tt' CbN I NI
Tb NN2 (8-14)

These values, along with the moment of inertia for the pump, I (also obtainable from
pump manufacturers), can then be used to find the rate of change in pump speed:

dN -(T+Tf+Tb)3-t = 1 (8-15)

Multiplying this by the magnitude of the time step, and adding the result to the speed from the
previous time step, provides the new pump speed.
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8.2.5 Limitations of These Methods

The primary limitation of these methods is heavy dependence on pump characteristic
data. It is often difficult to find data for all four quadrants of pump operation, especially for
the fourth quadrant. In order to derive two-phase performance, these data are also required for
two-phase operation, but these data are also not commonly available.

This model does not include a means of calculating the motor input torque. Thus,
calculation of the rate of change in pump speed is only applicable in cases where the motor is
not operating. The motor torque depends on the current, voltage, rotating speed, and motor
efficiency. A system model is required which provides the proper boundary conditions to the
motor. Motor characteristics are required which show the mechanical pcwer (torque vs. speed)
as a function of the input power. These data are extremely application and pump specific, so
the general design methods recommended in the manual do not address them.

Finally, a number of simplifying assumptions were made in the implementation of the
two-phase pump models. The flow is assumed to be homogeneous, that is. the effect of
various flow regimes is not included. This allows the two-phase characteristics to be specified
by the input of void fraction alone. In addition, the model has been found to be most effective
in the first quadrant (normal pump operation), Models have not been validated in the other
quadrants, though it is common practice (e.g., in nuclear safety analysis) to use these models
since they are the best available.

8.3 Use of Dimensionless Performance Charts

This section of the manual shows how to apply the recommended methods to determine
pump performance. The characteristic data presented in this section apply to a pump with a
specific speed, N, = 1.22 (3335 in rpm-gpmO. 5-ft-C. 75). These data apply for any
geometrically similar pump (that is, any pump with the same specific speed).

Qnain Inpluts. The user must supply the rated conditions of operation:

* Pump speed, Nr,
0 Flow rate, Qr,
* Head, Hr,
• Torque, Tr, and
a Fluid Density, Pr.

In all, 10 sets of data are required to model a single pump. Pump characteristic data
are needed in the form of homologous, dimensionless curves for:

* Single and two-phase head (4 curves each), and

• Single and two-phase torque (4 curves each).

Degradation multipliers as a function of void fraction are required for:

* Pump head. and
* Pump torque.
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In addition to the operating characteristics, other required data for the pump of interest
are:

0 Torque coefficients, Cf and Cb, and
0 Pump moment of inertia, 1.

Finally, to describe the operating point of interest:

* Pump speed, N,
• Flow rate, Q, and
• Void fraction, cc.

are required. The void fraction is used to determine the effective density of the two-phase
mixture by:

Prn= (1-a)p 1 + aPg (8- 16)

Normalize Inputs. The input values of speed and flow rate are next normalized as
defined in Equations 8-5 and 8-6:

q Q/Q1 , and (8-5)

o N/Nr. (8-6)

C u H . The single-phase pump head is first found using the
homologous characteristic curves shown in Figure 8.8. The choice of curve uses the following
logic:

if Iql > Iqi and q > 0 then use Curve 1, else
if Iql > lwi and q > 0 then use Curve 2, else
iflIql > I&Aand q<O0 then use Curve 3, else
if Iwt > Iql and co < 0 then use Curve 4.

Figure 8.11 shows the choice of characteristic data curves on a plot of CO vs. q. If Curves I or
4 are used, then the value obtained from the figure is:

h/ (_),

this can be multiplied by o2 to obtain the single- phase pump head, h,,,

If Curves 2 or 3 are used, then the value obtained is:

h/q2

and this is multiplied by q2 to obtain the single- phase pump head, h,,.

This same process can be used to derive the two-phase pump head, h20, ubmg

* Figure 8.9.
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Finally, the two-phase head degradation multiplier can be obtained using Figure 8.10.
This value is needed to determine the effective pump head using Equation 8-11:

h =h h1. M~h (hlo -h 2ý'(8 I

CalculaLePumnTorQue. The pump torque is alto derived using the homologous,
dimensionless pump characteristic curves in the same fashion as pump head. Figure 8.13
presents these data for single-phase pump torque. The data curves are selected in the same
way as in the case of pump head, as illustrated in Figure 8.12. Two-phase data were
unavailable for pump torque, therefore a value of zero should be assumed:

0.0 (8-17)

The data for the torque two-phase degradation multiplier are given in Figure 8.14. This
value can be used to obtain pump torque from Equation 8-12:

P3r =(31 IN (-31  32 €)= 1 •(1 N) (8-12)

where the subscript "r" indicates that this value is the actual pump torque only if the two-phase
fluid has the same density as the rated pump fluid. Otherwise, the pump torque must be
adjusted to account for the density difference btween the pumped fluid and the rated fluid:

03 = 1(PrPr). (8-8)

Re-Dimewionalize. The values obtained for pump head and torque are next
re-dimensionalized using the rated values and Equations 8-7 and 8-8:

T=PTr and (8-7)
H = h Hr (8-8)

Calculate the Rate of Change in Pump Speed. The torque coefficients, Cr and CL, are
used to determine to frictional and bearing and windage torques with Equations 8-13 and 8-14:

To = CfNI NI- and (8-13)

Tb = Cb NINI (8-14)

Finally, the rate of change in pump speed is given by Equation 8-15:

dN -(T+T-Th) (8-15)
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8.4 Validation of Design Methods

The design methods for pumps have been validated by comparing calculations with
experimental data reported by Swift (1982). These methods successfully predict two-phase
operation in the first quadrant for inlet void fractions ranging from 0 to 0.94.

The validation data used were obtained from 1/20 scale pump testing performed at
Creare. The test program was intended to improve understanding of pump two-phase
phenomena occurring in light water reactors during a loss-of-coolant-accident. The actual
pump tested is a 1/20 scale model of a primary coolant pump found in a light water reactor.
The model pump operates at the following rated conditions:

Qr = 1.38x10-2 m3/s
Hr = 753 N-m/kg
Nr = 1885 rad/sec

NS = 1.54 (4200 rpm-gpmO. 5-ft.-O. 75)

A schematic of the pump test facility is shown as Figure 8.15. In performing the
transient tests, initial pump operating conditions were set and allowed to stabilize. The
blowdown valve was then opened at the same time that the pump return line was closed. This
converted the system from a closed, recirculating loop to an open loop discharging to
atmosphere through the blowdown orifice. Operating conditions were not changed once the
transient was initiated.

Figure 8.16 shows the results of the system transient along with the predicted pump
performance. Pump inlet void fraction is shown as well. The pump characteristic data used
for this comparison were also from the LOFT pump. Characteristic data for this pump were
presented in the preceding sections. This pump operates at the following rated conditions:

Qr = 0.315 m3/sec
Hr 942 N-rn/kg
Nr = 370 rad/sec

N= 1.22 (3300 rpm gpmO. 5 ft-o. 75 )

The specific speeds, N•, for these two pumps are somewhat different, however the data
comparison against actual pump head is quite good. Unfortunately, test data were unavailable
foi pump hydraulic torque from these tests. This validation task underscores the difficulty in
obtaining pump characteristic data. The greatest handicap in the use of these methods is
obtaining pump operating data for all four quadrants for both single- and two-phase pump
characteristics.

0
8-18



<. T

8-19



Creare /20th Scale Pump

1 -0 0 1.0

000 0.8

S1 000 0. 0,9 00.>
00

E
-1000 0- 0.6

Sr ,

02

1 I..ILA.I

~ 2000 0.4 0

E0

-3000 Ko 0 Test Data 0.2

I Predicted Performnar-.cel
C Void Fraction

-40001j!. ,!.ý 0.0
0 110 20 '30 40

Time (sec)

Figure 8.16. COMPARISON OF PRED)ICTED RESULTh WITH TOST DATA FOR PUMP RE~AD

8-20



8.5 References for Two-Phase Degradation in Pumps

Cudlin. J.J. and Parks, C.E.; "1/3 SCALE AIR-WATER PUMP PROGRAM,
ANALYTICAL PUMP PERFORMANCE MODEL"; EPRI NP-160, Prepared by Creare, Inc.,
Hanover, NH, Prepared for EPRI, Palo Alto, CA, October 1977.

Fox, J.A.; Hydraulic Analysis-of UnsteadyFlow in Pi" Networks; John Wiley & Sons,
New York, NY, 1977.

Kamath, P.S. and Swift, W.L.; "TWO-PHASE PERFORMANCE OF SCALE
MODELS OF A PRIMARY COOLANT PUMP"; EPRI NP-2578, Prepared by Creare, Inc,
Hanover, NH, Prepared for EPRI, Palo Alto, CA, September, 1982.

Los Alamos National Laboratory; "TRAC-PFl/MOD1: AN ADVANCED
BEST-ESTIMATE COMPUTER PROGRAM FOR PRESSURIZED WATER REACTOR
THERMAL-HYDRAULIC ANALYSIS"; NUREG/CR-3858, U.S. Nuclear Regulatory
Commission, July 1986, pp. 169-182, 311-325, 602-603.

Runstadler, P.W. Jr.; "REVIEW AND ANALYSIS OF STA iE-OF-THE-ART OF
MULTWPHASE PUMP TECHNOLOGY"; EPRI NP-159, Prepared by Creare, Inc., Hanover,
Ni, Prepared for EPRI, Palo Alto, CA, February, 1976.

Runstadler, P.W. Jr. and Dolan, F.X,; "1/20 SCALE MODEL PUMP TEST PROGRAM
* PRELIMINARY TEST PLAN"; EPRI NP-292, Prepared by Creare. Inc., Hanover, NH,

Prepared for EPRI, Palo Alto, CA, February, 1977.

Runstadler, P.W. Jr. and Dolan, F.X.; "1/20 SCALE MODEL PUMP TEST PROGRAM
FACILITY DESCRIPTION REPORT"; EPRI NP-293, Prepared by Creare, Inc., Hanover, NfI,
Prepared for EPRI. Palo Alto, CA, November, 1977.

Swift, W.L.; "MODEL PUMP PERFORMANCE PROGRAM - DATA REPORT";
EPRI NP-2379, Prepared by Creare, Inc., Hanover, NH. Prepared for EPRI. Palo Alto, CA,
May, 1982.

Wylie, E.B. and Streeter, V.L.; FuidIraunienn; McGraw-Hill, Inc., New York, NY,
1978.

8-21

• 
L MiI 

I I 
I I I



APPENDIX A FLUID PROPERTY ROUTINES

A,1 Introduction

The various pieces of software developed under this program all share a common set of
fluid property routines. These routines are based upon work performed by the Design Institute
for Physical Property Data (DIPPR). (See Daubert & Danner, 1984; NIST, 1990.) This data
compilation includes constant properties for a fluid (molecular weight, gas constant, critical
temperature and pressure) as well as coefficients for determining temperature dependent
thermodynamic and transport properties. These coefficients are used in a set of standard
equations to calculate the required properties.

A-2 Use of the DIPPR Routines

Prior to accessing any of the fluid property functions, the coefficients fcr the fluid of
interest must first be read into the program and placed in COMMON blocks for passing to the
actual property functions. This is done by calling the subroutine READPR. This subroutine
takes an integer argument specifying the fluid to be used. Table A. 1 outlines the available
fluids, their corresponding data file name and the integer value to be passed to READPR.

The data files Listed in Table A. 1 contain some constant fluid properties as well as the
* coefficients used in determining the temperature dependent properties. Table A.2 shows the

format of a fluid data tile. Note that the annotations are not part of the file. The actual file
consists solely of the numbers shown.

This approach allows for easy expandability of the fluid properties package. Adding a
new fluid requires only the creation of an additional data file and a minor change in the
subroutine READPR to attach an integer ,alue to the appropriate data file name.

The File PROPS.FOR contains the functions which evaluate tt-e fluid properties, as well
as the subroutine which returns the constant properties. The subroutine is accessed as follows:

Table A.l. AVAILABLE FLUIDS

1 Water WATER.DAT
2 Freon R-ll R11.DAT
3 Freon R-12 R12.DAT
4 Ammonia R-717 NH3.DAT
5 Air AIR.DAT
6 Freon R-114 R114.DAT
7 Ethanol ETHANOL.DAT
8 Toluene TOLUENE.DAT
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Table A.2. FUJID PROPERTY DATA FILH 11OP, AMMON1A (MO3.DAT)

117.031, 488.1862, 405.65, 1,1211.q+07 [W, RI'.,, 1 ,Pt
I 3.5430Ew00 2.54711-01, 4.0565E+02, 2.8870E-01, 195.41, 405,65 Liquid Density

9.0451E+01, -4.6690E+03, 1.-1601E+01. 1.71836.02, 1.000013+00, 195.41, 405.65 Sat. Press.
3.00941+06 * 14.3692E÷04. 2,4114E+02, -5.,8560E.01, 5,2953E-04, 195.41, 385.15 Liquid Cp
3.3480E+04. 4,8200E+04, 9.518911+02, -3.0100E+04, 1,0560E+03, 100.00, 1500.00 Vapor Cp.6.74309.00, 5.98301+02. 1,3410E.01, -3.69001-27, 1.0000E+01, 195.41, 393.15 Liq. Vise.
4.185SE-08 9.80600101, 3.0800÷01, 0.00000E+0, 195.41, 1000.00 Gas Visc.
9.12001.02, 1.10281.00, 0.0000E.00. 0.00002.+0, 0.00000E+0, 195.41, 405,65 Surf. Tens,
1. 5600E-02 -1 9900E+01 -5.0500E+06, -2.5330E÷18, 3.8700E÷20, 200.00, 700.00 Gas Dens,
1,1606400 -2.28409-03, 0.00002+00. 0.0000E+00, 0.00001M0, 220.05, 400.05 Liq Cond.
3.1523&07, 3.9140H.01, -2.2890E-01, 2.30908-01, 0.0000•+00, 195.41, 405.65 Latent Heat

A_ __ _ C 0_2 T ~
S.... ..... Property_ _Valid Temperature

Coefficients (A.E) Range I -

CAL', GETVAL (MW,RGTCRIT,PCRIT)

where:

MW Molecalar Weight (kg/kg-mole)
RG Gas Constant (J/kg-K)
TCRIT Critical Temperature (K) 0
PCRIT Critical Pressure (Pa)

A.3 Error Trapping and Handling

All of the functions and subroutines found within the property routines contain some
checking for errors. In general this assures that the inputs received by the function are valid.
There are a number of error conditions which all or many of the functions check. These
conditions will first be outlined. This is followed by a discussion of each function and any
error conditions which apply to it.

A.3.1 General Error Messages

Each of the functions in the file PROPS.FOR first checks to see if the input value of
temperature is within the range of the fit for the given property and fluid. A list of these
temperature limitations is given in Table A.3. If the input temperature is outside of those
limits the error message:

*** Temperature out of range in FUNCTION, T = <value>

where FUNCTION is the name of the individual function (e.g., DENSF, VISCG...) and value
is the value of temperature input. If this occurs, the evaluation of the property function is
allowed to proceed; however, the user should be aware that the actual value calculated may be
inaccurate in that case.
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Table A,3. VALID 1THMq•ATIt RAN OF PLUID PRM CORMEATIUM

Fluid
Tempe ra ture . . .. . . . . .

Property (K) Water I ,11 R,12 _Anmonia Air _114 _Ethanol Toluene
P1 Tbi 273.16 162.D4 115.15 195,41 59.13 17-9.15 15I9.05 178.18

TM 506.00 471.20 384.95 405.65 132.45 418.85 516-25 591.79

P9 T 1. 323.64 235.60 245.00 200.00 118.15 209.40 258.13 295.90

T., 3236.4 2356.0 480.00 700.00 248.15 2094.0 2581.3 2959.0

C2 T 173.15 162.04 160.00 195.41 75.00 180.00 158.50 178.18

T_____ 560.00 365.00 370.00 385.15 115.00 410.00 399.82 420.00

cpg 100.00 88.71 99.82 100.00 100.00 273.15 100.00 ) 200.00
Tint 1500.0 1500.00 .0 1500.0 13000.0 1500.0 873.15 1500.0

I T 273.16 162.04 115.15 195.41 59.15 179.15 159.05 178.18
T. 647,13 471.20 384.95 405.65 132.45 418.85 516.25 591.79

T 273.16 162.04 11515 195.41 --- 179.15 273.15 178.18
T_ 647.13 471.20 384.95 405.65 .-. 418 85 513.15 591.79

g Tw• 373.15 248.15 250.00 195.41 80.00 230,00 200.00 273.15
T"ý' 11073.1 996.97 575.00 11000. 2000.0 500,00 1000.0 873.15

41 TWW 273.15 170.00 170.00 195.41 60.00 179,15 240.00 200.00
T. 643.15 470.00 380.00 393.15 130.00 400.00 513.15 453,15

k I T4, ,273.15 170.00 150.00 220.05 60.00 179.15 213.15 178.18

Trmx 633.15 471.20 363.15 400.05 130.00 410,00 350.00 513.15

Pu. Tj, (273.16 162.04 115.15 195.41 78.80 179.15 159.05 178.18
647.13 471.20 __!4.95 405.65 132.45 418.85 516.25 59!.79

All of the functions which calculate liquid properties (DENSF, SPHTF, SURTEN,
VISCF and TCONDF) include a check to insure that the input temperature is less than or equal
to the critical temperature of the fluid. If the temperature is above that limit at which liquid
can not exist, the message:

*** Liquid phase does not exist at this temperature**
T = <value>, T critical = <value>

is printed. The function is assigned a value of -1, and control is returned to the calling routine.
The routine which called the function can then check for this condition.

A.3.2 List of Routines and Specific Errors

The subroutine READPR (IFLU-D) reads in the coefficients for each fluid. It includes
a check for existing fluid codes. If the input integer is not valid, it is assigned a value of - 1
and control is returned to the calling routine. Currently, valid fluid codes are the integers 1-8
inclusive.
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LiQuid DensiI. The function DENSF (T) evaluates the liquid density using an

equation of the form:

DENSF = [A/B**(l.+(1.-T/C)**D)] x MW (A-1)

Temperature is input in degrees Kelvin, and the density is returned in kg/m 3. In addition to
checking for temperature within the range of the fit, DENSF checks to see that the input
temperature is less than the critical temperature.

Gasq D.nsity. The function DENSG (T,P) calculates the gas density using the second

virial coefficient in the equation of state. This is expressed as the quadratic

DENSG = (-1 .+SQRT(I.+4.*VIR2*P/(RG*T)))/(2.*VIR2) (A.2)

The second virial coefficient, VIR2, has been fit using the equation:

VIR2 = A + B/T + C/T**3 + D/T**8 + FJI**9 (A-3)

This function takes both pressure (Pa) and temperature (K) as arguments and returns the gas
density in kg/m 3. A number of error conditions are considered in this function. First, if the
temperature is less than the critical temperature a check is made to ascertain that the gas phase
does exist. If the input pressure is greater than the saturation pressure then the message:

*** Gas phase does not exist at this pressure ***
P = <value>, Psat = <value>

is printed and the function is assigned a value of -1. The function next checks to see if the
ideal gas liaw will be used or if the second virial coefficient is to be included in the equation of
state. The ideal gas law is u:'," if the value of the discriminant in the above quadratic is less
than zero or if the input temperature is outside of the range of the fit for the virial coefficient.
Typically, this will produce the message:

"*** Ideal gas law used for gas density *

However, in the special case where the temperature is close to the critical temperature (0.9 <
T/Tcrit < 1.05) the message:

"*** WARNING: Ideal gas law being used *
* Inaccurate for T close to T critical ***

T = <value>, T critical = <value>

is displayed. For most temperatures outside of this range, the ideal gas law should provide an
accurate value for the gas density.

Liquid Specifih Heat. The liquid specific heat in the function SPIHTF (T) is given by
the equation:

SPHTF = [A + B*T + C*T**2 + D*T**3 + E*T**4] / MW (A-4)

Temperature is input in degrees Kelvin, and the specific heat is returned in J/kg-K. This
function checks for temperature within bounds and less than the critical temperature of the
fluid.
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Gs ,p•cific,,eat. The gas specific heat in the function SPHTG (T) is calculated as:

SPHTG = [A + B*((C/T)/SINH(C/T))*"2 + D*((E/IT)/COSH(EiT))**2] / MW (A-5)

Again, temperature is input in degrees Kelvin, and specific heat has units of J/kg-K. This
function checks only for temperature within the range of the fit.

Latent Heat of Vaporization. The latent heat of vaporization in the function
ENTHFG (T) is calculated using the equation:

ENTHFG = [A*(1.-TR)**(B+C*TR+D*TR**2+E*TR**3)] / MW (A-6)

The reduced temperature, TR, is equivalent to the input temperature (K) divided by the critical
temperature. The result has units of J/kg. In addition to checking for temperature within the
bounds of the fit, this function checks to see if the temperature is greater than the critical
temperature. The message:

*** Liquid-vapor transition not possible at this temp
T = <value>, T critical = <value>

is printed if that is the case. The function is assigned a value of -1.

Surfa.:,i. .n. Surface tension at the liquid/vapor interface is expressed by the. function SURTEN (T) as:

SURTEN = A*(1.-TR)**(B+C*TR+D*TR**2+E*TR **3) (A-7)

The reduced temperature, TR, is equal to T/Trrt. Temperature is input in degrees Kelvin, and
surface tension is returned with units of N/m. This function checks for temperature both
within the range of the fit and less than the.. critical temperature. In addition, SURTEN checks
for the fluid code for air, A fit does not exist for this fluid due to a lack of data. The
message:

*** Surface tension unavailable for air *

is printed and a value of -I is returned to the calling routine if surface tension is requested for
air.

G. The gas viscosity is calculated in the function VISCG (T) using the

equation:

VISCG = A*T**B/(l.+C/T+D/T**2) (A-8)

Viscosity is given in kg/m-s with temperature specified in degrees Kelvin. This function
checks for temperature within the range of the fit.

Lijid Visiay. Liquid viscosity is specified VISCF (T) as:

VISCF = EXP(A + B/T + C*ALOG(T) + D*T**F-) (A-9)
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Given temperature in degrees Kelvin, viscosity is returned with units of kg/m-s. VISCF
checks to see that the input temperature is both within the range of the fit and less than the
critical temperature.

Liquid Thermal Conductivity. The liquid thermal conductivity is found by the function
TCONDF (T) using the equation:

TCONDF = A + B*T + C*T**2 + D'T**3 + E'T**4 (A-10)

It is given in W/m-K and temperature is input in degrees Kelvin. This function traps for
temperature outside the range of the fit or greater than the critical temperature.

Saturation Pressure. The saturation pressure of the fluid is given in the function
PSCALC (T) by the equation:

PSCALC = EXP(A+BfT+C*ALOG(T)+D*T**E) (A- 11)

Temperature is input in degrees Kelvin. and pressure is returned in Pascals. PSCALC looks to
see that the input temperature is within the range of the fit and less than the critical
temperature. If the temperature is greater than the critical temperaLure, the message:

*** Liquid-vapor transition not possible at this temp ***
T = <value>, T critical = <value>

is printed and a value of -1.0 is returned to the calling routine.

Saturation Temperature. The saturation temperature at a given pressure is found in the
function TSCALC (P) by solving the equation shown above in PSCALC for temperature. An
implementation of Newton's method of root finding is used by this routine. This routine
checks for temperature within the range of the fit. It also checks for pressure greater than the
critical pressure. If that is the case, the message:

*** Liquid-vapor transition not possible at this pressure
P = <value>, P critical = <value>

is printed, and the function is assigned a value of -1. Pressure is input to the function in
Pascals, and temperature returned in degrees Kelvin.

A.4 Validation of Curve Fit Coefficients

The validity of these property routines has been confirmed by comparing the results
with various published sources. (ASME, 1967; ASHRAE, 1986, 1989, Jasper, 1972;
Mattheson Gas Products, 1971; Reid & Smith, 1951; Starling, 1973; Vargaftik, 1975) The
results of these comparisons are shown as Figures A.1 through A.10. Data from the DIPPR
routines are shown as solid lines. In some cases, the fit has either been altered or extended for
greater range. If this is the case, the new fit has been shown as a dashed line. Data from the
various sources are shown as symbols on the plots. A discussion of the results for each fluid
property follows.
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LiquidDnsy. With the exception of water, all of the fits (Figure A. 1) show good
agreement with published data. The fit for water has been extended to a higher temperature,
with some small sacrifice in accuracy at the low end of the temperature range. The fit was
extended to a temperature of 506 K, an increase from the previous value of 333.15 K.

Gas-Den~ity. The plot shown for gas density (Figure A.2) gives the density values for
saturation conditions. Many of these plots show a problem as the temperature approaches the
critical value. The point of discontinuity on these plots occurs where the routine switches over
to using the ideal gas law when the value of the discriminant in the quadratic equatlon used
becomes less than zero. As noted previously, the gas density function, DENSG, identifies this
condition and warns the user of the potential inaccui acies.

Liquid SWecific Heat. Two of the fluorocarbo,: refrigerants, R-12 and R- 114 have been
refit for this property (Figure A.3). R-12 was refit in order to increase the valid temperature
range. The reported values for R- 114 did not agree well with published sources, thus a new fit
was performed to better match the available data.

Gas-Specific Heat. In general, these fits (Figure A.4) showed good agreement with
data. The curve fit for ethanol was slightly modified in order to better match the data at high
temperatures. Its range was also slightly reduced, but is still within the range of most potential
uses (T < 873,15 K).

Heat of Vaporization. With the exception of air, all fluids showed good agreement
between the DIPPR results and published sources (Figure A.5). Air was refit in order to better
match the data at low temperatures. The range of the fit was not changed.

Surace-Tnsion. For many of the fluids, limited surface tension data were available
(Figure A,_6). This fit does not apply to air due to the lack of any data. Ethanol was the only
fluid which was refit; its range was extended upward to higher temperatures. The remaining
fluids matched data available.

GaXisoily. These results showed good agreement with the data (Figure A.7). The
fit for toluene was extended upward to higher temperatures.

"id -Viscosity. These results (Figure A.8) also showed good agreement with the
data. For this property, the fits for both ethanol and toluene were redone in order to include
higher temperatures.

Liquid Thermal Conductivity. For this property, only the Fits for water and ammonia
remain unchanged (Figure A.9). The curve fit coefficients were recalculated for R- 11, R-12,
R- 114 and ethanol in order both to better match the available data and to extend the range of
a.pplicability. The coefficients for air and toluene were altered in order to extend the range of
temperatures.

VaporPes . The check of this function (Figure A.10) also serves to confirm the
validity of the routine for calculating the saturation temperature, as both the coefficients and
equations are shared by the two functions. The DIPPR routines showed good agreement with
data for all of the fluids considered here.
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